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Electrical machine drives are the most electrical energy-consuming systems worldwide.
The largest proportion of drives is found in industrial applications. There are, however
many other applications that are also based on the use of electrical machines, because
they have a relatively high efficiency, a low noise level, and do not produce local
pollution.

Electrical machines can be classified into several categories. One of the most commonly
used electrical machine types (especially in the industry) is induction motors, also
known as asynchronous machines. They have a mature production process and a robust
rotor construction. However, in the world pursuing higher energy efficiency with
reasonable investments not every application receives the advantage of using this type
of motor drives. The main drawback of induction motors is the fact that they need slip-
caused and thus loss-generating current in the rotor, and additional stator current for
magnetic field production along with the torque-producing current. This can reduce the
electric motor drive efficiency, especially in low-speed, low-power applications.

Often, when high torque density is required together with low losses, it is desirable to
apply permanent magnet technology, because in this case there is no need to use current
to produce the basic excitation of the machine. This promotes the effectiveness of
copper use in the stator, and further, there is no rotor current in these machines. Again,
if permanent magnets with a high remanent flux density are used, the air gap flux
density can be higher than in conventional induction motors. These advantages have
raised the popularity of PMSMs in some challenging applications, such as hybrid
electric vehicles (HEV), wind turbines, and home appliances. Usually, a correctly
designed PMSM has a higher efficiency and consequently lower losses than its
induction machine counterparts. Therefore, the use of these electrical machines reduces
the energy consumption of the whole system to some extent, which can provide good
motivation to apply permanent magnet technology to electrical machines.



However, the cost of high performance rare earth permanent magnets in these machines
may not be affordable in many industrial applications, because the tight competition
between the manufacturers dictates the rules of low-cost and highly robust solutions,
where asynchronous machines seem to be more feasible at the moment.

Two main electromagnetic components of an electrical machine are the stator and the
rotor. In the case of a conventional radial flux PMSM, the stator contains magnetic
circuit lamination and stator winding, and the rotor consists of rotor steel (laminated or
solid) and permanent magnets. The lamination itself does not significantly influence the
total cost of the machine, even though it can considerably increase the construction
complexity, as it requires a special assembly arrangement. However, thin metal sheet
processing methods are very effective and economically feasible. Therefore, the cost of
the machine is mainly affected by the stator winding and the permanent magnets.

The work proposed in this doctoral dissertation comprises a description and analysis of
two approaches of PMSM cost reduction: one on the rotor side and the other on the
stator side. The first approach on the rotor side includes the use of low-cost and
abundant ferrite magnets together with a tooth-coil winding topology and an outer rotor
construction. The second approach on the stator side exploits the use of a modular stator
structure instead of a monolithic one.

PMSMs with the proposed structures were thoroughly analysed by finite element
method based tools (FEM). It was found out that by implementing the described
principles, some favourable characteristics of the machine (mainly concerning the
machine size) will inevitable be compromised. However, the main target of the
proposed approaches is not to compete with conventional rare earth PMSMs, but to
reduce the price at which they can be implemented in industrial applications, keeping
their dimensions at the same level or lower than those of a typical electrical machine
used in the industry at the moment.

The measurement results of the prototypes show that the main performance
characteristics of these machines are at an acceptable level. It is shown that with certain
specific actions it is possible to achieve a desirable efficiency level of the machine with
the proposed cost reduction methods.

Keywords: permanent magnet synchronous machine, tooth-coil winding, fractional-slot
non-overlapping winding, ferrite permanent magnet, modular stator structure.
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Nomenclature

Abbreviations and symbols

current density

linear current density

flux density

permanent magnet flux density
air gap flux density

tooth width

external diameter of the stator
air gap diameter

stator diameter

magnetic field strength

tooth height

height of stator yoke

height of rotor yoke

height of permanent magnet
current

current, instantaneous value i(¢)
current along d-axis

current along g-axis

space factor for copper
winding factor

synchronous inductance
inductance along d-axis
inductance along g-axis
permanent magnet length
effective core length
permanent magnet length
power, losses

number of pole pairs

air gap radius

radius of rotor

permanent magnet area

rotor area

slot area

cross-sectional area of conductor
torque

reluctance torque

voltage

volume

number of stator slots
permanent magnet width
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14 Nomenclature

zQ number of conductors in slot

v magnetic flux linkage Vs

Ppm permanent magnet flux linkage Vs

® phase shift angle rad, °

¢ angle shift between air gap flux density and linear current density rad, °

OFan tangential tension Pa
air gap m

opMm relative permanent magnet width

Subscripts

PMSM Permanent magnet synchronous machine

PMASynRM  Permanent magnet assisted synchronous reluctance machine

PMSynRM Permanent magnet synchronous reluctance machine

SRM Synchronous reluctance machine

SMC Soft magnetic composite

PM Permanent magnet

TCW Tooth-coil winding

MTPA Maximum torque per amper

MTPV Maximum torque per volt

HEV Hybrid electric vehicle

FEM Finite element method

DTC Direct torque control

LCM Least common multiple
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1 Introduction

Electrical machines are a vital part of modern society. They are implemented in
numerous applications and different systems worldwide. Moreover, according to a
report by the U.S. Department of Energy in 1980, in the USA medium power motors
from 0.75 kW to 90 kW consumed about 36 % of electricity generated in the USA,
which is about 60 % of electricity supplied to the motors in total (Dorrell, 2014a). At
present, 40 % of electricity produced worldwide is consumed by electrical machines in
industrial applications (de Almeida et al., 2014). This together with the fact that energy
consumption is constantly increasing — there has been a 50 % increase since 1980 to
2012 (Dorrell, 2014a) — demonstrates the importance of using high-efficiency
electrical machines.

Induction motors are still considered the "workhorse" in industrial applications. This
can be explained by their robust rotor construction and mature manufacturing
technology. However, asynchronous machines suffer from additional losses in the rotor
and stator windings. In order to reduce these losses additional actions should be taken.
Many of these approaches (aiming at the loss reduction of the machine) increase the
overall manufacturing cost. The approaches include a larger size of the machine, a
copper cage winding in the rotor instead of aluminium one, the use of high-performance
steel lamination with a high magnetic permeability and a low specific loss. Despite the
fact that these actions lead to a higher price of the electrical machine (Parasiliti et al.,
2004), they still cannot solve the inherent drawbacks of asynchronous machines, which
are the requirement for an additional proportion of current in the stator (magnetizing
current component) and a slip-based, loss-generating current flowing on the rotor side.

As it is mentioned above, if the efficiency of an induction machine is needed to be
increased it usually leads to higher manufacturing cost compared to the original design,
which is not very desirable for manufacturers. Therefore, special efficiency standards
were developed. In each country there are specific efficiency standards for an electrical
machine with a particular nominal power: for example, the USA and the EU have
adopted the IEC standard (IE1-IES5). The minimum efficiency level of electrical
machines is determined by this standard. It should be noted that there is a trend towards
increasing the lower permitted efficiency limit for motors (Dorrell, 2014b).

As the use of high-efficiency electrical machines can pay back and cover their higher
initial investment compared with their lower-efficiency counterparts over their life time,
and the overall tendency is to limit the use of low-efficiency electrical machines, it is
important to find solutions that provide lower losses, and consequently, a higher
efficiency of the motor. However, from a motor manufacturer's point of view, low
manufacturing cost a key issue, because they are among the key points that determine
the manufacturer's competitiveness in the market. Therefore, the machine solution
should also have competitive manufacturing costs compared with conventional
induction motors.
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In order to be able to analyse the losses in an asynchronous machine, it is necessary to
have a clear picture of the origins of these losses. Figure 1.1 (a) shows the power loss
distribution of a speed-controlled induction motor drive.

Input power Input power

Converter losses Converter losses

Stator resistance losses Stator resistance losses

Iron losses Iron losses
Rotor resistance losses

Friction losses

Friction losses Stray-load losses

Stray-load losses

Output power

Output power
@ ®
Figure 1.1: a) Loss distribution of an induction motor drive. b) Loss distribution of a permanent
magnet synchronous motor drive. It should be noted that the reduced stator resistance losses
shown in (b) are illustrated only to highlight that the stator resistance losses in PMSMs are
typically lower compared with induction machines, but it does not mean that this loss
component is smaller than other loss components in a PMSM.

Figure 1.1 (a) shows that all the losses in an induction motor drive can be divided into
six different elements. Some of these loss components are inherent in all electrical
motor drives with a controlled speed, these elements include for instance converter
losses, iron losses, friction losses, stray-load losses, and stator resistive losses. Stator
resistive losses are Joule losses in the stator winding, caused by the current running in it.
This current can be divided into three components: magnetizing current, loss
component, and torque production current. Additional stator losses produced by
magnetizing currents (additional Joule losses) can be avoided if a PMSM is used instead
of an induction motor, because PMSMs do not need to produce the magnetic flux in the
machine by means of electricity. Even on the contrary, in high-performance PMSMs
with advanced dynamic characteristics, also often referred to as servo motors (Puranen,
2006), the influence of armature current on the magnetic state of a machine has to be
minimized, to increase the overload characteristics of this machine type.

Figure 1.1 (b) shows the loss distribution in a typical permanent magnet synchronous
motor drive. We can see that there are no rotor resistive losses and the stator Joule
losses are lower in PMSMs compared with induction machines. Therefore, if other
losses (converter losses, iron losses and friction losses) are kept at the same level, it is
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possible to significantly increase the efficiency of an electrical machine by exploiting
permanent magnet technology (Petrov and Pyrhonen, 2013).

1.1 Rare-earth PM free solutions

One of the significant drawbacks of PMSMs in industrial applications is the fluctuating
price of the rare-earth elements (i.e. neodymium, dysprosium), which are fundamental
components of modern high performance permanent magnets (Morimoto et al., 2014a).
It means that it is difficult to forecast the expenses of permanent magnet materials in the
manufacturing process in the long term. The rapid increase in rare-earth magnet costs in
2011 boosted research on rare-earth-free electrical machine solutions even in some
performance- or weight-critical applications, such as automotive electric propulsion
systems (Boldea et al, 2014). Some of proposed approaches for rare-earth-free
electrical machines found in the literature are: a synchronous reluctance ferrite
permanent magnet assisted machine (Obata et al., 2014; Takeno et al., 2011), a switched
reluctance motor (Kiyota et al., 2014), an axial flux ferrite permanent magnet
synchronous machine (Chino et al., 2011), a ferrite spoke-type rotor PMSM (Kim et al.,
2014), an outer rotor ferrite PMSM (Petrov et al., 2013), and even some interesting new
ideas such as a wound-field synchronous motor, which is excited by space harmonics in
the air gap (Aoyama and Noguchi, 2014). Most of the rare-earth-free solutions can be
divided into two types: switched reluctance electrical machines and PMSMs applying
ferrite permanent magnet technology.

Switched reluctance electrical machines have been intensively studied over the last few
decades (Zhu and Liu, 2014; Vrenken et al., 2013; Silventoinen et al., 1999; Bianchi et
al.,, 2002). However, the main problems related to these machines, for instance the
specific requirements set by a unique converter structure and a high noise level, have
not been solved yet.

The use of ferrite permanent magnets in electrical machines is another alternative to
conventional PMSMs with rare-earth permanent magnets. The interest in this approach
is increasing because of the abundant availability of these magnets and their low cost.
However, ferrite magnets suffer from a low remanent flux density and a high
demagnetization risk compared with rare-earth permanent magnets. Figure 1.2 shows, in
the same scale, the volume of NdFeB, SmCo and Ferrite PM that have the same
magnetic energy Vx(BH)max (Petrov and Pyrhonen, 2013).
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Vrenite = 12 p.u.
Ferrite PM

Vsmco=1.6 p-u.
SmCo

Waree = 1 pau.

NdFeB

Figure 1.2 Volumes of rare-earth permanent magnets (NdFeB, SmCo) and Ferrite PM that have
the same magnetic energy product.

Figure 1.2 shows that to reach the same excitation torque as in an electrical machine
with rare-earth permanent magnets additional actions are required (magnetic flux
concentration, larger air gap radius, the use of reluctance torque); otherwise, with the
same machine structure, the maximum torque achievable can be much lower when
ferrite magnets are used instead of rare-earth magnets.

Thus, it is challenging to design and construct a ferrite permanent magnet electrical
machine with a power suitable for most industrial applications (0.75 — 90 kW). The
weakness of ferrite magnets can be compensated by enhancing the magnetic flux
concentration produced by these magnets; some examples are shown in Figure 1.3.

2
93( %

(a) Iron bridges (b) ©)

Figure 1.3: Approaches to magnetic flux concentration on the rotor side a) V-shape permanent
magnet rotor. With this rotor structure it is possible to achieve inductance saliency (difference
of the inductances along the d- and g-axes). b) Spoke type permanent magnet rotor. ¢) W-shape
permanent magnet rotor; with this rotor structure, a significant flux concentration can be
achieved (Chiba et al., 2013).
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The use of magnetic flux concentration can be most efficient in spoke-type permanent
magnet rotors with a high pole pair number, because in this case the amount of
magnetic material in the rotor can be increased, whereas in rotor surface PMSMs the
volume of the permanent magnet material at different pole pair numbers remains
approximately at the same level, as it is shown in Figure 1.4 (c, d).

R
QO

Figure 1.4: Rotor arrangements of PMSMs with different pole numbers, a) Spoke type
permanent magnet rotor with four poles. b) Spoke type permanent magnet rotor with eight
poles. ¢) Surface permanent magnet rotor with four poles, d) Surface permanent magnet rotor
with eight poles.

Figure 1.4 shows that if a higher pole number is used in a spoke-type permanent magnet
rotor, it is possible to increase the amount of permanent magnet material to concentrate
the magnetic flux. However, in the case of rotor surface PMSMs with a higher pole
number, the amount of permanent magnet material remains approximately the same.
Therefore, no additional magnetic flux can be attained in rotor surface PMSMs with
higher pole numbers.

It should be noted that in a spoke-type permanent magnet rotor there is a trade-off
between the height of the magnet and its maximum possible width, because of the
limited area in the inner rotor radius, as it can be seen in Figure 1.4 (b). This means that
if the magnet has a higher height, the maximum magnet width is lower. The labelling of
the permanent magnet dimensions is shown in Figure 1.5.
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l PM

[
h PM
¥

Wem

Figure 1.5: Labelling of the magnet dimensions. The length of the permanent magnet (/py) is
given in the axial direction of the PMSM. The maximum width of the magnet (wpy) is limited
by the rotor dimensions, pole number, and permanent magnet height (%py) in spoke type rotor
PMSMs.

The permanent magnet flux density is limited by its remanent flux density and magnetic
circuit reluctance. However, by increasing the height of the permanent magnet it is
possible to reduce the influence of an external magnetic circuit on the permanent
magnet flux and keep the no-load permanent magnet flux density closer to its remanent
flux density. The permanent magnet flux density in a magnetic circuit with silicon steel
and an air gap can be estimated as

_ Hchpmbtpm Ure o
upmlre + trehpm + tpmUrels

(1.1)

BPM

Theoretically, in rotor surface PMSMs the larger permanent magnet height provides a
higher flux density in the air gap, and consequently, a higher power with the same air
gap radius. However, at some point (when the permanent magnet flux density is close to
its remanence) it is not possible to increase the permanent magnet height any further,
because no significant improvement in the air gap flux density can be achieved. In this
case, the permanent magnet material is not used very efficiently, which impacts on the
overall price of the machine. There may also be another problem related to approaching
the remanent flux density at no-load. In such a case, it is possible that the armature
reaction momentarily increases the flux density of the magnet material beyond B;.
Consequently, the magnetic material may be prone to hysteresis losses (Pyrhonen et al.,
2015).

The magnetic flux of a PMSM depends on the permanent magnet flux density and its
active surface (Spm = Ipm>*wpm). In a rotor surface PMSM the active permanent magnet
surface does not depend on the magnet height, and the maximum permanent magnet
active surface can be obtained by

SpM.max = 2TRlpy (1.2)

However, in the case of a spoke-type rotor, the permanent magnet height has an
influence on the maximum active surface and can be estimated as



21

SpM.max = 4PWpM.maxlpm (1.3)

where the maximum magnet width can be written as

PR _ h3 (1.4)
WpM max = R — o cos 1 (1 - %)

In Egs. (1.3) and (1.4) we can see that in the spoke-type rotor PMSM (with constant air
gap radius and machine length), the maximum magnet surface depends on both the
magnet height and the number of poles. Therefore, a spoke-type permanent magnet
rotor does not always have a larger maximum permanent magnet surface compared with
a rotor surface PM as it is shown in Figure 1.6.

P 5 25 20 o [mm]

Figure 1.6: Maximum active permanent magnet surface in a spoke-type rotor and a rotor surface
PM as a function of pole pair number and permanent magnet height. The rotor has the
dimensions » = 100 mm and /, = 100mm. If the permanent magnet surface area appears to be
negative it means that this rotor construction is not realizable.

Figure 1.6 shows that at a moderate permanent magnet height and pole pair number it is
possible to significantly increase the permanent magnet active surface, which has a
direct influence on the permanent magnet flux, and consequently, on the flux density in
the air gap.

It should be noted that in a spoke-type rotor, the flux path crosses only one permanent
magnet, whereas in a rotor with surface PMs it crosses two permanent magnets, as it is
shown in Figure 1.7. This means that if the height of one permanent magnet is the same
in both rotor types, the effective total permanent height used in Eq. (1.1) to estimate the
permanent magnet flux density in a spoke-type rotor should be only half of that of a
rotor surface PM. Therefore, the permanent magnet flux density in a spoke-type rotor
with the same permanent magnet height can be expected to be lower than that of a rotor
surface PM.
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@
o

()
Figure 1.7: Flux paths in a) spoke type rotor and, b) rotor surface PM. In the spoke-type rotor
the flux line crosses only one magnet, whereas in the rotor surface PM it crosses two magnets.

In order to validate the analytical results achieved above and to show the performance
difference between the spoke-type rotor and the rotor surface-magnet PMSM, it was
decided to verify the results by a FEM simulation. Figure 1.8 depicts two PMSMs, one
with a rotor surface PM (a) and another one with a spoke-type rotor (b). They have the
same external stator and rotor dimensions, the same permanent magnet height, and the
same pole pair number, which are: s = 126 mm, / =100 mm, Apy = 13 mm, and p = 10.
According to Egs. (1.2)—(1.4), the maximum active permanent magnet surface in the
machine of Figure 1.8 (a) is Spm.max = 0.079 m2, and in the machine of Figure 1.8 (b) it
1S SpMmax = 0.337 m?>. This means that if the permanent magnet flux density were the
same in both machines, the one with the spoke-rotor type would induce approximately
420 % back-EMF compared with the rotor surface PM. However, the permanent magnet
flux density in these two machines is different because of the different effective
permanent magnet heights, as it was described above.

Figure 1.8: PMSMs model in the commercial FEM software. a) Rotor surface-magnet. b)
Spoke-type rotor.

The flux density map of the machines under study at no-load is shown in Figure 1.9.
The figure shows that the permanent flux density in the spoke-type rotor is lower than
that of the rotor surface PM. This is due to the lower effective permanent magnet height
in the spoke-type rotor and the slightly higher stator steel reluctance, which results from
the higher flux density in it. Therefore, the increase in the back EMF is lower than only
the ratio of the active permanent magnet surfaces in these two machines.
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Figure 1.9: Flux maps of PMSMs at no-load. a) Rotor surface PM. b) Spoke-type rotor. The
remanent flux density of the permanent magnets is B, = 0.34 T. The permanent magnet flux
densities are different in these machines, because the effective permanent magnet height in the
spoke-type rotor is only half of that of the rotor with surface-permanent magnets.

The induced back EMF of the PMSMs shown in Figure 1.9 (n = 1500 rpm, Ny, = 48) is
illustrated in Figure 1.10.
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Figure 1.10: Back-EMF curves of the two machines illustrated in Figure 1.9 at 1500 rpm, and

their fundamental (1*) harmonics.

Figure 1.10 illustrates that the fundamental back EMF in the rotor surface PMSM is
approximately half of that of the spoke-type rotor PMSM. This means that there can still
be a significant increase in the air gap flux density in the spoke-type PM, even though
the permanent magnet flux density is significantly lower than in the rotor surface-
magnet PMSM.
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It should be noted that in the case of the spoke-type rotor it is possible to use totally
open slots, as it is shown in Figure 1.8 (b), because the flux concentration takes place on
the rotor side, whereas in the rotor with surface PMs, semi-closed slots should be used.

As a conclusion of the studies on possible flux concentration, we may state that it is
possible to achieve a significant air gap flux density boost if the rotor with embedded
permanent magnets is used, and if there are no mechanical restrictions on the inner rotor
radius to reserve this place for additional permanent magnet material. However, in this
case, the stator should also be redesigned to avoid significant oversaturation in the stator
steel lamination. Further, it should be noted that in the studied cases with embedded
magnets, the steel supporting bridges in the rotor were not considered. In practice, they
produce a significant permanent magnet flux leakage, and can considerably reduce the
total air gap flux density, even though it can be still higher than in the rotor surface
PMSM. Again, the air gap flux density can have an influence on the synchronous
inductance of a machine because of the different number of turns required for achieving
a particular voltage level. This aspect is described in more detail in Section 1.4.

Another approach to increase the torque and power density of a machine with ferrite
magnets is to use a larger air gap radius. Without increasing the machine outer
dimensions, this can be achieved with an outer rotor or axial-flux structure. In this case,
the stator flux linkage increases as a result of the larger surface area of the permanent
magnet that faces the air gap, as it is shown in Figure 1.11, where a conventional inner
rotor PMSM and an outer rotor PMSM are shown in the same scale.
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Figure 1.11: a) Conventional inner rotor PMSM. b) Outer rotor PMSM. The external
dimensions of the machines are the same. The slot area is kept constant in both machines. The
relatively high thickness of the stator yoke can be explained by the segmented structure, which
requires additional room in the stator yoke for connecting it to the frame of the machine. Ferrite
magnets are used in both cases.
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Figure 1.11 shows that the permanent magnet width wey of the PMSM with the inner
rotor is lower compared with the outer rotor topology. This reduces the value of
permanent magnet flux linkage, which is estimated by (if it is assumed that there is no
PM flux leakage) the permanent magnet flux density Bpy, the number of winding turns
in the stator Ns and the PM surface Spy as

Yem = kwSpmBpmNs = kylpmwWpm BpmNs (1.5)

Therefore, in the inner rotor PMSM, the back-EMF value and the torque performance
are also lower compared with the outer rotor topology, if the slot space factor and the
current density are kept the same. This advantage of the outer rotor PMSMs was one of
the main reasons that encouraged the author to start studying this type of electrical
machines, especially for industrial applications, where inexpensive and robust
constructions are required. Thus, the focus of the work has been on low-cost materials
and manufacturing of PMSMs while keeping their performance at a competitive level.
The work addresses the outer rotor topology, the use of ferrite permanent magnets,
tooth-coil winding, segmented construction, and different design optimizations to
enhance torque performance (Petrov and Pyrhonen, 2013; Petrov et al., 2013; Petrov et
al., 2014a; Petrov et al., 2014c; Petrov et al., 2014b; Ponomarev et al., 2014a;
Ponomarev et al., 2014b; Ponomarev et al., 2014c¢)

The tooth-coil winding arrangement, which is often referred to as fractional slot non-
overlapping winding, has been a “hot topic” in the literature over the last decade. This
can be explained by the constructional and electromagnetic advantages of the winding
arrangement, a shorter end-winding length, cheaper and simpler assembly, better field-
weakening characteristics, a lower cogging torque, and a lower torque ripple. All of
these constructional features of TCW PMSMs extensively discussed in the literature
(EL-Refaie et al., 2008; Alberti et al., 2014; Petrov and Pyrhonen, 2013; Barcaro and
Bianchi, 2012).

We may conclude that outer rotor surface TCW PMSMs combine the above listed
advantages from different aspects. This leads to a simplified and lower-cost
manufacturing process without compromising the machine performance. However,
these electrical machines (with rotor surface ferrite permanent magnets) are not very
extensively studied in the higher power range (= 50 kW), and thus, the objective of this
work is to bridge this research gap. Chapter 2 describes this type of a machine in more
detail, with challenges and limitations that these PMSMs may face.

1.2 PMSMs with rotor embedded permanent magnets

The concentration of magnetic flux is an advantageous technique to increase the torque
or power density of an electrical machine. Together with the flux concentration, an
inductance saliency can be achieved. According to (Bianchi et al., 2000), inductance
saliency can be successfully used to increase the maximum torque of a PMSM and to
improve its field-weakening performance by means of reluctance torque. Reluctance
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torque can be produced in a machine having different d- and g-axis inductances L4 and
Lq. The influence of the difference in inductance (along d- and g-axis) on the reluctance
torque can be expressed as:

Trel = (La — Lq)ialq (1.6)

Therefore, the use of ferrite magnets together with the inductance saliency technique
has been intensively studied over the last few years (Barcaro and Bianchi, 2014;
Vartanian et al., 2012; Morimoto et al., 2014b). These types of machines are often
called PM-assisted synchronous reluctance motors (PMASynRM). Usually, the main
purpose of ferrite magnets in these machines is to improve their power factor. In order
to roughly compare the performances of a synchronous reluctance machine (SRM) and
a PMASynRM, vector diagrams of the machines with similar d- and g-axis inductances
are shown in Figure 1.12 (a, b) (Bianchi, 2013). The phase stator resistance is often not
shown in vector diagrams, and it is assumed to be negligible if it is lower than 0.02 p.u.,
which is usually the case for middle- and large-size industrial electrical machines.
Therefore, from here onwards, the phase resistance is not taken into account when
presenting the machine performance by the vector theory (except the cases when R >
0.02 p.u.).
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Figure 1.12: a) Vector diagram of the SRM: ug = 0.97 p.u., is =1 p.u., i4= 0.7 p.u., iy = 0.7 p.u,,
Y5 =0.97 p.u., Yom = 0 p.u., iglq = 0.95 p.u. igLq = 0.21 p.u., ¢ = 58°. b) Vector diagram of the
PMASynRM, g-axis is in the permanent magnet flux direction: us = 1 p.u., is=1 p.u., ig = 0.7
pu,ig=0.7p.u., ¥s=1pu, Pom=0.5p.u,, isLg=0.95 p.u., icLq = 0.21 p.u., ¢ = 28°. ¢) Vector
diagram of the same PMASynRM as in (b), but represented by a different logic (as a permanent
magnet machine), the d-axis is in the permanent magnet direction . The stator resistance is
assumed negligible.

Comparing the vector diagrams in Figure 1.12 (a, b), we may see that by insertion of
permanent magnet flux linkage, which is only 0.5 p.u., it is possible to "compensate for"
the armature reaction and improve the power factor of the machine. In Figure 1.12 (¢),
the same PMASynRM is illustrated, but with a different logic of presentation (the d-
and g-axes are switched and the machine is treated as a permanent magnet machine with
saliency). A conventional PMSM is usually represented so that the permanent magnet
flux linkage is along the d-axis. However, there is no difference between the machines
shown in Figure 1.12 (b and c), the difference is only a matter of terminology. In the
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case of Figure 1.12 (b), the machine can be called a synchronous reluctance PM assisted
machine, and in the case of Figure 1.12 (c), it can be called a permanent magnet
synchronous reluctance machine. As this doctoral dissertation is not dedicated to purely
synchronous reluctance machines, from here onwards the d-axis is the one that is along
the permanent magnet flux linkage. A division between the PMASynRM and the
PMSynRM could be made based on the torque components. A machine producing
mostly PM torque is a PMSynRM while a machine producing mostly reluctance torque
is a PMASynRM.

It should be noted that the use of permanent magnets in an electrical machine not only
leads to an additional source of flux linkage which produces an excitation torque
component (Nerg et al., 2014), but it also has an influence on the saturation behaviour
of different iron paths, especially on the rotor side (Tokuda et al., 2009). This leads to
different saturation levels of the iron bridges in the rotor, and consequently, to a
variation in the synchronous inductance. Therefore, the performance and behaviour of
the machine after insertion of even a small amount of magnets may be quite different
from a purely synchronous reluctance machine.

The variation in the synchronous inductance in different load points of a PMSM with
inner rotor permanent magnets should be analysed carefully, because saturation and
cross-saturation phenomena are especially significant in most of these machine types
(Ponomarev et al., 2014b; Ruuskanen et al., 2014b). This means that at the nominal
power, the inductance saliency can be different and the maximum performance can be
lower than expected. This phenomenon can also have an influence on the controllability
of the machine if the control estimates the position of the rotor based on its inductance
saliency (Ponomarev et al., 2014b).

PMSMs with inner rotor permanent magnets can also be subject to significant torque
ripple, and a special arrangement should be implemented to reduce the torque ripple
(Alberti et al., 2014; Barcaro and Bianchi, 2012). Especially, the torque ripple can be
very significant in deep field weakening area (in percentage of the applied torque).
According to the author’s understanding, this is partially explained by the fact that in
the field weakening area, a large demagnetization current component is applied to
reduce the magnetic flux on the stator side, which makes the inductance variation very
sensitive to the rotor position and stator current uncertainties. However, not very much
was found in the literature to support these assumptions.

A PMSM with inner rotor permanent magnets is a promising arrangement in terms of
torque and power density. In addition, if the mechanical assembly is considered, the
rotor lamination that covers permanent magnets protects them from detachment at high
speeds (in the case of an inner rotor) and other external mechanical influences. Insertion
of rare-earth permanent magnets inside the rotor can significantly reduce the eddy
current losses in them, because the iron layer above them serves as a path for magnetic
flux variations and reduces the alternating magnetic flux from the armature to penetrate
through the magnet. The rare-earth permanent magnet eddy current losses may have a
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high value, because the typical resistivity of NeFeB is between 0.9 — 1.8 uQm (Ruoho
et al., 2009; Neorem Magnets, 2015). Therefore, the influence of possible eddy current
losses on the thermal state of the rare-earth permanent magnet should be carefully
analysed to prevent possible demagnetization faults.

At high loads, the reluctance torque component in a PMSM with inner rotor embedded
permanent magnets can reach a very high value, which depends on the machine
structure and can be larger than the excitation torque. For example, in the Toyota Prius
II motor, the reluctance torque component can be even half of the total torque (Cai et
al., 2014). This shows the importance of keeping the inductance saliency ratio as high as
possible in that type of machines.

Concentration of the magnetic flux on the rotor side significantly complicates the rotor
structure, because laminated rotor steel should usually be used in this case. Further,
mechanical issues related to the robustness of the construction have to be solved. For
example, there is a trade-off between the permanent magnet flux leakage (through iron
bridges in the rotor) and its mechanical reliability when the thickness of the iron bridge
is varied. Therefore, many approaches have been suggested in the literature to reduce or
to get rid of iron bridges (EL-Refaie et al., 2014; Lindh et al., 2013; Sampathirao and
Baylon, 2014; Cirani et al., 2014).

In the case of rotor surface ferrite PMSMs, it is not necessary to use a laminated rotor
yoke, because the relatively large effective air gap significantly suppresses the
alternating magnetic flux components caused by the armature reaction. The rotor
surface ferrite permanent magnets do not suffer from eddy currents either, because they
have a very high electric resistivity (Petrov and Pyrhonen, 2013). This means that an
outer rotor can be advantageous in applications that require a low-cost and robust
PMSM construction and that have a higher efficiency compared with asynchronous
machines.

Even though the reluctance torque can significantly impact the total torque achieved in
distributed winding PMSMs (Obata et al., 2014), it is very challenging to get any
competitive reluctance torque in the case of TCW PMSMs, because of the significant
leakage inductance, which decreases the difference in the d- and g-axis inductances
(Barcaro and Bianchi, 2011). Further, because of the large leakage inductance in TCW
PMSMs (Ponomarev et al., 2014a), the field weakening can be achieved easier if such a
load mode is required by the application, even in the surface rotor permanent magnets.
Therefore, the surface rotor topology seems to be more feasible when the TCW PMSM
is used, owing to its lower permanent magnet flux leakages and simpler construction.

We may conclude that two main torque density increase approaches in TCW PMSMs
that apply ferrite magnets are embedded permanent magnet technology (mainly for the
flux concentration) and outer rotor topology with rotor surface PM. However, it is also
interesting to discuss the possibility of using embedded permanent magnet technology
together with outer rotor topology. This is discussed in the following section.
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1.3 Comparison of the outer rotor surface PMSM with the outer
rotor embedded permanent magnet PMSM

In (Petrov and Pyrhdnen, 2013) it was shown that an outer rotor PMSM with rotor
surface ferrite magnets can have higher power density compared with the inner rotor
PMSM because of the larger air gap radius and the larger active permanent magnet
surface. However, if a PMSM with embedded permanent magnets is considered, it can
be used in order to achieve permanent magnet flux concentration and also to bring some
benefits in terms of additional reluctance torque. For this reason, it is necessary to
analyse and compare the following types of electrical machines: an outer rotor PMSM
with surface ferrite magnets and an outer rotor PMSM with embedded permanent
magnets.

The use of embedded magnets can change the rotor thickness (which includes rotor steel
and permanent magnets) regardless of the magnetic circuit reluctance. It means that in
the case of an outer rotor construction with the particular external dimensions, the use of
embedded magnets instead of surface PMs can decrease the air gap diameter, as it is
shown in Figure 1.13. Therefore, if the size of the machine and the electric loading
remain the same, the air gap flux density should be inversely proportional to the
decreasing radius squared in order to be able to reach the same torque density in an
outer rotor PMSM with embedded magnets as in a rotor surface PMSM.

Non-magnetic
sleeve

(2) (b)
Figure 1.13: Outer rotor PMSMs with the same external diameter of the active elements a) with
rotor surface PMs and b) with embedded PMs.

[t should be noted that the torque of the machine with embedded magnets also contains
reluctance torque, which is not the case with the rotor surface PMs. However, if tooth-
coil winding is considered (e.g. 12-slot 10-pole machine construction) the reluctance
torque has a lower impact on the total torque than a machine with a distributed winding
(Barcaro and Bianchi, 2011; Tangudu et al., 2009). It means that in this case, it is
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reasonable to only consider the torque produced by the permanent magnets and the
armature current.

In order to have the same permanent magnet flux in an outer rotor PMSM with
embedded permanent magnets (spoke rotor type) as in a PMSM with rotor surface
permanent magnets, it is necessary to have a double permanent magnet height and half
of its width as it shown in Figure 1.14.

Stator yoke Permanent magnet

2hpm

Figure 1.14: Permanent magnet reconfiguration where the magnets are transferred from the
rotor-surface-magnet to embedded-magnet rotor (spoke type).

Analytically, the ratio of the external rotor diameters owing to the permanent magnet
reconfiguration from the rotor-surface-magnet to embedded-magnet (for the outer rotor
PMSM) can be estimated as

Der.emb — Wpy + DS (1 7)
Der.surf 2h'PM + 2hyr + D(S ’

whereas the permanent magnet width in the rotor surface type is written as
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(Dg + hpp)
WpMm = aPM% (1.8)

Combining Eq. (1.7) with Eq. (1.8), the ratio of the external rotor diameters (embedded
and surface rotor types) can be estimated by

Der.emb -« T[(DS + hPM) D8
Dersurt " 2p(2hpy + 2hyy + Dg) * 2hpw + 2hy, + Ds

(1.9)

In Eq. (1.9) we can see that the ratio of the external rotor diameters of the embedded
and surface permanent magnet rotor types depends on the air gap diameter Ds, the
permanent magnet height /py, the rotor yoke height 4y, the relative permanent magnet
width apym, and the number of pole pairs p. An example of a comparison of external
rotor diameters with different permanent magnet heights and pole pair numbers is
shown in Figure 1.15.
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Figure 1.15: Comparison of outer rotor external diameters with rotor surface permanent magnets
(Dersurt) and with rotor embedded permanent magnets (Deremp). The rotor yoke height is Ay = 5
mm, the permanent magnet height is /py = 10 mm, the air gap diameter is D5 = 121 mm, and the
relative permanent magnet width is apy = 0.9.

Figure 1.15 demonstrates that if the number of pole pairs is relatively low, it is not
advantageous to use embedded permanent magnets in the outer rotor topology.
However, even at a high number of pole pairs (e.g. p = 10) there is not much gain in the
external dimensions of the machine, especially, if the additional non-magnetic
supporting unit (non-magnetic sleeve) is taken into account. Further, the embedded
magnets make the rotor construction more complicated from the manufacturing point of
view, which requires the use of laminated iron (to reduce iron losses), and there are
higher requirements regarding the precision of component dimensions.
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It should be noted that in the case of embedded magnets, it is possible to increase the
permanent magnet width, which also increases the external rotor diameter. Therefore, it
is possible to increase the flux produced by the permanent magnets, and consequently,
the air gap flux density by having a larger external rotor diameter, which can be
determined by

Der = D8 + Wpm (110)

whereas if it is assumed that no saturation occurs in the stator, the air gap flux density
can be estimated as

2pwpym Bpm
=— 1.11
=", (1.11)
Assuming that the linear current density is not changed with the flux density variation
(if the steel permeability is assumed to be linear), it is possible to increase the tangential
stress by producing a higher air gap flux density. In this case, the tangential stress and
torque are directly proportional to the air gap flux density, and they can be defined by

_ ABgcos(

Orean = (1.12)

D (1.13)

T = op,, lT[?

Combining Eqgs (1.10)—(1.14), the final torque expression for the outer rotor PMSM
with embedded permanent magnets (spoke type) is given as

D
T = 178/110(0er — Dg)Bpy cOS { (1.14)

In Eq. (1.14) it can be seen that the torque depends on both the air gap diameter and the
difference between the external rotor diameter and the air gap diameter. Figure 1.16
shows a comparison of the torque estimated by Eq. (1.14) and the torque of the outer
rotor surface permanent magnet PMSM with the same parameters.
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Figure 1.16: Torque as a function of pole pair numbers p and external rotor diameter D., of the
outer rotor PMSM with embedded permanent magnets (spoke type) and of the rotor surface
PMSM. The permanent magnet height is #py = 10 mm, the rotor yoke height is Ay, = 5 mm, the
air gap diameter of the PMSM with embedded magnets is Ds = 121 mm, the machine length is /
= 110 mm, the permanent magnet flux density is Bpy = 0.28 T, the linear current density is 4 =
46 kA/m, and the relative permanent magnet width in the rotor surface PMSM is apy = 0.9. It is
assumed that the permeability of the stator does not change as a function of air gap flux density.

Figure 1.16 shows that with a moderate number of pole pairs, the outer rotor PMSM
with rotor surface permanent magnets has a higher power density than a similar PMSM
with embedded permanent magnets (spoke type). However, with high numbers of pole
pairs and with a large difference between the air gap diameter and the external rotor
diameter, it is possible to achieve a higher torque density with a spoke-type rotor.

Concluding the discussion about the rotor surface permanent magnet and embedded
permanent magnet approaches, we may state that in most of the outer rotor PMSM
cases, a rotor surface permanent magnet is more advantageous because of its simpler
construction and smaller external dimensions (at a moderate number of pole pairs).
However, embedded permanent magnets can be successfully applied to concentrate the
permanent magnet flux and increase the air gap flux density. In this section, it was
assumed that the air gap flux density does not have an influence on the electrical
loading (4) of the machine, because the saturation factor is not taken into account.
Therefore, the resultant torque is directly proportional to the achieved air gap flux
density. However, it is not completely valid if the saturation is taken into account as it
described in the following section.
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1.4 Comparison of rotor surface PMSMs with different air gap flux
densities

Rare-earth permanent magnets have a relatively high remanent flux density compared
with ferrite permanent magnets. Therefore, the air gap flux density in a machine with
rare-earth permanent magnets should be larger than in the machine with ferrite magnets,
if these two magnet types are used in similar rotor surface PMSMs and have the same
PM height. According to Maxwell’s stress tensor the air gap flux density has a direct
influence on the overall tangential stress, and consequently, on the torque of the
machine:

_ BB,

OFtan — Ho

(1.15)

Therefore, the machine with a higher air gap flux density (produced by permanent
magnets) is expected to have a higher power density. However, this argument is not
completely valid for PMSMs, as it shown below.

The steel used in the electrical machine (usually silicon steel) has a non-linear BH
curve. This means that it has a particular limit of flux density after which the
permeability of the steel starts to decrease rapidly (Pyrhonen et al., 2014). Therefore,
the geometry of the machine steel parts should be selected according to the maximum
magnetic flux to avoid oversaturation regions, otherwise it would lead to a reduction in
the magnetic circuit permeability. It means that in a PMSM with a particular air gap
flux density, the stator teeth width, the stator yoke width, and the rotor yoke width
should be optimized to keep the peak flux density in the permitted range, which usually
does not exceed 1.8 T (Pyrhdnen et al., 2008).

It should be noted that the flux density in the tooth depends on its magnetic flux and
cross-sectional area. It means that with lower flux values, the flux density decreases (if
the cross sectional area of the tooth remains the same). In this case, in order to use steel
and permanent magnets efficiently, the tooth cross-sectional area should be optimized
so that the flux density reaches the point close to the steel saturation level (1.5 — 1.8 T).
If it is assumed that the machine has the same geometry along its length in the axial
direction, it can be solved as a 2D problem. In this case, the flux density in the tooth can
be increased only by reducing its width (with a constant air gap flux density). This
means that if all other parameters remain the same (air gap radius, slot height), the slot
area increases with the reduction in the tooth width. Therefore, with a larger slot area it
is possible to increase the electrical loading and to some extent, compensate for the
reduction in magnetic loading, which is a result of the lower air gap flux density.

According to Eq. (1.5), the flux linkage is a result of the product of the flux density, the
surface area, and the number of winding turns. In an electrical machine with a moderate
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saturation level, the main flux path takes place in the steel region. Therefore, the flux
linkage in TCW PMSM of the winding with Ny turns can be written as

P = k,,Babql Ny (1.16)

The number of winding turns in Eq. (1.16) is usually selected such that the desirable
voltage level (and consequently the flux linkage) at the nominal load is reached.
However, with a particular number of winding turns, the wire area is directly
proportional to the slot area.

In conclusion, based on the fact that the number of turns can be reduced if the air gap
flux density increases, which leads to a larger armature tooth width, and the fact that the
larger armature tooth width leads to a smaller slot area (if the external machine
dimensions remain the same), we may state that the higher air gap flux density reduces
the electrical loading (A4) of the machine. Thus, achieving a machine with the maximum
power density is not a straightforward task. Instead, it means that a very high air gap
flux density does not necessarily yield the machine with the highest possible power
density.

Analytically, the trade-off between the air gap flux density and the electrical loading of
an outer rotor PMSM can be expressed by the phase current (with a constant current
density in the conductor) as function of air gap flux density (with a constant tooth flux
density) as follows

2.
® =—Bs1,1 1.17
) 1.18
by = 2 (1.18)
B4l
) (1.19)
My =B
ys
hd = (T5 - hl - h2 - h3) - (Tin.st + hys + h3) (1‘20)
E 1.21
N, = — (L.21)
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m(rs — hy — hy — h3)? —m(rs — hy — hy — h3 — hg)? (1.22)
Sy = 0
S
— bghq — 2h3hq — b.hg
2Nym (1.23)
T
Sukcu (1.24)
Se =
2Q
h Ngloyw (1.25)
ph = UCuSc
Iph =JS. (1.26)

The outer rotor PMSM described in (Petrov and Pyrhonen, 2013) was studied as an
example to determine the phase current (with a constant current density) and the phase
resistance as function of air gap peak flux density. Further, the influence of other
parameters such as the inner stator radius, the stator tooth peak flux density and the
stator yoke peak flux density on the optimized solution was considered.

Figure 1.17 presents the phase current and the phase resistance as a function of air gap
peak flux density and inner stator radius (with all the other parameters constant) derived
from Egs. (1.17)—(1.26).
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Figure 1.17: a) Maximum phase current and b) phase resistance as function of air gap peak flux
density and inner stator radius (7yi,). The current density is J = 3.6 Ir1rn2, the stator tooth peak
flux density is B4 = 1.6 T, and the stator yoke peak flux density is §ys =13T.
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Figure 1.17 shows that if the inner stator radius has to be larger in order to reserve inner
space for some other needs, the maximum phase current can be achieved at a relatively
low air gap peak flux density, which is approximately Bs = 0.5 T. However, the phase
resistance, and consequently, the Joule losses in the stator winding with a larger inner
stator radius increase, because of the limited slot space, which leads to a lower wire
area.

Figure 1.18 depicts the phase current and the phase resistance as a function of air gap
flux density, stator tooth peak flux density, and stator yoke peak flux density (with all
the other parameters constant) derived from Eqgs. (1.17)—(1.26).
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Figure 1.18: a) Maximum phase current and b) phase resistance as a function of air gap flux

density, stator tooth peak flux density (Bg4), and stator yoke peak flux density Eys. The current

density is J = 3.6 mm? and the inner stator radius is 7, = 0.04 m.

Figure 1.18 shows that with lower values of stator tooth and stator yoke peak flux
density, the maximum current (with constant inner stator radius and current density) can
be achieved at a relatively low air gap flux density (Bs = 0.45 T). Often, in high-speed
machines (with a high electrical frequency), the flux density in the stator yoke and in the
stator tooth is selected to be below the saturation point to avoid excessive iron losses in
the machine (Uzhegov et al., 2014). Therefore, in this case, the air gap flux density can
be selected lower than the value that the modern rare-earth magnets can provide with
the conventional air gap height.

Figure 1.19 shows a scaled view of three PMSMs with different air gap flux densities,
and with the same tooth flux density, yoke flux density, phase current, and current
density. The PMSMs in Figure 1.19 (a) and (c) have the highest possible and the lowest
possible air gap flux densities if other machine parameters are constant, whereas the
machine in Figure 1.19 (b) is the original PMSM with ferrite magnets and an air gap
peak flux density Bs = 0.37 T. We can see that the original machine has the lowest
external dimensions compared with its counterparts with the utmost (the lowest possible
and the highest possible) air gap flux densities. However, if other parameters of the
machine can be changed (e.g. the stator tooth peak flux density and the stator yoke peak
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flux density) the external dimensions of the machine with a higher air gap flux density
will be lower.

Figure 1.19: Scaled view of the analytically evaluated outer rotor PMSMs with different
permanent magnet remanences (different air gap peak flux densities) and with the constant
stator tooth peak flux density By = 1.6 T and the stator yoke flux density Eys =1.3T. a) The
air gap peak flux density is Bs = 0.9 T, b) the original geometry of the PMSM with the air gap
flux density is Bs = 0.37 T, and c) the air gap flux density is Bs = 0.27 T.

In the previous analysis the value of the phase current was chosen as the main input
parameter. However, it does not necessarily guarantee a constant power for all three
cases shown in Figure 1.19 because of different synchronous inductances. As it is
mentioned above, the peak air gap flux density at the required voltage level has a direct

influence on the number of turns, whereas the magnetizing inductance can be calculated
by

L _m2 14Tpl’(k N,)? 1.27

In Eq. (1.27) we can see that the magnetizing inductance is proportional to the number
of winding turns squared. Therefore, at a very low air gap flux density (where a high
number of turns are required to reach a certain voltage level), the magnetizing
inductance can have a large value. Again, the synchronous inductance, which contains
the magnetizing inductance and other inductance components, as it is described in
Section (2.2), has a direct influence on the maximum torque at a particular speed, and if
the inductance saliency is not considered, it can be estimated as (Salminen et al., 2005)

mp EU
max = 7 7 (1.28)
According to Egs. (1.27) and (1.28), it can be concluded that apart from the nominal
current and the phase resistance, the maximum torque also varies as a function of air
gap flux density as a result of the synchronous inductance variation. Therefore, when
the air gap flux density is selected in the machine design optimization process, the
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maximum torque should be taken into account in order to achieve feasible overload
capabilities.

A more detailed analysis of the influence of the slot geometry on the synchronous
inductance and on the nominal power variation (as a function of synchronous
inductance) is given in Section 2.2.

In summary, we may state that the maximum air gap flux density does not necessarily
provide the highest tangential stress, because with limited external machine dimensions
there is often a trade-off between the magnetic and electrical loadings of the PMSM.
Therefore, in order to find the optimal solution with the highest power density it is
necessary to analyse the maximum electrical loading as a function of air gap flux
density with the given machine constraints.

1.5 Outline of the work

The main objective of the doctoral dissertation is to develop PMSM structures suitable
for industrial applications in terms of performance characteristics and manufacturing
cost. The challenges faced in the work were related to the inevitable reduction in the
machine performance if low-cost solutions are implemented. However, two PMSM
structures with a competitive performance and low manufacturing costs were
developed. The first PMSM structure included the use of low-cost and abundant ferrite
magnets with the outer rotor and tooth-coil winding topology. The manufacturing
process of the second PMSM structure could be simplified by using a segmented stator
structure with a halved number of stator coils, lower stator steel waste during the
lamination manufacturing, and a simpler winding routine. However, the paper about
PMSM with segmented stator structure is not published yet. Therefore, the paper is not
included in this dissertation. Its contents is briefly referred in Chapter 3.

The doctoral dissertation contains four chapters and eight original papers. The
discussions in the dissertation are related to the limitations and advantages of the
proposed PMSM topologies, with the focus on tangential stress, synchronous
inductance, torque ripple, solid rotor losses, demagnetization risk, economical aspects,
dynamic performance, overload capability, and fault conditions. The discussion is
supported by simulated and measured results. The directions for future work are
suggested at the end of the dissertation.

Publication I describes the benefits of using an outer rotor surface ferrite permanent
magnets synchronous machine topology in an industrial application. The machine
topology was compared with conventional asynchronous machines in the range of a few
kilowatts. The main idea of the torque density increase by implementing the outer rotor
structure in the case of ferrite permanent magnets was suggested by Prof. Pyrhonen. Mr.
Petrov showed the feasibility of the concept by FEM simulations and measurement
results.
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Publication II describes one of the limiting factors of using ferrite magnets in PMSMs,
which is the demagnetization risk. Further, the performance characteristics of the
designed PMSM were analysed at different permanent magnet temperatures. A non-
uniform permanent magnet cooling factor was taken into account, which allowed
observing the permanent magnet parts that are mostly subjected to the demagnetization
risk. Mr. Petrov estimated the loss distribution in the PMSM and its performance
characteristics. Dr. Polikarpova evaluated the thermal state of the permanent magnets.
Prof. Pyrhonen was in charge of the supervision of the project and the revision of the

paper.

Publication III shows alternative methods of synchronous inductance evaluation in a
tooth-coil winding PMSM. The conventional method of analytical synchronous
inductance computation was compared with the proposed one, which does not take iron
saturation into account and with a magnetic equivalent circuit model. The importance of
saturation on the stator side for correct machine performance estimation was
highlighted. The drawbacks of analytical approaches compared with FEM were
described. Mr. Petrov developed the proposed analytical approaches of synchronous
inductance estimation and compared them with the FEM results. Dr. Ponomarev
thoroughly reviewed the paper. Prof. Shirinskii gave valuable feedback on the paper
considering the magnetic equivalent circuit model. Prof. Pyrhonen was in charge of the
supervision of the project and thorough revision of the paper.

Publication IV shows one of the possible reasons for a torque ripple increase in rotor
surface PMSMs at higher loads. A non-uniform peak flux density in the stator teeth of a
12-slot 10-pole PMSM was shown. An analytical approach of the synchronous
inductance variation caused by the described phenomena was evaluated and compared
with the FEM analysis. This synchronous inductance variation was considered the main
reason for the 6™ torque ripple harmonic in the rotor surface magnet 12-slot 10-pole
PMSM. Mr. Petrov developed an analytical method for the evaluation of the
synchronous inductance variation and the torque ripple. Dr. Ponomarev thoroughly
reviewed the paper. Prof. Pyrhonen was in charge of the supervision of the project and
revision of the paper.

Publication V describes a possible way to reduce torque ripple and cogging torque in
TCW PMSMs. It was shown that skewing alone is not capable of eliminating torque
ripple and can even cause an increase in the torque ripple in some load conditions.
Different stator teeth widths were suggested to achieve the same peak flux density in
them in a particular load point. This approach was implemented together with stepped
skewing of the rotor. Three TCW PMSMs in different power ranges were simulated to
verify the feasibility of the concept. Mr. Petrov found the reason for synchronous
inductance variation in rotor surface magnet TCW PMSMs, and developed a method to
reduce its negative effects. Dr. Ponomarev modelled a 18-slot 16-poles PMSM with the
proposed method and took part in reviewing the paper. Dr. Alexandrova modelled a
large power wind generator with the proposed method. Prof. Pyrhonen was in charge of
the supervision of the project and revision of the paper.



41

Publication VI reviews different analytical methods of synchronous inductance
evaluation in TCW PMSMs, which can be implemented at early design stages. The
paper describes a method of harmonic air-gap leakage factor computation and its
influence on the synchronous inductance. Methods of synchronous inductance
component evaluation were considered and compared with each other. Four different
TCW PMSMs were simulated by the FEM and measured to verify the correctness of the
analytical synchronous inductance evaluation with a reasonable error between the
measured and analytical results. Dr. Ponomarev was the principal author and
investigator of the paper. He was responsible for the theoretical analysis of the paper,
explanation of the suggested synchronous inductance evaluation principles, and
verification of the analytical results by FEM computations. Dr. Alexandrova took part
in reviewing of the paper. Mr. Petrov implemented the analytical equations described in
the paper to estimate the inductance of the 12-slot 10-pole machine and verified the
results by the FEM and measurements. Dr. Lindh implemented the analytical equations
described in the paper to estimate the inductance of an inner rotor TCW PMSM and
verified the results by the FEM and measurements. Prof. Lomonova reviewed the paper.
Prof. Pyrhonen was in charge of the supervision of the project and revision of the paper.

Publication VII describes the importance of correct synchronous inductance evaluation
in the case of sensorless control, when iron saturation is taken into account. The origin
of torque ripple on the rotor side was described for TCW PMSMs. Possible solutions for
torque ripple reduction were suggested. Dr. Ponomarev was the principal author and
investigator of the paper. He modelled an 18-slot 16-pole PMSM by the FEM to
estimate the inductance variation in different load conditions. Mr. Petrov thoroughly
reviewed the paper. Prof. Pyrhonen was in charge of the supervision of the project and
revision of the paper.

Publication VIII implements the method described in Publication IV for an 18-slot 16-
pole TCW PMSM. It was shown that this method can be successfully used for other
type of tooth-coil winding topologies than the 12-slot 10-pole TCW PMSM. Dr.
Ponomarev was the principal author and investigator of the paper. He modelled the 18-
slot 16-pole PMSM by the FEM at the nominal load with different stator teeth widths to
reduce the torque ripple. Mr. Petrov was the investigator of the method. Prof. Pyrhénen
was in charge of the supervision of the project and revision of the paper.

1.6 Scientific contribution of the doctoral dissertation

The main target of the doctoral dissertation is to study the technical and economic
feasibility of rotor-surface ferrite magnet PMSMs with an outer rotor topology for
typical industrial applications in the power range of 0.75 — 90 kW. The research
hypothesis is that such machines are feasible and can compete with other solutions, at
least in special cases.

The study involves knowledge from different engineering areas that are used as
boundary conditions in the optimization of the PMSM. Mechanical, thermal, and
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electro-magnetic analyses are combined to find the practical optimum. The optimization
comprises continuous iteration of the machine design to find a suitable solution that can
satisfy all the requirements regarding the mechanical assembly, safety during the
machine operation, proper cooling capability and reliable electro-magnetic performance
in order to provide high efficiency with a sufficient torque reserve and a low torque

ripple.

The electro-magnetic optimization process developed in the work has several stages:

e The first stage covers a fast analytical design optimization, which does not take
the steel saturation into account. It was developed for outer rotor topology,
which leads to different geometrical rearrangements during the optimization
process compared with a conventional inner rotor electrical machine.

e The second stage contains an analytical model, which takes the steel saturation
into account. It is used for the verification of the results estimated by the first
stage. This analytical model was developed in order to have a clearer picture of
the flux distribution in a magnetic circuit and to analyse the influence of steel
saturation conditions on the machine performance as a function of speed and
torque. The model includes a control algorithm, which, according to the
synchronous inductance, phase resistance, and iron losses, generates the
optimum current and voltage vectors for the maximum efficiency operating
point. Therefore, together with the electrical machine design solution found by
this approach, a viable control strategy can be achieved. It provides an
opportunity to implement an appropriate fast design optimization at the early
design stage without consuming an excessive amount of time.

e The third stage concerns the verification of the analytical results by the finite
element method and an analysis of the local demagnetization risk in the
permanent magnets at the nominal load and in fault conditions (e.g. short-
circuit). A quasi 3D FEM modelling is implemented for the consideration of
non-equal temperature distribution in the permanent magnets along the axial
length. The generated FEM model can include the control algorithm generated
in the second stage, thereby reducing the time required for tuning of the current
and voltage vectors in a particular load condition.

The sequential use of the above-described stages can significantly reduce the time
required for the optimization of a radial-flux rotor-surface ferrite magnet PMSM, still
considering the most important phenomena related to the electro-magnetic processes of
the machine.

An outcome of the machine optimization at the second stage was the discovery of local
stator regions in a TCW PMSM, which face an asymmetric over-saturation condition
(higher flux density compared with the one preliminary selected by the designer) at the
nominal load, resulting from the permanent magnet flux density interaction with the
armature reaction. It was discovered that the inherent asymmetry of over-saturated
regions leads to an additional low-order torque ripple harmonic. The methods for
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elimination of such an effect were proposed and verified by enhanced modelling of
different TCW PMSM topologies by the FEM. The advantages and limitations of this
method were analysed and the following hints for further research are given.

The methodology for permanent magnet and armature teeth design optimization, which
was applied to the machine design process, also considers the local demagnetization
risk, caused by the stator tooth tip flux leakage. The difference of the local
demagnetization risk from the conventional one is that the stator tooth tip leakage flux
penetrates through the air gap to the permanent magnet region, and with a strong
armature reaction, can cause a local demagnetization risk. This phenomenon was
thoroughly investigated by FEM simulations, and the results were taken into account in
the design optimization process.

1.7 Engineering contribution of the thesis

The outer rotor TCW PMSM with rotor surface ferrite permanent magnets in the range
suitable for most of industrial applications (0.75 — 90 kW) has not been extensively
studied before. The PMSMs examples with a similar structure, found by the author,
were intended for powers not higher than a few kilowatts because of the challenges to
keep the ferrite magnets in the safe region from the demagnetization risk, especially if
fault conditions are considered. Further, the relatively low tangential stress can be a
major drawback of these electrical machines compared with rare-earth PMSMs.

The design of a 50 kW PMSM with a relatively simple structure for commercial
competitiveness was proposed by applying non-conventional optimization methodology
in order to take into account the "weakness" of ferrite magnets in terms of the
demagnetization risk and compensation of the low magnetic energy product by
constructional means (e.g. tooth-coil winding, outer rotor construction). The main
challenges were identified as the demagnetization risk of the ferrite magnets, losses in
the solid rotor, the impact of synchronous inductance on the PMSM performance,
additional AC losses in the stator winding, and the influence of these losses on the
thermal condition of the stator winding.

The demagnetization risk was analysed in detail, and actions to reduce the risk of
irreversible demagnetization were suggested. The impact of temperature on the PMSM
performance, including permanent magnet characteristics, was considered within the
design optimization process of the rotor surface PMSM. The demagnetization risk in
fault conditions (e.g. short-circuit) was estimated taking into account the different
magnet characteristics in the axial direction of the machine. It was found that the
classical risk evaluation of two-directional demagnetization is not suitable for the
studied machine because of the uneven cooling capability along the axial length, which
has an influence on the permanent magnet thermal conditions, and consequently, on the
magnet properties. Contrary to rare-earth permanent magnets, the most critical part of
the ferrite magnets subjected to the demagnetization risk was found in the coldest
magnet region. This phenomenon was the primary reason for directing the main stator
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heat dissipation through the air gap, because the permanent magnet close to the air gap
faces the strongest armature reaction (as it was found in the design process).

The influence of tooth tip flux leakage on the magnetic state of the permanent magnets
was analysed at different machine loads. Possible challenges caused by this
phenomenon (including the maximum limit for armature reaction determined by the
permanent magnet demagnetization risk) were considered in the design of medium- and
large- power industrial rotor surface ferrite magnet PMSMs. In the TCW PMSMs with
rotor surface permanent magnets these challenges can be expressed by an electrical
loading limit set by the risk of demagnetization, even if very thick magnets are used;
this risk is due to the inherent tooth tip flux leakages in TCW PMSMs. The
effectiveness of the proposed actions to minimize the effect in order to achieve the
maximum possible electrical loading was analysed, and advice for the design of similar
machines were given.

The influence of stator slot leakages on the circulating currents in the stator windings
(which leads to additional AC losses) was investigated. It was found that the reasons for
the relatively high stator slot leakage seem to inherently correlate with the use of
"weak" ferrite magnets because of the need for high stator slots and a large number of
winding turns. The influence of the winding structure (straight parallel strands with
different numbers of parallel strands in a coil, Llitz wires) on the additional AC losses
was investigated. The impact of heat caused by the additional AC losses on the thermal
condition of the winding and the possible reduction in the lifetime of the insulation were
estimated; the issue should be taken into account in the optimization of the cooling
arrangement. Therefore, the cooling arrangement should be optimized to have a reserve
capability to dissipate heat with additional losses such as circulating current losses.

The losses in the solid rotor were analysed for different PMSM structures. The
influence of the permanent magnet geometry and the pole pair number on the losses in
the solid rotor was examined. The main reason for rotor losses, that is, the current
linkage sub-harmonics, was found and investigated. The proposed approaches to reduce
these losses were analysed and verified by FEM simulations.

The second part of the research is related to a novel stator winding arrangement in
segmented TCW PMSMs. The impact of the optimized segmented stator structure on
the machine performance was evaluated. The proposed optimization approaches to
minimize the reduction in the PMSM performance when the machine is rearranged to a
segmented TCW PMSM were discussed and analysed.

The performance and economic advantages of the proposed PMSM structures were
discussed. It was shown that these types of electrical machines can successfully
compete with induction motors commonly used in industrial applications.
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2  Outer rotor PMSM

According to Section 1.1, it is possible to achieve a higher air gap flux density with
embedded permanent magnets in the inner rotor topology, if the inner rotor area is used
for the magnetic flux concentration technique (e.g. the use of a spoke-type PM rotor).
This section shows that the outer rotor can also be successfully exploited to enhance the
performance of the PMSMs having ferrite magnets. However, in the case of an outer
rotor instead of permanent magnet flux concentration, the slot area is increased.
Therefore, we may conclude that the inner rotor PMSM with embedded magnets and
the outer rotor PMSM apply a similar technique to increase the power density of the
machine; that is, the efficient use of the inner space of the PMSM. However, in the case
of permanent magnet flux concentration, the magnetic loading increases, whereas in the
case of an outer rotor PMSM and a large slot area, the electric loading and the air gap
radius can be increased. In general, both of these methods can be efficiently applied to
improve the power density of a PMSM. However, the electric loading (unlike the
magnetic loading) may often be limited by different factors such as thermal conditions,
Joule losses and synchronous inductance. Therefore, these factors should be considered
if the outer rotor topology is selected. The thermal condition of the winding depends on
the Joule losses and the cooling capability of the machine, and it can be improved after
the electromagnetic machine components are designed. However, the synchronous
inductance should be considered in the PMSM design. The effect of the synchronous
inductance on the machine performance is discussed in Section 2.2.

As it was described in the first chapter, permanent magnet technology is successfully
applied to rotating electrical machines. Numerous new interesting topologies have been
developed by using permanent magnets such as flux switching machines (Zhu et al.,
2005; Ilhan et al., 2012), dual-rotor or dual-stator axial flux PMSMs (Baun et al., 2013;
Parviainen et al., 2004), and PMSMs with segmented rotor and stator structures (Chino
et al., 2011; Heins et al., 2013). Many PMSM solutions described in the literature have
been developed for a particular application, however, their wide-scale use is not
economically feasible. Therefore, if the target is to harvest the benefits of permanent
magnet technology without a significant increase in manufacturing costs, some new
machine design should be found. One of the above described approaches is to use an
outer rotor ferrite PMSM, Figure 1.11 (b). In this case, the air gap radius can be much
larger compared with the inner rotor topology, Figure 1.11 (a), when the same external
diameter D, is used. A larger air gap diameter together with a larger magnetic flux
produced by the permanent magnets should partly compensate for the low magnetic
energy density of ferrite magnets. However, also other parameters of the machine are
different from the conventional inner rotor topologies such as synchronous inductance,
number of phase turns, moment of inertia, cooling arrangement, and thermal condition
of the winding. Therefore, it is important to thoroughly analyse the influence of the
rotor topology on the machine main characteristics. In this chapter, an outer rotor ferrite
PMSM in the typical power range for an industrial application is assessed and the
feasibility of this machine is examined. As an example, a 50 kW, 3000 rpm PMSM
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designed for a bus vehicle generator is described. The simplified structure of the PMSM
is shown in Figure 2.1.

Hot Air

Cold Air

Quter rotor -
Fixing system Output of the air

(also serves as an
air channel)

b)

. Rotor shaft
Bearings Stator windings Fan blades

Figure 2.1: Simplified construction of the PMSM studied in the doctoral dissertation. The
PMSM constructional elements are: outer rotor, tooth-coil winding, rotor surface ferrite
magnets, and integrated fan. a) Assembled PMSM, b) PMSM components.

The PMSM studied in the dissertation was designed to achieve the required power (50
kW at 3000 rpm) for the electrical power generation in a hybrid bus. In the design, no
tight limit were set for the machine size. Therefore, it was possible to achieve a
relatively low tangential stress in the machine. In this case, the manufacturing costs can
be reduced significantly if inexpensive ferrite magnets are used instead of rare-ecarth
magnets. The main challenges in the design of this machine were possible partial
magnet demagnetization, stator winding cooling arrangement, synchronous inductance
minimization, validation of the possible advantages to use an outer rotor construction,
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torque ripple analysis, and additional AC losses in the stator winding. These aspects are
described in more detail below.

First of all, it is important to analyse the torque and power density variation in two
machines that apply similar active electromagnetic materials and have the same external
dimensions but have different rotor topologies (inner vs. outer rotor). This variation
may have an influence on the final decision on the rotor topology used. An example of
such a rearrangement is illustrated in Figure 1.11. The figure shows that a significant
torque density improvement can be reached if an outer rotor arrangement is used, even
if the tangential stress is kept the same. This can be explained by the larger active
surface of the outer rotor structure, which together with the air gap radius has a direct
influence on the torque achieved by the machine (Pyrhonen et al., 2008):

T = 0p, 1St = Op,, 2mr2l (2.1)

In Eq. (2.1) we can see that the torque of the machine with the same tangential stress is
a function of radius squared. This means that increasing the air gap radius by 10 % can
improve the torque by more than 20 %.

The increase in the air gap diameter by rearranging the PMSM from an inner rotor
machine to an outer rotor structure can be estimated if the following component
dimensions are known: stator tooth height, permanent magnet height, stator yoke height,
and rotor yoke height. These dimensions are shown in Figure 2.2.

Figure 2.2: PMSM component dimensions that determine the increase in the air gap diameter if
the machine is rearranged to an outer rotor structure.

The increase in the air gap diameter when the inner rotor PMSM is rearranged into an
outer rotor PMSM can be estimated by
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ADs =2+ (hq + hys) — 2+ (hpm + hyy) (2.2)

The air gap radius can be increased if the stator tooth height and the stator yoke height
are larger than the rotor permanent magnet height and the rotor yoke height. According
to Eq. (2.2), the ratio of the air gap increase (ADjs) to the inner rotor PMSM air gap is

ADs _ 2 (hq + hys) 2 (hpm + hyr)

2.3
Ds Ds Ds 23

This means that the potential torque capability difference between the inner rotor and
outer rotor PMSMs depends on the tooth height /g, the stator yoke height 4y, permanent
magnet height /py and the rotor yoke height Ay, in proportion to the inner rotor diameter
of the PMSM. An example of the ratio of the air gap diameter increase to the inner rotor
PMSM air gap diameter (ADs/Ds) as a function of tooth height is shown in Figure 2.3.
This PMSM has a fixed stator yoke height, rotor yoke height, and permanent magnet
height, which were estimated for the original machine (with the stator tooth height ~45
mm) according to the algorithm presented in (Pyrhonen et al., 2008). Moreover, in
Figure 2.3, a potential torque increase is shown if the tangential stress is kept constant.
We can see that a significant torque improvement can be achieved in a PMSM with a
larger stator tooth height when it is rearranged into an outer rotor structure. In Figure
2.4, inner rotor and outer rotor PMSMs are shown for two outermost stator tooth height
points (Figure 2.3). In Figure 2.4 (a) it can be seen that the stator tooth height is hardly
realizable, because there is almost no space for the stator winding in the slots. However,
even in this case the torques achievable with the outer rotor and inner rotor PMSMs are
approximately the same, and the difference starts to increase in favour of the outer rotor
PMSM with a larger stator tooth height.

ADs/Ds, Tout/ Tin

2.5 = = Tout/Tin

10 20 30 40 50 60 Ja [mm]
Figure 2.3: Ratio of the air gap increase to the air gap of inner rotor PMSM (ADs/D;) and torque
increase (Tou/Tin) When an inner rotor PMSM is rearranged into an outer rotor PMSM with the
same external dimensions as a function of tooth height (/4). Ty is the torque of the PMSM with
the outer rotor topology, and T;, is the torque of the PMSM with the inner rotor topology. Points
(a) and (b) refer to the different designs illustrated in Figure 2.4.
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Figure 2.4: Scaled view of PMSMs with the same external dimensions. a) The inner rotor and
outer rotor PMSMs are related to Figure 2.3 (a). b) The inner rotor and outer rotor PMSMs are
related to Figure 2.3 (b).

It should be noted that PMSMs that apply rotor surface ferrite permanent magnets
instead of rare-earth permanent magnets have a lower magnetic flux produced by these
magnets. Therefore, they have to use a higher number of winding turns, which leads to a
larger phase resistance (if the current density remains the same). It means that in order
to reduce the phase resistance, the wire area has to be increased, which may result in
increase the stator tooth height. In the case of an outer rotor PMSM, if there is no need
to reserve inner stator space for other purposes, the stator tooth height can be increased
without increasing external radius of the machine.

In the previous comparison of inner rotor and outer rotor PMSMs, it was assumed that
the tangential stress is the same in both cases. However, with the same external size of
the machines, the slot area in an outer rotor PMSM is somewhat lower than in a
corresponding inner rotor case (if the tooth height is the same in both cases). This is due
to the fact that with the outer rotor construction the active stator area is lower than in the
mner rotor construction. Therefore, with the same stator tooth width and stator tooth
height (that takes the same space in the active stator area), there is consequently lower
space for the stator slot. The ratio of the outer rotor PMSM slot area (S,.o4) to the inner
rotor PMSM slot area (S, ) 1S
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The numerator in Eq. (2.4) represents the slot area in an outer rotor PMSM, whereas the
denominator in Eq. (2.4) represents the slot area in an inner rotor PMSM. According to
Eq. (2.4), the reduction in the slot area depends mainly on the permanent magnet height
hpy, the air gap length o, the height of the teeth 44, the width of the teeth bg, the height
of the tooth tip /; relative to the external PMSM diameter D., and the number of slots
Os. However, in the machine under study, the external diameter is relatively large,
which means that there is no significant reduction in the slot area, as it is shown in
Figure 2.5.
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Figure 2.5: Actual slot areas S, in the inner and outer rotor PMSMs and the torque ratios with
the assumption that there is no difference in the slot areas, i.e., the slot areas of the inner and
outer rotor PMSMs are the same (continuous lines) and taking this difference into account
(dashed lines). The external diameter is kept constant. The torque ratio with the unchanged slot
areas (continuous line) is the same as illustrated in Figure 2.3.

Figure 2.5 shows that even with a reduced slot area (i.e. reduced tangential stress) there
is still a significant torque improvement when the outer rotor topology is used.

2.1 Tangential stress

Tangential stress is an important parameter of an electrical machine. This parameter
shows how efficiently the air gap surface is used. For example in high power wind
generators, it is crucial to keep the dimensions of the active electromagnetic machine
parts as small as possible. Therefore, a very high tangential stress is required, especially
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in high-power direct drive wind generators (Alexandrova et al., 2012). The tangential
stress depends on the linear current density A, the air gap normal flux density Bs and the
phase shift { between the distributions of 4 and Bs as it is shown in Eq. (1.12).
Therefore, if the permanent magnet flux density cannot be regulated, as in the case of
rotor surface permanent magnets (when permanent magnets are already selected), the
only way to adjust the tangential stress is to apply a different sum of current in the slot.
The sum of current in the slot means the phase current multiplied by the number of
conductors zg in a slot. If the number of conductors in a slot is estimated (based on
back-EMF, synchronous inductance, and applied voltage), the sum of current in the slot
can be adjusted by applying a different phase current value.

There are several factors that limit the maximum phase current to be applied. One of the
most important factors is the thermal state of the winding. In the case of high losses in
the stator winding, the windings can be subjected to faults resulting from their relatively
poor insulation characteristics against high temperatures. According to (Montsinger,
1930) the life time of an insulator is halved by each 10° C of its temperature increase. In
(Dakin, 1948), it was claimed that insulation deterioration caused by a temperature
influence can be estimated by the Arrhenius chemical rate equation. However, no
significant difference was found between these two approaches (Brancato, 1992).
Therefore, the rule concerning halving of the insulation life time by each 10° C increase
is often used in practice.

The thermal state of the winding depends on the power losses (heat) produced in the
machine as well as on the cooling arrangement chosen to reduce the overall temperature
in the critical parts of the machine. In electrical machines designed for industrial
applications, an air cooling arrangement is often used because of its robustness and
simplicity, and because industrial applications usually do not have strict requirements
for size limit. However, the cooling capability of air is much worse compared with
liquid cooling or direct liquid cooling arrangements (Alexandrova Y., 2014). Therefore,
it is important to keep the current density in an allowable range to avoid excessive
temperature in the stator winding if air cooling is implemented (Pyrhonen et al., 2008).

In addition to the stator winding thermal conditions, the linear current density A (which
is proportional to the tangential stress), can have a negative impact on the permanent
magnet magnetic state. It is well known that permanent magnets can be subjected to
irreversible demagnetization if the operating flux density in the magnets decreases
below the critical point. This critical point together with the remanent flux density
varies at different temperatures as it is shown in Figure 2.6.
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Figure 2.6: BH curves of a BM9 type hard ferrite malgnetic materiallby Bakker Magnetics at
+200° C, +20° C and —40° C (Bakker Magnetics, 2015; Petrov and Pyrhonen, 2013).

Figure 2.6 illustrates the polarization and demagnetization curves with their knee areas
at different temperatures. For the magnetic material at the temperatures of +20° C and
—40° C, the knee areas of the demagnetization curves are located in the second
quadrant. This means that at these temperatures the flux density of the permanent
magnets should not decrease below 0.2 T at —40° C or 0.1 T at 20° C, because otherwise
irreversible demagnetization is inevitable. According to Figure 2.6, if a PMSM operates
at different loads and ambient temperatures, its performance and demagnetization risk
should be evaluated. For example, in the case of the studied PMSM, the remanent flux
density decreases at a higher temperature. However, in this case it is possible to increase
the linear current density without reaching the point with a demagnetization risk.

Figure 2.7 shows the normal component of the flux density in the permanent magnet
surface close to the air gap for three different temperatures. The nominal power is kept
constant in all three cases. Therefore, as a result of the higher remanent flux density at
the lower temperature, the stator current can be reduced in order to get the same output
power as at the higher temperature (where the permanent magnet remanent flux is
lower). In Figure 2.7 it is shown that there is no demagnetization risk at the nominal
load even if the temperature of the permanent magnet decreases to —40° C. However, in
the design of a similar surface rotor PMSM, one should keep the tangential stress
relatively low in order to avoid the risk of demagnetization at a short-circuit, overload
conditions, and especially at the nominal load.
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Figure 2.7: Normal component of the flux density at different magnet temperatures and the
corresponding limit values for the PM material. The PMSM is operating at the nominal load
power. The magnet is located close to the stator slot where the peak current is conducting.

Figure 2.7 reveals that in part of the PM material the remanent flux density is exceeded
at the rated load because of the influence of the armature reaction. This causes an extra
problem in the design as a permanent magnet hysteresis loss may occur if the PM
material flux density varies below and above the remanent flux density (Pyrhonen et al.,
2015). This condition results from the target of reaching as high air gap flux density as
possible, and because of large magnet height Apy selected for the magnet material.
Further, the high armature linear current density typical for low flux density machines
allows high enough armature reaction thereby this kind of a disadvantageous situation
possible.

A short-circuit fault in a rotor surface magnet PMSM can cause a high initial peak
current because of the two current components in the transient condition. The first
current component consists of current in the steady state during the short-circuit, the
peak value of which is inverse to the inductive reactance (wL) and the phase resistance,
while the second current component is exponential which decreases over time towards
zero; its initial value depends on the instant current value when the short-circuit occurs.
Therefore, the sum of both components at the very beginning during the short circuit
gives the highest peak current value, as it is seen in Figure 2.8, and this current value
should be considered in the demagnetization analysis.



54 20uter rotor PMSM

In[A] Phase current at -40'C
3001 Phase current at 20 C ‘\

Phase current at 80°C
"

200+

100

-100

|
|
|
|
|
|
|
|
|
|
|
|
|
|
|
L

Isc,

| | Max. peak
0.096 0.098 0.1 t[s]

Figure 2.8: Phase current in a short-circuit at 80° C, 20° C and -40° C. Three-phase short-circuit
occurs at = 0.0995 s.

Figure 2.8 shows that a short-circuit at the lowest permanent magnet temperature gives
the highest peak of phase current. Thus, knowing also that at lower temperatures the
knee point of the ferrite permanent magnet BH curve goes towards a higher value of
flux density, we may expect that during a three phase short-circuit at a lower permanent
magnet temperature, irreversible demagnetization may occur with a higher probability.
In order to verify these expectations, the flux density was measured at different depths
of permanent magnets from the air gap (in the FEM model) at a short-circuit at 80° C
and —40° C permanent magnet temperatures. The resultant flux densities were compared
with the critical value of the flux density for a particular temperature. The comparative
graphics are shown in Figure 2.9 and in Figure 2.10.
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Figure 2.9: Permanent magnet flux density at different depths from the air gap during a short-
circuit peak current for the temperature of 80° C. The magnet is located close to the stator slot
where the peak current is conducting. The flat surfaces represent the critical values B, for the
permanent magnets at 80° C. If the actual flux density exceeds the critical flux density, local
irreversible demagnetization may occur. In the figure, this takes place at the magnet surface (0
mm depth) and edges (about 70 mm length).
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Figure 2.9 shows that the resultant flux density in the permanent magnets at a short
circuit is almost entirely in the safe zone (without the risk of irreversible
demagnetization) even close to the air gap region. Therefore, we may conclude that if
the temperature of the permanent magnets is high enough, it is possible to avoid
irreversible demagnetization even in the worst operating condition (nominal speed,
three-phase short-circuit, permanent magnet is close to the slot with the peak phase
current).
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Figure 2.10: Permanent magnet flux density at different distances from the air gap during a
short-circuit peak current for the temperature of —40° C. The magnet is located close to the
stator slot where the peak current is conducting. The flat surface represents the critical value for
the permanent magnets at —40° C. If the actual flux density exceeds the critical flux density B.,
local irreversible demagnetization may occur.
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Figure 2.10 demonstrates that if a three-phase short-circuit occurs at the permanent
magnet temperature of —40° C, a large proportion of the resultant flux density in the
permanent magnets exceeds the critical value. However, if a further distance from the
air gap is considered, the influence of the armature reaction is partially damped, because
of the low magnetic permeability of the permanent magnets, and the risk of irreversible
demagnetization is reduced. This means that only the permanent magnet skin close to
the air gap can be subjected to partial demagnetization, as it can be seen in Figure 2.10.

Another limiting factor for the maximum tangential stress is the synchronous inductance
with the maximum voltage applied. This effect can be seen in Figure 2.11, where
equivalent circuits of a PMSM in the d- and g-axes are shown. If a rotor surface magnet
PMSM is considered with ig = 0, the applied voltage in the g-axis should be
proportional to the flux linkage in the d-axis, which equals the permanent magnet flux
linkage (iq = 0). This means that the g-axis voltage equals the back-EMF at no-load.
However, the voltage in the d-axis is proportional to the flux linkage in the g-axis,
which equals the multiple of the g-axis inductance and the g-axis stator current.
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Therefore, in higher load conditions the d-axis voltage will increase until the total
voltage reaches the maximum limit, after which field weakening starts. The total voltage
in a vector representation can be estimated as

u= ’ué + uZ (2.5)
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Figure 2.11: Equivalent circuits of a PMSM in the d- and g-axes (More et al., 2008).

Figure 2.12 shows two vector diagrams for the same PMSM, assuming that the
synchronous inductance remains constant (it does not depend on the load). The vector
diagrams represent two load points: iy = 0, and the maximum theoretically achievable
torque at the nominal speed (w = 1 p.u.) with the rated voltage (us =1 p.u.).
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Figure 2.12: Vector diagram of a PMSM with a) ig = 0 control (us =1 p.u., is=1 p.u., ig =0 p.u.,
iqg=1pu, ¥=1pu, Pom=0.87 p.u., isLla = 0 p.u. icLq = 0.5 p.u.,, ¢ = 30°) and b) maximum
theoretically achievable torque at the nominal speed (us = 1 p.u., iy = 2.65 p.u., is = -1.74 p.u., ig
=2pu, ¥ =1pu, Pom = 0.87 pu, isLg = -0.87 p.u,, itfLq = 1 p.u., ¢ = 49°). The stator
resistance is assumed negligible.
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Figure 2.12 (b) shows that there is a limit for the maximum electrical loading that can
be achieved at a particular speed and voltage. This limit comes from the fact that it is
not possible to get rid of the armature reaction by a field weakening control as it is done
with the permanent magnet flux linkage. Therefore, when the flux linkage caused by the
armature reaction in the g-axis reaches the value corresponding to the voltage available,
the torque cannot be increased any further. It means that the tangential stress is limited
not only by the thermal state of the stator winding and the risk of permanent magnet
irreversible demagnetization, but also by the electromagnetic factors such as
synchronous inductance, rotational speed, and maximum terminal voltage available. The
maximum theoretically achievable torque in a PMSM without inductance saliency (Lg =
L) at the nominal speed can be estimated by:

i u
Thax = l‘UPMlq.max = YoM (wz ) (2.6)
q

The limiting factors of the tangential stress described above make it challenging to
construct a PMSM with rotor surface ferrite permanent magnets at high power levels
because of the low magnetic flux produced by the ferrite permanent magnets. It should
be compensated for by a larger slot area and a higher number of winding turns Ns. These
parameters have a direct influence on the synchronous inductance, which is described in
the following section.

2.2 Synchronous inductance

Synchronous inductance is one of the most important parameters in an electrical
machine. Because of the non-linear BH curve of the material used to assist the magnetic
flux conduction such as silicon steel (Abeywickrama et al., 2008), soft magnetic
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composite (Okada et al, 2010; Maloberti et al., 2014), or cobalt-iron lamination
(Cossale et al, 2014), it is challenging to analytically evaluate the variation in
synchronous inductance as a function of load point in an electrical machine. Usually, a
thorough FEA is needed to evaluate synchronous inductance for the whole load range
(Ruuskanen et al.,, 2014a). The importance of correct inductance evaluation can be
justified by control requirements (especially, if a sensorless control is implemented) and
by the performance variation of the machine with different synchronous inductances. It
should be noted that in the vector theory there are two inductances, viz. along the d-axis
(Lq) and the g-axis (Lg). If these inductances are not equal (especially in PMSMs with
embedded magnets), there is saliency in the electrical machine. This saliency ratio may
contribute to the total torque of the machine. However, the main focus of the
dissertation is on rotor surface magnet PMSMSs, which have saliency only because of
the local saturation in the iron. Usually, this saliency does not essentially contribute to
any significant additional torque. Therefore, no special attention is given to the
reluctance torque, and it is assumed that Lq = L.

Despite the fact that the synchronous inductance is not constant in different operating
points, a “classical” analytical method is often adopted at early design stages
(Ponomarev et al., 2014a; Pyrhonen et al., 2014). The drawback of this approach is that
it does not take into account the armature reaction when the synchronous inductance is
evaluated. Therefore, analytical methods have been introduced that take the armature
reaction into account in every load mode by means of iterative evaluation of an
equivalent magnetic circuit (Hsieh and Hsu, 2012; Petrov et al., 2014c). They require a
more complicated structure compared with only analytical formulas (Prieto et al., 2014),
but they are still not as computationally heavy as the FEM. Therefore, it is more
advantageous to use an equivalent magnetic circuit (also known as a lumped model) to
precisely evaluate the influence of the armature reaction on the magnetic state of the
iron parts in different load points. An example of an algorithm used in the lumped
model is shown in Figure 2.13.
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Figure 2.13: Algorithm for the identification of the electric machine parameters with the
saturation effect.

Figure 2.13 shows that iteration is an inherent part of an algorithm to take into account
the non-linear steel behaviour. The precision of the inductance evaluation depends on
the threshold error accepted in the algorithm, which also has an influence on the
computational time of the model.

The inductance L indicates how much flux linkage ¥ a magnetic circuit can accumulate
with current. The energy W associated with the circuit is directly proportional to its
inductance. It is not possible to transform one form of energy into another one
immediately. Therefore, it takes time to transform electrical energy into the magnetic
energy and vice versa; this is called a transient process. Because of this transient process
in the case of sinusoidal quantities, the current sine waveform lags behind the voltage
sine waveform. The angle between voltage and current is represented by a power factor.
The power factor shows the electrical power component that contributes to the electro-
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mechanical conversion and the electrical power component that only fluctuates between
the stator winding and back to the network. Therefore, often in the design of PMSMs
some actions are taken to keep the synchronous inductance within a reasonable range,
except for the cases when a PMSM should work in a deep field weakening mode. In this
case, a high synchronous inductance can assist in reducing the permanent magnet flux
linkage in the stator winding by means of armature reaction. When going into field
weakening, the d-axis negative current is used to demagnetize the stator d-axis flux with
the armature reaction /4Ls.

As it was mentioned above, exact evaluation of the synchronous inductance is a very
challenging task in rotating electrical machines. Additional complexity comes from the
non-homogeneous stator and rotor surfaces close to the air gap. This leads to a
synchronous inductance variation in different rotor positions in relation to the stator.
Finally, we may conclude that there are two main parameters that have an influence on
the synchronous inductance of an already designed PMSM: the stator current vector
(value, direction) and the rotor position. However, this does not mean that the
synchronous inductance variation has a strong influence on the deviation of the current
waveform from the sine waveform (in the case of a sine voltage supply), because the
current in an electrical machine has a very inertial behaviour and does not significantly
change as a result of synchronous inductance variation. Instead, the voltage waveform
in the case of current supply may change noticeably if the saturation in the magnetic
circuit takes place, as it can be seen in Figure 2.14.
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Figure 2.14 a) Voltage waveforms of the PMSM under study at no-load and at the nominal load
and their harmonic spectra, saturation is taken into account (steel has the BH curve of M270-
35A). b) Voltage waveforms at no-load and at the nominal load and their harmonic spectra,
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saturation is not taken into account (steel has a constant relative permeability x, = 500). The
results were attained from the outer rotor PMSM with the current supply (Flux 2D) studied in
this chapter.

Figure 2.14 shows that the PMSM with a linear BH curve does not have additional
harmonic components in the voltage spectrum at the nominal load compared with the
no-load back-EMF. However, if an actual steel BH curve is used, the harmonic
spectrum of the nominal load voltage is different compared with the no-load back EMF.
For better understanding, let us consider a simple circuit shown in Figure 2.15.

U

I w¥

Figure 2.15: Simple circuit with current supply, back-EMF (w¥), constant resistance, and
variable inductance.

If saturation is taken into account, the inductance in Figure 2.15 varies. Therefore the
voltage value at the terminals of the current source can be found by

U = Rig + jo¥ = Rig + jo(WPpy + isLs)
. dLg - dig 2.7)
= Rls + ]quPM + lSE‘l' LSE

In the case of constant inductance, if a machine with a linear BH curve is considered,
there are no voltage disturbances at the terminals of the machine in the case of current
supply. However, if saturation is taken into account, inductance variation leads to some
voltage disturbance.

It should be noted that in the case of a voltage supply (sinusoidal voltage waveform),
the synchronous inductance variation is often not enough to significantly affect the
current waveform, which mainly represents the torque quality in an electrical machine.
For example, in the machine, if a voltage supply is implemented, the phase current is
usually sinusoidal and does not contain significant harmonics in both cases (with the
linear and non-linear BH curves of the steel, as it can be seen in Figure 2.16). According
to the author’s understanding this is due to the inertial current behaviour, which
prevents the phase current instant change. Therefore, other reasons for the occurrence of
torque ripple must be found. These reasons are addressed in Section 2.3.
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Figure 2.16: Current waveforms of the PMSM under study at the nominal load for two different
cases: saturation is taken into account (steel has BH curve of M270-35A), saturation is not taken
into account (steel has a constant relative permeability ¢, = 500), and the harmonic spectra of
the current waveforms, highlighting the 5™ and 7™ harmonics.

In addition to the non-linear behaviour, the synchronous inductance in a PMSM can
significantly affect its torque and power characteristics at the edge of the maximum
voltage or current applied, as it can be seen in Figure 2.17, where the maximum
achievable torque and power values of two similar PMSMs are shown with the same
permanent magnet flux linkage, current, and voltage limits, but with different
synchronous inductances (Ls = 0.6 p.u. and Ls = 0.9 p.u.).
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Figure 2.17: Maximum achievable powers and torques as a function of speed for two rotor
surface magnet PMSMs with different synchronous inductances: L; = 0.6 p.u. and Ls = 0.9 p.u..
The permanent magnet flux linkage is ¥pm = 0.8 p.u., the maximum voltage and phase currents
are the same for both machines (in absolute values). The power and torque are limited by the
maximum allowable current and voltage in the machine. The field weakening region starts at
105 rad/s for the machine with Ls = 0.6 p.u. and at 87 rad/s for the machine with Lg = 0.9 p.u.

Figure 2.17 shows that in the case of Ls = 0.9 p.u. the PMSM cannot achieve the same
maximum power as the similar PMSM but with Ls = 0.6 p.u., despite the fact that they
have the same maximum torque until the field weakening (with the limited current and
voltage values up to 1 p.u.). This is because of the voltage limitation, which reduces the
voltage vector in the deep field weakening region (MTPV control), does not allow to get
the unity power factor in a point where both the current and voltage vectors are equal to
1 p.u. In the case of Ls = 0.6 p.u. instead, the unity power factor is reached at ~200 rad/s,
when both the voltage and current vectors are equal to 1 p.u. This means that if these
PMSMs are used in the HEV, the one with Ls = 0.6 p.u. can have a better performance
at particular vehicle speeds.

This effect can be analysed by the vector theory. In Figure 2.18 (a, b), two PMSMs are
represented by vector diagrams. In the case of Figure 2.18 (a), the PMSM has a
relatively small synchronous inductance Ls = 0.5 p.u., which allows achieving the unity
power factor at the angular speed w = 1.4 p.u., when both the current and voltage
vectors are at maximum, Figure 2.18 (c), whereas in the case of Figure 2.18 (b), the
PMSM has a relative large synchronous inductance Ls = 0.9 p.u., which prevents from
achieving the unity power factor with the maximum voltage and current vectors. In such
a PMSM, the maximum achievable power is at the angular speed w = 4 p.u., where the
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MTPYV control begins and the voltage vector starts to decrease at higher speeds, Figure
2.18 (d).
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Figure 2.18: a) Vector diagram of a PMSM with the iq = 0 control and L, = 0.5 p.u. (us =1 p.u.,
is=1pu,ig=0pu,ig=1pu, % =1pu, ¥om =0.87 p.u., igLls = 0 p.u. icLq=0.5 p.u., p =
30°) and the field weakening path of the stator flux linkage. b) Vector diagram of a PMSM with
the i4 = 0 control and Ly = 0.9 p.u. (us=1p.u, is=1p.u.,ig=0p.u,ig=1pu, ¥s=1p.u., ¥pu
=0.87 p.u., isgLs=0 p.u., icLq = 0.9 p.u., p = 46°) and the field weakening path of the stator flux
linkage. ¢) Maximum achieved power of the PMSM shown in (a). d) Maximum achieved power
of the PMSM shown in (b). In the PMSM shown in (a), only the MTPA is applied, whereas in
the PMSM shown in (b), both the MTPA and MTPYV should be applied.

The permanent magnet flux linkage naturally has a direct influence on the vector
diagram of a PMSM and can be selected so that the current and voltage vector angles
are shifted closer to the desired positions with a better PMSM performance in the
operating point. However, the flux linkage was kept constant in described examples in
order to highlight the impact of the synchronous inductance on the PMSM
characteristics in the whole speed range (including the field weakening mode).

As a conclusion, while considering the role of synchronous inductance in a PMSM, two
main features should be highlighted: the non-linear behaviour as a function of current
vector, and the impact of armature reaction on the stator flux linkage. Usually, a lower
synchronous inductance is better for high dynamic performance; however, a very low
synchronous inductance can reduce the field weakening capability of a PMSM and
increase the current ripple because of the PWM control topology.

Synchronous inductance is composed of several inductance components, each for a
particular PMSM element. These inductances are the magnetizing inductance Ly, the
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end-winding inductance L.y, the slot leakage inductance L,, the tooth tip leakage
inductance Ly, the air gap leakage inductance Ls, and the skew inductance L,.

The sum of these inductances gives the total synchronous inductance (Ponomarev et al.,
2014a):

Lg =Ly + Lew + Ly + L + Ls (2.8)

Analytical equations for each inductance element in Eq. (2.8) are developed and
introduced in the literature (Ponomarev et al., 2013; EL-Refaie and Jahns, 2005; Tapia
et al., 2013). However, for the sake of completeness classical analytical equations for
inductance evaluation are given below:

Ko 4q /m z
Ly = tyl' ——(—kywpN. 2.9
m =l 5o (o wos) 2.9)
4
Lew = Q_T.UOstqlw/lew (2.10)
L, = ‘;—’”MONSZI'AU 2.11)
4 ’
Ly = Q_THOstl kyAve (2.12)
Ls = o5l (2.13)
+ k 2
05 = Dy °°( ﬂ) 2.14
5 11}?#1) pv-RWp ( )

From Egs. (2.9)—(2.14) we can see that there is no principal difference between the
inner rotor and outer rotor PMSMs if the rest of the constructional parameters are kept
the same, except for the slot leakage inductance L,, where the coefficient 4, represents
the geometry of a slot (Chevailler et al., 2007) by

Ay =ky

h4_ - h, h3 h1 h2 b4> h,
—+— — ) +— 2.15
3b4_ +k2<b4+b1+b4_b11nb1 + ( )

The slot dimensions related to Eq. (2.15) can be found in Figure 2.19.
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Figure 2.19: Slot dimensions. (Pyrhonen et al., 2008)

In a PMSM with an inner rotor and a fixed stator, the height of the slot has a direct
influence on the external diameter of the machine. However, in the case of an outer
rotor, an increase in the slot height only sacrifices the inner diameter of the active
PMSM part. This means that if the inner diameter of the machine is not used, increasing
the slot height in an outer rotor topology can improve the torque density of a machine.
In this case, the slot leakage flux linkage is the only important parameter that is affected
by the stator slot variation. If the slot leakage flux linkage is too high, it can increase the
total synchronous inductance to an impractical value, which may degrade the
performance of a PMSM, as it is shown in Figure 2.17.

In order to estimate the slot leakage inductance, Eq. (2.11) can be used. However, the
total synchronous inductance should be a final output of the computation in order to
determine a PMSM performance. The synchronous inductance as a function of stator
slot height was evaluated by using the analytical equations (2.8)—(2.15) and validated
by the FEM. The results of analytical and FEM computations are shown in Figure 2.20
(a). It can be seen that the synchronous inductance estimated analytically and by the
FEM are close to each other. However, the synchronous inductance estimated by the
FEM has a non-linear curve as a function of slot height and is flattened at large stator
height values. Figure 2.20 (a) shows that the stator slot leakage inductance can have a
significant impact on the total synchronous inductance. Therefore, it is not feasible to
adopt a very high stator slot height if the synchronous inductance is already large. In the
case of the machine studied in this doctoral dissertation, the tooth and the slot total
height was selected #q = 45 mm, which leads to the synchronous inductance Ls = 0.63

p-u
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Figure 2.20: a) Synchronous inductance and slot leakage inductance as a function of slot height.
The synchronous inductance is computed analytically and verified by the FEM. The end-
winding leakage inductance is kept constant, which is estimated by Eq. (2.10). The slot leakage
inductance is computed analytically. b) Stator slot area and phase resistance as a function of slot
height. The copper space factor is kept constant (kc,). ¢) Schematic views of the studied
machine in two utmost points of the slot height in (a, b).

Naturally, a suitably higher stator height is better, because it has a direct link with the
slot area. Therefore, it is possible to increase the copper area, and consequently, reduce
the phase resistance, Figure 2.20 (b). However, in the case of a high electrical
frequency, there are also significant AC losses along with the DC ones in a PMSM. The
AC losses can be caused by the strand-level and bundle level circulating currents, which
depends on the slot leakage flux. Therefore, it is not a direct solution to only increase
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the stator slot height to reduce copper losses, because a reduction in the DC losses can
lead to an increase in the AC losses. Moreover, the iron losses increase in the case of
high teeth. These AC losses are described in Section 2.4 in more detail.

In conclusion, it should be noted that the synchronous inductance is important and one
of the most complicated characteristics in an electrical machine. It has an impact on
three main parameters of a PMSM: power factor, overload capability, and field
weakening. Further, it has an indirect impact on the torque ripple of a PMSM, as it is
described below. The synchronous inductance can be evaluated analytically with and
without taking into account the saturation caused by armature reaction. It is
advantageous, even at the early design stages, to consider the impact of armature
reaction on saturation, because this factor can significantly influence the resulting
machine performance (Petrov et al., 2014c). The synchronous inductance should be
verified by the FEM. The importance of correct synchronous inductance evaluation is
illustrated in Figure 2.17, which shows that if the synchronous inductance value is
underestimated, it may lead to a machine design that cannot achieve the required power.

2.3 Torque ripple

The challenge of torque ripple reduction is often associated with inner rotor PMSMs or
SRM (Bianchi et al.,, 2009; Barcaro et al.,, 2012; Azar et al., 2012). This can be
explained by the lower equivalent air gap, which in the case of rotor surface magnet
PMSMs prevents a significant influence of armature reaction on the rotor steel
saturation level. In the case of an asynchronous machine, the low equivalent air gap is
compensated for by the rotor cage winding, which has a very high time constant.
However, in a TCW PMSM, it is not practically possible to have a damping winding,
because it would lead to excessive circulating current losses caused by the stator
winding current linkage harmonics (EL-Refaie et al., 2008). Therefore, inner rotor
PMSMs or SRMs are often subjected to high torque ripple harmonics. Based on the
recent literature on the torque ripple reduction in PMSMs, it can be concluded that there
are still no particular guidelines for the minimization of this torque ripple, but only
some tips are given that can be applied and thoroughly modelled by a trial and error
method to find the design with the minimum torque ripple (Bianchi et al., 2009; Zheng
et al., 2011; Sizov et al., 2010; Lindh et al., 2014).

In principle, in rotor surface magnet PMSMs, the rotor yoke saturation (and its
variation) should not have a significant influence on the torque ripple, because surface
permanent magnets produce a relatively large reluctance in the magnetic circuit;
consequently the possible variation in the rotor yoke reluctance (caused by the different
saturation level if the flux density in the rotor yoke changes because of armature
reaction) is not significant. In inner rotor PMSMs instead, the torque ripple generated by
reluctance variation on the rotor side can be quite large.

Usually, with different rotor topologies, skewing is a good solution for cogging torque
elimination and significant reduction in the current-linkage-induced torque ripple
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(Giliemes et al., 2011). Further, permanent magnet or rotor shaping can be optimized to
improve the performance characteristics of a PMSM and to reduce cogging torque and
torque ripple (Wang et al., 2014a; Wang et al., 2014b). However, even in rotor surface
magnet PMSMs there are not always clear explanations for the occurrence of some
torque ripple harmonics (Shin and Kwon, 2009), except for those which are caused by a
non-sinusoidal back EMF, cogging torque or electronic controller nonlinearities (Islam
et al., 2011). When there is torque ripple caused by different saturation levels in the
magnetic circuit, which cause the reluctance variation, some trial and error methods are
usually applied to optimize the stator tooth and rotor geometries close to the air gap to
get the desired torque performance (Bianchi and Bolognani, 2002). However, in the
literature there is no clear information where particularly these saturations take place
and how these phenomena impact the total magnetic circuit reluctance, and only some
assumptions are made (Islam et al.,, 2011). Therefore, it is important to understand
where the saturation variation occurs in TCW PMSMs to focus the design efforts on this
part of the magnetic circuit.

In (Petrov et al., 2014a; Ponomarev et al., 2014c¢) it was shown that in the TCW PMSM,
the peak flux density in the stator teeth is not equally distributed, but with a particular
periodicity. Therefore, some of the stator teeth can be subjected to a higher saturation
compared with the others. This phenomenon produces additional periodicity in the
magnetic circuit that has a lower frequency compared with the cogging torque (Petrov et
al., 2014a). Therefore, torque ripple that is generated by saturation in the stator teeth has
the lowest order harmonic component in the TCW PMSM. It was shown that the
lowest-order torque ripple harmonic components are the most harmful to the mechanical
structure of the whole system (Sopanen et al., 2011). Therefore, in (Petrov et al.,
2014a), as a solution, it was proposed to reduce and even cancel the torque ripple
caused by unequal saturation distribution on the stator side by selecting unequal teeth
widths. However, it works well only for a particular loading point, whereas at other
loads the saturation distribution in the stator teeth is not equal because of different
armature reactions in various load modes. Therefore, this invention does not solve the
problem but highlights the behaviour of tooth-coil machines.

The influence of magnetic circuit saturation on the torque ripple can be observed in Eq.
(2.7), where the inductance variation, caused by the saturation effect, can have an
influence on the current waveform if a voltage supply is applied. However, no
significant high-order harmonics in the current waveform at the voltage supply were
observed. Therefore, other reasons for the influence of saturation on the torque ripple
should be found in the TCW PMSM.

The permanent magnet flux depends on the coercive force, permanent magnet
permeability, permanent magnet geometry, permanent magnet magnetization direction,
air gap height, and iron reluctance. If it is assumed that permanent magnets are
magnetized in the radial direction, the permanent magnet flux can be found by
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whereas the iron reluctance R is inversely proportional to the iron permeability ur..
Iron permeability is not linear, and can significantly decrease in highly saturated
conditions. Therefore, the permanent magnet flux is not constant at different electrical
loadings (armature reactions), which increase the flux through the magnetic circuit, and
consequently, leads to its higher saturation. This permanent magnet flux variation is
considered the main reason for the torque ripple caused by the saturation of the
magnetic circuit in rotor surface TCW PMSMs.

Another significant source of torque ripple with an order lower than the least common
multiple (LCM) between the slot number Qs and the pole number 2p (Zhu et al., 2014)
can be the mechanical uncertainties in the production process (Zhu et al., 2008). This
factor is very harmful in series production machines (Qian et al., 2014; Gasparin et al.,
2009) and in prototype manufacturing, and can spoil the geometry optimization results.
Possible manufacturing errors lead to unreliable simulated data (for an idealized model)
if torque ripple is regarded as a clue parameter. Therefore, this factor should be
carefully considered, different manufacturing uncertainties should be determined, and
their possible impact on the torque quality simulated, especially, if not only permanent
magnet and rotor uncertainties are taken into account, but also stator segments are
considered in the case of segmented stator structures similar to the one described in
Chapter 3.

It should be mentioned that much effort has been put into torque ripple reduction by
means of control methods (Islam et al, 2011). However, torque ripple reduction
associated with power electronics is out of the scope of this work. Therefore, only
PMSM design methods for torque ripple reduction were studied.

To sum up, we may state that it is still very challenging (or almost impossible) to fully
eliminate torque ripple in PMSMs in every loading condition. This is mainly due to the
non-linear behaviour of steel and non-ideal manufacturing conditions. One of the
possible solutions is to design a machine where the flux density in the lamination
remains fairly far from the saturation region. However, in this case, steel would not be
used very efficiently, and the size of the machine would increase together with its
manufacturing costs.

2.4 AC losses

If low manufacturing costs are the target, the winding arrangement should also be
observed, because the number of winding coils, the winding type, and its production
process significantly impact the total manufacturing cost of the stator. The winding
process can be simplified if the stator has totally open slots and pre-processed windings
are used (Jack et al., 2000). In this case, it is possible to achieve a high copper space
factor. However, with an open slot construction, the air gap flux density in the normal
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direction is distorted, and the permanent magnet flux linkage is significantly lower,
because part of permanent magnets that do not directly face the stator teeth have a
relatively high reluctance. Therefore, if a higher permanent magnet flux linkage is
required, a semi-closed slot construction is preferred.

Another option to simplify the stator winding manufacturing routine in TCW PMSMs is
to use a segmented stator structure, which allows to wind a coil around the stator tooth
(segment) relatively easily, as it is shown in Figure 2.21.

Figure 2.21: Photo of a tooth (stator segment) that contains the stator coil with parallel strands.

If a simple winding arrangement is required with a high copper space factor, it is
advantageous to make a coil of straight (not twisted) parallel strands. The need to divide
a large-area coil into separate parallel strands can be explained by mechanical
limitations, that is, the relatively low bending radius of the coil when it is wound around
a narrow stator tooth, as it can be seen in Figure 2.21. However, the division of a coil
into separate parallel strands also has an influence on its electromagnetic characteristics.
For example, the use of a high number of strands allows reducing skin effect in the coil
(Reddy and Jahns, 2010).

In addition to the skin effect, proximity effect can have a significant impact on the total
additional AC losses in the stator winding if a machine operates at a high electrical
frequency (Reddy et al., 2009). These losses are also called bundle proximity losses that
are caused by circulating currents in the parallel strands of the same coil (Reddy et al.,
2009). It is possible to avoid or significantly reduce these losses if winding transposition
is implemented in such a way that each strand faces the same magnetic flux as the other
strands of the coil. However, the use of twisting strands or Litz wire can increase the
cost of the winding and reduce the copper space factor. It can also be challenging to
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bend the coil around the teeth if the twisting pitch is very small. Therefore, sometimes it
is advantageous to choose a simple straight arrangement of the coil strands. Further, in
the case of a high-frequency PMSM, it is necessary to arrange some kind of
transposition of parallel strands to reduce excessive circulating current losses. However,
in the case of the PMSM studied in this dissertation, there was a misunderstanding
between the author of the dissertation and the winding manufacturer, which led to the
manufacturing of the stator winding coils of straight (not twisted) parallel strands.
Therefore, there are significant additional AC losses in the stator winding, which clearly
degrade the overall efficiency of the machine. Nevertheless, the cooling of the stator
was sufficient to dissipate the heat caused by these losses, and the stator winding did not
reach the thermal limits specified by the winding insulation.

In the literature there are some other suggestions, in addition to strand transposition,
regarding the reduction of AC losses in the winding (van der Geest et al., 2013; Mellor
et al., 2006; Popescu and Dorrell, 2013; Reddy et al.,, 2008). However, most of the
proposed techniques to reduce additional winding AC losses degrade the performance
of the machine at a low speed (low electrical frequency), at least to some extent, which
might be not acceptable for some applications, for instance vehicle traction systems.
Therefore, it is important to estimate in advance the negative effects of additional AC
losses on the PMSM characteristics if the losses cannot be avoided. One of the natural
effects of additional losses is extra heat in the machine, and if it is not dissipated
properly, it can cause a significant reduction in the lifetime of the winding insulation.

As it was mentioned above, the stator winding of the PMSM under study contains
straight parallel strands wound around the teeth. This together with the fact that the use
of ferrite permanent magnets in the PMSM inevitably increases its slot area (because of
the low air gap flux density, which should be compensated for by a higher number of
winding turns) leads to a case where the stator slot flux leakage causes a high
circulating current in the coil. An example of the circulating currents caused by the slot
flux leakage, known as bundle proximity losses, for a non-twisted straight winding is
shown in Figure 2.23 (a) and in Figure 2.24 (a) at two different time instants (when the
total phase current is zero and when the phase current has the peak value). Again,
Figure 2.23 (b) and Figure 2.24 (b) show the current density distribution for the same
load when the windings are twisted at the end as it is shown in Figure 2.22.
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Figure 2.22: Winding connection with twisting of the winding end. Two strands with the same
number in different slot represent one turn. The twisting is carried out so that a strand position
switches from the top to the bottom.

The winding transposition should be carried out in such a way that the slot flux leakage
that one strand turn faces is the same as for other strand turns. In this case, generation of
circulating current can be minimized or even avoided, as it can be seen in Figure 2.23
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Figure 2.23: Current density distribution in the winding at the nominal load of the PMSM under
study. The coil contains twelve parallel strands. The current distribution is shown at the moment
when the total current of the phase is zero. The end winding resistance is not taken into account.
a) Straight strands without transposition at the winding end. b) Twisted winding at the end as
shown in Figure 2.22.
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Figure 2.23 shows that the slot leakage flux is relatively low compared with the case
illustrated in Figure 2.24, because the total mean current (which does not include
circulating current) in the coil is zero.
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Figure 2.24: Current density distribution in the winding at the nominal load of the PMSM under
study. The coil contains twelve parallel strands. The current distribution is shown at the moment
when the total current of the phase has the peak value. The end winding resistance is not taken
into account. a) Straight strands without transposition at the winding end. b) Twisted winding at
the end as shown in Figure 2.22.

The leakage flux in the slot shown in Figure 2.24 (at the time instant when the phase
current has the peak value) is much more intense compared with the case of Figure 2.23,
because this flux leakage in the slot is caused not only by the permanent magnets, but
also by the mean phase current (peak value). Therefore, by observing the two figures
above, we may conclude that there is an alternating flux leakage in the slot with its
maximum and minimum values. According to Faraday’s induction low, alternating flux
induces a back-EMF

dw
e=—— (2.17)
The induced back EMF lags behind the slot leakage flux linkage by 90 electrical
degrees. Therefore, if the resistance is dominating compared with the reactance in the
circuit, the vector of the induced circulating current should also lag behind the slot
leakage flux linkage by approximately 90 electrical degrees. Consequently, in the



2.5Measurement results 75

observed case shown in Figure 2.23 and in Figure 2.24, the circulating current is mainly
resistance limited and not inductance limited. The Joule losses in the stator winding as a
function of torque and speed of the PMSM are shown in Figure 2.25.
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Figure 2.25: Joule stator winding losses at different torques and angular speeds of the studied
PMSM.

Figure 2.25 shows that at the nominal load (n = 3000 rpm, 7= 170 Nm). The estimated
losses in the winding at nominal torque and at low (zero) speed can be half of that at
nominal torque and nominal speed.

It should be noted that the position of the coils shown in Figure 2.23 does not precisely
follow the actual location of coils in the machine. Further, the number of parallel
strands in the coil is different, which is 27 in reality. However, the total coil area is the
same in the simulation and in the actual machine (~23 mm?). The objective of this
simulation was not to precisely estimate the additional AC losses caused by circulating
currents, but to evaluate an approximate proportion of these losses in the total machine
losses. It was found that these losses can be very high in the PMSM, and significantly
reduce its efficiency. Thus, it is necessary to apply parallel strand transposition or to use
Litz wire to prevent the performance deterioration in a PMSM having a high electrical
frequency and significant stator slot leakages.

2.5 Measurement results

The outer rotor ferrite permanent magnet PMSM studied in this doctoral dissertation
was designed in collaboration between the Departments of Mechanical Engineering and
Electrical Engineering. The main electro-magnetic design of the machine was carried
out within the Department of Electrical Engineering. However, the development of the
cooling arrangement (size and geometry of the rotor fan) was performed by Professor
Jaakko Larjola from the Department of Energy Technology and by the Department of
Mechanical Engineering. They also provided their advice regarding the mechanical
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reliability of the construction. Therefore, from the author’s point of view, the main risk
of the PMSM manufacturing was the overheating of the stator winding at the nominal
load resulting from the possible underestimation of the machine losses and mistakes
made in the cooling arrangement assessments.

This chapter provides the information about the measurement results of the electro-
magnetic part of the PMSM, such as the back-EMF, current at the nominal load and
efficiency map of the machine for different operating points. Importantly, also the
thermal state of the stator winding was evaluated in several places close to the hottest
spots of the PMSM (in the stator winding).

The measured and estimated back-EMFs are shown in Figure 2.26. We can see that
there is a good correlation between the estimated and measured back-EMFs. The
difference between the estimated and measured EMF peak values is 3 %. However, the
actual back-EMF is not constant in different load points, because the permanent magnet
temperature has a direct influence on its remanent flux density, as it can be seen in
Figure 2.6. Therefore, the remanent flux density used in the FEM simulations was B; =
0.34 T, which is the estimated remanent flux density for the magnet used at the
temperature 7' = 80° C. However, uniform distribution of this particular temperature in
the permanent magnets might be not the case in the actual PMSM at the nominal load.
This could cause the difference between the average values of the actual and evaluated
back-EMFs, as it is seen in Figure 2.26.
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Figure 2.26: Measured and estimated back-EMFs of the PMSM under study. The remanent flux
density used in the FEM is B, = 0.34 T. The back-EMF of the actual machine was measured
instantaneously after it had worked for several hours at the nominal load in order to reach the
steady-state temperature in the permanent magnets.

The voltage supply applied in the simulation has a purely sinusoidal waveform.
However, the actual voltage waveform of the electrical machine supplied by a
frequency converter, usually has a discontinuous character, which causes some ripple in
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the current waveform. The measured current waveform at the nominal load and the
voltage waveform of the PMSM under study is shown in Figure 2.27.
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Figure 2.27: Measured phase-to-phase voltage and phase current at the nominal load. The
switching frequency is not constant, because the PMSM was controlled by the DTC.

According to (Iwasaki et al., 2009), this current ripple can cause additional losses in the
stator winding. However, the FEM simulation with the same current supply shown in
Figure 2.27 indicated that this was not the case in the PMSM under study.

As it was mentioned above, the additional AC losses in the PMSM significantly impact
its total losses, especially at higher speeds. Therefore, the measured efficiency was
much lower compared with the expected one, as can be seen in Figure 2.28. Together
with the proximity losses, one possible reason for this efficiency drop can be the
additional hysteresis losses in the permanent magnets (Pyrhonen et al., 2015). However,
this hypothesis is under study at the moment, and the permanent magnet samples, which
were used in the prototype, are tested in order to evaluate any hysteresis losses.
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Figure 2.28: Efficiency maps of the PMSM a) measured and b) estimated efficiency map with
measured no-load losses (iron + mechanical friction losses).

The efficiency shown in Figure 2.28 (a) is the measured one. In addition to the
electromagnetic losses it includes mechanical losses (friction, windage). Figure 2.28 (b)
illustrates the efficiency map estimated with consideration of stator copper losses (with
no proximity effect taken into account), eddy current losses in the solid rotor (FEM),
and measured no-load losses (that includes iron losses and mechanical friction losses).
We can see that the measured efficiency map and estimated efficiency map (with no
proximity effect taken into account and with no AC additional losses), are too different,
and an acceptable correlation between the efficiency maps is only found in the high-
torque and low-speed area. In this region, the power to frequency ratio is at maximum,
which means that the impact of additional AC losses on the overall PMSM efficiency is
at minimum. However, at higher frequencies the additional AC losses can have a
significant effect on the total losses. This effect is shown in Figure 2.29, which shows
the proportion of losses in the PMSM as function of speed.
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Figure 2.29: Proportion of losses in the PMSM as a function of rotational speed. Additional AC
losses (which are added to the DC copper losses and no-load losses) are highlighted by grey
colour.
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Figure 2.29 shows that at a higher angular speed of the PMSM, the additional AC losses
can account for the largest proportion of the total losses. Therefore, this aspect should
be carefully analysed in the design process and some actions, for instance strand
transposition, should be taken.

Together with additional AC losses due to proximity effect, there remains an option that
the extra losses are caused by hysteresis in the permanent magnet rotor. As it was
shown in Section 2.1, the armature reaction in this type of a machine is high as the flux
density is low, and a high linear current density has to be used to compensate for the
low flux density. Despite the considerable magnet height, the magnets are prone to
hysteresis loss because the armature reaction drives parts of the magnets above the
remanent flux density of the material. However, when preparing the prototype, the
possible hysteresis losses were ignored. They were later studied for instance in
(Pyrhonen et al., 2015). Recently, we have also measured the hysteresis behaviour of
the magnet material used in this case.
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Figure 2.30: a) Measured hysteresis loops of the ferrite permanent magnet used in the PMSM at

different applied field strengths. b) Zoomed view of the hysteresis loops in the point close to the

remanent flux density (Loops courtesy Raivo Stern Tallinn).

Figure 2.30 shows that the hysteresis loops appear in the magnets when the operating
point switches from the first quadrant (where the PM flux density is below the remanent
flux density) to the second quadrant (where the PM flux density is above the remanent
flux density). These hysteresis loops can lead to additional AC losses in actual PMSMs
if the armature reaction acts in such a way that the BH curve crosses the J-axis (zero
magnetic field strength) (Pyrhonen et al., 2015).

As it can be seen in Figure 2.7, in the case of the studied PMSM (at the nominal load),
the armature reaction is strong enough to make the permanent magnet flux density
fluctuate so that it crosses the remanent flux density. Therefore, it can be assumed that
the hysteresis losses can take place in the ferrite magnets. A preliminary estimation of
this loss gives the following results
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AB ~ 1.8 mT (2.18)
AH ~ 150 kA (2.19)
ABAH ~ 270 ]/m’ (2.20)

According to the rough estimation based on Figure 2.7 and Figure 2.30, we may
conclude that at the nominal load, the permanent magnets generate additional losses
ABAH = 270 J/m’ for one cycle. At 3000 rpm in the 24-slot 20-pole TCW PMSM, the
frequency of this cycle in one permanent magnet is 1200 Hz. The volume of one magnet
is Vpm = 8.9x107° m’. If it is assumed that the flux density distribution along the
permanent magnet height is the same (except spikes that are generated by the tooth tip
flux leakage and that do not penetrate deep in the magnet height), the total loss can be
found as

Ppy = ABAH X f X 2p X Vpyy = 580 W (2.21)

The resultant hysteresis loss in the ferrite magnets found in Eq. (2.21) partially explains
the additional AC losses in the PMSM at the nominal load. However, it still has to be
more carefully estimated as a function of speed and torque in order to grasp its influence
on the efficiency map of the PMSM.

The losses in the PMSM turn into heat, which should be dissipated in order not to reach
the maximum permitted temperature limit of the PMSM components. Usually in
PMSMs, the stator windings have the highest temperatures, whereas the winding
insulation life time is very sensitive to the temperature variation. There are different
insulation classes which, in addition to the different mechanical and electrical properties
(e.g. partial discharge strength) have different maximum temperatures to be able to
operate for a certain amount of time (Pyrhonen et al., 2008). The insulation of the
PMSM studied in this dissertation has a thermal class 200, which means that its
maximum permitted temperature is 200° C.

In principle, the inner stator arrangement brings additional challenges to the stator
winding cooling, because in this case the stator losses should be dissipated through the
rotational part of the machine. However, in the case of the PMSM under study, this
challenge was solved by using an integrated fan in the rotor, which forces the air flow to
pass through the stator slots and cool the stator windings.

Nine temperature sensors were installed in the PMSM stator winding to follow its
temperature state at different working loads. The locations of the temperature sensors
installation for one phase are shown in Figure 2.31.
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Figure 2.31: Location of the temperature sensors in the stator windings. All the slot sensors are
located approximately in the middle of the machine length. However, the end-winding sensors
are located at the edge of the stator stack. Two phases (U, V) have end-winding sensors on the
same side, and phase W has the end-winding sensors on the opposite side.

Figure 2.31 depicts the locations of the temperature sensors. These sensors were
installed for each phase in the same locations. However, the end-winding sensor for one
phase (W) has an opposite location compared with the end-winding sensors for the two
other phases (U, V). The end-winding sensor of phase W is located close to the input
cooling air in the stator. Therefore, it is expected that it has the lowest temperature
compared with the other stator winding sensors, as can be seen in Figure 2.32.
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Figure 2.32: Measured temperature in the end winding (end-winding sensor) and in the slot (slot
sensors). a) Temperature at the nominal power (3000 rpm, 175 Nm) b) Temperature at the
nominal torque and at half the nominal speed (1500 tpm, 160 Nm). U, W and V are the phases
where the sensors are installed. In phase W, the end winding sensor is installed on the side close
to the air input, and in phases U and V the end winding sensors are installed on the side close to
the air output. 7., is the temperature in the end-winding area, Ty; is the temperature inside the
slot winding, and Ty, is the temperature on the surface of the slot winding.
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The temperature of the stator winding in different locations was measured for two
different loads. These temperatures are shown in Figure 2.32. The loads are 3000 rpm,
175 Nm and 1500 rpm, 160 Nm. The hottest temperature can be observed inside the slot
between the winding and the stator lamination stack. It was expected, because there are
two main sources of heat; the stator lamination and the stator winding. Further, the air
flow that passes through the stator slot mainly cools the surface of the winding.
Therefore, the temperature of the winding surface (7s,) is lower than the temperature
between the stator winding and the lamination stack. The lowest winding temperature is
in the end-winding especially in phase (W), where the temperature sensor is located on
the side close to the air input.

We may conclude that the air flow is sufficient to keep the winding temperature below
the thermal limit of the insulation.
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3 Segmented stator PMSM

The studies on segmented stator arrangements can be justified by the opportunity to
simplify the manufacturing process. Segmented stator arrangement should lead to a fast
and very simple winding routine, and therefore a simple automatization system.
However, some challenges and drawbacks can be found if electromagnetically insulated
segments are used. A PMSM with segmented stator structure was analysed and the
results were verified by measurements. This chapter shows the main aspects which
should be considered if a machine with similar structure is designed. The analysis
results in more detailed can be found in a future journal article.

The stator segmentation can be divided into two main types. The first type resembles a
conventional electrical machine, the only difference being the additional air gaps
between the stator segments, which may cause some performance deterioration if the
height of these air gaps is significant enough (Zhu et al., 2012). In the second
segmentation type, the stator segments are electromagnetically insulated from each
other, which may significantly change the flux pattern of the whole machine (Li et al.,
2014; Heins et al., 2013; Dajaku and Gerling, 2012). Therefore, the parameters of a
PMSM with a segmented stator can differ from those with a monolithic stator. An
example of the flux pattern variation in two similar PMSMs but with different stator
structures (monolithic and segmented), is shown in Figure 3.1.
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Figure 3.1: Flux patterns at the no-load operation of a) the segmented stator PMSM under study
and b) a similar PMSM but with a monolithic stator. The non-symmetric flux behaviour in the
rotor yoke (the flux does not flows in the shortest path) of the segmented PMSM is due to the
fact that the rotor yoke is modelled as a solid structure, where eddy currents prevent its
immediate change.

Figure 3.1 shows that in the segmented stator structure, the flux pattern is highly
asymmetric. It causes additional flux harmonics in the air gap and in the rotor yoke.
However, the back-EMF is not subjected to significant disturbances and it is kept
almost purely sinusoidal, as can be seen in Figure 3.5, where the back-EMFs of the two
PMSMs shown in Figure 3.1 are illustrated.

The segmented PMSM under study is originally a 24-slot 20-pole TCW PMSM,
rearranged in such a way that there is a cut between the stator teeth pairs. The stator
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teeth pairs contain the winding of only one phase. Therefore, the winding routine can be
significantly simplified, as it is shown in Figure 3.2. In this case, it is relatively easy to
wind a coil around the stator segment, especially if open slots are used.

Figure 3.2: Winding process of the rearranged stator segment. The coil can be wound relatively
easily around the stator segment especially if open slots are used.

Each segment is equivalent to two stator teeth of a conventional (monolithic) TCW
PMSM. However, as can be seen in Figure 3.2, it requires only one winding operation.
It means that the duration of the winding manufacturing process can be reduced. It
should be noted that the number of coil turns should be approximately the same in both
the monolithic stator and segmented stator structures.

The principal difference between the winding processes of the conventional TCW
PMSM and the proposed one is the end-winding length. Figure 3.3 shows that the end-
winding length in a conventional TCW PMSM is related to its slot width (b4), whereas
in the segmented PMSM it depends on the winding height (%4). It means that in the
proposed segmented PMSM, the axial length of the end winding depends on the
selected stator slot height, which should be kept within a reasonable range.
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Figure 3.3: a) Conventional TCW PMSM winding arrangement. b) Proposed segmented PMSM
winding arrangement.

The simplified structure of the generator is shown in Figure 3.4. According to the
application, the generator should be integrated into the hook block of a hoist. Each
stator segment is attached to a special supporting unit, which keeps the segments in their
position. As it is described below, the position of each stator segment should be
symmetrical, and no mechanical uncertainties are allowed if cogging torque is a critical
parameter.
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Stator winding Permanent magnet

Stator Rotor
Figure 3.4: Simplified construction of the segmented PMSM under study. The PMSM
constructional elements are: outer rotor, segmented stator structure, and the new winding
arrangement.

The back-EMF of the proposed PMSM is lower than that of the analogous conventional
TCW PMSM, as can be seen in Figure 3.5. It means that if the same back-EMF has to
be achieved, the number of winding turns in the segmented PMSM structure should be
increased.
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Figure 3.5: Back-EMF of the similar PMSMs (rotor geometry, number of winding turns, and air
gap length are the same in both PMSMs) the only difference being in the stator structure.

The back-EMF shown in Figure 3.5 for the PMSM with the segmented stator structure
is lower (13 %) compared with the PMSM with the monolithic stator. It can be
explained by observing the PMSMs flux patterns, Figure 3.1. The PMSMs have such
rotor positions that the permanent magnet flux in phase U is at maximum. In the case
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permanent magnet losses and rotor yoke losses

with the segmented stator, the flux leakage between the segments does not contribute to
the generation of back-EMF, which decreases the overall EMF. This, however, does not
apply to the monolithic stator, because it has only the slot flux leakage.

To sum up, based on the small difference between the EMF values of the monolithic
and segmented stator structures, we may assume that the performance characteristics of
the PMSMs shown in Figure 3.1 do not differ significantly, especially if actions are
taken to reduce flux leakages between the segments. However, because of the heavily
distorted permanent magnet flux linkage in the rotor yoke of the PMSM with the
segmented stator, it is very sensitive to the material used in the rotor yoke. For instance,
if the rotor yoke is made of solid steel, it can cause significant losses in the rotor as a
result of eddy currents. This phenomenon is explained in detail in the following section.

3.1 Influence of the stator segmentation arrangement on rotor-
surface permanent magnet losses and rotor yoke losses

As it was mentioned above, if the stator yoke is not monolithic but discontinuous as a
result of segmentation, it can cause a highly asymmetric flux pattern, which tends to
vary in every rotor position. In order to study the nature of this phenomenon the
reluctance variation of the PMSM magnetic circuit has to be observed as a function of
rotor position. Figure 3.6 shows the flux maps of the PMSM with a segmented stator in
different rotor positions.
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Figure 3.6: Flux pattern variation in different rotor positions. a) Rotor position when the

common flux between permanent magnets PM1 and PM2 is at minimum. b) Rotor position
when the common flux between permanent magnets PM1 and PM2 is at maximum.

Figure 3.6 shows that there is a significant flux variation in the rotor yoke in different
rotor positions. This magnetic flux variation may cause significant eddy current losses
in the rotor if it is made of a solid material with a high permeability. However, the flux
density fluctuation in permanent magnets is in the same range as in the similar PMSM
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with a monolithic stator, because the main flux path in permanent magnets does not
vary as in the rotor yoke.

The variation of the flux in the rotor yoke can be explained by the magnetic circuit
variation in different rotor positions as can be seen in Figure 3.6. In this type of the
PMSM (with the segmented stator), it produces a negative effect because of the
additional losses in the rotor yoke. However, the similar principle is used in the flux
switching machine described in (Sarlioglu et al., 1994; Zhu, 2011), where the windings
are located on the same side as the permanent magnets. Because of different flux paths
produced by permanent magnets in different rotor positions, EMF is induced in the
windings. In order to avoid excessive rotor losses caused by eddy currents, the rotor
yoke has to be made of laminated steel.

The flux density variation in the rotor yoke has the same frequency as the flux density
variation in the stator yoke, or in other words, as the back EMF frequency. If we assume
that the rotor yoke contains the winding with the same number of turns as the stator
winding, the peak value of the fundamental (first) harmonic of the permanent magnet
flux linkage in the rotor yoke would be approximately half of one in the stator yoke, as
can be seen in Figure 3.7, where the flux linkages in the stator yoke and in the rotor
yoke are shown as a function of rotor position in electrical degrees.
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Figure 3.7: Flux linkage in the stator and rotor yokes of the PMSM (Figure 3.6) at no load. The
axial length of the machine is 50 mm, and the rotor and stator yoke thicknesses are 12 mm and 8
mm, respectively.

According to Figure 3.7, even if the rotor yoke is made of a lamination stack the iron
losses are comparable with those in the stator steel. Therefore, in PMSMs having a
stator structure with discontinuities, additional losses can be expected in the rotor yoke,
especially if it is made of solid steel.
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The segmented PMSM studied in this thesis has a solid rotor yoke, because it
significantly simplifies the PMSM structure. The PMSM was designed as a generator
for a low-speed and very low-power application (18 rpm, 0.5 W). Therefore, even
though the solid rotor significantly reduces the machine efficiency, the total absolute
value of the input mechanical power is not increased dramatically.

The influence of the solid rotor losses on the total input power as a function of
rotational speed at the nominal current ([, = 1 A) is shown in Figure 3.8. The figure
shows that at a low speed, the rotor losses have a small contribution to the total input
power. However, at a higher speed (> 100 rpm) the rotor losses caused by eddy current
start to increase to a non acceptable value, which would require the use of laminated
steel.
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Figure 3.8: Solid rotor yoke losses as a function of rotational speed at the nominal torque
(FEM). PMSM is operating in the motoring mode.

0

Figure 3.8 demonstrates that the proportion of solid rotor losses at low rotational speeds
is small. However, in a low-power machine at a low rotational speed, the phase
resistance can have a significant influence on the machine performance as described in
the following section.

3.2 Influence of stator phase resistance on the machine performance

Figure 3.8 shows the output power that can be achieved at 18 rpm (Poy = 10 W) in the
motoring mode. However, according to the application, the PMSM has to operate in the
generator mode to supply measurement electronics inside of the hook block of hoist and
generate electrical power Py = 0.5 W with the phase voltage Uynh = 3 V. In the design
of the machine, the wire area was selected to be much larger than the thermal winding
condition would require. In the consideration on the machine for industrial application
(0.75 — 90 kW), it was assumed that the phase resistance does not have any influence on
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the machine performance because the phase resistance value was lower than 0.02 p.u.
However, for a very low-power machine (at a low speed), the phase resistance should be
taken into account. The vector diagrams that consider the phase resistance of the studied
machine for the required power (0.5 W at 18 rpm) and for the higher power (114 W at
262 rpm) are shown in Figure 3.9.

is=1pu Em=lpu is=lpu Eeww=1pu
1:}- isRs = 0.082 p.u. isRs =0.12 pu.
u=0918 pu. u=0.88 p.u.
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Figure 3.9: Vector diagrams of the studied machine with a segmented stator a) at the power
required by the application and, b) at a higher power at a higher rotational speed and phase
current.

In the vector diagram shown in Figure 3.9 (a) we can see that the phase resistance
together with the applied phase current has a direct influence on the terminal voltage of
the generator. Therefore, the phase resistance should be selected such that the required
terminal voltage is achieved at the nominal power.

Usually, the terminal voltage is a fixed parameter, which is provided by the application.
Therefore, the back EMF of the generator should be designed so that at the nominal
load, the terminal voltage does not decrease below the permitted value. It means that in
a machine with a higher phase resistance at the same load (current), the back-EMF
should be larger. This is achieved by a higher number of turns, which, in turn, further
increase the phase resistance. An algorithm that can be used for the evaluation of the
phase resistance and the back-EMF is shown in Figure 3.10.
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Figure 3.10: Algorithm for the evaluation of the back-EMF and phase resistance of the
generator with the given slot area (S,), phase voltage (U,n), phase current (/,,), angular speed

(w), permanent magnet flux (&), and copper space factor (kc,). It is assumed that the
synchronous inductance is negligible and the power factor is cos(¢) = 1.

Figure 3.10 shows that the phase resistance is proportional to the back-EMF squared if
other parameters remain the same. Therefore, if a machine with a low terminal voltage
and a low power is designed, apart from the conventional design method (Pyrhonen et
al., 2008), the phase resistance can be artificially reduced. Otherwise, the voltage drop
in the generator phase resistance at a particular current may prevent reaching the
required phase voltage. An example of the back-EMF and phase resistance

characteristics as a function of generated power and stator slot area is shown in Figure
3.11.
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Figure 3.11: a) Back-EMF and b) phase resistance as a function of slot area and generated
power. The parameters are similar to the studied machine with a segmented stator: Uy, =3 V, @
= 18.85 s'l, lew = 108 mm, k¢, = 0.37, @ = 2.68e-4 Vs. It is assumed that the synchronous
inductance is negligible and the power factor is cos(p) = 1. The machine operates in the
generator mode.

Figure 3.11 shows that it is impossible to achieve the generated power P = 1.5 W with a
slot area smaller than le-4 m’® because of significant voltage drop in the armature
winding, even though the induced current does not cause any thermal issues. Therefore,
the slot area should be increased to increase the wire area, and consequently, reduce the
phase resistance.

3.3 Challenges in segmented stator PMSMs

The studied segmented stator PMSM has a unique stator winding arrangement, which
was developed after the constructional rearrangement of the TCW PMSM with ¢ = 0.4,
as shown in Figure 3.12. It can be seen that the number of windings was reduced (in a
conventional TCW PMSM there are 24 windings, whereas in the redesigned machine
there are 12 windings). However, the electrical frequency and number of phase winding
turns remains the same as in the original machine. It should be noted that as a result of
the lower peak flux linkage in the rearranged PMSM with the same number of turns, the
back-EMF is lower than in the conventional TCW PMSM, as it is shown in Figure 3.5

1t
Figure 3.12: Geometry transformation of a TCW PMSM ¢ = 0.4, 24 slots (1) into a modular
stator with 12 segments (2). The construction in (3) is analogous to the stator construction in (2)
but with rearranged windings. The final geometry in (4) includes the stator segment roundings
in the stator structure and an increased slot width of the segment.
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The challenges related to a PMSM with a segmented stator arise from its constructional
features. First of all, segmentation leads to flux pattern variation in different rotor
positions, as it is shown in Figure 3.6. Therefore, some additional rotor losses (Figure
3.8) and cogging torque can be expected. As it was mentioned above, the additional
rotor losses can be eliminated if a laminated rotor is implemented. Again, cogging
torque and torque ripple can be reduced if for instance some methods mentioned in
(Bianchi et al., 2009; Alotto et al., 2011; Aydin et al., 2003) are applied. However, in
reality, a significant cogging torque (which includes low harmonic components) can
occur in a segmented stator PMSM as a result of mechanical uncertainties, which
include a non-symmetrical stator segment position in relation to other segments. Non-
symmetrical stator and rotor positions were analysed, and it was shown that even a
small asymmetry can lead to a significant cogging torque, as can be seen in Figure 3.13.
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Figure 3.13: Additional cogging torque harmonics as a function of tangential displacement of
the stator segment and the rotor permanent magnet. f is the mechanical angle of the
displacement in the tangential direction (FEM). The harmonics (20", 40", 24™ and 24") are
shown for a mechanical period (e.g. the 20™ harmonic for a mechanical period is 20™/p = 2 for
the electrical period).

Figure 3.13 shows that low order harmonics (20™ and 40™) of the cogging torque occur
in the machine with one stator segment asymmetry. If another stator segment is also
displaced, the torque cogging harmonics are added up. Therefore, the importance of
precise tooling and assembly is emphasized in the manufacturing.

The actual cogging torque of the designed machine was estimated by the method
described in (Zhu, 2009). The photo of the test setup is shown in Figure 3.14.
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The measured cogging torque and the cogging torque estimated by the FEM are shown
in Figure 3.15
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Figure 3.15: a) Waveforms of the cogging torque measured and estimated by the FEM. b)
Harmonic spectra of the cogging torque measured and estimated by the FEM. a is the
mechanical angle.
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Figure 3.15 shows that there are large low-order harmonic components in the cogging
torque waveform, which can be explained by some mechanical uncertainties in the
assembly. However, according to Figure 3.13, even a small displacement of a segment
or a permanent magnet leads to a significant additional cogging torque.

In summary we may state that also in a conventional TCW PMSM, a precise permanent
magnet position and the even air gap along the machine length are required to eliminate
an additional cogging torque caused by mechanical uncertainties. However, in a
segmented PMSM, this task is more challenging, because the stator lamination does not
consist of one unit, but several magnetically insulated segments separated from each
other. Therefore, they also require a precise assembly routine to prevent some
displacement if a low cogging torque is required.

3.4 Suggestions for further research

Figure 3.5 shows that the back-EMF of the proposed PMSM structure is lower than the
back-EMF of the analogous conventional TCW PMSM. However, as we can see in
Figure 3.4, the inner generator area is not used by any means. Therefore, if an additional
rotor with permanent magnets is used in the inner PMSM area, thereby constituting a
double rotor structure, it is possible to significantly increase the induced back-EMF by
keeping the number of turns the same. Such an arrangement can provide some
advantages compared with a conventional single-stator double-rotor construction, as it
shown in Figure 3.16.
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Figure 3.16: Flux paths in the 2D plane for the slotted TORUS machine (a) North-North type
magnet arrangement and (b) segmented stator North-North type magnet arrangement.

Figure 3.16 (a) shows that in the conventional stator construction, the permanent
magnet flux that penetrates into the stator flows in two directions and covers two coils.
However, in the segmented PMSM, Figure 3.16 (b), the flux is concentrated and flows
through only one coil. This means that the number of winding turns in the last
arrangement can be significantly decreased; in an ideal case, the number of winding
turns of the proposed motor is half compared with the original one, which reduces the
copper losses and simplifies the construction. Therefore, the stator winding can be used
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more efficiently, which leads to a smaller size and lower winding Joule losses.
Currently, this PMSM arrangement is studied in the laboratory of Lappeenranta
University of Technology.
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4 Conclusion

The main objective of the doctoral dissertation was to develop the cost reduction of
permanent magnet synchronous machines. The actions aiming at cost reduction are
associated with both the simplicity of manufacturing and the use of inexpensive
materials.

To this end, the characteristics of a PMSM and features related to its machine topology
have to be analysed in detail to gain comprehensive understanding of the topic. Some
aspects related to the PMSM performance were considered such as air gap flux density,
synchronous inductance, slot geometry, local saturation, rotor topology, additional AC
losses, solid rotor losses, and the risk of permanent magnet demagnetization. It was
shown that the designed PMSM that applies rotor surface ferrite magnets instead of
rare-earth magnets can be used in a typical industrial application with the required
power, P = 50 kW, and even higher (at 3000 rpm). At the same time, the designed
PMSM can be competitive in terms of efficiency and manufacturing cost with typical
asynchronous machines used in industrial applications.

The limiting factors that the designers of similar machines may face are the permanent
magnet demagnetization risk, the thermal condition of the stator winding, and an
excessive armature reaction caused by a large synchronous inductance. The latter makes
the rotor surface ferrite magnet vulnerable to hysteresis losses, which have to be taken
into account when using high-power ferrite magnet machines. The ferrites must be
protected from an excessive armature reaction by constructional means.

All the above mentioned features are related to the low magnetic energy of ferrite
magnets. In the doctoral dissertation, some hints are given to extend these limits such as
implementation of embedded permanent magnets (with flux concentration),
optimization of the stator slot and tooth geometry, the use of outer rotor topology, and
placing the permanent magnet region having a higher demagnetization risk in a hot
environment.

Because of the permanent magnet characteristic variation as a function of temperature,
the PMSM performance and its partial demagnetization risk should be evaluated with
all the possible permanent magnet temperatures. In the case of a hybrid vehicle
application, the lowest permanent magnet temperature (e.g. -40° C) can provide the
highest air gap flux density by permanent magnets. However, at the same time, it results
in the most risky case from the viewpoint of permanent magnet, especially if a short-
circuit at the nominal speed is considered. The solution implemented in the cooling
design was to dissipate the heat generated in the stator winding and the stator steel
partially through the air gap, which leads to an increase in the temperature of the
permanent magnet surface close to the air gap, where the influence of the armature
reaction on the permanent magnet flux density is at strongest.
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In the work, a design optimization algorithm was developed based on an analytical
method that takes saturation into account. This method can be successfully applied at
the early design stages and in the in-depth analysis of the machine behavior, which also
covers local saturation regions. With this algorithm, it was found that asymmetrical
local saturation can be observed in the TCW PMSM, caused by the interaction of the
armature reaction with the permanent magnet flux. An optimization method was
developed to avoid local saturation of this kind in a particular load point.

It was observed that the manufactured 50 kW, 3000 rpm PMSM had a much lower
efficiency than what was expected in the design stage. This was partly explained by the
additional AC losses in the stator winding, caused by circulating currents. At the time of
the writing of the doctoral dissertation, some suggestions about the possible sources of
these losses are being studied. For example, permanent magnet hysteresis losses can
contribute to the total losses at higher loads. This phenomenon is considered to be a
topic of further research, which could reveal the origin of additional losses in a PMSM.

For low-speed and extremely low-power mobile applications (where a high air gap flux
density is required to reduce the drop voltage in the winding resistance at the nominal
load), another manufacturing simplification was developed, which incorporates the use
of a segmented stator with an unique winding structure. With this approach, the winding
routine can be simplified, because of the lower winding number and the segment
geometry favouring a low-cost automatic winding routine. The opportunity to use a
double-rotor structure makes this machine even more advantageous than a conventional
double-rotor PMSM in terms of stator winding Joule losses and torque density. Further
research can be related to the optimization of the double-rotor structure (e.g. axial flux
topology) and its comparison with conventional machines.

It is difficult to evaluate the actual benefits (manufacturing cost reduction) obtained by
the proposed techniques because of the continuous variation in material prices in the
market (e.g. rare-earth elements and copper). However, the use of rare-earth-free high-
performance electrical machines can provide a less risky electrical machine
manufacturing business, still keeping the performance characteristics of the produced
machines at a competitive level. This can be a good motivation to continue the study of
rare-earth-free PMSM design solutions even for weight- and volume- critical
applications such as hybrid electric vehicles or wind turbines.
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Performance of Low-Cost Permanent Magnet
Material in PM Synchronous Machines

Ilya Petrov and Juha Pyrhonen, Member, IEEE

Abstract—Permanent magnet synchronous machines (PMSM)
are considered a viable option in various types of applications.
However, particularly in consumer and low-power industrial ap-
plications, the price may be a factor that limits the use of PMSMs.
In addition to a different technology, the main reason for the high
price of PMSMs is the use of expensive neodymium or samarium-
cobalt magnets. Their use is necessary only if a high motor torque
T to linear current density A ratio (T'/A) is required. Ferrite
permanent magnets are low cost, and have negligible
eddy current losses in low-frequency applications such as motor
drives. They have a much lower energy product (BH,,.x) than
the most modern magnets. Because of the high prices of rare
earth magnets, many parties are seeking for opportunities to use
ferrites instead. In the case of rotor surface ferrite magnets, the
air gap flux density remains low. The air gap torque producing
tangential Maxwell stress is proportional to the product of the
air gap flux density B;s[Vs/m?] and the linear current density
A [A/m]. If the flux density is low and A cannot be increased,
the rotor has to be made larger than in machines having a high
air gap flux density. In the case of multiple pole machines, the
outer rotor approach, with its low rotor yoke height, offers an
interesting alternative. The air gap diameter of these machines
can be made larger than in conventional inner rotor type motors
without increasing the machine outer dimensions. In this paper,
an outer rotor PMSM with ferrite magnets is analyzed and tested.
The machine characteristics in a fan drive are compared with an
induction machine of the same power.

" " "
5 per 8!

Index Terms—Fans, ferrite

machines.

I. INTRODUCTION

N DEVELOPED countries, the majority of generated elec-

trical energy is consumed by electric motors. There is a large
variety of electric drives available. Their power range varies
from fractional kilowatts to several megawatts. Over the latest
few decades, one of the main targets in the development of
electrical machines has been to produce variable-speed motor
drives with easy adaptability to different operating conditions.
In the recent years the most essential design target has been to
reach high drive efficiencies [1]. This explains the rapid devel-
opment of permanent magnet synchronous machines (PMSMs)
and their applications. Nevertheless, it is seen that PMSMs still
cannot compete with the economics of induction motors (IM)
in most of the industrial applications. Typically, permanent
magnet machines are used in the low or medium power range
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or in special applications such as wind power generators, where
the benefits of permanent magnet machines are greatest. The
main reason is that the construction of modern PMSM contains
expensive rare earth magnets. Therefore, several projects have
been started to develop rare-earth-free PMSMs which should be
technically and economically competitive [2]-[4].

There are many studies that describe and compare different
configurations of tooth-coil-winding (TCW) and traditional
rotating field windings in PMSMs [5]-[9].

The aim of this paper is to analyze a TCW synchronous
PM machine drive and to determine its competitiveness with
conventional industrial motor drives when, instead of rare earth
magnets, much weaker and cheaper ferrite magnets are used
in the design. A motor with ferrite magnets will have about
30-50% of the power density of rare earth motors [10]. How-
ever, by using the outer rotor construction, it is possible to
increase the electromagnetic torque and to improve the overall
performance of the motor. In the case of semiclosed slots and
tooth coil windings, an outer rotor machine is significantly eas-
ier to wind than an inner rotor counterpart while the conductors
can be inserted from outside to the slots of the armature [11].
The outer rotor configuration also solves one inherent problem
of PMSMs with surface magnets—the risk of the ejection of
magnets from the rotor at high speeds.

Section II studies the general properties of PMSMs.
Section IIT shows the possible advantages and drawbacks as-
sociated with an outer rotor. Section IV compares the external
rotor PMSM drive with a commercial internal rotor IM drive
and shows the possible application fields, where the advantages
of the studied motor drive type can be competitive in compari-
son with a traditional frequency converter IM drive.

II. GENERAL PROPERTIES OF CONVENTIONAL PMSMSs

Fast dynamic response requirements and the demand for high
efficiency have made PMSM drives popular. Research effort has
been put into the development of appropriate permanent magnet
machine constructions and their control for different application
requirements [12]-[18].

In the literature, permanent magnet machines are usually
divided into brushless DC motors (BLDC) and PMSMs. The
main differences between them are the control and the back
electromotive force (EMF) waveform. BLDC motors should
have a trapezoidal back EMF and rectangular phase currents
in the steady state. This allows using the simplest possible
control technique and a position feedback that monitors the
rotor position only six times per revolution. An ideal PMSM

0278-0046/$31.00 © 2012 IEEE



2132

TABLE 1
COMPARISON OF THE CHARACTERISTICS OF PRESENT-DAY
HARD MAGNETIC MATERIALS [19], [20]

Characteristic NdFeB SmCo Ferrites
Remanence, B;[T] 1.44 1.12 041
Coercivity, H.[kA/m] 1115 730 240
Energy density, (BH)max [kJ/mz] 400 240 32
Max cont. Temperature, Tmax [C°] 80 300 250
Resistivity, Q [(ohm-m)x10°] 1.1-1.7 0.65-0.9 10°
Relative permeability, # 1.04-1.1 1.04-1.12 | 1.1-1.3
Br [T]4
-11.6
—11.4
/1.2
1.0
g@b ol T 0.8
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Fig. 1. Second quadrant B—H characteristics of PMs [16].

has a sinusoidal back EMF and consequently sinusoidal phase
currents in the steady state.

The characteristics of the PMSMs strongly depend on the
rotor constructions. The types of PMSM rotor constructions can
be divided into two main branches; rotors with surface magnets
and rotors with buried (embedded) magnets.

The location of the permanent magnets can be chosen ac-
cording to the requirements of the application. Usually, in
applications with a fast dynamic response and a high overload-
torque requirement, surface magnets are a good choice. In
other applications where a field weakening mode should be ob-
tained, buried magnets may have advantages over rotor surface
magnets [16].

III. CHARACTERISTICS THAT CAN BE OBTAINED BY AN
OUTER ROTOR IN THE PMSM

The properties of a PMSM are greatly influenced by the
permanent magnet type and its characteristics. Table I shows the
characteristics of the latest neodymium (NdFeB), samarium-
cobalt (SmCo), and ferrite magnets.

Table I shows that NdFeB magnets have the lowest allowed
operating temperature.

The demagnetization BH curves of different permanent
magnets in the room temperature are shown in Fig. 1.

Normally, the operating points of permanent magnets in
motors are found in the second quadrant of the BH curves.
Fig. 1 and Table I indicate that the remanent flux density of
ferrite magnets are about 30-40% of the flux densities in rare
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Fig. 2. Rotor and stator of the PMSM studied. The stator with semiclosed
slots is skewed to avoid cogging. The stator winding is a double-layer tooth
coil winding containing two coil sides in each slot.

earth magnets. However, the prices of ferrite magnets are only
5-10% of the prices of rare earth magnets [11], [21]. Another
essential feature of ferrites is their high electrical resistivity.
It can be particularly useful in electrical machines, where the
influence of harmonics can degrade the thermal condition of
the rotor, for instance, in fractional slot machines or high-speed
motor drives, where the influences of harmonics are greatest.
This provides an opportunity to consider machines with ferrite
magnets in the aforementioned application fields.

The outer rotor TCW synchronous machine construction
with rotor surface ferrite magnets studied here is shown in
Fig. 2.

In an outer rotor machine, it is natural to use rotor surface
magnets, which guarantees the largest possible air gap diameter
for the machine. Embedding the magnets in an outer rotor
should diminish the air gap diameter [11].

The winding type of the studied machine is a three-phase
concentrated tooth winding with the number of slots per pole
and phase ¢ < 0.5. Each coil is wound around one tooth,
and the end windings are shortest possible. This provides the
capability to reduce the conductive material use compared with
integer slot windings and decrease copper losses, which are the
dominant losses in small- and medium-power machines at low
speeds [7]. The insulation and manufacturing systems are also
easier to implement in the fractional slot windings as the end
windings are not overlapping each other [5]. In addition, tooth
coil PM machines have, with an appropriate design, low cog-
ging and ripple torques and an ability to achieve a significantly
higher copper slot fill factor compared with conventional stator
structures, which also have an impact on the machine power
density [8]. In this paper, two possible approaches to increase
the power to volume ratio of the machines with relatively weak
ferrite magnets are introduced: an outer rotor and a tooth coil
windings.

As it can be seen in Fig. 2, the studied motor has 12 slots,
three-phase stator windings, and five rotor pole pairs, which
means that ¢ = 0.4. In the range of fractional slot PM ma-
chines, it seems that the ¢ = 0.4 construction is one of the best
choices because of its low cogging and ripple torques, a high
operating harmonic winding factor, and high pull-out torque
[5], [22]. A double-layer concentrated winding is used, as it
has a shorter axial length and thus better potential to be more
compact than the single-layer winding. It should be noted that
such a machine operates at the (-)fifth stator harmonic, not the
fundamental component of the armature created flux density.
The (-)fifth harmonic of the machine is dominating. The first
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harmonic could also be regarded as a subharmonic of the
order —1/5 [6].

The essential drawbacks of tooth coil wound motors are the
significant amplitudes of harmonics, which can cause extra
heating and eddy current losses in the rotor. This is one of the
main challenges of fractional-slot concentrated winding con-
figurations, owing to various sub- and super-space-harmonic
components, which are not in synchronism with the rotor [8].
The slot harmonics have the biggest impact on the current
linkage harmonic spectrum in TCW synchronous PM machines
[23]. To reduce the losses, the rotor can be made of electrical
sheet steel. However, in the case of rotor surface ferrites, the
thickness of the magnets must be selected high to get an air
gap flux density close to the low remanent flux density. There-
fore, the armature reaction harmonics are heavily suppressed
before entering the rotor yoke, which can be made of solid
material in this case; however, it is difficult to arrange bulky
permanent magnets in such a way that they do not interact
with the stator harmonics. At high speeds, rotor surface NdFeB
magnets, experiencing stator-current- and permeance-variation-
generated harmonic fields, must be made of small pieces to
avoid excessive eddy current losses, which are the biggest
losses in the rotor generated from current linkage harmonic
spectrum [23]. Because of their high resistivity, ferrite magnets
do not have such a restriction and can be used as bulky magnet
blocks on the rotor surface. As it can be seen in Table I,
the resistivity of ferrite magnets is the highest compared with
other PM materials (about 10° times the resistivity of NdFeB
and SmCo). This means that in ferrite magnet machines, eddy
currents should not have a significant influence on the motor
performance.

The magnetic pole arc width has a significant influence on
the TCW synchronous PM machine cogging torque when no
skewing is used [24]. In this case, the machine is, however,
skewed, and the pole arc has been chosen on the base of getting
the highest possible flux linkage with the weak magnets.

One of the strongest present-day ferrite magnets found in the
European Standard IEC 60404-8-1 is HF 32/22, which can be
used on the rotor surface. The characteristics of this magnet
type are introduced in Table I. It should be noted that ferrite
magnets are chemical compounds consisting of ceramic mate-
rials. Thus, they are relatively hard and brittle. This means that
they cannot be used in applications with essential mechanical
stresses.

An expression for the main dimensions of the machine can
be derived by the definition of the torque through the tangential
Maxwell stress including also the Esson’s law utilizing the
machine constant Cy,. [25]

2
T = OFtanTsS:r = QUFtanﬂrgl/ = ; mecr,?l (€]

where 75 is the airgap radius of the machine, S, is the rotor
surface area, [ is effective core length, and o'Ftay is the average
tangential stress, which is equal to

ABjs cos ¢

3 2

OFtan —

2133

PN/ o=
XS SO
.:*;il% / Windings \\«/{g’ll_l:““ly/

Fig. 3. Sectional drawing of the 10-pole, 12-slot PMSMs. (a) With an outer
rotor construction. (b) With a conventional inner rotor.

where A is the amplitude of the linear current density funda-
mental, By is the amplitude of the operating harmonic flux
density, and ¢ is the angle between A and Bj. As the remanence
of the HF 32/22 is low, the load line of the magnet in the
second quadrant of the BH demagnetization chart is selected
almost vertical to reach as high air-gap flux density as possible.
This results in a relatively high PM thickness. In this case, the
thickness of the magnet A, = 11.5 mm while the machine air
gap 6 = 0.8 mm being only 7% of the magnet thickness. As the
iron parts produce some magnetic voltage, the analytical calcu-
lations of the magnetic circuit of the machine show that the peak
value of the air gap flux density is approximately equal to B; =
0.37 T being about 90% of the remanent flux density, and the
main flux peak ®5 = 0.985 - 1072 Vs. The large magnet mate-
rial volume is the price one has to pay when using rotor surface
ferrite magnets. The peak linear current density A = 65 kA/m.
Because of (2), if cos(¢) & 1, the average tangential stress with
these values is equal to gy = 12 kPa. The tangential stress
of the motor is only about 30-50% of the average value of
the ordinary totally enclosed fan-cooled PMSMs with NdFeB
magnets [25].

According to [25] in low-power multiple-pole synchronous
or asynchronous machines, the Cy,. typically reaches values
in the range of 80-120 kWs/m®. Despite the fact that in
those traditional machines, the fundamental air gap flux density
reaches values in the range of 0.8 T and in a case of using
rotor surface ferrite magnets the air gap flux density remains
below 0.4 T, the machine constant still gets quite a high
value (118 kWs/m?), which proves that machine volume is
used well.

As a result of the low permanent magnet flux density, the
height of the rotor yoke can be small. In our case, hys =
5 mm, which results in the peak flux density in the rotor
yoke E),r = 1.6 T. Because of the requirements set for torque
and the outer machine dimensions in the blower applica-
tion, the air gap diameter and the effective core length were
chosen Dy = 0.121 m and !’ = 0.11 m, respectively. Thus, un-
der the condition cos(¢) = 1, the torque of 7" = 30 Nm can be
reached.

In Fig. 3, the difference between the air gap diameter of the
outer and inner rotor machines can be seen.

In the case of an external rotor, wider ferrite magnets are
needed, and as a consequence, significantly more flux can be
produced in an outer rotor machine.
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TABLE 1I

PARAMETERS OF THE PMSM WITH THE OUTER ROTOR CONSTRUCTION
Main Air gap diameter Dg [mm] 121
dimensions Equivalent length of the core I [mm] 110
of the Rotor outer diameter, D, [mm)] 156
machine Air gap length, 6 [mm] 0.8
Number of stator slots, O 12
Number of rotor poles, 2p 10
Linear current density RMS value, 4 [KA/m] 45.96
Tangential stress, o jn [kPa] 12
Air gap flux density peak. Bs[T] 0.37
Fundamental winding factor, Aw 0.924
Number of turns per phase, Nph 380
Current density, J [A/m*x10°] 5.6
Machine constant, Ciec [kWs/m"]. calculated with Dy 118

The induced voltage Epl, depends on the number of turns in
series Np,p, angular frequency and winding factor k, as [25]

Eoh = Npnwhy_or®5 3)
kw_tot = kpvkdvksq (4)
w = 27r%p 5)

where KAy tor is the total winding factor of the operating
harmonic, which consists of the pitch factor k., = 0.966, the
distribution factor k4, = 0.966, and the skewing factor kyq =
sin(a/2)/(a/2). In the 12-slot 10-pole (12/10) machine with-
out skewing, the winding factor is equal to k,, = 0.933 [11],
[12] and the total winding factor of the machine is equal to
kw_tot = kpykavksq = 0.924, w is the flux angular frequency,
n = 1500 rpm is the rated speed of the rotor, and p is the
number of pole pairs.

Combining (3)—(5), the number of turns per series Ny}, can
be found by

Eph

Npp = —2
Wkw_coc D5

(6)

The number of turns per phase connected in series Ny, =
380. In a 10-pole, 12-slot PMSM, it is also possible to get unity
distribution factor by using a six-phase winding instead of a
three-phase winding [26]. Thus, the average torque could be
further increased.

The main dimensions and parameters of the machine shown
in Fig. 2 are given in Table II.

A test setup was constructed to determine the real charac-
teristics of the machine. The motor is connected via a torque
transducer to a DC-machine. First the DC-machine was used as
a motor to find out PM-motor no load properties. The test setup
is shown in Fig. 4.

The measured phase-to-phase EMF waveform of the motor
is shown in Fig. 5. The motor was forced to rotate by an ex-
ternal machine at 2 = 62.8 [rad/s] to produce a 50-Hz terminal
voltage output.

Fig. 5 shows that the back EMF of the motor has an al-
most purely sinusoidal shape. At nominal motor speed 2 =
157 [rad/s], the RMS value of phase-to-phase back EMF is
332.6 V.
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Fig. 6. Phase current and phase-to-phase supply voltage of the PMSM at the
rated torque operation.

To determine the most essential properties of the motor, an
experiment was made at the nominal load and the nominal
frequency, according to thermal and maximum voltage level
restrictions. The motor was controlled by a frequency converter
ASCMI1 by ABB. The motor is driven without any position or
speed sensor. The supply voltage and current waveforms are
shown in Fig. 6.

The measured motor drive parameters at the rated power are
shown in Table III.

Taking into account the fact that the permanent magnet losses
in the machine are negligible and current density in the stator is
in the range of typical value of PMSM machines, no accurate
thermal measurements were implemented. However, during the
rated loading of the machine in the test bench at ambient
temperature ¢ = 20 °C, the rotor outer surface temperature was
measured to be 54 °C.

High efficiency is the most essential advantage favoring the
use of the low-power PMSM instead of an IM. Can we reach
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TABLE III
MOTOR DATA IN THE NOMINAL POINT
Torque, | Speed, | Output Phase to Current, Rated
[Nm] [n/rpm] | Power, phase EMF, | [Arms] frequency,
(W] [Vims] J1Hz]
29.9 1500 4700 332.6 8.38 125
Motor cosp Eff., Phase Equivalent | Number
input [%] resistance, stator of phases,
power, R[Q] inductance, | m
W] L[mH]
5032 0.87 934 0.98 17 3
(0.04 p.u.) (0.57 p.u.)
TABLE IV
MACHINE MEASUREMENTS WITH THE FAN LOAD TYPE
Mechanical Output | Motor Motor Power | Eff.
No | load power current | phase factor
voltage
" T | Pow | Itms | Uwims | cosp | 7[%]
[rpm] | [Nm] | [W] [A] [Vl
1 1500 | 29.9 | 4696 8.38 230 0.87 93.4%
2 1270 | 21.7 | 2886 6.08 184 0.92 93.6%
3 1078 | 153 1727 4.3 150 0.96 93%
4 | 866 9.9 898 2.84 117 0.98 91.6%
TABLE V
MACHINE MEASUREMENTS WITH A CONSTANT LOAD TORQUE
Mechanical load | Output | Motor Motor Power Eff.
Ne power current | phase factor
voltage
nlrpm] | 7 Pout Ivrms Umms | cosp %]
[Nm] | [W] [A] V1
1| 1500 29.9 | 4696 8.38 230 0.87 93.4%
2 | 1270 299 | 3977 8.40 196 0.87 92.8%
3| 1078 299 | 3375 8.38 167 0.87 92.3%
4 | 866 29.9 | 2712 8.39 136 0.87 90.9%

a competitive efficiency with a machine equipped with rotor
surface ferrite magnets? To see the motor efficiency at different
load conditions, several experiments were made. The motor
measurements with the fan load (7' = n?) at different velocities
are shown in Table IV.

Next, let us investigate the performance of the machine
connected to a constant torque at the same velocities as in
Table IV. The experimental results are shown in Table V.

The measurements introduced in Tables IV and V show that
the efficiency of the PMSM remains high even though the
low-flux-density ferrite magnets are used instead of the rare
earth NdFeB, which have already become a typical solution in
permanent magnet machines.

The loss distribution was found by the finite-element analysis
(FEA). The finite-element computations were performed with
Cedrat’s Flux2D software. The sketch of the machine is shown
in Fig. 7.

The machine dimensions are introduced in Tables IT and IX.
The iron of the modeled machine has the similar properties as
the electric sheet M400-65A. The resistivity and permeability
of the permanent magnets are introduced in Table I. The mesh
of the model contains of 14 972 first-order elements and 30 067
nodes. The mesh was composed with 99.45% of excellent
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Fig. 7. Flux routes at no-load for 12-slot 10-pole surface magnet machine.
TABLE VI
Loss DISTRIBUTION IN THE PMSM
Type of losses Distribution, [%] | Value of losses, [W]
Copper loss stator 62 206
PM eddy current loss | ~0 ~0
Iron loss, stator 18.1 60
Iron loss, rotor yoke 114 38
Total iron loss 295 98
Mechanical loss and 8.4 28
Additional loss
Total losses 100 332

quality elements. The FEA results of the motor in the nominal
operating point are given in Table VI.

The mechanical and additional losses in Table VI were not
estimated by FEM analysis, but they were found by elimination
approach.

Table VI shows that the losses in the permanent magnets
caused by eddy currents calculated in the model have negligible
values.

Flux2D estimates the stator laminated iron losses by the
following equation:

T
% / Peo(t) dt = kB2 g
0

T o 2 15

+%/kf O'Fc% (LB;Y)) + ke (L?;]Et)) dt (7)
0

where P, is the iron losses, B is the maximum flux density
in the element concerned, B is the instantaneous flux density,
f is the frequency, or. is the conductivity, d is the lamination
sheet thickness, ky, is the coefficient of the hysteresis loss, k. is
the coefficient of excess loss, and k¢ is the stacking factor. The

factors depend on the steel material applied [7], [11].
However, this algorithm does not work with not laminated
solid iron. Therefore, the rotor losses of the machine were
represented as Joule losses and calculated by the same 2-D FEA
software. It was noticed that this value is quite significantly
influenced by operating mode of the machine. With lower
torque and speed of the machine, the rotor losses decrease.
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Fig. 8. Power-to-efficiency curves for IE3, IE2, and IE1 classes for four-pole

asynchronous motor [28].

TABLE VII
MINIMUM EFFICIENCY VALUES DEFINED IN IEC 60034-30:2008
STANDARD [28]

Output power, IE1 1E2 IE3
P [kW] 4 pole 4 pole 4 pole
5.5 84.7 87.7 89.6

It should be, also, noted that the skewing of the stator slots was
not implemented in the model, therefore the real rotor losses
may differ from the one which was got by modeling. The aim
of the data in Table VI is not to precisely determine the losses
distribution in the machine, but to show the factors which give
the possibility to get higher efficiency by using the PMSM
instead of a conventional asynchronous machine. A similar
table that shows the distribution of the induction machine losses
is provided in Section IV. In addition, the efficiencies are
compared in the following section.

A drawback in the outer rotor constructions is that the
cooling of the stator winding is somewhat difficult. Outer rotor
machines are, however, often used in fan applications, and in
such cases, the work tool, (i.e., the fan) very efficiently cools
the rotor, which also helps the cooling of the stator.

The motor data and the characteristics of the outer rotor
machine described above provide an opportunity to consider the
competitiveness of the outer rotor permanent magnet machine
magnetized by ferrite magnets, when compared with standard
industrial machines.

IV. COMPARISON OF THE OUTER ROTOR PERMANENT
MAGNET SYNCHRONOUS MOTOR WITH AN INDUCTION
MOTOR OF THE SAME POWER

Currently, at least 90% of industrial drive systems employ
IMs [27]. There are three minimum efficiency values defined in
IEC 60034-30:2008. They are shown in Fig. 8.

Table VII shows efficiencies for the four-pole machine power
P = 5.5kW for IEL, IE2, and IE3 efficiency classes.

For comparison, a low-voltage general performance IM
M2BA 132 SMB, which is a part of IE2 efficiency class
according to IEC 60034-30; 2008, manufactured by ABB
was selected. Taking into account that the comparison of the
machine performances should be made with a blower drive,
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TABLE VIII
M2BA 132 SMB INDUCTION MOTOR CHARACTERISTICS IN
A SINUSOIDAL SUPPLY

Output power, Speed. n[rpm] Nom. Current, Nom. torque,

PIkW] In[A] Ix [Nm]

5.5 1460 11.1 35.9

Moment of Efficiency

inertia, JJkgm®] | Full load, 100% | %load.75% | Y load. 50%

0.033 89 [ 898 [ 889
TABLE IX

OUTER DIMENSIONS OF THE M2BA 132 SMB INDUCTION
MOTOR AND THE STUDIED PMSM

Dimension IM PMSM
Length of the machine, L [mm] | 533 190
Diameter of the motor, D [mm] | 230 158
Length of the shaft, /;; [mm] 80 0

a flange-mounted motor was chosen. Table VIII shows the
parameters of the machine.

Let us first consider the outer dimensions of the induction
machine. The most essential dimensions of the drives are listed
in Table IX.

It should be noted that in Table IX, the diameters of the
mounting flanges, which are larger than the motor outer diame-
ter, are not taken into account in the machine dimensions.

The fact that the IM is longer than the PMSM can be ex-
plained by the additional length of the shaft in the IM. However,
from the extra material point of view, it has only a minor
influence. Further, in the stand-alone IM, there is a cooling fan
attached to the machine, whereas the PMSM is made without a
special cooling system. This is because of the specific nature of
the blower application, where the motor is cooled automatically
by the work tool. Also, the end windings contribute to the
additional length of the IM, which requires much more material
in a conventional asynchronous machine with a low number
of poles and an integer value of slots per phase per pole than
in a PMSM with concentric windings. Thus, the conductive
material cost savings may compensate some of the costs of the
additional permanent magnets in the PMSMs. Moreover, the
production method of concentrated windings can be easier to
implement than the production of distributed conventional slot
windings [5].

A problem in the use on an outer rotor machine may arise
from the fact that almost the whole machine surface is rotating.
This is another reason for the choice of the blower application
when comparing the IM and the external rotor PMSM. In a fan
drive, the outer rotor machines, as it is shown further, may have
a great advantage compared with inner rotor types.

Next, let us investigate the efficiencies of the motors. The
efficiencies of the IM in direct-on-line use are shown in
Table VIII in different load conditions. If the speed control
of the machine is implemented by a frequency converter, the
efficiency of the IM is somewhat lower. It is stated that the
additional losses in the motor caused by the frequency converter
may increase the total motor losses up to 15-20% compared
with direct-on-line operation [29]. This leads to a decrease in
the machine efficiency by 2% in the rated point. The results of
the PMSM experiments in different load conditions are given
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TABLE X
TYPICAL LOSS DISTRIBUTION IN AN INDUCTION MACHINE IN THE
POWER RANGE 5.5 kW [25]

Type of losses Distribution, [%] Value of losses, [W]
Mechanical loss 3 20

Copper loss stator 48 326

Copper loss rotor 26 177

Iron loss stator 15 102

Iron loss rotor 5 34

Total iron loss 20 136

Additional loss 3 20

Total losses 100 680

in Tables IV and V. The measurement results show that the
efficiency does not drop under 90% even at one one-fifth of the
rated power, and in the rated point, it is equal to 93.4%. Such a
high efficiency in this power range compared with the induction
machine can be explained by the absence of the copper rotor
losses in the PMSM and also by the fact that in the permanent
magnet machines, no magnetization current is needed in the
stator windings. In contrast, in an asynchronous motor, in
addition to the losses in the stator, there are also significant
Joule losses in the rotor. The approximated loss distribution of
a conventional induction machine with four poles and 5.5-kW
power range is given in Table X.

The difference between the two investigated motor efficien-
cies in the rated point is

A?] = 7NPMSM — IM — 934% - (890 - 20)% = 64% (8)

where npyisw is the efficiency of the PMSM at the rated power,
supplied by the frequency converter, 71y is the efficiency of the
IM at the nominal power including losses caused by a frequency
converter. If it is assumed that the motors operate the whole
year without breaks, at the nominal power, the difference in the
consumed power would be

1—nm 1—7pums
Pout (ﬂ - M) (365 days-24 h) = 3800 kWh.
M PMSM ©

Equation (9) shows that the energy consumption can be
reduced as much as by 3800 kWh annually by a PMSM with
a ferrite magnet rotor construction instead of an IM in the
5.5-kW range.

PMSMs are typically not connected directly on line, but a
frequency converter is needed. Thus, it seems to be a more
expensive solution when compared with the initial cost of an
IM without speed control. However, a convincing argument
in favor of the speed control of the blower drive is that it
has a large potential for saving energy and reducing noise. In
fans, the opportunity of setting the operating point as required
by pressure difference provides a great advantage compared
with noncontrolled motor drives from the energy consumption
point of view. Apart from the efficiency aspect, the noise and
vibration in the partial load range can also be reduced by speed
variation.

An essential drawback of the PMSMs with rotor surface
magnets is problems related to the implementation of the field
weakening mode in cases it is needed. The low synchronous
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Fig. 9. Possible coupling of the electrical machine to the fan. (a) Indirect
coupling with the induction motor by a belt transmission. (b) Direct coupling
of the induction motor to the fan. (c) Direct coupling of the outer rotor to the
fan blades.

TABLE XI
PROS AND CONS OF AN INTEGRATED DRIVE
Factor Integration of Integration of | Separately
power electronics a fan with the | composed
with the electrical electrical system
machine machine
Efficiency + + —
Accuracy + + -
Size + + —
Additional mounting | + + —
Reliability + + —
Price depends on depends on depends
situation situation on
situation
Cable oscillations + no effect -
Other electromagnetic| + no effect -
compatibility (EMC)
problems
Option of replacing - - +
parts of the
construction
Operating in harsh - - +
environments

inductance (in this case Ly = 0.57 p.u.) is caused by the large
equivalent air gap. Such a value of synchronous inductance
results in a limited field weakening range.

In the IMs instead, the magnetic field can be easily weak-
ened. However, in the field weakening mode, the load torque
should have a lower value with a higher speed. It is not the
option of the blower drives as their torque rises in square with
the speed.

The outer rotor construction in a fan drive offers a very com-
pact design compared with the traditional stand-alone motor
drive, Fig. 9.

Fig. 9 shows three coupling types of the fan to the machine.
IM usually, coupled by a belt transmission (a) or directly by
a muff (b). In the first case, the belt transmission efficiency
should be taken into account. It varies typically in the range
of 90-98%, and therefore, it further reduces the competitive-
ness of the IM drive. The direct coupling does not have such
a drawback; however, it still takes more place and requires
more mounting than the case of the integrated machine drive
to the blower as shown in Fig. 9(c). Table XI compares the
characteristics of a fully integrated system with a conventional
blower construction.

Table XI shows the possible advantages of an integrated
system. The only essential drawbacks of such a system are the
impossibility to replace individual parts of the construction by
new ones and vulnerability to harsh environments where acid
gases may corrode the integrated design.
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TABLE XII
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PARAMETERS OF THE IM AND THE PMSM

Specification

Induction machine

PMSM

Number of slots per
pole per phase, g

Integer

Fractional (¢ <5)

End winding Overlapping winding, Single tooth coil winding,
geometry long end winding short end winding
Efficiency Inherent efficiency Capability to reach very

limitation

high efficiency

Coupling of fan
blades

Additional mechanical
units for coupling

Fan blades can be directly
attached to the outer rotor
(facilitating the use of the
fully integrated system)

Power to volume
ratio

Quite standardized
value

Higher than in the IM

Production process

Well developed
technological process

Slot tooth winding and
permanent magnets
located on the surface of
the outer rotor may lead
to the simplification of
the production process

Pole number

High pole numbers are
limited by the risk of
having a low
magnetization
inductance and

Within the wide array of
possible pole numbers,
only a few arrangements
have a desirable
performance

therefore a poor power
factor

For the final comparison purpose, the most essential differ-
ences between the IM and the studied fractional slot permanent
magnet synchronous motor with ferrite magnets are shown in
Table XII.

V. CONCLUSION

The characteristics of the outer rotor permanent magnet ma-
chine with ferrite magnets were investigated. The main target
of the proposed motor construction is not to compete with a
PMSM that uses NdFeB magnets, but to compete with an IM
in an industrial fan application. In particular, the application
of outer rotor PMSMs to blower drives looks very promising.
The prices of motors with ferrite magnets should remain in the
same range as the prices of conventional IMs. However, the
efficiency and power consumption of the PMSM are much more
competitive even when compared with induction machines in
the high efficiency classes IE3 and IE4. This can be the main
reason for the substitution of industrial asynchronous motors
by permanent magnet machines with ferrite magnets in blower
applications
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Rotor surface ferrite magnet synchronous machine
for generator use in a hybrid application —
electro-magnetic and thermal analysis

Ilya Petrov, Maria Polikarpova Juha Pyrhonen

Abstract—To reach a particular tangential stress in a PMSM
the magnetic loading and the electric loading should have
corresponding values. This means that if the magnetic loading
is restricted by the characteristics of cheap and relatively weak
ferrite permanent magnets, the electric loading should be in-
creased to keep the tangential stress at desirable value. However,
the latter is also limited because of the demagnetization risk of
the permanent magnets by a high armature reaction. Therefore,
surface ferrite PMSMs should have a low tangential stress in
order to avoid the demagnetization risk, which consequently leads
to a low torque density. This is one of the main drawbacks
of ferrite magnets used in electric motor drives. This paper
describes some possibilities for improving the torque density
with surface ferrite PMSMs, describes the restrictions which one
can meet while designing this type of the electric machines and
observe the influence of temperature variation in the magnets
on the electric machine performance. An example is done with
the analytical and the FEM analyses of a 50 kW, 3000 rpm,
permanent magnet generator for a series hybrid electric vehicle
application.

Index Terms—Per
TC-PMSM, tooth-coil winding.

" " hi t

ferrite

I. INTRODUCTION

Permanent magnet technology is constantly developing and
the use of permanent magnet is increasing, due to the ben-
efits they can provide. An additional boost of the progress
of permanent magnet synchronous machines (PMSMs) was
got after establishing of the interior magnet rotor structure
(which assists sensorless controls and is more advantageous
for working in a field weakening mode) [1], [2] and with the
development of tooth-coil winding approaches (with pole/slot
ratios which suit best for particular applications) [3], [4].
However, due to the high price of the rare earth elements in
the modern magnets, it is sometimes not economically feasible
to use such technology in the applications which should have
a relatively high power (starting from dozens of kilowatts) and
high speed range (starting from dozens of rad/s). At this power
and speed areas conventional asynchronous machines should
have similar performance characteristics as PMSMs with the
slightly smaller peak efficiency in the static efficiency map [5],
less torque density and lower power factor [6].

After the rapid increase of the neodymium magnets’ price
in 2010, there appeared many companies and organizations
which try to find appropriate designs for so called “rare earth
free” electric machines. The main purpose of the “rare earth
free” electric machines is to reach almost the same torque
density as in commercially available neodymium PMSMs,

978-1-4799-0224-8/13/$31.00 ©2013 IEEE
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Fig. 1. 50 kW, 3000 rpm generator for the series hybrid electric vehicle a)
assembled view b) units of the generator

without efficiency deterioration [7]-[14]. Major part of these
attempts was done for hybrid electric vehicle applications [7]-
[11]. Common measures in order to increase the power density
of PMSMs are high angular speeds [15], increase the number
of pole pairs (in order to reduce the stator yoke height),
increase the tangential stress (by use of stronger permanent
magnets or higher electric loading) [16], use tooth coil winding
[3], reluctance torque implementation [17] and increase the air
gap diameter of the PMSM with the same outer dimensions
[14].

One of the possible solutions, which was offered by the
authors in [14], was to use the outer rotor construction, which
in the case of a PMSM with relatively weak ferrite magnets,
significantly increases the machine overall torque density by
means of enlargement the air gap diameter.

However, the proposed electric machine had a 5 kW nomi-
nal power, and in this case there was not demagnetization risk
even at overload conditions and at a short circuit, due to the
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TABLE 1
GENERATOR PARAMETERS

Parameter Value
Stack (physical) iron length I, [mm] 102
Stator inner diameter Dg; [mm] 244
Stator outer diameter Dy, [mm] 338
Rotor outer diameter Dy, [mm] 388
Rotor tangential tension dtan (at rated torque) [kPa] 8.6
Number of stator slots Qg 24
Number of pole pairs p 10
Permanent magnet height [mm] 17
Permanent magnet Bakker Magnetics BM9 remanence 0.34

B: at rated temperature (+80° C)
Effective coil-turns in half-slot zg /2 [mm)] 10

Winding factor kw1 [mm] 0.933
Winding connection star
Stator core material M270-35A
Rated speed nx [rpm] 3000

Rated torque 7" [Nm] 159

Rated terminal phase voltage Uy, [Vrms] 230

Rated phase back-emf (at no load) Epy, [Vrms] 205

Rated stator current Is [Arms] 83.8

Stator resistance Rs [ohm] 0.025
BM 9 BIT]

= .q0°C
04 W 420°C

T :

= 1200°C

s Hkam] o

500
400
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Fig. 2. BH curve of BM9 type hard ferrite magnetic material by Bakker
Magnetics at different temperatures [18]

low armature current influence on the magnetic state of the
magnets.

In this paper an analysis of using ferrite permanent magnets
in electric machines in a higher power range and with the
same approach for increasing the torque density (enlarge the
air gap diameter by using an outer rotor construction) is, again,
proposed. The details which should be considered during the
design of this type of electric machines are described. An
example of 50 kW, 3000 rpm ferrite magnet rotor surface
PMSM (FRSPMSM) is introduced. First, the design and an
optimization was made analytically by the method described
in [19]. Then a verification of the analytical results was done
by the FEM analysis in Flux2D™!. The meshed sketch of the
generator is shown in Fig. 3. The 2D FEM model contains
of 39510 first order elements and 79335 nodes. The mesh
was composed with 98.3 % of excellent quality elements. The
achieved results of the design routine are represented in the
paper.

The application of the proposed FRSPMSM is a generator
for a series hybrid electric bus. However, in a power range
of such an application, the demagnetization risk is of special
concern, because of the much higher armature reaction influ-
ence on the magnetic state of the ferrite permanent magnets.
Therefore, in this case the main questions are:

« Which are the real demagnetization risks at nominal load,

Meshed sketch of the FRSPMSM

Fig. 3.

at overload condition and at short circuit?

« What measures can be implemented to decrease the
demagnetization effect and how these measures might
affect on the performance of the PMSM?

Parameters of the designed ferrite PMSM are introduced in

Table I. The electric machine geometry is shown in Fig. 1

II. VARIATION CHARACTERISTICS OF THE FERRITE PMSM
WITH TEMPERATURE CHANGE

Analytically the FRSPMSM was designed for one particular
temperature which is +80° C. However, it is known that
ferrite magnets are quite sensitive to temperature variation.
This fact with the aspect that in the bus application the ambient
temperature might vary significantly, makes it necessary to
analyze the generator at the boundaries of possible ambient
temperature change.

The permanent magnet material used in the generator is BM
9 hard ferrite magnetic material by Bakker Magnetics [18].
The demagnetization BH curves of the magnets at different
temperatures are shown in Fig. 2. In the figure it is seen that
with a higher magnet temperature the remanent flux density
of the magnet reduces. This feature is similar to a property of
neodymium magnets. However, the difference between rare-
earth magnets and ferrite magnets is that neodymium magnets
at higher temperature are more vulnerable to a demagnetiza-
tion risk, whereas higher temperature of the ferrite magnets
makes them more withstanding from the demagnetization
point of view. Therefore, it can be concluded that it is needed
to keep the magnets at a relatively high temperature to be able
to implement the higher electric loading or in other words the
higher linear current densities without a demagnetization risk.

In order to observe the demagnetization risk and per-
formance change with temperature variation the following
temperature points were chosen: -40° C, +20° C and +80° C.
Therefore, it is assumed that the lowest possible temperature
of the magnets is -40° C, which is a potential ambient temper-
ature in winter time in Finland (the place where the vehicle
is going to be tested), and the average magnet temperature
is +80° C at the nominal load and at +50° inlet cooling air
(which is possible in summer time). Estimation of the magnet
temperature at the nominal load is described in Section IV.

By taking into account the above mentioned information,
it is obvious that the temperature variation should have a
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Fig. 4. Vector diagram of the PMSM in nominal working point (+80° C) and
its variation for +20° C and -40° C at a) constant stator current, b) constant
load angle and c) constant output power

significant influence on the FRSPMSM performance. Fig. 4
shows how the vector diagram of the generator changes if the
(a) stator current, (b) the load angle or (c) the power/torque is
kept constant with temperature reduction. However, because
the power/torque at the nominal working point is restricted by
internal combustion engine (ICE) rating the output power of
the generator should be kept constant. Therefore, the analysis
of the demagnetization risk at different temperatures is made
for constant output power.

Absolute values of the currents of the electric machine at
different magnet temperatures (different remanent flux den-
sities) are estimated by 2D FEM analysis and introduced in
Fig. 5. The output power is kept constant (P, = 50 kW). A
three-phase short circuit occurs at ¢t = 0.0995 s.

Estimated current, load angle and power factor by analytical
approach and by FEM at different magnet temperatures are
introduced in Table II (the output power is kept constant).
According to the table it can be concluded that with the
temperature decrease, the current and load angle also decrease,
whereas the power factor increases. The difference between
FEM and analytical values is small, because of not significant

Li[A] i :

300 Phase current at 80°C Y
Phase current at 20 C
— Phase current at -40°C }
|

100 A\ A /
/\,
IAVAVA:

h: %

sc
0.098 0.1

0.096

Fig. 5. Phase current at different magnet temperatures. The three-phase short
circuit is launched at t = 0.0995 s

saturation effect in these types of electric machine. However,
the saturation still has some influence on the synchronous
inductance change, which can be concluded due to more rapid
load angle decrease with higher remanent flux density (lower
temperature), whereas the analytical approach uses constant
synchronous inductance.

TABLE 11
GENERATOR PARAMETER VARIATIONS AT DIFFERENT TEMPERATURES

Magnet temperature +80° C  +20°C  -40° C
FEM
Stator phase current, I, [Arms] 83.8 77 74.6
Power factor, cos(¢) 0.88 0.96 0.99
Load angle, & 38.5° 32.5° 26.7°
Analytical

Stator phase current, I, [Arms] 85.6 71.7 754
Power factor, cos(y) 0.88 0.97 1
Load angle, & 37.7° 32.3° 28.5°

IIT. EVALUATION OF DEMAGNETIZATION RISK IN
FRSPMSMs

At different electric states of the PMSM (nominal load,
overload, short circuit) it is needed to evaluate if there is a
demagnetization risk due to armature reaction.

According to [20] the influence of both normal and tan-
gential field strengths can lead to irreversible demagnetization
of the permanent magnets. However, based on FEM analysis
in [20] if a multi-pole surface PMSM is considered there is
no significant impact on the demagnetization by the tangential
field strength, therefore in this paper only the normal compo-
nent of the flux density (parallel to the magnetization direction)
is considered and based on these results the demagnetization
risk is evaluated.

Normal components of the flux density in the permanent
magnet at different temperatures are illustrated in Fig. 6. As
it is mentioned above the phase current also changes with the
temperature variation. This means that the real flux density in
the magnets is a result of the remanent flux density and the
armature reaction, which are functions of temperature. The
flux densities are shown for the time instant when the peak
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Fig. 6. Normal component of the flux density at different magnet tempera-
tures and corresponding limiting values for the PM material. The PMSM is at
nominal load power. The magnet is located just near to the stator slot where
the peak current is flowing.

Fig. 7. Effect of the tooth tip flux leakage on the permanent magnet state.
The permanent magnet is replaced by vacuum. Therefore the flux lines are
only resulting from the armature current.

current is in the slot which is near by the magnet. This is the
worst condition from the demagnetization point of view. The
flux densities are shown at 0.1 mm depth in the magnets.

Fig. 6 also shows the critical values of flux density for each
temperature Be,. The critical value represents the minimum
point for particular temperature above of which there is no
demagnetization risk. As it can be seen in the figure the flux
densities of the permanent magnet do not decrease to the
critical value which means that there is no demagnetization
risk at the nominal load.

In Fig. 6 the drops of the normal components of the flux
density in the middle of each magnets can be seen. These
drops are due to tooth tip flux leakage which might have a
significant impact on demagnetization risk especially at high
armature currents. The effect of the tooth tip flux leakage is
shown in Fig. 7.

Fig. 7 shows that the flux lines are more intense close to the
edge of the tooth tip. This means that the influence of armature
reaction on the magnetic state of the magnets is essentially
due to tooth tip flux linkage. Therefore, there is no reason
to significantly increase the permanent magnet width, because
this approach will not help to avoid the partial demagnetization
by the tooth tip flux leakage.

0 18 36° [

Fig. 8. Normal component of the flux density at +80° C with the critical
limit. Bey is the critical limit for the demagnetization risk at +80°. When the
normal component of the magnet flux density crosses the critical value, partial
demagnetization can occur. For +80° C the critical value is Bey = —0.09 T.

0 18 36 [

Fig. 9. Normal component of the flux density at +20° C with the critical
limit. Bey is the critical limit for the demagnetization risk at +20°. When
the normal component of the magnet flux density crosses the critical value,
partial demagnetization can occur. For +20° C the critical value is Ber = 0.1

The algorithm in the hybrid vehicle is made in such a way
that the generator does not work at the power higher than its
nominal power. Therefore, an overload condition cannot be
implemented for the generator. However, an observation of
the demagnetization risk at the short circuit with the different
magnet temperatures should be made.

Fig. 8 — Fig. 10 show the normal component of the magnet
flux densities at different temperatures (+80° C, +20° C and
-40° C) at the three-phase short circuit (Fig. 5 — Max.peak).
The flux densities are shown at different magnet depths from
the air gap (from 0.5 mm to 4 mm).

It can be seen that if a generator experiences a short circuit
at a low temperature (until magnets are not heated up to +80°
C due to the losses), it can lead to a demagnetization risk at
a three-phase short circuit.
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Fig. 10. Normal component of the flux density at -40° C with the critical
limit. By is the critical limit for the demagnetization risk at -40°. When the
normal component of the magnet flux density crosses the critical value, the
partial demagnetization occurs. For -40° C the critical value is Ber = 0.19 T.
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Fig. 11. Required temperature at different magnet depth for preventing the
demagnetization risk at three phase short circuit.

IV. POSSIBLE APPROACHES TO AVOID THE
DEMAGNETIZATION RISK

In Figs. 8 — 10 it can be seen that a highest demagnetization
risk is at the small depth in permanent magnets, due to the
reasons described above. Therefore, each magnet depth has
its particular safe temperature to prevent the demagnetization
risk at the three-phase short circuit. The picture with the three
depth points (0 mm, 3.5 mm and 7.5 mm) which should have
the highlighted temperature in order to prevent the partial
demagnetization risk at the short circuit is illustrated in Fig.
11.

At the first thought it seems that the required temperature
at small magnet depths should be reached fast at nominal
working point, because most of the losses are in the copper
and the stator steel, the part of which go through the air
gap to the magnets and heat them up. However, due to
the cooling methods implemented in the generator (Fig. 1),
in reality the magnet temperature is not constant along the
magnet length because the input air is heated as it passes
through the generator and consequently has different tem-
peratures along the air gap length. In order to verify the
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Fig. 12.  CFD analysis of the active part of the PMSM. The air speed
distribution in the generator.

assumption, a CFD model was created, which shows the real
heat distribution in the magnet at nominal load and nominal
angular speed (nominal air cooling speed in the generator).
The geometry and mesh with approximately 100000 nodes
were created in Gambit software. A sector of the machine
which includes only one permanent magnet is selected for
modeling because of the limited computational resources. The
discussed machine model is solved by using energy and k — &
modes of ANSYS multi-physical software. The inlet and outlet
boundary conditions (air velocity and inlet air temperature),
materials properties, volumetric heat losses and rotor rotation
were determined for reliable thermal modeling. The convection
coefficients on the stator and the rotor back surfaces are
80 and 140W/m2K correspondingly. The air cooling speed
distribution in the generator is shown in Fig. 12.

The temperature distributions in the magnet at nominal
load, at air speed distribution shown in Fig. 12 with inlet air
temperature +50° and -40° are illustrated in Figs. 13 and 14.

In Figs. 13 and 14 it is seen that the bottom part of the
magnet is heated more than the upper part. Therefore the losses
generated by FRSPMSM are in favor of demagnetization risk
preventing. However, due to different temperature distribution
in the magnet, demagnetization risk at the front part of the
magnet is higher compared to the rear part. After comparing
the CFD simulation results with Fig. 11, it can be seen that
the front part of the magnets is still under demagnetization
risk at three-phase short circuit, even if the inlet temperature
is high.

V. CONCLUSION

Some hints concerning the design of FRSPMSM are made.
It was shown that the performance of such type of electric
machines are highly depended on the magnet temperature.
This especially might be noticeable in hybrid electric vehicle
applications.

It was shown that there is no demagnetization risk at
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Fig. 13.  CFD analysis of the active part of the PMSM. Temperature
distribution in the magnet at nominal power and input air temperature +50°.
The magnet does not have any practical losses, therefore it is heated up by
the losses in the rotor yoke, and losses in the stator through the air gap.
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Fig. 14.  CFD analysis of the active part of the PMSM. Temperature
distribution in the magnet at nominal power and input air temperature -40°.
The magnet does not have any practical losses, therefore it is heated up by
the losses in the rotor yoke, and losses in the stator through the air gap.

the nominal load of the electric machine at least for the
temperature range between +80° C to -40° C. Also the
demagnetization risk at the short circuit can be prevented if
the magnet temperature is +80° C or higher. This temperature
is not necessary in the whole magnet depth, but just for the
particular magnet depth (0 mm for +80° C, 3.5 mm for +20°
C and after 7.5 mm -40° C can be kept).

Also another approach can be implemented to prevent the
partial demagnetization risk, the increase of the synchronous
inductance by means of the leakage inductance. The increase
of the leakage inductance can be easily done by the semi-
closed slot width variation or by use of semi-magnetic wedges
with a particular relative permeability x, = 2—10. However, this
paper does not contain an analysis of such the approach.
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Abstract

Fractional slot permanent magnet synchronous machines with non-overlapping winding (FSPMSM) also
known as tooth coil winding permanent synchronous machines (TCW PMSM) have gained intensive at-
tention during the latest decade. Therefore, their design methods are constantly developed and improved.
Numerical solution, i.e. finite element analysis (FEA), is still computationally heavy and time consum-
ing, which makes it problematic to use this method in an optimization process. For this reason it is
advantageous to use an analytical design method, for searching a design, which satisfies the needed
characteristics of a PMSM, during the optimization process.

Synchronous inductance is the major parameter of TCW PMSMs, which defines the overload capability
of an electrical machine as well as its field weakening characteristics. Armature reaction, together with
the permanent magnet flux linkage, specifies the voltage level, which is required for particular operating
condition. Therefore, it is important to estimate this parameter as precisely as possible at early design
stages. Low armature reaction should be favourable concerning the maximum reachable torque at the
nominal speed. However, together with the reduction of the armature reaction, there is decrease of
permanent magnet flux linkage, which is undesirable and in order to prevent it, the permanent magnet
material amount must be increased.

Here, the classical analytical approach of the inductance estimation is used, and a simple alternative to it
is presented and evaluated. Also, a lumped model (LM) taking saturation into account has been created.
The comparison and verification of the models are done by FEA and by the practical test setup of a
12-slot 10-pole TCW PMSM.

Introduction

Preliminary design of an electrical machine by using an iterative analytical approach [2] with an opti-
mization algorithm remains quite a strong and convenient tool. It helps to significantly shorten the time
for finding the parameters and geometry of a PMSM, which fulfil all the requirements and give the opti-
mized results in a limited time. The analytical computation can be used in the similar way as it is done
in [1], where particular parameters of a TCW PMSM are iterated and a solution which gives the most
promising results is highlighted. However, other optimization algorithms are also utilized in the design
of a FSPMSM such as Differential Evolution Optimization Algorithm [2], or Artificial Neural Network
[3].

An inductance estimation of an electrical machine by the analytical approach is considered as one of
the most complicated and important design aspects. The complexity of the inductance evaluation can be
explained by a non-linear BH-curve of steel used in electric motor drives. Therefore, at different rotor
speeds and load torques, some inductance components of a PMSM can vary, due to armature reaction
[14]. However, in order to simplify the machine design process, permeability of steel is often assumed to



be constant, whereas there are many applications, which require using electric motor drives at variable
operating conditions with different steel saturation level. The correct evaluation of the inductance in
every working point is important because this parameter determines the dynamic performance of the
ele(atric Bnotor rive, its overload capability and the performance of the machine in a field weakening
mode [10].

The popularity of TCW PMSMs can be explained by the simple and compact mechanical construction
of the winding arrangement, short end windings (which brings less amount of copper material used in
the FSPMSM and consequently lower Joule losses in the stator windinﬁs) [8], low coggin% torque, fault
tolerance, wide constant power speed range (CPSR), possibility to reach a high slot space factor [9], and
cheaper armature manufacturability [7].

There are several analytical approaches, which can be used to estimate a phase inductance. According
to one of the methods, it is needed, firstly, to find the magnetizing inductance, and, then, this parame-
ter is used for estimation of the air-gap leakage inductance. This approach is inherently dedicated for
distributed rotating-field slot winding PMSMs (DW PMSM), which differs from TCW PMSM (g < 0.5)
by the fact that in rotating-field slot winding the working (fundamental) current linkage harmonic can
be easily observed from the current linkage waveform, whereas in TCW PMSM the current linkage
waveform has a pulsating character. However, there are several examples of using this method for TCW
PMSM [6, 5]. Another algorithm determines the phase inductance by means of self and mutual induc-
tances of the phases, e.g. as it is done for a TCW PMSM in [18]. The drawback of these approaches is the
fact that thez do not consider the armature current influence on the steel saturation level of the designed
machine. This drawback can be avoided if the magnetic circuit is represented as a lumped model with
variable resistances, which take into account the non-linear steel behaviour [16].

Conventional algorithm for phase inductance estimation in PMSM

Commonly used equations for inductance evaluation of PMSMs can be found in [4]. A similar algorithm
was used 1n the design of FSPMSM in a number of papers, of which some examples are [8-10].

The main component of the synchronous inductance evaluation in a PMSM is widely thought to be the
magnetizing inductance Ly,,. Which, usually, has the highest impact on the total value of the synchronous
inductance in DW PMSMs. Magnetizing inductance is associated with the accumulated magnetic en-
ergy by the synchronous (operational) armature current linkage harmonic. This characteristic indeed is
quite an important in most of the DW PMSMs and in induction machines (IM). In IMs the magnetizing
inductance value represents the current component which is needed to be involved to create the magne-
tizing flux linkage in the electric machine. Therefore, the power factor in this type of electric machines
is highly dependent on the value of the magnetizing inductance. For example, the power factor of an IM
can be improved by a higher value of the magnetizing inductance. Usually, the magnetizing inductance
in induction motor drives is the highest component of the total synchronous inductance.

In a PMSM the magnetizing inductance is also an important characteristic. Despite the fact that during
the design of a PMSM with high torque density and severe dynamic performance, the magnetizing induc-
tance is tried to be made as small as possible (in order to reduce the armature reaction) [19], it, usually,
has the highest contribution in the total synchronous inductance, whereas the leakage inductance has a
less significant share in the total inductance.The magnetizing inductance of a single-phase winding can
be estimated by [4]

L :@ Wy
P T pnBeff

1 (kwNpn)?, ¢))

where i is the permeability of the vacuum, T, is the pole pitch, p is the number of pole pairs, O is the
equivalent air gap, /; is the effective length of the stator stack, kw is the winding factor, N, is the number
of phase winding turns in series. However, in order to take into account the mutual coupling in a m-phase
machine the magnetizing inductance of single-phase machine is multiplied by m/2, which gives
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It means that the magnetizing inductance of a 3-phase symmetrical winding system is 3/2-times the
magnetizing inductance developed in a corresponding single-phase winding system, due to the influence
of the mutual magnetic coupling between phases. This phenomenon can be seen in Fig. 1 (b, c) in case
of DW PMSM with number of slots per phase per pole g = 1. For the simplification purposes the values
of the variables in Fig. 1 are in per units (i.e. 1 p.u. current linkage means that there is 1 p.u. current
flows in the winding and there is one coil in the slot).

Fig. 1(d, e) shows the synchronous harmonic of a 12-slot 10-pole FSPMSM at single-phase supply and
at three phase supply. This synchronous harmonic represents a magnetizing inductance of the electrical
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Fig. 1: Three phase supply with one conductor per slot and peak current Ipeax = 1p.u. a) Three phase current b)
Current linkage (8) waveforms with fundamental harmonics at three- and single-phase supply, when currents in
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p-u. and current in phase B is 1 p.u. in integral slot winding (¢ = 1) c¢) Current linkage harmonic content at three-
and single-phase supply (peak values) in integral slot winding (g = 1).

machine. Comparing Figs. 1 (c) and 1 (e) it can be seen that the synchronous harmonic share in the total
air gap inductance of the TCW PMSM is much less significant compared to the DW PMSM.

Similarly to DW PMSM, in a TCW PMSM all the current linkage harmonics increase by 50 % at three-
phase supply compared to single-phase supply, except the third-order harmonics, which are cancelled.
However, if the TCW PMSM does not have mutual inductance (e.g. 12-slot 10-pole PMSM), in the ideal
case (without taking into account end winding leakage, slot leakage and tooth-tip leakage inductances),
there is no difference between the phase inductance at single- or three-phase supply. Therefore, it is pos-
sible to analyze only a single phase or even just one stator slot in order to estimate the phase inductance
for the three-phase supply, with the assumptions described above.

Fig. 2 shows the magnetic fluxes in a 12-slot 10-pole electrical machine with a smooth rotor (without
permanent magnets), and with such a slot geometry, which minimizes the slot and tooth-tip leakage
inductance, in order to have a minimum impact of the leakages on the total inductance. In this figure
it is seen that the TCW PMSM might have different flux paths at single- and at three-phase supply. It
can be even thought that there is some mutual inductance in the electrical machine at three-phase supply,
because each phase have common magnetic flux with other phases. However, flux connection is only in
the rotor side, and not in the stator side, which means that indeed a magnetic state of one phase does not
depend on other phases, with negligible flux leakages and with constant steel permeability.

Based on the magnetic flux map illustrated in Fig. 2 it might be assumed that the stator of a 12-slot 10-
pole FSPMSMs can be made of six segmented pieces totally isolated from each other as it is described
and done in [13]. However, despite that the magnetic fluxes of each phase are totally insulated from each
other, they have common flux linkage, due to the permanent magnets. The contours of the magnetic flux
lines created by the permanent magnets differ from the magnetic flux contours created by the armature
winding, which requires that the stator yoke has a continuous structure without any cuts. It means that if
a cut in the stator side is made, the air gap flux density created by the permanent magnets is degraded by
the permeance variations at different rotor positions. This would lead to high order back EMF harmonics,
lower fundamental back EMF value, torque ripples, higher permanent magnet eddy current losses and



Fig. 2: Magnetic flux lines of an electrical machine with ¢ = 0.4 (12-slot 10-pole machine) and the smooth lami-
nated rotor (without permanent magnets) a) at single-phase supply b) at three-phase supply.

rotor yoke losses. Therefore, despite the apparent independence of each phase (segment) the magnetic
insulation between them in the stator side is not recommended.

Alternative phase inductance evaluation by using only a slot geometry

In the previous section it was shown that if the PMSM does not have a mutual inductance, at symmetric
three phase supply, the phase inductance remains the same as in singe-phase supply. Therefore, the
FSPMSM can be virtually divided into several parts. Each part consists of one phase segment. For
example, a 12-slot 10-pole electric machine can be divided into 6 separate identical segments, where
each segment can be arranged in a way as it is illustrated in Fig. 3.
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Fig. 3: Segment modification of 12-slot 10-pole FSPMSM to a simple magnetic circuit. Two windings around the
stator teeth can be replaced by one winding with the same amount of turns.

In Fig. 3 it is seen that, if the steel permeability is assumed to be constant, a separate segment of the
FSPMSM can be considered as a simple magnetic circuit with an equivalent air gap and equivalent
slot opening. Equivalent air gap takes into account physical air gap, reluctance of permanent magnets,
reluctance of stator and rotor iron. Whereas, equivalent slot opening can be estimated by [4]

beq =k- b17 (3)
k= z arctanﬁ — 2—Sln 1+ ﬁ ’ “4)
n 28 by 28 ’

where b, is the physical slot openin%, 0 is the physical air gap. The inductance which is determined
by the ma%netic flux which crosses the air gap of the simple magnetic circuit, shown in Fig. 3, can be
y

estimated
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where Lg is the air-gap leakage inductance, Ry is the air gap reluctance, r is the air gap radius, Qg is
the number of stator slots. By using (5) and (6) it is possible to easily estimate the inductance which is
corresponding to the flux linkage in the air gap at particular phase current of the FSPMSM. The proposed
approach can be a simple alternative for the phase inductance estimations of TCW PMSM.

The total synchronous inductance of TCW PMSM contains all the inductances. In the classical induc-
tance evaluation method, the total air gap inductance includes the air-gap harmonic leakage inductance
and the magnetizing inductance. Other inductance components such as slot leakage inductance, end
winding inductance and tooth-tip leakage inductance can be estimated by the equations listed in [5].
These equations are repeated here for the sake of completeness

4qm
L,= ayoNghlmu, )
N
qm
Ly = aHONghlikm (®)
S
4qm
Loy = 5#ONghqlew7\'ew- 9)
S

The proposed analytical approach of synchronous inductance estimation, which might be a good alter-
native to the classical one, is suitable for TCW PMSMs with negligible mutual inductance. However,
in order to avoid large errors in the inductance estimation the saturation level of the steel should stay
approximately the same in all load conditions, which is not always the case of TCW PMSMs [?].

TCW PMSM inductance evaluation by lumped model

Another alternative to the analytical inductance evaluation is the lumped parameter model, which takes
into account the non-linear steel behaviour.

Similar methods for PMSMs performance estimation were used in several papers. Some of the examples
can be found in [16, 12]. However, in this paper some limitations of a PMSM performance analysis
by using the lumped model are investigated, particularly the torque ripple evaluation capability. The
proposed in the paper model has minimum components number, in order to reduce the computational
time, but which is still enough for the synchronous inductance and the some torque ripple low order
harmonics evaluation.

The example of a TCW PMSM lumped model is shown in Fig. 4. It consists of an equivalent magnetic
circuit with constant and variable reluctance components. Fig. 5 shows the locations of each reluctance
in the magnetic circuit.

The lumped model illustrated in Fig. 4 contains radial branches at each tooth pitch, which represent
stator tooth and implement stator winding current linkage and permanent magnet current linkage. The
value of the stator winding current linkage at each tooth is described by sine function of time, while
sinusoidal current waveform is assumed. The stator tooth current linkage of the phase A in the lumped
model can be found as

N,
Oyr = T"hlphA 2sin (wt), (10)

where Iy, is the phase current. Permanent magnet current linkage in the same radial direction determines
the flux in corresponding tooth, created by permanent magnet.

It is possible to implement any permanent magnet current linkage waveforms in the model during the
rotation of the PMSM. However, it is usually advisable to design a PMSM which has sinusoidal no-load
back EMF and consequently the current linkage of the permanent magnets during the rotation should
induce the flux linkage in the stator teeth with sinusoidal shape. Therefore, the permanent magnet current
linkage should be represented by sine function

GpmN:HChpmsin(wt—l—OcN—g), an

where Hchpn is the peak value of the permanent magnet current linkage and N is permanent magnet
number. The first permanent magnet (which was selected in advance) does not have an angle shift.
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Fig. 5: Replacements of the electrical machine active parts by equivalent elements of the lumped model (Rotor
yoke is neglected).

Therefore, it has permanent magnet number N = 0 and the last permanent magnet has permanent magnet
number N = Qs — 1. It should be noted that the real number 0? a permanent magnet can differ from the
virtual number (where it is always equal to the stator slot number). However, at the armature side, the
virtual rotor has the same behaviour as the real one. It is achieved by a proper selection of the shift angle
a. The shift angle oo shows the sine function shift between two neighboring virtual permanent magnet
current linkages. The shift angle depends on the number of slots and poles, and can be calculated by

2n 2%
— , 12
o= p( ) Qs) (12)

In order to obtain the maximum torque per ampere control (MTPA) in PMSMs with surface permanent
magnets, it is needed to have 90° angle shift (load angle) between the armature current linkage value
along the stator tooth and the permanent magnet current linkage value along the same tooth as function

of time. This is arranged by adding 7 angle shift of the permanent magnet current linkage compared to
the armature current linkage as it is seen in (11).

The model illustrated in Fig. 4 is dedicated for the analysis of surface PMSMs. However, it is possible
to rearrange the model for evaluation of embedded PMSMs. In this case the constant permanent magnet



reluctance should be replaced by a variable reluctance. The geometry (flux path), for the evaluation of
this reluctance, changes at different rotor positions, which also should be taken into account. However,
the model for inner rotor PMSMs is out of the scope of this paper.

Experimental verification of the analytical methods of the inductance eval-
uation

The verification of the classical and proposed two alternative analytical methods is performed with an
outer rotor ferrite TCW PMSM which is described in [11]. Additional model was created which has
higher flux density in the stator teeth and stator yokes, in order to observe the influence of steel saturation
on the inductance evaluation by different methods. Higher flux densities were achieved by thinner stator
teeth and yokes. Magnetic flux density plots of the FSPMSMs are shown in Fig. 6. Hereafter, these two
electrical machines are called FSPMSM1 (original) and FSPMSM?2 (with thinner stator teeth and stator
yokes).

Fig. 6: Outer rotor FSPMSM a) FPSMS1 with 1.45 T peak flux density in the teeth b) FPSMS2 with 1.65 T peak
flux density in the teeth.

The objective of the analysis is to observe the influence of the saturation on the distinction between the
classical analytical method, the alternative analytical model, the lumped model and the FEM results. The
main parameters of the electrical machines are introduced in Table 1.

Table I: FSPMSMs parameters

Parameter FSPMSM1 FSPMSM2
Number of winding turns per phase Ny 184 184
Air gap length & [mm] 0.8 0.8
Stack (physical) iron length /. [mm] 120 120
Physical slot opening by [mm] 3.2 3.2
Rotor outer diameter D, [mm] 181.5 181.5
Stator outer diameter Dy, [mm] 149.2 149.2
Stator yoke thickness Ays [mm] 52 3.7
Stator tooth width wys [mm] 8.4 6.4
Permanent magnet height spy [mm] 10 10
Permanent magnet remanence B; at the rated temperature (80 C) 0.34 0.34
Peak flux density in the tooth Bjeak at rated temperature (80 C) 1.45 1.65
Stator core material M400-50A M400-50A

Table II shows the values of the synchronous inductance estimated by the above described analytical
models and by the FEM analysis at a low load mode, at the nominal load and at double load. The total
synchronous inductance contains all the inductance elements of the electrical machine.

Table II shows that the inductance estimation results found by the first and the second analytical model
is very close to the FEA results and to the experimental results, at low load torque, because the electrical
machines are not heavily saturated. However, if a PMSM is designed in such a way that the flux density in
the stator tooth/yoke reaches high values (1.65 — 2 T), it might cause a significant error in the inductance



Table II: Inductance estimation

Method Lg at low torque [mH]
FSPMSM1 FSPMSM2
Classical analytical method 13.71 12.97
Simplified analytical method 13.79 13.05
Lumped model 13.5 12.34
FEM 14.3 13.1
Experiments 13.7 -
Lg at nominal torque [mH]
Classical analytical method 13.71 12.97
Simplified analytical method 13.79 13.05
Lumped model 12.5 10.8
FEM 12.5 10.8
Experiments 12.9 -
Ls at double nominal torque [mH]
Classical analytical method 13.71 12.97
Simplified analytical method 13.79 13.05
Lumped model 10.5 8.5
FEM 10.5 8.5
Experiments - -

estimation by the analytical methods. Conversely, the lumped model, which takes the saturation into
account, very precisely follows the results of FEA in terms of inductance evaluation.

From the obtained results shown in Table II, it is seen that if the application requires usage of the ma-
chine at different working points (e.g. traction motor), it is preferall;le to use the lumped model for the
geometry optimization of the PMSM, because in this case it is possible to get adequate results of the syn-
chronous inductance and, consequently, to analyze the electrical machine performance at any working
point. Whereas, the classical analytical method can give overestimated performance if the TCW PMSM
1s highly saturated.

The lumped model can be used in order to preliminarily estimate the teeth and yokes flux densities of the
electrical machine at any load condition. Therefore, it can help to tune the stator slot geometry at early
design stages, or to use the model for a geometry optimization of the PMSM.

Comparison of FEA and lumped model stator flux linkages along d- and g-axes, and output power versus
g-axis armature current (maximum torque per current control) are shown in Fig. 7 (a).
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Fig. 7: a) d- and g-axes flux linkages versus armature current of FSPMSMI, b) electromagnetic power of
FSPMSM1, by lumped model and FEA (/3 = 0).

Good agreement between the numerical model and the lumped model can be seen in Figs. 7. However,
the lumped model overestimates the machine performance at high load conditions. This can be explained
by the fact that the saturation of the tooth tip of the lumped model does not have any influence on the
permanent magnet flux linkage. Whereas, in reality the saturation of the tooth tip increases the reluctance
of the magnetic circuit which consequently leads to lower d-axis flux linkage (permanent magnet flux
linkage). Due to this reason the output power is also overestimated, as it can be seen in Fig. 7 (b). It
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Fig. 8: Electromagnetic torque curves of FSPMSM1 during one electric rotation, estimated by FEM and by LM.

should be noted that the lumped model g-axis flux linkage almost totally coincides with the FEA results.
Therefore, the lumped model can be a good tool for evaluation of the synchronous inductance at different
working points.

According to [15], in the synchronous d — g reference frame the electromagnetic torque is computed as

3 . . oW
r=3 (‘I’dlq—‘lfqld)+ﬁ~ (13)

where both terms together represent Maxwell’s stress tensor, the first term alone represents the torque by
the vector theory, and the second term alone represents the torque by the coenergy variation.

Fig. 8 shows the nominal torque of FSPMSMI1 estimated by LM through the use of vector theory
Tyq(LM), by FEM through the use of vector theory Tyq(FEM), by FEM through the use of Maxwell
stress tensor Tyixw (FEM), and no-load (cogging) torque estimated by FEM through the use of coenergy
variation Togging (FEM).

In Fig. 8§ it is seen that estimation of the torque by vector theory does not give the information about the
cogging torque, which together with the torque estimated by vector theory gives the real torque value
[15]. The torque estimated by LM has 5 % higher average value than was estimated by FEM. However,
both of them has sixth harmonic component with the similar amplitude. According to [14] this torque
harmonic component is due to the local saturation, which is caused by the interaction of the armature
flux linkage harmonics and PM flux linkage synchronous harmonic. Therefore, the LM can be used for
the adjustment of the PMSM geometry, in order to get the value of the sixth torque harmonic within
tolerable magnitude.

Conclusion

In this paper several analytical approaches for the estimation of the synchronous inductance in TCW
PMSMs have been described and compared. The analytical methods are verified with FEA and measure-
ment results.

In TCW PMSMs, which are designed with high flux density in stator teeth and yoke, inductance value
significantly depends on the load condition, which must be taken into account while machine analysis.

It was shown that using the classical approaches (with frozen steel permeability) might cause an unprac-
tical error at the nominal load and at overload conditions in rotor surface magnet PMSMs with highly
saturated stator teeth and yokes.

A simple alternative method to the classical analytical inductance evaluation was described. It has been
proven that the synchronous inductance of TCW PMSMs with negligible mutual inductance, can be
estimated by the presented method with the same accuracy as in the classical approach.

The lumped model (which takes the saturation effect into account) for the TCW PMSM was described.
It was shown that it can be a fast and adequate tool for synchronous inductance evaluation of FSPMSMs.
It also estimates the torque ripples caused by local saturation, which can be useful for the reduction or
elimination of some harmonics in the electromagnetic torque.



References

(1]
(2]

[11]

[12]

[13]

[14]

[15]

[16]

[17]

[18]

[19]

Sergeant, P. and Van den Bossche, A.: Influence of the amount of permanent magnet material in fractional-
slot permanent magnet synchronous machines, Industrial Electronics, IEEE Transactions on pp. 1-8, 2013
Sizov, G.Y. and Zhang, P. and Ionel, D.M. and Demerdash, N.A.O and Rosu, M.: Automated Multi-Objective
Design Optimization of PM AC Machines Using Computationally Efficient- FEA and Differential Evolution,
Industrial Electronics, IEEE Transactions on pp. 1-8, 2013

Wang, A. and Jinbo Wang and Biao Wu and Chenglong Shi: Structural Optimization of the Permanent
Magnet Drive Based on Artificial Neural Network and Particle Swarm Optimization, Intelligent Human-
Machine Systems and Cybernetics (IHMSC), 2011 International Conference on Vol 2, pp. 70-74, 2011

Juha Pyrhonen and Tapani Jokinen and Valéria Hrabovcova: Design of Rotating Electrical Machines, John
Wiley Sons, 2008

Hanne Jussila: Structural Optimization of the Permanent Magnet Concentrated Winding Multiphase Perma-
nent Magnet Machine Design and Electromagnetic Properties — Case Axial Flux Machine, Dept.Elect.Eng.,
Lappeenranta University of Technology, Ph.D dissertation, 2009

Ponomarev, P. and Lindh, P. and Pyrhonen, J.: Effect of Slot-and-Pole Combination on the Leakage Induc-
tance and the Performance of Tooth-Coil Permanent-Magnet Synchronous Machines, Industrial Electronics,
IEEE Transactions on Vol 60 pp. 4310-4317, 2013

Montonen, J. and Lindh, P. and Pyrhonen, J.:Design process of traction motor having tooth coil windings,
Electrical Machines (ICEM), 2012 XXth International Conference on pp. 1264-1268, 2012

Alberti, L. and Barcaro, M. and Bianchi, N.: Design of a low torque ripple fractional-slot interior permanent
magnet motor, Energy Conversion Congress and Exposition (ECCE), 2012 IEEE pp. 509-516, 2012
EL-Refaie, A.M.: Fractional-Slot Concentrated-Windings Synchronous Permanent Magnet Machines: Op-
portunities and Challenges, Industrial Electronics, IEEE Transactions on Vol 57 pp. 107-121, 2010

Dutta, R. and Rahman, M. F. and Chong, L.: Winding Inductances of an Interior Permanent Magnet (IPM)
Machine With Fractional Slot Concentrated Winding, Magnetics, IEEE Transactions on Vol 48 pp. 4842-
4849, 2012

Petrov, 1. and Pyrhonen, J.: Performance of Low-Cost Permanent Magnet Material in PM Synchronous
Machines, Industrial Electronics, IEEE Transactions on Vol 60 pp. 2131-2138, 2013

Bracikowski, N. and Hecquet, M. and Brochet, P. and Shirinskii, S.V.: Multiphysics Modeling of a Permanent
Magnet Synchronous Machine by Using Lumped Models, Industrial Electronics, IEEE Transactions on Vol
59 pp. 2426-2437, 2012

Dajaku, G. and Gerling, D.: A novel 12-teeth/10-poles PM machine with flux barriers in stator yoke, Elec-
trical Machines (ICEM), 2012 XXth International Conference on pp. 36-40, 2012

Ponomarev, P. and Petrov, 1. and Pyrhonen, J.: Influence of Travelling Current Linkage Harmonics on In-
ductance Variation, Torque Ripple and Sensorless Capability of Tooth-Coil Permanent Magnet Synchronous
Machines, Magnetics, IEEE Transactions on pp. 1-8, 2013

Barcaro, M. and Bianchi, N. and Magnussen, F.: Remarks on Torque Estimation Accuracy in Fractional-Slot
Permanent-Magnet Motors, Industrial Electronics, IEEE Transactions on Vol 59 pp. 2565-2572, 2012
Tangudu, J.K. and Jahns, T.M. and EL-Refaie, A. and Zhu, Z.Q.: Lumped parameter magnetic circuit model
for fractional-slot concentrated-winding interior permanent magnet machines, Energy Conversion Congress
and Exposition, 2009. ECCE 2009. IEEE pp. 2423-2430, 2009

EL-Refaie, A.M. and Jahns, T.M.: Optimal flux weakening in surface PM machines using fractional-slot
concentrated windings, Industry Applications, IEEE Transactions on Vol 41 pp. 790-800, 2005

Jussi Puranen: Induction Motor Versus Permanent Magnet Synchronous Motor in Motion Control Appli-
cations: a Comparative Study, Dept.Elect.Eng., Lappeenranta University of Technology, Ph.D dissertation,
2006

Pavel Ponomarev: Tooth-Coil Permanent Magnet Synchronous Machine Design for Special Applications,
Dept.Elect.Eng., Lappeenranta University of Technology, Ph.D dissertation, 2013



Publication IV
Copyright © 2014, IEEE. Reprinted, with permission from

Petrov, 1., Ponomarev, P., and Pyrhonen, J., "Torque Ripple Reduction in 12-slot 10-pole
Fractional Slot Permanent Magnet Synchronous Motors with Non-Overlapping Windings by
Implementation of Unequal Stator Teeth Widths," in XIX International Conference on Electrical
Machines (ICEM), 2014, vol., no., pp.1—6, 2—5 Sept. 2014






Torque Ripple Reduction in 12-slot 10-pole
Fractional Slot Permanent Magnet Synchronous
Motors with Non-Overlapping Windings by
Implementation of Unequal Stator Teeth Widths

Ilya Petrov, Pavel Ponomarev Juha Pyrhonen

Abstract—This paper describes an optimization of the stator
geometry in a way that the torque ripple at particular load is
reduced.

The principle applied to the torque ripple reduction is based
on the synchronous inductance variation suppression, caused by
the non-linear steel saturation, which might be significant even
in permanent magnet synchronous motors (PMSMs) with rotor
surface permanent magnets.

The design optimization, described in this paper, aims in
reducing the armature reaction influence on the local steel
saturation in fractional slot permanent magnet synchronous
machines (FSPMSM) by rearranging of the stator teeth widths.

The optimization was defined by means of magnetic equivalent
circuit model (lumped model), and verified with finite element
method (FEM).

Index Terms—Permanent magnet machines, FSPMSM, tooth-
coil winding, fractional slot PMSM.

I. INTRODUCTION

Electrical vehicles (EV) and hybrid electrical vehicles
(HEV) more and more often appear in the market. Even
working and utility vehicles start to take advantages of electri-
cal and hybrid-electric drivetrain topologies. Essential part of
these vehicles is using permanent magnet synchronous motors
(PMSMs) in traction applications and in electricity generation.
At the same time, FSPMSMs are considered and already used
in numerous other applications [1].

Fractional slot permanent magnet synchronous machines
with non-overlapping windings also known as tooth coil wind-
ing permanent magnet synchronous machines (TCW PMSM)
have gained intensive attention during the latest decade. These
types of electrical machines have found a wide range of
applications, including traction motors, integrated devices,
wind generators and industrial applications (fans, pumps).
Some of the applications are very critical in terms of torque
ripple.

Popularity of TCW PMSMs can be explained by their con-
structional advantages, which reduce the end winding length,
facilitate cheaper and simpler assembling, and in some config-
urations increase the synchronous inductance for better field
weakening [2]-[5]. Therefore, it is important to investigate the
details of this type of electrical machines, in order to improve
their performance even further. In this article a 12-slot 10-
pole TCW PMSM is analyzed. It has only one sub-harmonic,
relatively high winding factor and balanced magnetic pull.

978-1-4799-4389-0/14/$31.00 ©2014 IEEE

Despite the fact that with particular slot/pole combination
TCW PMSMs might have significantly lower torque ripple
and cogging torque compared to distributed rotating-field
slot winding permanent magnet synchronous machines (DW
PMSM) with integer number of slot per pole per phase [6],
intensive research is continued in order to further reduce the
torque ripple, because it allows using the electrical machines
in applications, which require extremely low torque ripples
relative to the nominal torque, e.g. direct-driven permanent
magnet wind generators [7].

Some techniques for the torque ripple reduction in TCW
PMSMs can be found in [8]-[13]. In [8]-[10] the torque ripple
reduction, together with the rotor iron losses minimization,
were carried out by using more complex armature winding
with multiple-layer stator structure. However, this technique
leads to a smaller winding factor of the synchronous harmonic,
as well as to more complicated end winding connections,
which is undesirable, especially in high power electrical
machines, where it is difficult to implement bending and
connections of the coils with a relatively large diameter.

In [8] and [11] the torque ripple reduction is presented for
interior-permanent magnet synchronous machines, by adjust-
ing flux barriers in the rotor. However, there is no division
between the reduction of the 6" and 12" order torque ripple
harmonics during the optimization, but just the difference
between the minimum torque and the maximum torque is
considered. Also it can be observed that even after the rotor
optimization in [11], essential torque ripples appeared in the
working conditions close to the nominal load and in the field
weakening area.

In [12] it was concluded that a significant part of torque
ripples in TCW PMSMs is caused by local over-saturation,
due to the presence of non synchronous harmonics, which with
some periodicity interact with the synchronous harmonic and
create these local over saturations in the rotor with embedded
magnets. It was suggested to adjust the control algorithm in
order to suppress these torque ripples. However, the proposed
method might be difficult and not cost efficient in practice,
because it requires an extensive analysis of the synchronous
inductance variation of each particular electrical machine.

A torque ripple reduction of 12-slot 10-pole TCW PMSM
was achieved by permanent magnet shape adjustment in [13].
Instead of a permanent magnet, which creates a rectangular
flux density waveform in the air gap, a permanent magnet
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Fig. 1. Geometry layout of TCW PMSM with outer rotor.

shape with a sinusoidal flux density waveform with 3'¢ order
harmonic was suggested, in order to eliminate some torque
ripple harmonics. However, this technique might also increase
the total price of the permanent magnets, due to more complex
manufacturing process. Also the total flux linkage is decreased
by using the magnets with the proposed shapes compared to
the rectangular shape, which leads to smaller back EMF.

This paper describes the reduction of the 6*" torque ripple
order harmonic in a 12-slot 10-pole PMSM with rotor surface
permanent magnets. It is the lowest possible order torque
ripple harmonic presented in the electrical machine. It should
be noted that the low order torque ripple harmonics are more
harmful compared to higher order harmonics, because the low
order torque ripple harmonics with higher probability cause
undesirable vibrations in the system compared to other torque
ripple harmonics [14].

The torque ripple reduction is implemented by adjusting the
stator geometry, which should not lead neither to additional
costs nor performance deterioration. The stator geometry op-
timization is carried out by a lumped model and it is verified
by FEM. The commercial FEM software package was applied
in the calculations.

Section II explains the reasons of the 6" order torque ripple
harmonic in TCW PMSMs with rotor surface permanent mag-
nets and introduces the lumped model. Section III describes
the stator geometry optimization, which reduces the torque
ripple. It shows the optimization results which are achieved
using the lumped model and verifies them by FEM.

II. SIMULATION OF TCW PMSMS BY LUMPED MODEL
AND COMPARISON OF RESULTS WITH FEM

The lumped model which takes the saturation into account
was created and verified by FEM and by measurement results.
The detailed description of the model can be found in [15],
where it was shown, that the lumped model can precisely
follow the performance results of the TCW PMSM found by

TABLE 1
FSPMSMS PARAMETERS

Parameter FSPMSM1
Nominal torque Thom [Nm] 25.6
Nominal speed nnom [rpm] 1750
Number of winding turns per phase Ny, 184
Air gap length § [mm] 0.8
Stack (physical) iron length lge [mm] 120
Physical slot opening b; [mm] 32
Rotor outer diameter Dye [mm] 181.5
Stator outer diameter Dge [mm] 149.2
Stator yoke thickness hys [mm] 52
Stator tooth width wys [mm] 8.4
Permanent magnet height hpy; [mm] 10
Permanent magnet remanence B; at the rated temperature 0.34
(at 80 C)
Peak flux density in the tooth B,cax at rated temperature 145
(at 80 C)
Stator core material M400-50A

Rieak
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Rsy Rsy
Rst Rst Rst Rst
Ow Ow Ow O
Rleak Rieak
~ ---- ~
R3 + Rpm Rs + Rpm R + Rpm R5 + Rpm
epm 6})111 epm epnl
Fig. 2. Lumped model of a FSPMSM magnetic circuit (Rotor yoke is

neglected). Rjeqak is the total slot leakage reluctance, Rsy is the stator yoke
reluctance, R is the stator tooth reluctance, Rs is the air gap reluctance,
Rpm is the permanent magnet reluctance, Opyr is the permanent magnet
current linkage, 6y is the stator winding current linkage.

FEM as well as synchronous inductance evaluation at different
load conditions. Moreover, the lumped model can be also
used for evaluation of the flux density as a function of time
at different steel parts of the electrical machine. This flux
density knowledge can be used in order to optimize the stator
teeth geometry to get the needed performance of the electrical
machine. For the sake of completeness, the described in [15]
TCW PMSM lumped model is shown in Fig. 2.

The lumped model presented in Fig. 2 contains radial
branches at each tooth pitch, which represent stator tooth
and implement stator winding current linkage and permanent
magnet current linkage. The value of the stator winding current
linkage at each tooth is described by sine function of time,
while sinusoidal current waveform is assumed.
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Fig. 3. Flux density (absolute value) in the stator teeth at nominal load as a
function of rotor position in electric degrees (), estimated by FEM and by
the lumped model (I3 = O control is implemented).

The electrical machine analyzed and optimized in this paper
is an outer rotor TCW PMSM with ferrite magnets. The
machine is described in [16] and shown in Fig. 1. The main
parameters of this electrical machine at operating conditions
are shown in Table I. The same optimization can be applied
to all kinds of TCW PMSMs: rotor inner permanent magnets
(IPM) and rotor surface permanent magnets (SPM) , inner and
outer rotor, radial and axial flux type machines. However, the
investigation of PMSM with IPM is out of the scope of this
article as well as TCW PMSM with different slot and pole
combination.

As it can be seen in Fig. 1 and in Table I, the permanent
magnets have a relatively wide thickness, which leads to a
large equivalent air gap. Therefore, the armature current should
not have an essential influence on the rotor steel magnetic
state. However, as it is noted in [17], [15], the tooth-tip
leakage inductance, the slot leakage inductance and the air-gap
leakage inductance have significant contributions to the total
synchronous inductance of the TCW PMSM. Therefore, it can
be concluded that in PMSMs with rotor surface permanent
magnets, the performance deterioration is mainly caused by
the steel local over saturations in the stator side, but not in the
rotor.

In order to estimate the armature reaction influence on the
stator saturation level and optimize the stator geometry in such
a way, that there is no significant performance deterioration at
different load conditions, it is needed to have a fast model
which takes the saturation effect into account. Despite the
fact that FEM gives relatively precise parameters evaluation of
an electrical machine, it is still computationally heavy. This
means that it is not advisable to use FEM for optimization
of an electrical machine at early design stages, which is very
time consuming. Therefore, it was decided to create a simple
analytical model, which takes the steel saturation into account
(lumped model). The analytical model was verified by FEM,
concerning the average output torque, with good agreement in
[15]. However, a deeper analysis and verification of the model
is given in this paper.

Flux densities in the stator teeth and in the stator yoke
at the nominal load as functions of the rotor position can
be seen in Figs. 3 and 4. These figures show that the flux
densities estimated by FEM are in fairly good correlation
with the flux densities evaluated by the lumped model. Also,
Figs. 3 and 4 show that the two adjacent stator teeth and

L L
120" 180"

Fig. 4. Flux density (absolute value) in the stator yoke at nominal load as a
function of rotor position in electric degrees (6), estimated by FEM and by
the lumped model (I3 = 0 control is implemented).
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Fig. 5. Armature reaction influence on the difference between the peak flux
densities in two adjacent stator teeth. a) Permanent magnet current linkage
is maximum in Tooth 1 which is also boosted by the armature current, b)
Permanent magnet current linkage is maximum in Tooth 2 and equals to
current linkage of Tooth 1, but the armature current is zero (Iq = 0 control
is implemented).

the stator yokes can have different peak flux densities, due to
the interactions of the armature reaction with the permanent
magnet flux linkage. This means that these two adjacent teeth
have different reluctance peaks, due to the saturation effect,
which is even more apparent at higher loadings. This leads
to the appearance of the synchronous inductance pulsating
harmonics. These synchronous inductance harmonics are the
main cause of the 6" order torque ripple harmonic.

The effect which causes the different flux density peaks
in the stator teeth is described by Fig. 5. In Fig. 5 (a) it
can be seen that when Tooth 1 has the maximum value of
the permanent magnet flux linkage (no inter-pole flux leakage
and curvature effect are assumed), the phase current is still
conducting in the slot, which increases the maximum flux
density in Tooth 1. However, according to Fig. 5 (b), when
Tooth 2 has the maximum value of the permanent magnet
flux linkage, the phase current (current in the slot) is zero,
which leads to the fact that the peak flux density in Tooth 1
is always higher than in Tooth 2.
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III. OPTIMIZATION OF THE STATOR GEOMETRY FOR THE
TORQUE RIPPLE REDUCTION

As it is mentioned above, the different flux density peaks
in the stator teeth cause additional high order harmonic in the
synchronous inductance as a function of rotor position at the
nominal load. This can be eliminated by tuning the stator teeth
widths. However, the current density in the stator slot should
be kept the same, which means that the stator slot area should
not be changed. Therefore, if one stator tooth is redesigned to
be wider, the adjacent stator tooth should be narrower in the
same extent, as it is illustrated in Fig. 6. With this approach
the total slot area can be kept constant.

It should be noted that this approach, with unequal tooth
widths, is not the same as was implemented in the single-
layer TCW PMSM reported in [18]. There are several princi-
pal differences. Firstly, in single-layer 12-slot 10-pole TCW
PMSM, only half the coil flux in wound teeth passes through
adjacent teeth [18], because the single-layer and double-layer
TCW PMSMs have different stator current linkage distribution
waveforms. Secondly, together with the tooth width change,
the tooth tip width is also modified, whereas in the proposed
design the tooth tip width is kept constant in both adjacent
teeth and only the teeth widths are optimized.

Fig. 7 shows the torque curves and their harmonic com-
ponents at the nominal load of the original motor (Table I)
and of the new motor, which was redesigned in such a way
that the 6°" order harmonic is eliminated in the synchronous
inductance, which is achieved at wy /we = 1.15, where wy is
the width of the first tooth (Tooth 1) and ws is the width of
the second tooth (Tooth 2). It can be seen that the 6" order
torque ripple harmonic is almost completely eliminated in the
new design with unequal stator teeth widths at the nominal
load. However, suppressing the torque ripple harmonic at the
nominal load by stator teeth width adjustment, causes an
appearance of torque ripple harmonic (cogging torque) with
the same order at no-load.

Fig. 8 shows the torque curves and their harmonic compo-
nents at no-load of the original motor and of the redesigned
motor (w;/we = 1.15). In Fig. 8 it can be seen that at no-
load the electrical machine with unequal teeth has the 6
order torque ripple harmonic, whereas the cogging torque
of the original torque includes only the 12" order torque
ripple harmonic. Therefore, it is not advisable to redesign the
electrical machine if the application requires working mostly
in low load conditions. However, it should be noted that if
the electrical machine is designed in such a way that at no-
load the BH-curve of the steel is in linear region (before the
considerable saturation takes place), the unequal teeth widths
will not bring the 6'" cogging torque harmonic at the no-load,
but still can eliminate the 6'" torque ripple harmonic at the
nominal load, if at this load condition the armature reaction
increases the flux density in the stator teeth above the linear
region.

The lumped model which is mentioned above can be used in
order to estimate an approximate widths ratio of two adjacent
stator teeth, which give the lowest 6" order torque ripple
harmonic at some particular load condition. Fig. 9 shows

W2=W—AW WI=W+ AW

A All-Al |FA] ® [+A] [-All-A

Fig. 6. Adjustment of the stator teeth widths. The stator slot width is kept
constant.
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Fig. 7. Torque of the original and of the redesigned TCW PMSM at nominal
load (wi/we = 1.15) evaluated by FEM a) Torque as function of rotor
position, b) Torque harmonics.

the amplitude of the 6" harmonic of the torque ripple at
different load conditions as a function of the widths ratio of
two adjacent stator teeth.

In Fig. 9 it can be seen that according to the lumped model
results, at the nominal load, the lowest 6" harmonic order
component of the torque ripple is at w; /w, = 1.15. However,
for lower loads (between 25%—75% of the nominal load) the
widths ratio of the adjacent stator teeth should be lower, in
order to get the minimum 6" harmonic of the torque ripple.
Therefore, it can be concluded that the stator teeth widths
ratio (wy /ws) should be selected according to the application
specification.

It should be noted that according to [19], in the synchronous
d—q reference frame the electromagnetic torque 7" is computed
as

3y, O
T= ip(wdlq — thqia) + 26, (6]

, where p is the number of pole pairs, ¥y is d-axis flux linkage,
¥, is g-axis flux linkage, iq is d-axis current, iy is g-axis
current, W3 /00, is the magnetic coenergy variation. Both
terms together represent Maxwell’s stress tensor, whereas the
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Fig. 8. Torque of the original and of the redesigned TCW PMSM at no-load
(w1 /we = 1.15) evaluated by FEM a) Torque as function of rotor position,
b) Torque high order harmonics.
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Fig. 9. Amplitude of the 6" torque ripple harmonic at different load
conditions as function of the widths ratio of two adjacent stator teeth,
evaluated by the lumped model.

first term alone represents the torque by the vector theory, and
the second term alone represents the torque by the coenergy
variation. Due to the fact that the lumped model estimates the
torque based on the vector theory, it can be concluded that it
does not show the cogging torque of the electrical machine,
which has a different behaviour with the variation of the stator
teeth widths ratios, as it is illustrated in Fig. 8. Therefore,
the torque ripples at no-load and at 25% of the nominal load
cannot be captured by the lumped model (Fig. 9). Also, even at
higher loads, the cogging torque can significantly contribute to
the total torque ripple. Thus, the results of the lumped model
were verified by FEM, which includes the cogging torque
in the computation — the last part in (1). Fig. 10 shows the
amplitudes of the 6" and the 12" torque ripple harmonics
estimated by FEM at different load conditions as a function
of the stator teeth width ratios.
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Fig. 10. Amplitude of a) the 6" torque ripple harmonic and b) the 12th
torque ripple harmonic at different load conditions as function of the widths
ratio of two adjacent stator teeth, evaluated by FEM.

It can be noticed in Fig. 10 (b), that the stator teeth widths
do not vary significantly the 12" order harmonic of the torque
ripple. However, Fig. 10 (a) shows that the 6'" order harmonic
of the torque ripple can be adjusted for each load condition to
have the minimum value. For example, the electrical machine
at the nominal load has the lowest 6" order harmonic of the
torque ripple at the widths ratio wy /wy = 1.15, and the highest
torque ripple at widths ratio w; /wy = 1, whereas at no-load
the situation is vice versa.

Despite the fact that the absolute values of the FEM results
(Fig. 10) and the lumped model results (Fig. 9) do not coincide
well with each other, these results give similar optimum widths
ratios of the stator teeth for a particular load.

The described optimization method for the torque ripple
reduction should be implemented only for special applica-
tions, which require rotation mainly in one direction. If the
redesigned TCW PMSM rotates in reverse direction, the torque
ripple increases, as it is shown in Fig. 11. Comparing Fig. 11
with Fig. 7 it can be seen that the 6'" torque ripple order
harmonic of the redesigned PMSM is higher compared to the
original design, if the redesigned PMSM rotates in reverse
direction, whereas the 12" order harmonics are almost the
same. It should be noted that, if the redesigned TCW PMSM
rotates in reverse direction in a generator mode, the torque
ripple is again smaller compared to the original design.

IV. CONCLUSION

The reason for the appearance of the 6" order torque ripple
harmonic in 12-slot 10-pole TCW PMSMs with rotor surface
permanent magnets is described in the paper. In order to reduce
this ripple, the stator geometry optimization was done by using
the lumped model. It was verified by FEM that the lumped
model can be used for the evaluation of the optimum ratio of
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Fig. 11. Torque of the redesigned TCW PMSM at the nominal load

(w1 /w2 = 1.15) evaluated by FEM in reverse direction a) Torque as function
of rotor position, b) Torque harmonics.

the stator teeth widths. Therefore, the lumped model is suitable
for the estimation of the standard design parameters of the
TCW PMSM as well as for the evaluation of the optimum
widths ratio of the stator teeth for reduction of the 6'" order
harmonic of the torque ripple.

The limitation of the lumped model is described and dis-
cussed. The lumped model is not suitable for observing the
cogging torque in this case. However, it was shown that even
with this drawback it is still a suitable tool for the electrical
machine optimization routine.
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Unequal Teeth Widths for Torque Ripple Reduction in
Permanent Magnet Synchronous Machines With
Fractional-Slot Non-Overlapping Windings
Ilya Petrov, Pavel Ponomarev, Yulia Alexandrova, and Juha Pyrhonen

Department of Energy Technology, Lappeenranta University of Technology, Lappeenranta 53850, Finland

Permanent magnet synchronous machines (PMSMs) with fractional-slot non-overlapping windings, also known as tooth-coil winding
PMSMs (TCW PMSM), have been under intensive research during the latest decade. There are many optimization routines explained
and implemented in the literature to improve the characteristics of this machine type. This paper introduces a new technique for
torque ripple minimization in TCW PMSM. The source of torque harmonics is also described. The low-order torque harmonics
can be harmful for a variety of applications, such as direct drive wind generators, direct drive light vehicle electrical motors, and
for some high-precision servo applications. The reduction of the torque ripple harmonics with the lowest orders (6th and 12th) is
realized by machine geometry optimization technique using finite element analysis. The presented optimization technique includes the
stator geometry adjustment in TCW PMSMs with rotor surface permanent magnets and with rotor embedded permanent magnets.
Infl e of the per gnet skewing on the torque ripple reduction and cogging torque elimination was also investigated.
It was implemented separately and together with the stator optimization technique. As a result, the reduction of some torque ripple
harmonics was attained.

Index Terms— Fractional slot permanent magnet synchronous machine (PMSM), permanent magnet machines, TCW PMSM,

tooth-coil winding (TCW), torque ripple.
I. INTRODUCTION

ORE AND MORE applications start using tooth-coil

winding permanent magnet synchronous machines
(TCW PMSMs) instead of conventional distributed rotating-
field slot winding PMSMs (DW PMSMs), due to their
advantages that are described in detail in [1]-[9].

Due to an extensive research and investigation of
TCW PMSMs, numerous advices and hints are presented in
the literature regarding the design procedures for this type of
electrical machines.

In [10], efficiency observation was done for TCW PMSMs
with different slot/pole combinations by varying steel grades
and permanent magnet thicknesses. It was shown that if a
PMSM has a high electrical frequency, the steel grade has
more significant influence on the electrical machine efficiency
than the permanent magnet thickness. In addition, a procedure
for analytical evaluation of the optimal permanent magnet
thickness has been presented.

In [11], design optimizations of TCW PMSMs and
DW PMSMs was done using computationally efficient finite
element analysis (FEA) and differential evolution. It was
shown that it is possible to reach relatively low-torque
ripple with TCW PMSMs compared with DW PMSMs,
which is especially important with low speed and high-torque
applications (e.g., direct drive wind turbines).

In [12], detailed guidelines are given for the design of elec-
tric machines. However, some corrections are needed (e.g., for
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synchronous inductance evaluation) if the given recommenda-
tions are implemented for design of TCW PMSMs [9].

In [13] and [14], analytical approaches of the inductance
evaluation were suggested for TCW PMSMs. It was
shown that, in TCW PMSMs with rotor surface permanent
magnets [14], as well as with rotor embedded permanent
magnets [13], besides the air-gap leakage inductance, the slot
leakage inductance, and the tooth-tip leakage inductance also
have a significant contribution to the total synchronous induc-
tance. This can cause a difficulty for TCW PMSM designers,
which try to reduce the armature reaction. In these papers,
recommendations for the selection of slot/pole number and
stator geometry are given to reach the desirable synchronous
inductance.

In [15], the performance of a TCW PMSM with different
number of phase winding turns is compared. It was shown that
the optimal solution design for a traction application can vary
according to the desirable vehicle characteristics (maximum
torque, constant power speed range, etc.).

With optimized designs, TCW PMSMs can achieve rel-
atively low-torque ripple and cogging torque. However, to
reduce acoustic noise and mechanical vibrations, which are
an especial concern in some applications, development of
new PMSM design optimizations (with reduced torque ripple)
is still continuing. This can increase the range of possible
applications for TCW PMSMs.

In [16], the torque ripple reduction was attained by increas-
ing the number of winding layers in a stator slot of a
TCW PMSM, and by the optimization of the rotor geometry
with embedded magnets, or, more specifically, by selecting
the barriers angles in the rotor, which gives the lowest torque
ripple.

In [17], it was shown that it is possible to reduce the torque
ripple in TCW PMSMs with rotor surface permanent magnets

0018-9464 © 2014 IEEE. Personal use is permitted, but republication/redistribution requires IEEE permission.
See http://www.ieee.org/publications_standards/publications/rights/index.html for more information.
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by elimination of some harmful permanent magnet flux density
harmonics in the air gap, whereas other order flux density
harmonics (e.g., 3¢) can be kept in the air gap, providing an
increase of the total flux without torque quality degradation.
A particular air-gap flux density waveform was achieved by
adjusting the permanent magnet shape.

In [18], torque ripple minimization was achieved by a proper
skewing. It was proven that it is not advisable to fully eliminate
the torque ripple by skewing, because in this case the skewing
pitch (angle) should be very large, which is not practical
regarding to the average torque. In [18], the cogging torque
and electromagnetic torque ripple harmonic components of the
analyzed machine (DW PMSM) have the same harmonic order
(i.e., 6th). Therefore, by eliminating the cogging torque, the
torque ripple was also reduced. However, in TCW PMSMs
the cogging torque can be of higher order compared with the
electromagnetic torque ripple. For example, in 12-slot 10-pole
PMSMs the main component of the cogging torque is
12th-order harmonic, whereas the largest torque ripple
component is 6th-order harmonic. Therefore, as it is shown
hereafter, it can be problematic to eliminate or even reduce
6th-torque ripple harmonic at the nominal load by implement-
ing only skewing approach in TCW PMSMs.

In [19], behavior of d- and g-axes inductances of a
TCW PMSM with embedded magnets has been studied. It was
shown that the inductance variation at different rotor positions
has a direct influence on the torque ripple. To eliminate the
torque ripple, it was suggested to include this inductance
variation in the machine control algorithm, whereas the
technique, described in this paper, reduces the inductance
variation in a PMSM at the nominal load by a machine design
approach.

Summarizing the results found in the literature, which deal
with the torque ripple reduction, it can be assumed that at the
nominal load, torque ripple appears due to two main reasons:
1) non-ideal sinusoidal waveform of the back electromotive
force (EMF) or phase current and 2) synchronous inductance
variation.

This paper studies the appearances of asymmetric local
saturations in TCW PMSMs, due to the interaction of the
permanent magnet flux and armature winding flux in the stator
side (in PMSM with rotor surface permanent magnets and
with rotor embedded permanent magnets). The influence of
these local saturations on the torque ripple at different load
conditions is investigated and compared with the torque ripple
impact by the interaction of the back EMF with the phase
current. In addition, a skewing technique for elimination of the
main cogging torque harmonic component is proposed for a
12-slot 10-pole PMSM. Thus, both of the most harmful torque
ripple harmonics 6th and 12th can be significantly reduced or
even eliminated 6th harmonic by the method proposed in this
paper, and 12th by skewing).

The novelty of this paper is the consideration of the per-
manent magnet flux interaction with the armature reaction
as a source of the local saturation, which causes inductance
variation, as well as a significant magnetic coenergy variation.
This phenomenon can increase the torque ripple in PMSMs.
The aim of this paper is to describe the possibilities of the
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elimination of these effects. It should be noted that all dimen-
sions were kept the same except those that were explicitly
altered and described in the text, which means that the slot area
and the current density were not changed. The optimization
was realized using commercial software package.

Section II investigates the factors, which cause local
saturations in TCW PMSM at the stator side. Section III
shows the influence of these local saturations on the torque
ripple generation. It also proposes some solutions, to reduce
the local saturation in the stator teeth. The described method
was compared with the skewing of the machine, which is
conventional method of torque ripple and cogging torque
reduction. The skewing was implemented alone without any
additional changes in machine geometry, and together with
the method described in this paper. Possible disadvantages
of the investigated methods and tradeoffs, which should be
considered, are described in this paper.

II. FACTORS OF LOCAL SATURATIONS IN
TCW PMSMS AT THE STATOR SIDE

Usually, during geometry optimization of a TCW PMSM it
is assumed that at any load condition, the peak flux densities
in each stator tooth are the same [10], [11], [14]. Therefore,
all stator teeth in TCW PMSM have the same width. The
only exceptions are TCW PMSMs with an armature wind-
ing, the current linkage of which creates the magnetic flux,
where one stator tooth has twice as high as armature flux
compared with the adjacent tooth (e.g., single layer 12-slot
10-pole TCW PMSMs) [20]. In this case, it is advisable to
make unequal stator teeth to increase the total magnetic flux
through the winding. However, it is not the case of double or
multi-layer windings, where the armature current linkage alone
(without permanent magnets) creates the magnetic flux with
the same peak values in each stator tooth with a 3-phase
symmetrical winding system and alternating current. However,
due to the presence of permanent magnets in TCW PMSMs,
which interact with the armature winding flux, the peak flux
density in adjacent stator teeth can differ from each other at
loaded conditions, as is shown hereafter.

If it is assumed that the steel used in the magnetic circuit
has a linear B—H curve, and the stator teeth fluxes caused by
the permanent magnets and caused by stator current linkage
are sinusoidal, the total fluxes in two adjacent stator teeth
Dot Tooth1 and Py Tooth2 can be estimated by

Do, Tooth1 = PPM.Tooth1 Sin (@t + 1)

+ Ow Tootn1 sin (wt + ) (D
Dot Tooth2 = PpM Tooth2 Sin (ot + ¢3)
+ Ow Tooth2 sin (@t + ¢4) )

where Opny Tooth1 and Ppm Tooth2 are the fluxes created only
by the permanent magnets, ®w Tooth1 and Pw Tootm2 are the
fluxes created only by the armature current linkage, ¢ and ¢3
are the phase shifts of the fluxes created only by the permanent
magnets, ¢ and @4 are the phase shifts of the fluxes created
only by the armature current linkage, and o is the electrical
angular frequency. Variables in (1) and (2) are related to
the first tooth (Tooth 1) and to the second tooth (Tooth 2),
respectively.
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Fig. 2. Flux variations in adjacent stator teeth as function of the synchronous
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Fig. 1. Factors that lead to unbalanced peak flux densities in the stator teeth
in TCW PMSM with ¢ = 0.4. (a) Two adjacent stator teeth of one phase.
(b) Fluxes in these teeth caused by permanent magnets (peak flux is 1 p.u.)
and caused by the armature winding (peak flux is 0.5 p.u.). (c) Resultant flux
in the teeth. Saturation is not considered. It is assumed that stator teeth fluxes
caused by the permanent magnets and caused by the stator current linkage
are sinusoidal, § is the electrical rotation angle, and @ is the stator current
linkage.

In 12-slot 10-pole PMSMs with rotor surface permanent
magnets (at I; = 0 control), if the phase shift of the flux
created by the armature current linkage in Tooth 1 is assumed
to be g2 = 0°, then the phase shift of the flux created by the
armature current linkage in Tooth 2 is ¢4 = 180°, because
it is created by the same current linkage, but with opposite
polarity for different teeth. In this case, the phase shifts of
the fluxes created by the permanent magnets are ¢; = 75°
and @3 = 105° in Tooth 1 and Tooth 2, respectively. This
means that the total fluxes @ Tooth1 and Pior. Tooth2 Should
have different peak values, as shown in Fig. 1.

In Fig. 1(b), it can be seen that, the values of the fluxes
in the stator teeth created by the permanent magnets alone
(PpM.Tooth1 and —Dpm Tooth2) have the same peaks. However,
it is seen that the fluxes created by the armature winding
(DPw Tooth1 and —@w Tooth2) increases the total flux in Tooth 1
more intensively than in Tooth 2. The resultant total flux in
Tooth 1 (Dot Tooth1) and Tooth 2 (Dot Tooth2) are shown in
Fig. 1(c). It should be noted that it is true for TCW PMSMs
with rotor surface permanent magnets and at maximum torque
per ampere control, or in other words, at I; = 0.

Fig. 1 shows the case, when the flux value produced by
the current linkage is half of the flux value produced by the
permanent magnets. However, electrical machines with dif-
ferent synchronous inductance values have different armature
reactions, which affects the phenomenon described previously.

1pe 2pes 2pes 4pes 8 pes
a) b o) ) B}
=15 | =30 || =15 a.ﬂs,\E‘
n=3g k& =60, p=6g r=eg &
\ Fig. 3. (a) Non-skewed magnet. (b) Magnet skewing for the elimination

of the 12th-order harmonic of the cogging torque. (c) Magnet skewing for
the elimination of the 6th-order harmonic of the cogging torque. (d) Magnet
skewing for the elimination of the 6th- and 12th-order harmonic of the
cogging torque. (e) Magnet skewing for the elimination of the 6th-, 12th-, and
24th-order harmonic of the cogging torque. y is the total skewing angle
(if skewing is assumed to be continuous) and a is the skewing angle pitch.

Fig. 2 shows the fluxes variations in two adjacent stator teeth
as a function of the synchronous inductance in a 12-slot
10-pole PMSM. It is assumed that the stator steel has linear
permeability, and the teeth fluxes, caused by the permanent
magnets, has a sinusoidal waveform.

According to Fig. 2, the higher the synchronous inductance
is, the larger the difference between the fluxes in the adjacent
stator teeth will be. If the stator teeth widths are the same,
it can lead to a significant peak flux density difference in
the adjacent teeth, and, as a result, one stator tooth can be
subjected to a stronger saturation effect than the neighboring
teeth of the same phase.

After the analysis of the phenomenon shown in Fig. 2, it
can be concluded that the flux variation due to the arma-
ture current linkage, mostly takes place in one stator tooth
(Tooth 1), whereas in the adjacent tooth (Tooth 2) the flux
starts increasing only if the PMSM has a high synchronous
inductance (I; = 0).

In addition to the electromagnetic torque, caused by the
saturation variation, the cogging torque also has a significant
influence on the overall torque ripple [18]. The common
approach used to eliminate the cogging torque is skewing.
However, skewing reduces the average torque by the skewing
factor [12]. Therefore, the skewing angle should be as small as
possible. In case of a 12-slot 10-pole machine, the main har-
monic component of the cogging torque is 12th. To eliminate
this harmonic component in radial flux PMSMs, the permanent
magnets can be divided into two parts in the axial direction
and shifted by 15 electrical degrees, Fig. 3(b), whereas if the
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Fig. 4. B-H curve of M400-50A steel grade [21].

6th-torque ripple should be reduced, the permanent magnets
can be divided into two parts in the axial direction and shifted
by 30 electrical degrees, Fig. 3(c). However, as shown in [18],
even if the permanent magnets are divided into two parts in the
axial direction and shifted by 30 electrical degrees, in some
working points, the 6th harmonic of the torque ripple does not
reduce significantly, but it can even increase at high loads.

I1I. TORQUE RIPPLE REDUCTION METHODS

Usually, the stator in a PMSM is made of laminated steel
with high-magnetic permeability. However, this material has
non-linear B—H curve, which represents the permeability
reduction at higher flux density values in the steel. An example
of a steel material B—H curve used in electrical machines is
shown in Fig. 4.

In Fig. 4, it can be seen that the B—H curve of the steel
has a so-called knee point, where the permeability of the steel
rapidly reduces at a particular flux density level.

Often, the electrical machines are designed in a way that
the maximum value of the flux density in the steel is in the
knee area, shown in Fig. 4, or just below it, to efficiently
use the materials, and at the same time to keep the power
density as high as possible [12]. This means that the peak
flux density in the stator lamination is, usually, selected so
that at higher flux density values the permeability of the
steel is significantly reduced, which decreases the synchronous
inductance of the PMSM.

In [19], it was shown that the synchronous inductance
variation in TCW PMSMs causes torque ripple, and that its
harmonic order determines the harmonic order of the torque
ripple. From this information, it can be concluded that it is
preferable to keep the synchronous inductance constant, or to
eliminate low-order harmonics of the synchronous inductance
variation, because high-order harmonics of the torque ripple
are less harmful compared with the low-order harmonics [22].

As described in Section II, in TCW PMSMs with rotor
surface permanent magnets, the flux density peaks in the
adjacent stator teeth can have different values, which leads
to different teeth permeability and, as a consequence, to
the synchronous inductance variation. This phenomenon can
cause torque ripple in the PMSMs. However, to segregate the
contributions of iron saturation and the non-ideal sinusoidal
waveform of the back EMF to the torque ripple, 2-D FEM
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Tooth 2

Fig. 6. Stator geometry optimization of a 12-slot 10-pole TCW PMSM for
the torque ripple reduction at the nominal load. (a) Principle of the stator
teeth width adjustment. (b) Resultant geometry of the TCW PMSM. wy. is
the teeth width of the original machine, wy), is the width of the slot (which is
kept unchanged during the optimization), and Aw is the added (subtracted)
width value, to adjust the flux density in stator teeth.

analysis of two similar PMSMs described in [8] and shown
in Fig. 6 (but with equal teeth widths) was prepared, so that
the first PMSM has linear permeability, whereas the second
one has the B—H curve of the real steel (M400-50A). The
6th and 12th harmonic components of the torque ripples of
both PMSMs are shown in Fig. 5.

In Fig. 5, it can be seen that in the machine with the
real B—H curve, the 6th-torque ripple harmonic increases
rapidly at higher loads. Therefore, it can be concluded that
the saturation effect in the stator side can indeed have a
significant impact on the total torque ripple. However, other
high-order harmonics remained approximately at the same
level and were not affected by different steel properties (except
slightly different cogging torque). Therefore, mainly the
6th-torque ripple harmonic is affected, because the oversat-
uration in the phase occurs two times per electrical period,
Fig. 1. The machine has three phases, which means that the
affected torque ripple harmonic is 2 x 3 = 6.

It should be noted that no changes were made to tune
the air-gap flux density by permanent magnets, during the
optimization process, but only the stator geometry adjustment
is considered. This means that if the 6th-torque ripple should
be eliminated, the torque ripple by saturation effect can be
adjusted to compensate the torque ripple by the non-ideal
sinusoidal waveform of the back EMF.
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Fig. 7. Flux densities in the stator teeth of the original 12-slot 10-pole PMSM
(with equal teeth widths) and of the redesigned PMSM (with unequal teeth
widths) at the nominal load.

If the widths of the adjacent stator teeth are redesigned in a
way that they have approximately the same peak flux density,
it is possible to reduce or even fully eliminate some harmful
harmonics of the torque ripple. Three different TCW PMSMs
were analyzed using FEM—12-slots 10-poles PMSM with
outer rotor and surface permanent magnets [8], 144-slots
120-poles PMSM with inner rotor and rotor surface permanent
magnets [23], and 18-slots 16-poles with inner rotor and rotor
embedded permanent magnets [9], [24].

The outer rotor 12-slot 10-pole PMSM was originally
designed for a blower application [8]. This type of an appli-
cation requires silent work, which together with tuning of
the radial force (reduction of the radial force strength and
elimination of its low-order harmonic components) [25], also
demands a low-torque ripple. The geometry optimization of
the stator is shown in Fig. 6. The widths of the stator teeth
were changed that at the nominal load they have approximately
the same flux density peaks, as shown in Fig. 7. It should be
noted that the width of one stator tooth was increased to the
same extent as the width of the second tooth was decreased,
or in other words the slot width (area) remained unchanged.
In addition, skewing is implemented in the same way, as
shown in Fig. 3, which in theory should eliminate or reduce
the 6th, 12th, and 24th harmonic components in the cogging
torque and torque ripple.

The torque curves at the nominal load of the original motor
and of the redesigned motor with and without skewing are
shown in Fig. 8 with the spectrum analysis. For simplification
purposes each design solution is marked as (y = skewing
angle, Uneq. or Eq., number of pcs), where y shows the
skewing angle (if skewing is assumed continuous), Uneq. or
Eq. determines if the stator teeth have unequal or equal widths,
and number of pcs shows how many divisions the permanent
magnets have along the axial direction.

In Fig. 8, it can be seen that implementation of only unequal
teeth widths can eliminate the 6th-torque ripple harmonic at
the nominal load (y = 0° Uneq., 1 pc) compared with
the original design (y = 0°, Eq., 1 pc). In addition, it is
possible to eliminate 12th and 24th-torque ripple harmonics
using skewing (y = 30° Eq., 2 pcs), (y = 30° Uneq.,
2 pes), (y = 60°, Eq., 4 pcs), (y = 60° Uneq., 4 pcs),
(y = 60° Eq., 8 pcs), and (y = 60° Uneq., 8 pcs).
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Fig. 8. (a) Torque curves of the skewed and non-skewed original 12-slot

10-pole PMSM (with equal teeth widths) and of the redesigned PMSM (with
unequal teeth widths) at the nominal load. (b) Spectrum analysis of the torque
curves.

However, as observed in Fig. 8, the skewing does not eliminate
the 6th-torque ripple harmonic. The situation was similar to the
one described in [18]. It is possible to achieve a reduction of
the 6th-torque ripple harmonic, if the permanent magnets are
divided into more than two parts during the skewing (y = 60°,
Eq., 4 pcs), (y = 60° Eq., 8 pcs), and (y = 60°, Uneq., 8 pcs),
but the total elimination of this harmonic is not possible if
only skewing is implemented. The reason of this is the fact
that skewing divides the machine in axial direction on several
parts, where each part has different interaction of the armature
flux with permanent magnet flux, due to different phase
shifts of the fluxes created by the armature current linkage
and permanent magnets along the axial direction. As it is
shown previously, this is the main reason of the unequal
maximum saturation levels in the stator teeth (1) and (2).
In other words, there is different saturation level in the stator
teeth in the axial direction, if the skewing is implemented.
Therefore, it is suggested that if the 6th-torque ripple harmonic
should be eliminated or significantly reduced, the technique
with unequal teeth widths described in this paper should
be implemented without skewing (y = 0°, Uneq., 1 pc).
However, in this case other torque ripple harmonics retain their
presence.

The no-load cogging torque curves for different
PMSM design solutions are shown in Fig. 9. The cogging
torque can be eliminated using skewing technique, without
any additional approaches, due to the fact that there is no
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Fig. 9. (a) Cogging torque curves of the skewed and non-skewed original

12-slot 10-pole PMSM (with equal teeth widths) and of the redesigned PMSM
(with unequal teeth widths) at no-load. (b) Spectrum analysis of the torque
curves.

armature reaction at no-load [18]. In Fig. 9 and Table I, it
can be seen that a particular cogging torque harmonic is
eliminated, if the angle (in electrical degrees), which takes
half of the period of this harmonic is divided by angle (a)
between two adjusted permanent magnets of the skewing
(Fig. 3) gives integer value. For example, if the 12th cogging
torque harmonic is needed to be eliminated, the permanent
magnets should be divided in the axial direction, so that
the angle between two adjacent permanent magnets is
15 electrical degrees, Fig. 3(b) and (d), because half of the
12th cogging torque harmonic takes 180/12 = 15 electrical
degrees.

The limitation of using the unequal teeth widths approach
comes from the fact that, if the teeth widths are optimized,
to have approximately equal flux density peaks in the stator
teeth at one working point, they are not the same at other
loads, because in this case the armature reaction (flux created
by the armature current linkage) is different. It means that
the 6th-harmonic order of the torque ripple is not completely
eliminated at other working points, as shown in Fig. 10(a).
Therefore, the stator teeth widths optimization should be
implemented with the knowledge of the prevailing loads. It is
also shown that with negative torque (when I, is negative)
the torque ripple increases to the same extent as with positive
torque in case of equal teeth widths, but with higher extent
with the unequal stator teeth widths, due to the same reason
(different armature reactions).

In Fig. 10(b), it is seen that skewing does not significantly
change the 6th-torque order harmonic in the PMSM with equal
teeth widths. However, skewing can significantly reduce this
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TABLE I
VALUES OF THE HARMONIC COMPONENTS OF THE TORQUE
CURVES ILLUSTRATED IN FIGS. 8 AND 9

Geometry type Harmonic order ~ No-load  Nominal load
(y=0°) Eq. 1 pc To [Nm] 0 255
(y = 0°) Uneq. 1 pc To [Nm] 0 25.6
(y = 30°) Eq. 2 pcs To [Nm] 0 253
(v = 30°) Uneq. 2 pcs To [Nm] 0 253
(y = 60°) Eq. 2 pcs To [Nm] 0 245
(7 = 60°) Eq. 4 pcs To [Nm] 0 24.2
(y = 60°) Eq. 8 pcs To [Nm] 0 242
(y = 60°) Uneq. 8 pcs To [Nm] 0 24.2
(y=0°) Eq. 1 pc Ts [Nm] 0 0.29
(y = 0°) Uneq. 1 pc Ts [Nm] 0.14 0.02
(y = 30°) Eq. 2 pcs Te [Nm] 0 0.24
(v = 30°) Uneq. 2 pcs Te [Nm] 0.1 0.04
(y = 60°) Eq. 2 pcs Te [Nm] 0 0.25
(y = 60°) Eq. 4 pcs Te [Nm] 0 0.2
(y = 60°) Eq. 8 pcs Te [Nm] 0 0.19
(v = 60°) Uneq. 8 pcs T [Nm] 0 0.09
(y=0°) Eq. 1 pc Ti2 [Nm] 0.33 0.3
(y = 0°) Uneq. 1 pc T2 [Nm] 0.23 0.29
(v = 30°) Eq. 2 pes Ty2 [Nm] 0 0.01
(y = 30°) Uneq. 2 pcs T2 [Nm] 0 0.02
(y = 60°) Eq. 2 pcs T2 [Nm] 0.33 0.32
(y = 60°) Eq. 4 pcs Ty2 [Nm] 0 0.02
(y = 60°) Eq. 8 pcs T2 [Nm] 0 0.02
(y = 06°) Uneq. 8 pcs Ty2 [Nm] 0 0.02
(y=0°) Eq. 1 pc Tos [Nm] 0.07 0.07
(y = 0°) Uneq. 1 pc To4 [Nm] 0.07 0.07
(y = 30°) Eq. 2 pcs T4 [Nm] 0.07 0.07
(v = 30°) Uneq. 2 pcs Toy4 [Nm] 0.07 0.07
(y = 60°) Eq. 2 pcs T4 [Nm] 0.07 0.07
(y = 60°) Eq. 4 pcs T4 [Nm] 0.07 0.07
(y = 60°) Eq. 8 pcs Thq [Nm] 0 0
(y = 60°) Uneq. 8 pcs To4 [Nm] 0 0

harmonic at smaller loads with unequal teeth widths in the case
of (y = 60°, Uneq., 8 pc), which makes this approach more
practical, because in this case other torque ripple harmonics
can be eliminated as well. The only disadvantage of using
together skewing and unequal teeth widths approaches, as
described previously, is the fact that in this case at high loads
the 6th-order harmonic is somehow higher, compared with
using unequal teeth widths alone, Fig. 10(a) and (b).

In Fig. 10(c), it can be noticed that skewing almost
eliminates the 12th-torque ripple harmonic, which is not
significantly dependent on the load level. Therefore, it can
be assumed that the 12th harmonic and other higher order
harmonics are only components of the cogging torque, which
indeed are easily eliminated by a proper skewing.

Some torque waveforms for different PMSM geometry
solutions are not shown in Fig. 9, because they are near to fully
coincide with other (shown) torque waveforms. For example,
(y = 30°, Eq., 2 pcs) at no-load has the same cogging torque
behavior as (y = 60°, Eq., 4 pcs), and (y = 60°, Uneq.,
8 pcs) does not have any practical cogging torque as well
as (y = 60°, Eq., 8 pcs). However, all the simulated torque
harmonic components for different design solutions can be
found in Table I.

It should be noted that the described 12-slot 10-pole PMSM
was analyzed with current supply. Therefore, the purely
sinusoidal current was conducting in the stator windings.
In this case, the local saturations, which causes synchronous
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Fig. 10. (a) Amplitude of 6th-torque ripple harmonic at different ratios
of the teeth widths (w;/wy) without skewing (y = 0°) as function of the
load. (b) Amplitude of 6th-torque ripple harmonic at different ratios of the
teeth widths (w] /wy) with skewing (y = 30° and 60°) as function of the load.
(c) Amplitude of 12th-torque ripple harmonic at different ratios of the teeth
widths (w] /wy) with and without skewing as function of the load, evaluated
by FEA. When the /; has negative value, the motor switches to the generator
mode but rotates in the same direction.

inductance variation, should influence the voltage waveform of
the current supply. In Fig. 11, it can be seen that the voltage
waveform of the current supply with unequal teeth widths is
less interfered by high-order harmonics compared with the
original design.

Fig. 12 shows the geometry of a 144-slot 120-pole PMSM,
which was designed for a direct drive wind generator [23].
One of the main design challenges of the PMSMs for this
type of application is the reduction of the lowest harmonic
components of the torque ripples, because otherwise it can
degrade the performance of the whole system [22]. The
stator teeth widths optimization of this electric machine was
implemented in the same way as for 12-slot 10-pole PMSM
(until the peak flux densities in the teeth have approximately
the same values), as shown in Fig. 13. The resultant torque
curves of the original PMSM (with equal teeth) and of the
optimized PMSM (with unequal teeth) are shown in Fig. 14.
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Fig. 11. (a) Voltage at the terminals of the phase current supply of the
original machine (with equal teeth widths) and of the redesigned machine
(with unequal teeth widths). (b) Spectrum analysis of the voltages.
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Fig. 12.  Stator geometry optimization of 144-slot 120-pole TCW PMSM
for the torque ripple reduction at the nominal load. (a) Principle of the stator
teeth width adjustment. (b) Resultant geometry of the TCW PMSM. wy, is
the tooth tip width, which should be kept unchanged.
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Fig. 13. Flux densities in the stator teeth of the original 144-slot 120-pole
PMSM (with equal teeth widths) and those of the redesigned PMSM (with
unequal teeth widths) at the nominal load.

In Fig. 14, it can be observed that the 6th-harmonic order of
the torque ripple was significantly reduced compared with the
torque curve of the original PMSM. However, as it is noted
previously, at lower load conditions the 6th-harmonic order
of the torque ripple increases, whereas in the original design
it reduces at lower torque. Therefore, the stator teeth widths
should be selected according to the predicted load.
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Fig. 14. (a) Torque curves of the original 144-slot 120-pole PMSM (with

equal teeth widths) and of the redesigned PMSM (with unequal teeth widths)
at the nominal load. (b) Torque ripples harmonic spectrum. In both cases, the
voltage supply is used with the similar amplitude.
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Fig. 15. Stator geometry optimization of a 18-slot 16-pole TCW PMSM for
torque ripple reduction at the nominal load. (a) Principle of the stator teeth
width adjustment. (b) Resultant geometry of the TCW PMSM.

During the analysis of the original and redesigned wind gen-
erators the voltage sources were used. However, the saturation
in the stator teeth varies at different teeth widths, which leads
to the synchronous inductance variation and consequently
to the load angle change for the same working point. For
example, to keep the same torque as of the original PMSM,
the load angle ¢ of the redesigned wind generator was reduced
from 52 to 50 electrical degrees. It means that the generator
with unequal stator teeth has ~3% higher overload capability
than the original design.

It should be noted that the described optimization method
should suit not only for TCW PMSMs with ¢ = 0.4 and
rotor surface permanent magnets, but also for PMSMs with
other numbers of slots per pole and phase as well as with
rotor embedded magnets. As an example, a TCW PMSM
with 18-slot 16-pole was analyzed [24]. Fig. 15 shows the
geometry of this TCW PMSM. The major difference between
this electric machine (¢ = 0.375) and the above described
PMSMs (¢ = 0.4) is the fact that there are three adjacent
stator teeth with different peak flux densities at the nominal
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Fig. 16. Flux densities in three adjacent stator teeth of the original 18-slot
16-pole PMSM (with equal teeth widths) at the nominal load.
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Fig. 17. Flux densities in the three adjacent stator teeth of the redesigned
18-slot 16-pole PMSM (with unequal teeth widths) at the nominal load.
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Fig. 18. (a) Torque curves of the original 18-slot 16-pole PMSM (with equal

teeth widths) and of the redesigned PMSM (with unequal teeth widths) at the
nominal load. (b) Torque ripples harmonic spectrum.

load, as shown in Fig. 16. To reduce the torque ripple, the
stator teeth widths were adjusted accordingly to the above
described procedure, and the resultant flux densities at the
nominal load are shown in Fig. 17. The torque curves of
the original PMSM and of the optimized one are shown in
Fig. 18. One significant drawback, when three teeth widths
are adjusted, is the fact that the stator slots have different
widths (areas), and other approaches are needed to make the
slot areas equal (e.g., alternate the stator yoke widths in each
slot).

In Fig. 18, it is seen that the 6th-harmonic order of the
torque ripple was reduced, but not so significantly as in
the previous electric machines (with rotor surface
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permanent magnets). It can be explained by the presence of
the rotor steel near to the air gap, which can also have a
strong local saturation.

IV. CONCLUSION

The reasons of local saturation in the stator side of
TCW PMSMs are described. It is shown that these saturations,
which cause asymmetrical permeability variations in the
magnetic circuit, can produce some high-order harmonics in
the PMSM torque.

Possible design solutions are suggested and verified by FEA,
for the elimination of these effects and for reducing the torque
ripple.

It was found that in TCW PMSMs, the 6th-torque ripple
harmonic is partially produced by non-symmetrical peak flux
density distributions in the stator teeth, due to interaction of the
permanent magnet flux with armature flux. The 6th harmonic
can be eliminated by teeth widths adjustment, whereas conven-
tional skewing technique is not appropriate for the reduction
of this harmonic. However, skewing is still favorable for the
elimination of cogging torque in TCW PMSMs. The main
disadvantage of the method with unequal stator teeth is that it
gives the desirable results for only one working point, whereas
for other loads the 6th-torque ripple harmonic increases.

The described methods can be used by designers, which
should be aware of these local saturations in TCW PMSMs,
especially when low-torque ripple is one of the design
targets.
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Abstract—Analytical calculation methods for all the major com-
ponents of the synchronous inductance of tooth-coil permanent-
magnet synchronous machines are reevaluated in this paper.
The inductance estimation is different in the tooth-coil machine
compared with the one in the traditional rotating field winding
machine. The accuracy of the analytical torque calculation highly
d ds on the esti synchronous inductance. Despite pow-
erful finite element method (FEM) tools, an accurate and fast
analytical method is required at an early design stage to find an
initial machine design structure with the desired performance. The
results of the analytical inductance calculation are verified and
assessed in terms of accuracy with the FEM simulation results and
with the prototype measurement results.

Index Terms—Fractional slot winding, inductance calculation,
leakage inductance, per t t synchronous machine

(PMSM), tooth coil.

I. INTRODUCTION

RACTIONAL-SLOT concentrated nonoverlapping wind-

ing permanent-magnet synchronous machines (PMSMs)
have become very popular over the last two decades [1]. They
are nowadays used, for instance, in electrical hybrid vehicles
and in ships as propulsion motors, in industry as low-speed
direct-drive machines, and in wind energy applications as
generators.

The term “fractional-slot nonoverlapping concentrated wind-
ing” is very long. Therefore, several shorter descriptions have
been used in the literature, such as “concentrated winding”
[2], [3], “nonoverlapping winding,” [4], [5] or, most popularly,
“fractional-slot winding” [1], [6]. All these condensed terms
leave room for uncertainty in the description of fractional-
slot nonoverlapping concentrated-winding permanent magnet
machines with the number of slots per pole and phase ¢ < 0.5.

The most popular definition “fractional-slot winding” leads
to a confusion as the winding may be a fractional-slot one
also with ¢ > 1 (e.g., ¢ = 2.25), which actually refers to a
short-pitched distributed-winding machine [7, p. 105]. The term
“concentrated winding” refers to a salient pole winding with
one slot per pole (IEC 60050-411-37-18) and can be also
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easily mixed up with a distributed “concentric” winding (as an
alternative to a diamond winding [7, p. 54]). The most felicitous
definition “nonoverlapping winding” can also refer to a dis-
tributed integral-slot concentric winding with nonoverlapping
coil ends of a single phase [7, p. 53].

In order to avoid such a confusion, the authors have adopted
the term “tooth-coil (TC) winding” from [8] and [9] to refer to
multiphase machines with fractional-slot concentrated nonover-
lapping windings with the number of slots per pole and phase
q < 0.5. This definition is very descriptive as the key feature
of these machines is the very compact armature winding that
comprises coils around each tooth or every second tooth.

The performance of a PMSM is strongly dependent on the
synchronous inductance L, as can be seen from the equation
of the maximum (pull-out) torque 7},,x of a nonsalient pole
machine, i.e.,

T = pmEpyUpn
w2,

(e))

where p is the number of pole pairs, m is the number of phases,
Epy is the back electromotive force, Upy, is the phase voltage,
and w is the electrical angular speed.

An analytical inductance model is required to construct an
initial design, which can later on be enhanced and refined by
finite element method (FEM) modeling in order to tailor the
desired performance for a particular application.

The synchronous inductance Ls of a nonskewed PMSM is
analytically calculated as a sum of partial inductances, i.e.,

Ly=1Ly+ Lo =Lp+ Lew+ Ly + Lis + Ly, 2)

where L, is the magnetizing inductance, L,, is the total leakage
inductance, L., is the end-winding leakage inductance, L,
is the slot leakage inductance, L is the tooth-tip leakage
inductance, and Ly, is the air-gap harmonic leakage inductance.

The air-gap harmonic leakage inductance L, and the magne-
tizing inductance L,,, together comprise the air-gap inductance
component Ls [10]. The term “harmonic” is added to the
definition of L, in order to emphasize that this inductance
component is caused by the leakage flux in the air gap produced
only by the asynchronous current linkage harmonics and does
not include the air-gap component of the leakage flux of the
tooth-tip leakage.

The term “current linkage” denoted by © is used through-
out this paper instead of magnetomotive force F. This
is in accordance with the IEC standards when referring to
the surface integral of the current density J produced by the
winding currents in the air gap. The current linkage © (and the

0278-0046 © 2014 IEEE. Personal use is permitted, but republication/redistribution requires IEEE permission.
See http://www.ieee.org/publications_standards/publications/rights/index.html for more information.
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magnetomotive force F') is measured, according to the Interna-
tional System of Units, in amperes and not in “ampere-turns”
[11]. In analytic calculations, the current linkage © is normally
calculated per pole, resulting in the amplitude exciting half of
the closed magnetic circuit and, therefore, being also half of the
magnetomotive force of the circuit.

In previous works, several models have been considered for
the calculation of the synchronous inductance; nevertheless,
these models are somewhat incomplete. In [4], the tooth-tip
leakage inductance component was omitted from the analysis.
In [12], the end-winding leakage inductance and the tooth-tip
leakage inductance components were specified using traditional
equations applied to the design of integral-slot machines. It is
shown that the equations applied in this paper improve the analy-
sis and give accurate results for the inductances of TC-PMSMs.

Many of the previous works do not distinguish Ly, and L,,, in
the air gap, but in these works, the terms “phase self-inductance”
Ly (which is equivalent to the air-gap inductance Ljs) and
“phase mutual inductance” Myv are used instead [12]. In this
paper, the synchronous inductance is derived by separating the
magnetizing inductance (torque-producing component) and the
harmonic leakage inductance in the air gap. Without such a
distinction, it is difficult to analytically compare TC-PMSMs
with various slot/pole combinations with each other as L, plays
a significant role in the behavior of the TC-PMSMs [13].

The main objective of this paper is to present a complete
analytical inductance model for the TC-PMSMs. This paper
elaborates the inductance calculation of TC-PMSMs by re-
evaluating the existing analytical approaches for all the major
components of the synchronous inductance, taking into account
the particular features of the TC-PMSM:s. Furthermore, the ra-
tionale of the selection of the particular equations is presented.
The analytical results are compared with the FEM analysis
results and the experimental measurements.

Section II introduces the analytical evaluation of all the main
inductance components of the synchronous inductance for a
TC-PMSM. An equation for the magnetizing inductance L,
is derived. Furthermore, a mutual coupling factor between the
phases m,. is determined, as a low value of the mutual coupling
factor is important, for instance, in the design of fault-tolerant
drives. Moreover, analytical equations for all the leakage com-
ponents are listed. Then, a table to enable a comparison of
TC-PMSM:s with difterent slot/pole combinations is given.

Section III investigates the role of synchronous inductance in
the torque production of a TC-PMSM. Methods to increase the
torque capabilities are discussed.

Section IV summarizes the experimental verification of the
proposed inductance model. Several double-layer TC-PMSMs
with 18/16, 12/10, and 24/16 (slots/poles) are given as examples.

II. INDUCTANCE CALCULATION

Here, accurate analytical equations for each component of
L are discussed.

A. Magnetizing Inductance

The main inductance of a phase of the stator winding L,
is calculated by taking the approach in [7] as follows. The
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Fig. 1. Current linkage waveforms of a 12/10 TC-PMSM produced by the

stator winding when the phase U carries its peak current. Although the mutual
inductance seems negligible, also the phases V and W contribute to the
synchronous current linkage harmonic in the TC machine resulting in a similar
magnetizing inductance as in integral-slot machines.

main stator flux linkage ¥, (the flux linkage produced by the
working harmonic of the stator single-phase current linkage)
is generated by the U-phase stator current /; and the main in-
ductance Lg, when the other phases are nonexcited. Therefore,
the single-phase main inductance can be expressed by using the
peak values of the sinusoidal flux linkage and the sinusoidal
phase current as

Lsp= = 3)

The synchronous component of the air-gap flux density By,
is sinusoidally distributed along the air gap. The peak value of
the flux linkage W}, can, therefore, be expressed as

. 2 R
Uy, = kWPNS; 7—pl'Bsp “4)

where 7, is the pole pitch, I’ is the effective stator core length
[14], [15], Ny is the number of phase turns in series, &y, is the
winding factor of the synchronous (operating) current linkage
harmonic, the factor 2/ is the arithmetic per unit (p.u.) average
value of a sinusoidal half-wave, and B’Sp is the peak value of the
sinusoidal flux density in the air gap.

The synchronous component of the air-gap flux density By,
produced by the stator current linkage O, (see Fig. 1) is

5 ésp _ ko 4q 2Q 7
le) = Ho 5()f - 6cf - kaIs (5)

where 1 is the permeability of vacuum (4 -7 - 1077 V- s/(A -
m)), der is the effective air gap met by the stator synchronous
current linkage component, ¢ is the number of stator slots per
pole and phase, z( is the number of stator conductors in a slot,
the factor ¢ = 1 is for single-layer windings, and the factor ¢ =
2 is for double-layer windings. In the following, only double-
layer windings are considered for simplicity. For double-layer
windings, (5) can be rewritten as
; Ko 4g m

sp T ¢ A w sts
P Jof T st P ®
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where m is the number of phases, and Q) is the number of stator
slots.
Combining (3), (4), and (6), the phase inductance can be
found, i.e.,
2 ko 4£ m

Ly = 27l
» 7er Jef ™ Qs

(kwpNs)?. (@)

The effective air gap d.¢ takes into account the magnetic
voltage drops in the air gap (increased by the Carter factor
[16]), in the stator teeth, in the permanent magnets, and in the
rotor and stator yokes. The iron saturation effect should be also
included here.

The magnetizing inductance L,, of an integral-slot rotating
field winding is determined by multiplying (7) by a factor m /2
[7] that is due to the mutual inductance between the phases
as the resultant current linkage wave is produced by all the m
phases of the machine together, i.e.,

m /Bo 4g (m 2
L= Lo =nl'5" ok (ko) - ®

Fig. 1 shows how the synchronous harmonic magnitude
increases by a factor of m/2 also in a TC machine when
the effects of all the three phases are taken into account.
This happens although the real mutual coupling is low or al-
most nonexistent. Therefore, the magnetizing inductance of TC
machines is calculated analogously to integral-slot machines,
although the mutual inductance between the phases can be zero
as in the case with the 12/10 machine.

B. Mutual Inductance Between Phases

The mutual inductance in TC machines behaves in a signif-
icantly more complicated way than in machines with integral-
slot windings. For example, in a three-phase 12/10 machine,
there is no V- or W-phase current linkage that could produce
additional magnetic fluxes through the first phase winding (U).
Fig. 1 illustrates how there are no sectors along the stator
bore where the current linkages of different phases should
interact. This justifies the use of a 12/10 machine as a fault-
tolerant machine with magnetically decoupled phases and even
provides an opportunity to build modular segmented stators
with physically separate phase coil sections. Other machines
having sectors of even numbers of adjacent coils of the same
phase can be also built as modular machines, for instance, 12/14
or 24/20.

There are also other TC-PMSM topologies where the in-
teraction between the current linkages of different phases is
more complex. For example, an 18/16 machine has the current
linkage waveforms of two phases, as illustrated in Fig. 2. In
some sectors, the fluxes of different phases are summed up, but
in other sectors, the fluxes weaken each other. Therefore, the
mutual coupling factor m, should be calculated as [10]

27
OuOvd
TN Rate
me = 7 (O]
Y [ eubyda
0
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Fig. 2. Current linkage waveforms of two phases of an 18/16 TC-PMSM.

TABLE 1
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For integral-slot three-phase machines with essentially sinu-
soidal air-gap flux density, this factor is m. = —0.5 [10]. For
an 18/16 machine, the mutual coupling coefficient is m. =
—0.0385. A 12/10 machine has m,. = 0. Calculated mutual
coupling coefficients m, for different slot/pole combinations
of TC-PMSMs are shown in Table I. A low value of m,
indicates a low magnetic coupling between the phases, which
is beneficial from a machine’s fault tolerance point of view.
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If a fault occurs in one phase of a machine with m. = 0, the
magnetic flux densities in magnetic circuits of other phases will
not be considerably influenced.

Although the mutual coupling m, can be zero, it does not in-
fluence the equation of the magnetizing inductance (8). All the
three phases contribute together to the magnetizing inductance
(as shown in Fig. 1) even without air-gap interaction with each
other, which is a distinctive feature of TC-PMSMs.

Table I only takes into account the mutual coupling m.
caused by the air-gap flux. Nevertheless, there are other mag-
netic couplings between the phases, namely, a coupling caused
by the slot leakage flux and a coupling that is due to the end-
winding leakage flux. The mutual coupling by the end-winding
leakage flux is relatively weak in the TC-PMSMs as the end
windings are compact, and different phases are usually coupled
only through the air. The slot leakage mutual coupling, how-
ever, is strong when the coil sides of different phases are located
in the same slot. This coupling is much more important and can
make up to 50% of the total phase slot leakage inductance [12],
[17] depending on the geometry and the winding layout.

C. Air-Gap Harmonic Leakage Inductance

Owing to the discrete nature of the TC windings, the current
linkage generated by such a winding produces a very nonsinu-
soidal current linkage waveform in the air gap. This waveform
contains a large proportion of current linkage harmonics, which
produce harmonic magnetic fluxes [13]. These fluxes do not
participate in the production of useful torque yet increase the
armature reaction in the windings and thereby contribute to
the leakage inductance. Additional eddy-current losses in the
rotor are also generated [18]. The air-gap harmonic leakage
inductance L, can be defined as

Ly =0s5Ly, 10)

where o is the harmonic air-gap leakage factor [8], [13], i.e.,

v=-00 i 2
o5 = p-
; ( v - kWp)

v#p

an

where k. is the winding factor of the vth spatial harmonic
[13], [19]. The term v = p represents the synchronous har-
monic and, thus, the magnetizing inductance L,,, component.

In TC machines, the highly distorted air-gap flux density
strongly contributes to the air-gap harmonic leakage induc-
tance. Possible subharmonic flux barriers in the stator and
rotor, the slot openings, and the air-gap height can alter the
spectrum of the air-gap flux density waveform and, thus, also
the harmonic air-gap leakage factor, thereby influencing the
rotor losses and torque [20]-[22].

Table I shows the calculated air-gap harmonic leakage factors
o, for different slot/pole combinations of TC-PMSMs. In addi-
tion, for these combinations, the numbers of slots per pole and
phase ¢, the winding factors of synchronous harmonics k.,
and the mutual coupling coefficients m, are given.

As the magnetizing inductance L,, is a result of the current
linkages of all the three phases, in a three-phase system, all
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Fig. 3. Air-gap harmonic leakage factors o for integer-slot and TC winding
machines versus the coil span W over the pole pitch 73, (for TC windings, W
is equal to slot pitch 7).

third-order harmonics are excluded from the computation. In
[13], the air-gap harmonic leakage coefficients o5 were erro-
neously calculated for single-phase current linkage waveforms
taking into account the third-order harmonics. In Table I, this
mistake is corrected.

Table I enables the comparison of different TC-PMSMs.
Combinations with higher air-gap harmonic leakage factors
o5 have higher leakage inductances and, usually, also larger
field weakening regions, but lower maximum torque at nominal
speed (assuming that they have the same voltage limit).

A higher air-gap harmonic leakage factor may also indicate
a higher amount of rotor losses resulting from asynchronous
current linkage harmonics. Combinations with a very high o5
are not feasible at all, as their torque production is considerably
limited by very high leakage inductances.

Fig. 3 shows that the trend specific for integral-slot machines
[23]—machines with lower g have higher air-gap harmonic
leakage factors os—is also valid for TC-PMSMs. However,
in TC-PMSMs, the air-gap harmonic leakage factors o are
significantly higher.

D. End-Winding Leakage Inductance

The end-winding leakage flux generally flows around the
end-winding conductors through air. It can also flow through
steel clamp rings, parts of the frame, or through the end
laminations of the stator. Fig. 4 shows possible flux paths of
the end-winding leakage.

The end-winding leakage inductance is a 3-D phenomenon.
It requires a considerable effort to make a 3-D FEM model to
accurately evaluate this leakage component. Solid parts having
eddy currents also affect the paths of the magnetic fluxes
and, thereby, the leakage inductance. Other leakage inductance
components can be quite accurately evaluated by applying 2-D
FEM machine models.
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Fig. 4. End-winding leakage flux paths.

There are many empirical and analytical models to calculate

the end-winding leakage inductances. However, these models
give quite different results. Most of these models are developed
for integral-slot distributed windings. For example, an empir-
ical analytical model for calculating the end-winding leakage
inductance L., is described in [7], i.e.,
%MONE(IZ‘W)\CW
where ¢ is the number of slots per pole and phase, [,, is the
average length of the end winding, and Ay, is the end-winding
leakage permeance factor, i.e.,

Lew = 12)

2w An ow Aw
Aoy — e h l+ W,

(13)
where [, is the axial length of the end winding measured from
the end of the stack, ), is the empirical axial permeance factor,
Wey 18 the coil span, and A, is the empirical span permeance
factor of the end winding.

The end-winding permeance factor Ao, is usually deter-
mined relying on empirical values defined for various shapes of
distributed end windings [7], [23], [24]. However, there are no
end-winding permeance coefficients available for TC windings
in the literature.

There is, however, a simple approach that can be used
instead. In this approach, the end-winding sections of a
TC-PMSM around the tooth can be considered halves of a
solenoid. The end-winding leakage inductance of TC windings
can be calculated by using an expression for an air-cored
solenoid inductance, i.e.,

2\2 g

T (14)

Lgor = HoHenv
where h, is the height of the solenoid, S is the cross-sectional
area, and fieyy iS the relative permeability of the environment.
Therefore, if the end turns are made as half-circles (loyy =
Weyw/2), the total inductance of the end windings of a double-
layer winding can be expressed as

20\2 12
Q Qs () 7l
LCW - ﬁLSOl = ﬂoucnvis ( 2 ) =

(15)
m hy

The relative permeability fie,y of air is 1. Nevertheless,
because of the presence of iron parts in the vicinity (iron frame,
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end laminations of the stator stack), this factor can be chosen
from the range of 1.2-2 depending on the materials and the
compactness of the assembly of the machine end regions.

In [25], a more complex analytical empirical equation for
evaluating the end-winding inductance is developed for TC
windings. This equation takes into account the geometry of the
end windings and the material of the core. A good correlation
between the 3-D-FEM and the proposed method is found.

There is also a mutual coupling between the phases caused by
the end-winding mutual inductance. Nevertheless, this coupling
is very weak and can therefore be neglected without making a
significant error [17].

E. Slot Leakage Inductance

The current flowing inside the slot conductors produces a
flux, part of which crosses the air gap, the rest passing across the
slot from one tooth to another [see Fig. 6(a) and (b)]. The latter
part produces an inductance component L,,, which is called the
slot leakage inductance.

The slot leakage inductance is analytically calculated by

dm
Qs

where )\, is the slot leakage permeance factor [7], [23],
[24], [26].

The slot leakage permeance factor is calculated assuming
that the leakage flux passes straight from one side of the slot
to the other side crossing the center line of the slot in the
orthogonal direction. The parameter )\, is calculated using the
slot dimensions in Fig. 5. The slot leakage permeance factor for
a double-layer winding and horizontally divided layers can be
calculated as [7], [10]

_ ’
,h4 h+k2(h3+hl+ hz 1b4>+h

Ly = ——poNZ'\, (16)

Au= I by by bi—by by ) 4b
a7
where the factors k1 and ko take into account the mutual
inductance when the coils of different phases are present in one
slot [17]. Without making a significant error, (17) can be also
used for vertically divided layers. The factors k; and ko are
calculated as

Tips

§ COS Y,

n=1

b — 5+ 3g

1+g 1
1 3 ky=—— g=

18
2 Nps as
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Fig. 6. Slot and tooth-tip leakage flux lines. (a) and (b) Open slot and
semiclosed slot with the slot opening by and the air gap 9, respectively.

where g is the average value of the temporal phase angle
variation 7y, between the coils in the n slots, where the coils
of one phase are located. For a 12/10 machine, g = 0.75, and
for a 9/8 machine, g = 0.83.

The slot leakage inductance is modeled assuming that the
leakage flux lines crossing the slot are straight. Nevertheless,
this is not completely true, particularly in the region close to the
air gap, where the flux lines are bent because of the proximity
of the iron parts of the rotor [27]. This fringing flux leakage
in the slot close to the air gap can be taken into account by a
tooth-tip leakage inductance model.

F. Tooth-Tip Leakage Inductance

The sum of the slot and tooth-tip leakage inductances is
increased when the slot openings are narrow and the air gap is
long. Instead, when the air gap is short and the slot openings are
wide, as in the case of PMSMs with open slots, the sum of the
slot and tooth-tip leakage inductances is decreased, as shown in
Fig. 6(a). The flux in the slot bends toward the rotor decreasing
the slot leakage.

This change in the slot leakage is taken into account by the
tooth-tip leakage inductance Ly;. In the case of large b1 /6 (open
slots), Lty can be even negative, making necessary corrections
to the slot leakage inductance calculations. Thus

4 f
é” 1oN2U ko

Ly = 19)

s

where A is the tooth-tip leakage permeance factor, and ks is a
factor that takes into account the presence of different phases in
aslot (18).

The permeance factor can be empirically calculated accord-
ing to Richter and Briiderlink [23] or Miiller et al. [24] and
Voldek [26] (see Fig. 7). The model of Miiller et al. gives better
results as it allows negative values of Ay in the case of open
slots and a short air gap. When the slot openings are narrow, A
is considerable and positive. However, when the slot openings
are wide, A becomes negative. The permeance factor can be
calculated according to [24] and [26] as

2
i [ln (6 + i) +4£ arctanb—l

Aw = o 2 by 20

(20)
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Fig. 7. Permeance factor of the tooth-tip leakage [23], [24], [26].

For surface permanent magnet (SPM) configurations, the air-
gap length 0 should include the physical air gap and the height
of the magnets divided by the relative permeability hpni/trpm
of the permanent magnet material. For an interior permanent
magnet (IPM) configuration, only the physical air gap should
be included in the tooth-tip leakage calculation.

III. MACHINE PERFORMANCE

The maximum torque at a certain speed and voltage depends
on the synchronous inductance of the machine. The per-unit
equation for the maximum torque Ty,.x Of a nonsalient pole
PMSM (1) is given in Section I. Combining (1), (2), and (10),
we obtain

pmEpmUpn

Tax = .
T W02 (L (L4 06) + Lew + Ly + Lit)

2D

To reach a large overload capability (potential maximum
torque at the rated speed and voltage) of the machine, the syn-
chronous inductance should be small. As E'py; is proportional
to L, it is not necessarily feasible to decrease the magnetizing
inductance L,, when aiming to improve the performance of a
machine according to (21). Hence, if the target is to increase
the torque production of a machine, the leakage components of
the synchronous inductance should rather be decreased. In the
following, actions to increase 7},,x are outlined.

Different TC machines have different air-gap harmonic leak-
age factors. Therefore, machine topologies with low air-gap
harmonic leakage factors should be selected. However, in some
cases, such as in traction applications, a high leakage may be
needed to obtain a long field-weakening range using a low de-
magnetizing current. Therefore, a topology with a high air-gap
leakage may be advisable. Subharmonic flux barriers should
be used to decrease the subharmonic component of the air-
gap harmonic leakage inductance Lj,. These flux barriers can
be used in the rotor construction [21] and, in some cases, also
in the stator construction [20]. Furthermore, the flux barriers
considerably decrease the core losses. The effect of flux barriers
on saliency should be also taken into account when flux barriers
are used.
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Fig. 8. Test machine geometries (not in scale). (a) 26 kW 18/16 IPM.
(b) 4.7 kW 12/10 SPM outer solid rotor. (c) 45 kW 12/10 V-shaped IPM with a
complex rotor geometry. (d) 110 kW 24/16 IPM.

End-winding leakage inductance L., can be decreased if the
coils are wound as tight as possible. Clamping rings from stain-
less steel or other nonmagnetic material should be used for the
stack assembly. The frame should be preferably nonmagnetic.

The slot leakage inductance L,, can be minimized by avoid-
ing deep slots. To achieve a high torque density, the aspect ratio
(height/width) of the slot should be as small as possible (even
closeto 1).

Considering the tooth-tip leakage inductance component L,
open slots and nonmagnetic wedges should be used. This,
however, also affects the magnetizing inductance by increasing
the equivalent air gap in the rotor SPM configuration. The
height of the air gap can be optimized by the FEM considering
its effects on the magnetizing and leakage inductances and core
losses.

IV. EXPERIMENTAL RESULTS

Several radial flux double-layer TC-PMSMs were analyti-
cally designed. Their performances were predicted based on
the estimated inductances. Then, FEM models were constructed
and simulated. After that, prototypes were built, and parameters
were measured. The measurement results were also practically
supported by the identification run results with ACS M1 con-
verters by ABB. The flux lines of the machines under the
loading conditions are depicted in Fig. 8(a)—(d).

Table II shows the analytically estimated inductances for
four different TC-PMSMs with the p.u. values in brackets. The
p.u. values of the machines are based on the rated voltages,
currents, and frequencies of the machines. For the 4.7-kW
12/10 machine, the values of slot and tooth-tip leakage in-
ductances are overestimated, as saturation of the long tooth
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TABLE 1I
CALCULATED INDUCTANCE COMPONENTS FOR FOUR TC-PMSMs

Component |26 kW 18/16]4.7 kW 12/10]45 kW 12/10[110 kW 24/16

Lew, [mH] | 0.43 (0.10) | 0.17 (0.01) | 0.34 (0.03) | 0.01 (0.01)
Ly, [mH] | 0.73 (0.18) | 4.6 (021) | 2.33(0.19) | 0.19 (0.12)
Ls, [mH] | 0.03 (0.01) | 3.8 (0.18) [-0.02 (-0.01) | -0.05 (-0.03)
Ly, [mH] | 063 (0.15) | 2.6 (0.12) | 327 (0.27) | 0.22 (0.14)
Luma, [mH]| 053 (0.13) | 2.8 (0.13) | 3.41 (0.28) | 0.44 (0.28)
Lgq, [mH] | 2.34 (0.56) | 14.0 (0.65) | 9.33 (0.76) | 0.82 (0.52)

tips is not correctly accounted during analytical calculations.
Simultaneously, the air-gap harmonic leakage inductance is
overestimated because of the machine’s solid nonlaminated
rotor construction. Such a solid rotor damps the harmonic
fluxes by the induced eddy currents. However, the con-
stant dc flux produced by the synchronous harmonic is not
dampened.

The complex geometry of the 45-kW 12/10 machine com-
plicates the analytical estimation of the effective air gap. The
presence of several magnets and multiple iron bridges and iron
webs together with the nonlinear characteristics of the iron
adds to the complexity of the analytical estimations. Such a
complex geometry essentially requires FEM modeling in order
to accurately estimate the machine parameters.

Experimental validation of the proposed analytical model is
somewhat difficult. There is a standard method of measuring
the stator leakage inductance with the rotor removed (IEC
60034-4, A39—-A40); however, this method in current reading
is applicable only for traditional distributed winding machines
with ¢ > 1 and does not accurately take into account the air-
gap harmonic and tooth-tip leakage inductances of TC-PMSMs.
It is practically very difficult to separately measure various
inductance components, and therefore, an indirect validation
method that only evaluates the total synchronous inductance
Lgq is used.

The short-circuit test gives a higher value for the synchronous
inductance when compared with the inductance in the nominal
point because the stator core is not saturated during the short
circuit. Therefore, the short-circuit tests are not feasible for the
accurate estimation of synchronous inductances, particularly
for high-torque-density machines operating deep in the satura-
tion region. The total synchronous inductance was estimated by
the FEM by performing zero-load-angle dj,,q = 0 simulations
using

Uph — Epm

Lot =
sd wl.

(22)

During the zero-load-angle simulations, the U, was de-
creased well below the Epy value or increased in order to reach
the nominal current /. The average value of the synchronous
inductance between the low and high supply voltage zero-load-
angle tests is given in Table III for each machine. The analyt-
ically estimated synchronous inductances and the inductances
measured by the M1s during the identification runs are also
quantified.
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TABLE III
SYNCHRONOUS INDUCTANCES FOR FOUR TC-PMSMs

‘26 kW 18/16[4.7 kW 12/10/145 kW 12/10(110 kW 24/16

FEM (§10ad = 0) | 2.26 mH 12.7 mH 10.7 mH 0.83 mH
Measurements (ID)| 2.33 mH 12.9 mH 11.2 mH 0.84 mH
Analytical 2.34 mH 14.0 mH 9.33 mH 0.82 mH

The error between the analytically calculated, experimental,
and FEM-modeled inductance values is about 17%. The analyt-
ical model does not take into account the excessive saturation
of the teeth heads and the cross-saturation effects, which can
be accurately taken into account only by the FEM [28], [29].
If semimagnetic slot wedges are used, the saturation at the
stator teeth heads is decreased, which can be also accurately
estimated only by the FEM. However, the analytical model is
accurate enough to be used for the performance evaluation of
TC-PMSMs at early design stages.

V. CONCLUSION

In this paper, a quantitative and comparative study has been
conducted to further develop the analytical calculation tech-
nique of different inductance components of TC machines. This
paper re-evaluates the applicability of analytical calculation
methods for the different inductance components of a TC
machine. The approaches to calculate the components of the
synchronous inductance have been discussed, and analytical
equations have been proposed and validated.

In particular, it has been shown that the performance of TC-
PMSMs is highly dependent on the leakage inductances, par-
ticularly the air-gap harmonic leakage inductance, which often
appears to be the dominating component of all the inductance
components in TC-PMSMs. Table I could be used by machine
designers at an initial design of a TC-PMSM when selecting the
winding configuration. The choice should be mainly based on
the selection of an appropriate combination of the number of
poles, the air-gap leakage factor, and the mutual inductance co-
efficient. This choice influences the operating frequency of the
machine, the rotor losses, the torque production capability, and
the field-weakening performance, as well as the short-circuit
current and fault-tolerance characteristics of the machine.

To sum up, it is concluded that accurate calculation of the
inductances is essential when the performance of a machine is
estimated at the early stages of the electrical machine design.
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Influence of Travelling Current Linkage Harmonics on Inductance
Variation, Torque Ripple and Sensorless Capability of Tooth-Coil
Permanent-Magnet Synchronous Machines

Pavel Ponomarev, Ilya Petrov, and Juha Pyrhonen

Laboratory of Electrical Drives Technology, Lappeenranta University of Technology, 53850 Lappeenranta, Finland

This paper introduces an important source of torque ripple in permanent-magnet synchronous machines with tooth-coil windings
(TC-PMSMs). It is theoretically proven that saturation and cross-saturation phenomena caused by the nonsynchronous harmonics of the
stator current linkage cause a synchronous inductance variation with a particular periodicity. This, in turn, determines the magnitude of
the torque ripple and can also deteriorate the performance of signal-injection-based rotor position estimation algorithms. An improved
dg-inductance model is proposed. It can be used in torque ripple reduction control schemes and can enhance the self-sensing capabilities

of TC-PMSMs.

Index Terms—Current linkage harmonics, high torque density, inductance model, permanent-magnet machines, saturation, sensorless

control, TC-PMSM, tooth-coil winding, torque ripple.

I. INTRODUCTION

HE dg-model, or rotor flux oriented model for rotating ac

electrical machines, was originally introduced to simplify
the analysis and control of multi-phase electric motor drives.
It significantly reduces the number of control variables. The
dg-model is the enabling technique for controlled ac machine
drives and the most important concept to understanding how
field-oriented control works.

After the transformation of 3-phase quantities to the dg-quan-
tities the voltages are defined by a two-component vector Uq,,
instead of a 3-component vector Upyvw. The vector model of
a PMSM in the rotor-flux-oriented frame (d¢g-coordinates) con-
sists of

Uy = Raig + ‘1:11? — Wl 0
Uq = Ryiq + d:i“ +wly )
T, = gp(‘lld’i,q — Uiq) 3)
Wy = Lyiqg + Vpn “4)
T, = Lyiq 5)

where U4 and U, are the d- and g-axis components of the stator
voltage, ¥4 and W, are the d- and ¢-axis components of the
airgap flux linkage, 7. is the electromagnetic torque, iq and i,
are the d- and g-axis components of the stator current and Wpyg
is the permanent-magnet flux linkage.

The dg-model is widely used in electrical drives. The vector
control and field-oriented control techniques take their origins
from the dg-model of the machine.
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There are several assumptions under which the dg-transfor-
mation is valid:

« materials have linear characteristics (no saturation);

« windings are assumed to create sinusoidal waveforms for
flux densities, flux linkages, and back-EMFs, being sup-
plied with sinusoidal currents.

Such assumptions are quite well valid for three-phase inte-
gral slot winding machines, however, tooth-coil windings pro-
duce significant amounts of current linkage harmonics, which
rotate asynchronously with the rotor and may locally saturate
iron core.

The analysis of a tooth-coil permanent-magnet synchronous
machine (TC-PMSM) can be based on a fact that the opera-
tion of the machine takes place not at the fundamental current
linkage harmonic, but at a higher order harmonic. In case of
a 9/8 machine (base machine for 18/16) the operating (syn-
chronous) harmonic is the 4th one. Correspondingly, ina 12/10-
machine the operating harmonic is the 5th harmonic. The fre-
quencies and the pole pitches of these synchronous harmonics
correspond to the frequencies and pole pitches of the rotor-cre-
ated travelling flux linkage waveforms.

Fig. 1 shows the current linkage harmonics of a 9/8 double
layer TC-PMSM-the base machine for the 18/16 TC-PMSM
[1]. The spectrum includes the magnitude of the main working
harmonic, which is the 4th, and the magnitudes of other cur-
rent linkage travelling harmonics in the air gap. The relative
strengths of the first and the second harmonics—the sub-har-
monics rotating faster than the operating harmonic—are high
enough to cause adverse effects in the machine [2].

The waves of the current linkage harmonics spectrum for a
9/8 TC-PMSM at a time instant when iy = 1 A, iy = —0.5 A
and iww = —0.5 A are illustrated in Fig. 2. During sinusoidal
current supply these current linkage harmonics have the same
angular speed as the main working harmonic. However, because
of the fact that their pole pitches are different, the rotation speed
along the stator bore of the harmonic with the lowest order is
the fastest (e.g., if the 4th harmonic has travelled once around
the circumference, the 1st has rotated four times around the cir-
cumference). The sub-harmonics have the widest pole pitches

0018-9464 © 2013 IEEE
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Fig. 2. Travelling current linkage harmonic waves in the air gap of a 9/8 ma-
chine. i = 1 A, #v = —0.5 A and iww = —0.5 A. Tooth numbers are shown
above the waveforms.

and, therefore, tend to penetrate deep in the rotor. Having high
speed on the rotor surface the sub-harmonics easily cause a lot
of losses in conducting parts of the rotor. Therefore, as it was
also proven in [3], the current linkage sub-harmonics are the
main cause of the losses in the rotor and the permanent magnets.
However, the main objective of this article is not the estimation
of the losses due to asynchronous harmonics, but the analysis
of the influence of these harmonics on the synchronous induc-
tance and, consequently, on the electromagnetic torque quality
(smoothness).

The synchronous harmonic order ofa 9/8 TC-PMSMis v = 4
and harmonic travels to the positive direction with the rotor.
The 1st harmonic and the 7th also travel to the positive direc-
tion, whereas, the 2nd and 5th harmonics travel to the opposite
direction.

In this paper it is shown that saturation and cross-saturation
should be included in the dg-model of TC-PMSMs, especially
for high-torque-density TC-PMSMs, in order to model their be-
haviour completely. It is also indicated that the saturation due
to the asynchronously-rotating low-order current linkage har-
monics produces a considerable torque ripple (5% at the nom-
inal point of the analysed TC-PMSM).

Section II describes saturation and cross-saturation effects
in TC-PMSMs. Section III discusses the influence of satu-
ration and cross-saturation on the use of the high-frequency
signal-injection methods in sensorless (or self-sensing) control.
Section IV explains that the classical inductance model is not

IEEE TRANSACTIONS ON MAGNETICS, VOL. 50, NO. 1, JANUARY 2014

Fig. 4. The modelled 9/8 base machine of the 18/16 machine with flux lines at
full loading conditions (i = —30 A, i, = 120 A). FEM modeling, Rotangle
@ = 0. None of the phase magnetic axes are ideally aligned with the magnetic
axes of the rotor. Even though there is the fundamental present in the flux it is
so weak that it cannot been observed in the plot. Teeth are numbered.

reliable enough when applied to TC-PMSMs; the variation of
the synchronous inductance with the rotor position should be
also considered for this type of machine. Section V explains
that the inductance variation is the main cause for the torque
ripple in TC-PMSMs. Finally, Section VI shows approaches to
take into account this inductance variation during the design of
a TC-PMSM and using an improved dg-model.

Examples and FEM modeling are given for an 18/16
TC-IPMSM which was reported in earlier publications [1], [4].
The outlines of this machine are shown in Figs. 3 and 4.

II. ROLE OF SATURATION AND CROSS SATURATION

In real machines the electrical steel lamination is subjected to
saturation. Therefore, the first assumption in the dg-model is not
fulfilled. Usage of such electrical steel imposes the non-linear
dependency of magnetic flux linkage on the armature current.
It means that the synchronous inductances along the d- and
g-axes are not constants and depend on the magnetic state of
the machine [5]. Usually, this effect is ignored and vector con-
trol of electric motor drives is implemented with the assump-
tion that the dg-synchronous inductances are constants. How-
ever, in cases where variable speeds and torques are required
(e.g., in traction applications), saturation can have a dramatic
effect on the torque ripple at low speeds, or in the field-weak-
ening region [6].
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Fig. 5. Inductance variations due to the saturation effect. FEM modeling. Si-
nusoidal current supply.

A. Saturation

The d-axis current 74 influences the saturation along the
d-axis flux path which, in turn, changes the d-axis synchronous
inductance L4 of the machine. The same is valid also for g-axis
current 4, and the g-axis inductance Lq. Also cross-saturation
is present.

When dealing with the non-linear saturation effect the ma-
chine model should use differential (incremental) inductances
which better represent the local changes of the flux linkages
0¥ 4 depending on the current changes diq,q [7]. The differ-
ential inductances can be derived according to

Lo IVaqliag) | AVaqliag)
. g q Aigq

6)

Fig. 5 shows the Lq and L, inductances behavior due to the
saturation effect. The plots are obtained by linearization of dif-
ferential inductances with discretization on a grid of the peak
phase current with a step of Aig = 15 A.

These direct and quadrature inductance values Lq(iq) and
Lq(iq) can be embedded into the machine model and, therefore,
the saturation effect can be taken into account. In this case the
model equations (4) and (5) look as follows:

Wy = La(ia)ia + Ypm(ia. iq) ™
‘I/q = Lq(iq)i(r (8)

It should be noted that the Wpy; is also dependent on the
level of saturation and is a function of the current. However,
the influence of saturation on PM flux linkage and back-EMF
is not the main scope of this study. This influence is very com-
plex and strongly depends on the operating point. Separate study
should cover the influence of saturation and cross-saturation on
the back-EMF and torque production in order to build an accu-
rate model according to (7). In this paper the back-EMF (and
Wpyp) variation is not studied. Only the inductance variation is
under the scope.

Modern controllers of PMSMs can have dg-inductances
stored in look-up tables in the memory [7].

B. Cross-Saturation

As shown in [5] in PMSMs the individual axis analysis is not
sufficient for accurate modeling. There is also a cross-satura-
tion effect [8] when dg-axes inductances depend on both current
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Fig. 6. Direct-axis synchronous differential inductance Lq (top) and quadra-
ture-axis synchronous differential inductance L., (bottom) maps taking satura-
tion and cross-saturation effects into account. FEM modeling. Rotor position is
the same as shown in Fig. 4. Inductance maps are not symmetrical relatively
d-axis. Length of a current vector in ¢4, ¢, -plane corresponds to the peak phase
sinusoidal current.

components 4 and %, simultaneously. It happens because, e.g.,
the ¢-axis current can saturate direct magnetic axis and d-axis
current can influence the magnetic state of the ¢-axis. There-
fore, the cross-saturation effect should be taken into account by
calculating the dg-inductances as functions of two variables ac-
cording to

OV qlid,g, dqa) ~ AWy (id,q, iq.d)

Lyg= 9
. 014 Adgq ©

Fig. 6 shows inductance maps (plots from functions of two
variables) obtained by (9) where fluxes and currents are sim-
ulated using FEM. Values are obtained by linearization of the
differential inductances at operating points with the step size
Aig,q = 15 A of peak phase current.

It can be noticed that the g-axis synchronous inductance L
saturates fast with increasing g-axis current. This is a result of
the thin iron webs between the magnets in the rotor construction
as it can be seen in Fig. 4.

With 3-D look-up tables of Lq{i4,%q) and Lq(iq,q) stored
in the memory of the motor drive controller, the saturation and
cross-saturation effects can be taken into account, and optimal
control trajectories (e.g., maximum torque per ampere (MTPA)
or maximum efficiency control) can be calculated [9], [10]. The
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Fig. 8. Forbidden region 0.9 < L./La < 1.1 (white) for sensorless control
using high-frequency signal injection. Low-speed sensorless operation is for-
bidden here. FEM modeling.

behavior of a PMSM can be precisely predicted [5]. Flux equa-
tions (4) and (5) take a form of

(10)
an
The permanent-magnet flux linkage ¥py can be also influ-

enced by the cross-saturation, hence, it is a function of the cur-
rents ¢q and .

Uy = La(ia,iq)ia + Ypm(ia, iq)
U = Ly (igs ia)iq-

II1. SENSORLESS CAPABILITY

The saturation effect should be carefully considered in case of
sensorless (or self-sensing) control. Many sensorless signal-in-
jection control schemes rely on the inductance ratio ¢ = L/ Lq
which should considerably differ from 1 at the whole region of
operation [11]. But, as can be seen in Figs. 7 and 8, at certain
values of d- and g-currents the inductance ratio becomes very
close to 1 (values of d- and g-inductances become very close to
each other).

Fig. 7 shows the intersection of the direct and quadrature
axis inductance surfaces. At the line of intersection the inver-
sion occurs. At the inversion point the L4 axis inductance be-
comes higher than the L inductance because of the saturation
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effects. At this point the sensorless signal-injection control may
fail due to the loss of observability. Therefore, in the region of
inversion a low-speed sensorless operation of the drive should
be forbidden, as in this region only back-EMF-tracking-based
sensorless schemes will work. But EMF-based methods of sen-
sorless control fail at zero and low speeds [12]. Therefore, if a
low- or zero-speed sensorless control is required, the inversion
region should be forbidden in the machine design or operation.

In order to ensure for the described TC-PMSM that the in-
ductance ratio is higher than one within the whole range of in-
tended sensorless operation, the L, axis inductance should be
high enough [13]. Therefore, the thickness of the iron web be-
tween the poles should be increased [14] in order to make the
saliency inversion occur at higher values of the g-axis current
well above the intended operation region.

As it is seen in Figs. 7 and 8 the saliency inversion hap-
pens when the ¢-axis component of the stator current is close
to its nominal value. This is the point at which the PMSM ob-
tains its nominal torque. Therefore, if an electric machine has a
similar inductance maps as illustrated in Fig. 7, and if sensor-
less field-oriented control is implemented, then, the maximum
torque should be reduced to the point where reverse saliency is
apparent [15], even if there is still a current reserve from the
thermal capability point of view. Alternatively, the low-speed
sensorless operation should be forbidden, and back-EMF-based
sensorless technique should be used in that region.

Measurement noise, distortion of injected signals, man-
ufacturing unidealities, and dependence of PM flux—and
consequently the saturation—from the thermal conditions
require widening of the forbidden region in order to ensure the
minimum ratio of detectable saliency [11]. Fig. 8 shows the
forbidden region for sensorless control using high-frequency
signal-injection with 10% safety limit (0.9 < ¢ < 1.1).

IV. LOCAL SATURATION

In many papers during the last decade it was reported that the
dg-model developed for PMSMs with integral-slot distributed
windings is not reliable enough for TC-PMSMs. Experiments
show that the output of the classical dg-model of PMSMs ap-
plied to TC-PMSMs differs from measurements [16], especially,
in FW region of operation and at high loadings.

It is observed that, because of the TC-windings, the satu-
ration of TC-PMSMs is position- and time-dependent under
the influence of current linkage sub-harmonics. In [17] it is re-
ported that inductances of TC-PMSMs vary with the rotor posi-
tion. This inductance variation is caused mainly by local satura-
tion effects due to the asynchronous harmonic magnetic fluxes.
For TC-SPMSMs the effect of harmonic fluxes is limited by
a high effective air gap length. Whereas, in TC-IPMSMs the
saturation produced by the harmonic fluxes can be noticeable.
Iron saturation is the fundamental cause for the torque ripple in
TC-PMSMs [18].

In Fig. 6 it can be seen that the inductance maps are not
symmetrical with the positive and negative values of quadra-
ture-axis current in both Ly and L as the case usually is for
low-torque-density machines with ¢ > 1 [5]. Usually, induc-
tance maps are obtained with FEM when the direct or quadra-
ture rotor axis is aligned with the geometrical magnetic axis of
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a phase. Maps in Fig. 6 were obtained when the rotor position
was not aligned with the geometrical magnetic axis of a stator
phase as it is shown in Fig. 4.

Fig. 9 shows the variations of the d- and ¢-axes inductances
at different rotor positions atiq = —30 A and iq = 120 A. The
d-axis inductance varies almost sinusoidally with the magnitude
L, = 0.07 mH.

This inductance variation induces an alternating voltage Uqr,
in the windings. The value of this induced voltage can be esti-
mated by

. dLy

. dL, sin(kwt)
Uq, = by
dL tq 47

= —
4 dt

(12)

The RMS value of this varying voltage at working point when
iqg = —30 Aand iy = 120 A is

L. ().07_mH6 27200 Hz = 11.2 V
V2 V2
(13)

which is higher than the resistive voltage drop of this machine
R.i; = 7 V. Therefore, for the precise control, this inductance
variation should be taken into account.

The inductance varies because of the local temporal satura-
tion caused by interaction of the travelling current linkage har-
monics with the magnetic flux waveform of the rotor. At an in-
stant depicted in Fig. 2, when maximum current is flowing in the
phase U, the 4th and the 5th harmonics contribute the most to the
current linkage under teeth 2—4 (phase U). This current linkage
induces the magnetic flux which, together with the magnetic flux
of the PMs, locally saturates the iron core in and below the teeth
2-4. This saturation decreases the inductance in the phase U and
contributes to inductance variation along the dg-axes. Such a
situation repeats 6 times during one electrical period for three
phases and positive and negative peaks of the phase currents.

Uy =iq—=k2r [ =30 A
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Fig. 10. Direct differential inductance L4 variation spectrum (top) and quadra-
ture differential inductance L., variation spectrum (bottom) at operating point
captured during one electrical period. FEM modeling. The peak-to-peak induc-
tance ripple is 7%.

That is the 6th harmonic is produced in the spectra of the in-
ductance variation waveforms during one electrical period (see
Fig. 10).

As it can be noticed in Fig. 10, the 6th harmonic pulses are
the dominating pulses in the inductance variations. Therefore,
the inductance variation pulses are caused by the saturation due
to the travelling harmonics in the gap.

From the spectra of the inductance variations the 12th and
18th harmonics are also noticeable in the d- and ¢-axes induc-
tances. These variations are due to the interaction of the syn-
chronous flux wave of the rotor and the 2nd and the 5th current
linkage harmonics travelling to the opposite direction

k= 2(vgm —
k= 2(Vsyn —

(—i2)) =204 - (-2)) =12
(mvs) =24-(-3) =18

(14)
(15)

where factor 2 is due to the fact that saturation can be produced
by the intersection of the positive half-waves of the synchronous
and the first current linkage harmonics as well as by the inter-
section of the negative half-waves.

The slotting effect also causes variation of the d- and
g-axes inductances. The slotting introduces intrinsic magnetic
anisotropy of the stator bore which results in cogging torque
produced by reluctance forces due to anisotropy (see Fig. 14).
The harmonic ordinal of this variation k., during one electrical
period can be determined according to [19]

lem(Qy, 2p)
p

Feog = (16)
where lcm is the least common multiplier, ¢}, is the number of
stator slots, and p is the number of pole pairs. For 18/16 machine
keog = 18. Therefore, the 18th harmonic in the d- and g-axes
inductances of the 18/16 machine is caused both—by local tem-
poral harmonic saturation, and by stator anisotropy.
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Fig. 11 shows a set of direct and quadrature differential in-
ductance maps obtained at different rotor positions. These in-
ductance variations are not included in the classical d¢-model
of PMSM. Therefore, a TC-PMSM can not be precisely repre-
sented by an inductance map obtained at a single rotor position.

Fig. 12 shows the magnitude of inductance variation in per-
cents of La(éy.%q) and the amplitude of L 4(iq,%a). It can be
noticed that at low currents the inductance almost has no vari-
ation, but at higher currents the magnitude of inductance varia-
tion increases significantly. This inductance variation should be
considered when choosing the forbidden region for sensorless
HF signal injection (see Fig. 8). Higher safety limit should be
chosen.

Fig. 13 shows the magnitude of the inductance variation in
percents of L(iq, ia). The L, inductance variation along iq =
0 A is very low, and, therefore, can be neglected for this partic-
ular machine shown in Fig. 4, which has thin iron webs. With
MTPA control, which trajectory is usually close to the iq = 0
with moderate negative d-axis current component, the g-axis in-
ductance can also be assumed as constant along the stator bore.
However, the d-axis inductance variation can not be neglected
for this particular TC-PMSM.

V. TORQUE QUALITY

Torque quality can be assessed by cogging torque and torque
ripple. The cogging torque is the pulsating torque due to the
permanent-magnet flux and angular magnetic anisotropy of the
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stator. The ripple torque is due to interaction of the stator cur-
rent linkage and the rotor electromagnetic properties (saliency,
saturation and PM flux linkage).

Fig. 14 shows the cogging torque of the 18/16 machine during
one electrical period. The harmonic decomposition of the cog-
ging torque is also shown. The 18th slotting harmonic is clearly
seen. The magnitude of the cogging for this TC-IPMSM is neg-
ligibly small.

The cogging torque can be decreased by diminishing the
stator magnetic anisotropy—by skewing, decreasing the slot
openings, using IPM rotor, increasing the air gap or by using
semi-magnetic wedges. The cogging torque can be ultimately
eliminated if slotless windings (air gap windings) are used.
However, the last measure is only theoretical for industrial
high-torque machines as it significantly lowers the air gap flux
density and, therefore, decreases the torque density.

Fig. 15 shows the torque profile of the loaded 18/16
TC-IPMSM during one electrical period at operating point
when ¢4 = —30 A and i, = 120 A. The torque harmonic
content is also shown.

The magnitude of £ = 12 torque harmonic is very small as
the » = —2 current linkage harmonic has relatively small mag-
nitude. The magnitude of & = 18 torque harmonics is also low
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—30 Aand i, = 120 A,

because of the low contribution of the cogging and local satu-
ration. The pole-pitch of the corresponding current linkage har-
monic ¥ = —3 is short and the saturation is not so apparently
localized. The dependence of the torque from the dg-axes in-
ductances can be seen from equations (3)—(5).

At higher currents the sub-harmonic saturation is deeper and
the torque ripple magnitude will also be higher. At low currents,
when the machine is operated at linear magnetic region, only
the cogging torque frequencies can be observed in the torque
waveform due to the absence of saturation.

VI. IMPROVED dg-MODEL FOR TC-PMSMS

One possible way to avoid problems with inductance varia-
tion along the stator bore due to the harmonics is to design a ma-
chine which will not be vulnerable to saturation. It means that
the operating point of the machine should be placed well below
the point where saturation starts—meaning in practice thicker
teeth and yokes and lower values of the flux density in the ma-
chine. This, however, decreases the torque and power densi-
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Fig. 16. Averaged inductance maps along with transparent inductance maps at
different rotor positions.

ties of the machine, which is not desirable, especially, in mo-
bile applications, such as hybrid electric vehicles or aviation. In
these applications high-torque-density electrical machines are
required.

The classical dg-model can still be used if the inductance vari-
ation is not very significant. It happens, for example, when ma-
chine operation region mainly lies below the point where satu-
ration becomes noticeable.

Ifa smooth torque output is not the main requirement from the
machine, the inductance variation along the stator bore can be
neglected. The inductance can be approximated with a certain
level of accuracy by using averaged inductance maps along the
stator bore (see Fig. 16).

However, when the inductance variation, as a function
of position and time, is significant (which should be valid
for high-torque- and high-power-density machines), and the
smooth torque production is desired, the inductance variation
should be directly modelled in the equivalent circuits of d- and
¢-axes in order to obtain smooth output torque. At least the
most significant inductance variations L,q¢ cos(6wt + ¢4) and
Ly gs cos(6wt + ¢) should be included [20]. When current
linkage harmonic saturation is taken into account the d-axis can
be represented by an equivalent circuit in Fig. 17.

The magnitudes of L.q¢ and L q¢ are dependent on the
magnetic state of the machine and additional inductance
maps should be calculated beforehand for L,q¢(%4,%,) and
L;qs(id, iy ). Information for L4s and L4 can be taken using
similar maps as shown in Fig. 12.
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Voltage equation for the d-axis becomes

. dig . dL4
Ug = Baig + Ldﬁ tiag wlry (17)
liq . 1cos(6wt + @,
Un = Ruig + Lo 4 41,0 2800 1 00) g
dt di
(18)
and for the g-axis
. ds, . dL,
Ul{ = Hsy’q + Lq d: + g dtq +wWy (19)
. diy . d cos(6wi + ¢
U, = Ry + Lq# +igLrqs w + Wl
(20)

When localized sub-harmonic saturation plays a significant
role in the operation of a machine, this approach should be used
for the precise modeling of the machine behavior. This model
can be used together with torque ripple minimization techniques
using active stator current excitation to compensate the torque
pulsations [21]-[23].

VII. CONCLUSION

In this paper it was shown that torque quality is strongly de-
pendent on the saturation caused by the asynchronous current
linkage harmonics. These harmonics locally saturate the stator
core which results in the inductance variation along the - and
g-magnetic axes. This inductance variation should be taken into
account during the design process of the machine, and in control
design for TC-PMSM drives, particularly for sensorless control
schemes.

The high-torque- and high-power-density TC-PMSMs are es-
pecially vulnerable to the rotating current linkage harmonic sat-
uration as these machines work at high values of flux density
and the localised saturation is especially apparent in this case.
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Abstract—The saturation in the stator teeth of an 18-slots 16-
poles TC-PMSM with sinusoidal current supply caused by the
interaction of armature reaction fluxes and rotor-PM-produced
fluxes is studied. It is found that under load some teeth are
saturated deeper than others. An increase in the width of these
teeth reduces the oversaturation, which locally prevents the
decrease in the inductance and back-EMF, and, consequently,
reduces the torque ripple in the machine. The proposed technique
can also be applied to other types of TC-PMSMs.

Keywords—Armature r current link per t mag-
net machines, TC-PMSM, tooth-coil winding, torque ripple, satu-
ration.

I. INTRODUCTION

TOOTH—coil permanent magnet synchronous machines
(TC-PMSMs, also known as fractional slot non-
overlapping winding permanent magnet synchronous machines
with number of slots per pole and phase ¢ < 0.5) due to
their advantages are utilized extensively in many applications —
traction and propulsion drives, wind turbines, air conditioning
and ventilation, robotics, home appliances, fault-tolerant actu-
ators in aerospace industry, and various direct-drive industry
applications. [1]-[4]

In all of these applications the minimization of the torque
ripple is an important aspect. In home appliances and venti-
lation equipment a minimized torque ripple allows to lower
the acoustic noise level of the equipment. In wind turbines
and traction motors a lower torque ripple reduces vibrations
and mechanical wearing in different parts of equipment. In
direct-drive applications low torque ripple can be an important
requirement from the driven machinery side.

There are two approaches for minimization of torque ripple
— active control approach, and machine design approach.
Active control methods are applied by precisely controlling the
current waveform by the drive controller in order to generate
smooth output torque [5]. The second approach focuses on
adjustments of the design parameters of electrical machine
itself, and it is the main focus of this paper.

The torque ripple in PMSMs is comprised from two com-
ponents — cogging torque and pulsating torque.

A. Cogging Torque

The first component is due to magnetic anisotropy of the
stator due to the slotting. The rotor with permanent magnets

978-1-4799-4389-0/14/$31.00 ©2014 IEEE
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tends to align itself along the magnetic path with lowest mag-
netic reluctance. In internal permanent magnet rotor machines
(IPMSMs) with smooth rotor surface this torque component
tends to be lower than in rotor surface permanent magnet
machines (SPMSMs), because of the steel parts above the
magnets which magnetically smoothen the air gap and stator
anisotropy seen by the magnets. On the stator side, wide
tooth tips and semi-magnetic wedges decrease the magnetic
anisotropy [6].

An open slot PMSM equipped with semi-magnetic wedges
will exhibit lower iron losses and lower torque ripple in case
of higher permeability wedges. However, if wedges of too high
permeability are installed, then, the machine performance can
degrade. [6]

All design measures to reduce the cogging torque in
sinusoidal-field rotor machines are based on the idea of
magnetically smoothening the anisotropy of the stator seen
by the magnetic fluxes of the permanent magnets. Among
the most utilized approaches are — skewing by one cogging
period, closed slots, magnetic slot wedges, increased air gap,
IPM rotor topology, dummy (auxiliary) teeth and slots, air
gap (slotless) windings [5,7]-[9]. However, most of these
approaches somewhat degrade the performance of an electrical
machine, particularly the back-EMF is decreased [10].

The periodicity of the cogging torque depends on the num-
ber of slots and poles in integral-slot and in tooth-coil winding
permanent magnet synchronous machines. A TC-PMSM with
an appropriate combination of slots and poles can be selected
in order to lower the cogging torque magnitude and maximize
the number of cogging periods per revolution, keeping high
performance at the same time. [11,12]

If PMs-produced flux density waveform in the air gap is
not sinusoidal, but rather rectangular, then an optimal magnet
pole-arc to pole-pitch ratio, which gives lowest cogging torque,
can be found. [12]

B. Pulsating Torque

The second torque ripple component is the pulsating
torque. This pulsating torque can originate from harmonics in
permanent-magnet-produced magnetic flux density waveform,
or harmonics in the current supply, or from the saturation
of the magnetic material under loaded conditions when high-
magnitude currents are flowing in the windings.
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Fig. 1. Winding function harmonic decomposition of a 9/8 machine at a time
instant when iy = 1 A, iy = iw = —0.5 A. In steady state rotor moves
with the same speed as the 4" harmonic.

Usually, the saturation in the magnetic circuit in industrial
rotating electrical machines is avoided as much as possible, to
keep current-to-torque ratio small, and maintain low volume
of PM material. However, in some applications, such as
aerospace, robotics, traction drives for electric vehicles, wind
turbine generators, the dimensions and weight are important.
These parameters should be as small as possible, meaning high
torque and power density machines. These machines have high
magnetic loading in order to decrease weight and size, and
often they operate in the saturation region of electrical steel.

Saturated magnetic material has lower permeability, and
hence lower flux linkage is seen by the windings (meaning
lower inductance in the region of saturation), which leads
to lower back-EMF in the area of saturation. In three-phase
machines the peak currents in the windings occur 6 times per
one electrical period (two peak values — negative and positive
—in each of three phases), which can result in 6 torque pulses.
Other torque harmonics (k = 6n,n = 1,2, 3..) are also present
in the torque spectrum. [13]

The pulsating torque can be decreased by current linkage
sub-harmonic cancellation [13]. Fig. 1 shows the winding
function of a 9/8 TC-PMSM, and its decomposition on current
linkage harmonics. In [14] the sub-harmonic in a TC-PMSM
is minimized by introduction of flux barriers in the stator. In
[15,16] the influence of sub-harmonics is minimized by rotor
flux barriers.

Another way of cancellation of a specific current linkage
harmonic in a TC-PMSM is usage of multi-layer (> 2) wind-
ings as it is done in [17]. However, the winding construction
becomes much more complicated as number of interconnec-
tions between winding coils increases. We, however, think that
using multi-layer windings is not often practically feasible,
when a TC-PMSM has a high number of slots. In case of a
multi-layer winding the slot fill factor is somewhat lower as
the winding requires additional interlayer insulation in the slot.
This also degrades the heat transfer in the slot.

The technique of stator shifting also can be used for attenua-
tion of current linkage harmonics [18]. This approach can lead
to a machine with unequal teeth widths and pseudo-distributed
windings. However, a TC-PMSM machine in this case looses
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Fig. 2.
windings U, V, and W with the coils of the same phase are shown. Rotor
position is zero. Direction of rotation is counter-clockwise.

Modelled 9/8 segment of an 18/16 TC-IPMSM. Three sectors of

one of its main advantages — windings become overlapping,
and axial length of a stator-shifted machine can be higher than
of a similar TC-PMSM because of complex interconnections
between slots. This somewhat limits the possibility of autom-
atized winding assembly from prefabricated coil modules as
in plug-in-tooth, or joint-lapped core stator machines [1]; and
copper losses are increased.

In this paper a new design technique for torque ripple
reduction in TC-PMSMs is demonstrated using FEM model
of a radial flux double-layer 18/16 TC-IPMSM. However, this
approach can be applied to other topologies of TC-PMSMs as
well [19]. The proposed method reduces the pulsating torque
caused by temporal local oversaturations in TC-PMSMs [13].
The method is applicable to machines which are designed
mainly for single direction of rotation, such as generators in
wind turbines and hybrid cars, propulsion or traction drives,
fans and blowers.

The output of the proposed technique is a stator with
unequal teeth widths. In literature, the unequal teeth were
applied for single-layer TC-PMSMs. The usage of unequal
teeth demonstrated reduction of pulsating torque in machines
with rectangular current supply. The slot pitches were also
unequal [8]. The technique described in this paper can be
applied to two-layer and multi-layer TC-PMSMs as well. The
slot pitches are left the same, hence, the cogging torque is not
changed significantly, and only pulsating torque is reduced.

II. LOCALIZED SATURATION

Often, when a PMSM is designed, the flux density in the
air gap is assumed sinusoidal. However, when applied to TC-
PMSMs this assumption is not valid under loading conditions
as it can be seen from the winding function on Fig. 1. [3]

Fig. 2 shows a FEM model of an 18/16 open slot TC-
IPMSM. Remanent flux density of permanent magnets is
1.2 T, electrical steel is M270-35A, semi-magnetic wedges
with relative permeability p, = 5 are utilized. The coils of
each phase are located in groups of 3. Therefore, this 18-slots
machine can be assembled using 6 phase sectors with 3 coils
each.

Fig. 3 shows the flux densities in the centers of teeth 1,
2, and 3 of phase V during one electrical period when the
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Fig. 3. Flux densities in the teeth of phase V during one electrical period

when current is set to zero. Only permanent magnet flux is presented in the
model. With rotor motion the peak flux densities appear in consequent teeth.

winding current is set to zero. At initial time instant, when the
rotor angle is zero (as it is depicted in the Fig. 2), the fluxes
in teeth 1 and 2 are at maximum, because the magnets of the
rotor are almost aligned with those teeth. As the rotor rotates
counter-clockwise with time the flux densities decrease as the
magnets loose their alignment with the teeth. Further, the next
magnets are going to align with the teeth, and the flux density
again rises. At a time instant when the rotor position is 10
degrees the flux density in tooth 3 is almost 0.9 tesla, in tooth
2 it is 0.5 tesla, and in tooth 1 the flux density is 0.1 tesla. At
every time instant the flux density induced by the permanent
magnets is different in all the teeth of the same phase.

The armature reaction field is very complex. It contains,
beside the synchronous sinusoidal flux wave, also other asyn-
chronous flux space harmonics in the air gap. These asyn-
chronous fluxes are due to the current linkage harmonics
[20,21]. Fig. 1 shows the harmonic decomposition of the
current linkage waveform of a 9/8 TC-PMSM, which is the
base machine for the 18/16 TC-PMSM with periodicity of 2.
From this figure one can conclude that flux densities in the
teeth of one phase should be the same at every time instant
when permanent magnet flux is zero for SPM machines.

Fig. 4 shows the flux densities in teeth 1, 2 and 3 during
one electrical period, when PM remanence is set to zero. Only
winding created flux is presented in the model. The highest flux
density is reached at rotor positions o = 6.5 and 29 degrees,
that corresponds to positive and negative peaks of sinusoidal
phase current.

From this figure it is seen that fluxes in all the teeth of one
phase are almost the same at every time instant. The slight
discrepancy in the flux densities is caused by the saliency in
the IPM rotor of the studied machine.

Using Figs. 3 and 4 it can be predicted that at the working
point the flux densities and saturation levels in all 3 teeth,
which belong to the same phase winding sector, will be
different, when the peak current will be flowing in the winding.
In the motoring mode (and counter-clockwise direction of
rotation) tooth 3 will have the highest flux density and it will
be oversaturated. Tooth 1 will have the lowest flux density,
and the level of saturation will be low. In the generating mode
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Fig. 4. Flux densities in the teeth of phase V during one electrical period when
PM flux is set to zero. Only winding created flux is presented in the model. All
3 teeth of a phase sector experience the same flux densities simultaneously.
Discrepancy is caused by the moving rotor with saliency. iq = —30 A, iq =
120 A. Highest magnitude phase current is at time instants when rotor position
is 6.5 and 29 degrees.
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Fig. 5. Flux densities in the teeth of phase V during one electrical period
at nominal loading conditions. Maximum torque per ampere (MTPA) control
strategy. iq = —30 A, iq = 120 A.

and the same direction of rotation the highest flux will be in
tooth 1, and lowest in tooth 3.

Fig. 5 shows the FEM-simulated flux densities at the nom-
inal working point in motoring mode, that completely prove
the prediction. All teeth under loading conditions, when peak
current flows in the V-phase winding, exhibit different levels
of saturation. The highest flux density is in the tooth 3 at rotor
angle a = 9.5 degrees. Fig. 6 shows the flux diagram in the
machine under nominal load. The highest flux density is in the
tooth 3.

Fig. 7 shows the torque ripple of the machine during
one electrical period. The magnitude of the 6*" harmonic is
4.8 Nm.

III. EFFECT OF NON-LINEAR STEEL PROPERTIES ON
TORQUE QUALITY

Fig. 8 shows the BH-curve of M270-35A electrical steel.
Two regions can be seen in the figure divided by a knee —
linear region (below the knee), and saturation region (above
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stator. Peak-to-peak torque ripple is 3 %.

the knee). From the plot it is seen that the knee center is near
the flux density level By = 1.8 T.

Linear region is a region where electrical machines are
conventionally designed analytically. Usually, the properties
of electrical steel are assumed linear, and magnetic circuits of
stator and rotor are designed in the linear region. It is very
difficult to take into account back-EMF and inductance sags
due to the saturation with analytical design approach. Hence,
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the traditional analytical design procedure leads to a machine
with no torque ripples and sinusoidal back-EMF, assuming
sinusoidal winding distribution, sinusoidal currents and sinu-
soidal permanent-magnet-produced flux density waveform.

When the flux densities reach the saturation region, the
flux linkage (and, consequently, the back-EMF) of analytically
designed machine is no longer sinusoidal, which results in
torque ripples. [22]

Fig. 9 shows the plots of relative permeabilities as functions
of flux density for four electrical steels. For most silicon
electrical steels the level of knee on the correspondent BH-
curve lies near the relative permeability value of p, = 100.
Therefore, this value divides region of heavy saturation from
linear region, and it is a good empirical design criterion for
low-torque ripple machines.

Therefore, if a low torque ripple is expected from an
electrical machine, then it should be designed in the linear
magnetic region of electrical steel and relative permeability
should be high enough (e.g. p, > 100 for silicon steels) in
order to avoid torque ripple.

Hence, if one wants the designed machine to satisfy the
desired performance with smooth torque, levels of saturation
at which the relative permeability goes below f,, = 100 should
be avoided along the main flux paths. Otherwise, significant
torque ripple, inductance variation and high harmonics content
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in the back-EMF should be expected from the designed ma-
chine driven with sinusoidal current supply, as a result of deep
saturation in the magnetic core.

If smooth torque is required from the designed machine with
low permeability in the main magnetic circuit (1, < 100), then
an active current waveform control method should be utilized.

For various silicon electrical steel grades the knee flux
density can vary from By = 1.5 T to By = 2 T. The relative
permeability criterion can be utilized to evaluate the saturation
level in different silicon electrical steels instead of flux density
value.

For cobalt-based electrical steels the knee level lies higher,
at about By = 2.2 T. And relative magnetic permeability is
significantly higher along the whole linear region. This means
that higher torque values can be achieved before the saturation
point is reached, which results in higher torque density, or
lower amount of torque harmonics and lower current-to-torque
ratio within the same dimensions, compared to a silicon-steel-
based electrical machine.

Fig. 10 shows the BH-curves for several electrical steels. It
can be seen that saturation occurs at various flux density levels
for various steels. Fig. 11 shows a torque profile obtained from
FEM simulation of the same machine geometry, but made
with M800 electrical silicon steel laminations. The average
torque in case of M80O electrical steel is higher than in case of
M270 electrical steel at the same current. It can be concluded
that higher torque- and power-density can be expected from
a machine which utilizes higher-permeability M80O electrical
steel, compared to a machine with M270 electrical steel.
However, the iron losses can be significantly higher in case
of M800 electrical steel [23], and a lower-losses-grade of
electrical steel is usually preferred.

1V. TEETH WIDTHS ADJUSTMENT AND TORQUE RIPPLE

As it is shown in Figs. 5 and 6, the flux density in the
tooth 3 is above 1.8 T when the peak current is flowing in the
windings, which indicates that the relative permeability in the
region of tooth 3 is below 100, and tooth 3 is heavily saturated.

In order to increase the permeance in this tooth under
loading conditions, the tooth 3 width is slightly increased from
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Fig. 12.  Adjustment of the teeth widths. Slot depths adjustment is not shown.

w = 20 mm up to w + Aw = 22 mm. At the same time the
width of tooth 1 is decreased by the same Aw = 2 mm in
order to keep the same machine weight. The inequality in the
slot areas between different slots is compensated by altering
the slot depth, which is possible as the width of the stator yoke
is high enough (the flux density in the yoke is well below the
saturation level) and the magnetic state of the machine does
not change considerably. Fig. 12 shows how the geometry of
the stator has been altered.

Fig. 13 indicates that the flux density in all the teeth is
B < 1.8 T, which ensures that the level of permeability is
higher than 100. Significant oversaturation in the teeth area is
cancelled. Fig. 14 shows the flux density diagram of modified
machine. The width of tooth 3 is increased. All slot areas are
the same, which is achieved by varying the slot depths.
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(MTPA) control strategy. iq = —30 A, iq = 120 A. It is clearly seen,
comparing this figure with Fig. 6, that significant oversaturation in tooth 3 is
cancelled.

Fig. 14.

The only remaining area of a significant saturation is right
side of a tooth head as it can be seen in Fig. 14. Decrease
of saturation level in this area can be achieved by utilizing
semi-closed slots, or increasing the height and permeability of
semi-magnetic wedges. This is a question of more thorough
optimization and is not considered in this paper.

Fig. 15 shows the torque ripple of the modified machine dur-
ing one electrical period. The magnitude of the 6" harmonic
is decreased to 3.2 Nm.

Adjustment of the teeth widths has reduced the torque ripple
by 33 %; and all other characteristics of the machine have not
changed considerably. This justifies the proposed technique for
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unequal teeth during reversed rotation. Peak-to-peak torque ripple is 5 %.

torque ripple minimization in high-torque-density TC-PMSMs.
If even lower torque ripple is required from the machine,
then teeth widths of all teeth should be increased in order
to decrease the flux density and avoid excessive saturation.
The adjustment positively influences on the torque ripple
reduction in applications where single direction of rotation is
prevailing. If the direction of rotation needs to be changed,
this torque ripple reduction technique is not effective, as the
obtained machine structure is not symmetrical. If the direction
of rotation in motoring mode needs to be reversed, then the
torque ripple will increase and machine performance will
degrade. Fig. 16 shows the torque profile if direction of rotation



is reversed. Due to oversaturations in all the teeth, the average
torque is decreased and torque ripple is increased.

However, if with reversed direction the mode of operation
changes from motoring to generating, the performance of the
machine is not degraded. Therefore, this method is applicable
for machines with prevailing single direction of operation —
such as wind generators, propulsion drives, fans and blowers,
conveyor drives.

V. CONCLUSION

In this paper a new approach for torque ripple reduction
in TC-PMSMs is introduced. The main idea is to adjust
the teeth widths according to the saturation levels in order
to decrease the oversaturation under loading conditions. The
effectiveness of this method is demonstrated and validated
by FEM simulations for single direction of rotation. The
simulation results show 33 % reduction in torque ripple.

An empirical criterion for non-linear behaviour of tooth-
coil electrical machines, which causes significant torque ripple,
harmonics in back-EMF and inductance variation, is also
suggested. The criterion simply indicates deep saturation in
the main magnetic circuit of the machine when the relative
permeability of the iron core in the region falls below yi, = 100
for silicon electrical steels as a result of region saturation under
loading with peak currents.
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