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In this thesis, ductile and brittle fracture capacities of welded joints made of ultra-high 

strength steel S960 are examined. The effect of improved design on the ultimate capacity is 

also studied. Nowadays the main emphasis of studies related to ultra-high strength steel is 

on fatigue, but also the ultimate static capacity and the softening effect caused by welding 

are important areas of interest. 

 

The examined joint types in this thesis are butt weld joint, transverse attachment, and arrow 

plate joint. The joints are studied by utilizing FE-analysis, and also experimental tests. In 

ductile fracture assessment, finite element software Abaqus is used, and the joints are ana-

lyzed by using 3D solid elements. The geometries of the joints were varied, and for each 

model, the maximum deformation and load capacities were defined. In brittle fracture as-

sessment, Abaqus/XFEM software was used in order to define stress intensity factors at the 

weld toe. 

 

Ductile fracture assessment showed, that the joint geometry and the width of the heat af-

fected zone are the most influential parameters on the ultimate capacity and the fracture 

mode of the joint. If the joint geometry is sufficiently rigid, that is, high local notch effect 

and high deformation constraint, the failure occurs only at the base material, thus, the defor-

mation and load capacity is better than in situation, where the fracture occurs at heat affected 

zone. When the width of the heat affected zone exceeds the specific limit, even rigid joint 

geometry cannot force the fracture to from heat affected zone to the base material, hence, 

the ultimate load and deformation capacities decrease. Brittle fracture assessment indicates 

that stress intensity factors at weld toe can be obtained by means of notch stress concentra-

tion factors. And the brittle fracture tendency of the joint can be estimated based on the stress 

intensity factors.  
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Tässä diplomityössä tarkastellaan suurlujuusteräksestä S960 tehtyjen hitsausliitoksien sit-

keä- ja haurasmurtuma-alttiutta ja miten suunnittelulla voidaan parantaa liitoksien kestä-

vyyttä. Nykyään suuri osa suurlujuusteräksen tutkimuksesta käsittelee väsymistä, mutta sen 

ohella myös liitoksien staattinen kestävyys ja hitsauksen aiheuttama perusaineen pehmene-

minen ovat tärkeitä tutkimuskohteita. 

 

Työssä tutkitut liitostyypit ovat päittäisliitos, poikittainen ripa, sekä nuolilevyliitos. Liitoksia 

tutkittiin hyödyntämällä FE-analyysiä, sekä kokeellisia tutkimuksia. Sitkeän murtuman tar-

kastelussa käytettiin Abaqus-elementtimenetelmäohjelmistoa, ja liitokset analysoitiin 3D-

solidielementeillä. Liitoksien geometriaa varioitiin ja eri variaatioden muodonmuutos- sekä 

kuormituskapasiteetti määritettiin. Haurasmurtuman tarkastelussa hyödynnettiin Aba-

qus/XFEM-ohjelmistoa, jonka avulla määritettiin hitsin rajaviivalla olevan säröjen jännitys-

intensiteettikertoimia. 

 

Sitkeän murtuman tarkastelu osoitti, että liitosgeometria yhdessä hitsin lämpövyöhykkeen 

leveyden kanssa vaikuttavat suuresti liitoksen kestävyyteen ja vauriomuotoon. Mikäli liitos-

geometria on riittävän jäykkä, toisin sanoen paikallinen lovivaikutus ja muodonmuutoksen 

estokyky ovat merkittäviä, ja vaurio tapahtuu vain perusaineessa, jolloin liitoksella on pa-

rempi voima- ja muodonmuutoskapasiteetti kuin tilanteessa, jossa liitos murtuu lämpö-

vyöhykkeeltä. Lämpövyöhykkeen leveyden kasvaessa tietyn rajan yli, edes jäykkä liitos-

geometria ei voi siirtää vauriota lämpövyöhykkeeltä perusaineeseen, ja liitoksen äärikestä-

vyys heikkenee. Haurasmurtumakestävyyttä tarkastellessa havaittiin, että tehollisen lovijän-

nityksen avulla voidaan määrittää jännitysintensiteettikerroin hitsin rajaviivalla, minkä 

avulla voidaan arvioida, onko materiaalin sitkeys riittävää, ja onko mahdollinen murtuma 

sitkeä vai hauras. 
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1 INTRODUCTION 

 

 

Strive for manufacturing lighter and more efficient steel structures has promoted the usage 

of ultra-high strength steels (UHSS). Low-alloy UHSS are being used in a vast variety of 

applications, such as mobile machines, structural components, pressure vessels, and offshore 

industries. Even though typical applications for UHSS are experiencing variable loading and 

fatigue is the dominant failure mode, there are also many applications in which the static 

capacity is the most critical design criterion, thus understanding of the ultimate capacity that 

UHSS can provide is necessary. (Björk, Toivonen & Nykänen 2012, p. 71; Guo et al. 2015, 

p. 534.) 

 

1.1 Background and objective of the study 

Fatigue of UHSS welded joints has been studied widely, and there are several methods for 

defining joints’ fatigue life. However, the static ultimate capacity has been of lesser interest, 

even though conventional arc welding processes causes significant heat inputs to the joints. 

According to Valkonen (2014, p. 839) and Björk et al. (2012, p. 71–72), UHSS are sensitive 

to heat input caused by welding, thus softening will occur, which also causes changes in 

material properties near the weld. The objective of this study is to create guidance that helps 

designers to exploit the material properties of UHSS as much as possible by avoiding the 

occurrence of negative effects such as softening near welds. 

 

1.2 Research problem and questions  

The research problem is to find how significant is the decrease of the both ductile and brittle 

ultimate capacity of the joint, and how the negative effect caused by softening can be mini-

mized. Based on the research problem, following research questions derived and answered 

in this thesis: 

 How significant effect heat input caused by welding has on the static ultimate 

strength of welded joint? 

 How the stress concentration caused by the attached plate affects ultimate strength 

of the welded joint? 

 How brittle fracture risk of the joint can be estimated based on effective notch stress? 

 How can ultimate capacity be improved by appropriate design? 
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1.3 Framework of the study 

The research is limited to three different joints: butt weld, transverse attachment and arrow 

plate attachment. All joints cause different stress concentrations and have different constraint 

effects. Modeling of the heat affected zone is also simplified significantly, and one zone with 

one material model describes the heat affected zone and its sub-zones. The examining of the 

welded joints is limited to as-welded state, and weld post treatments effect is not studied. 

When examining the relation between stress concentration and stress intensity factor, the 

stress concentration is defined only by effective notch stress (ENS) method, on the other 

hand, when defining stress intensity factors, linear elastic fracture mechanics (LEFM) is 

used. The justification for the usage of LEFM is based on the fact that ENS method uses 

linear material models, therefore it is reasonable to use also linear models in fracture me-

chanics modeling. 

 

1.4 Research methods 

The main research method in this thesis is finite element analysis (FEA), which is used to 

analyze different joint types. Finite element models are analyzed by using FEA software 

Abaqus 2016, with the standard solver. Besides FEA, previous studies regarding the topic 

are also examined in the form of literature research. In addition, laboratory test results were 

utilized in order to verify finite element models’ accuracy, for example, regarding used ma-

terial models. 

 

All used research methods are independent with respect to each other, which ensures re-

search’s reliability, based on between methods triangulation. According to Liebscher (1998, 

p. 672–673) between methods triangulation result in deeper understanding of the phenom-

ena, and also increases the research’s credence. 
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2 THEORY 

 

 

According to Dowling (2007, p. 2–4), there are few basic types of material failure: defor-

mation failure, wear, corrosion, and fracture. In this thesis, the main focus is set on fracture, 

and on the different types of fracture. Fracture itself means a failure that is caused by crack 

propagation to the extent that component is separated into two or more pieces. There are two 

main fracture types when static loading is applied: ductile and brittle. In figure 1 is shown 

stress-strain –curves from the tensile test for both ductile and brittle fracture. 

 

 

Figure 1. Engineering stress-strain –curves of different fracture types under static loading 

(modified from Dowling 2007, p. 4). 

 

As seen from figure 1, fracture type has a significant effect on component’s ultimate load 

carrying and deformation capacity. In figure 1, fy is material yield strength, fu is ultimate 

tensile strength, and εf is fracture strain. 

 

2.1 Ductile fracture 

Material ductility is a property, which describes how well a material can adapt to plastic 

deformation without breaking. When fracture type is ductile, large and often visible plastic 
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deformations occur. Plastic strains cause stress redistributions in structure, therefore, failure 

is not sudden, and structure can endure even more loading before complete fracture. Some 

plastic deformations might be acceptable and the structure is still safe to use (Bleck et al. 

2009, p. 1532; Dowling 2007, p. 113–114.) 

 

When plastic strains increase larger than strain hardening can keep up, the material has 

reached so-called instability point, and microvoids start to form inside the material. Mi-

crovoids can be formed from material inclusions, second phase particle breaking, or by par-

ticle and matrix debonding (interface decohesion). When voids are formed, an increase in 

plastic strain along with hydrostatic stress causes void growth, and after voids have grown 

to sufficient size, the plastic strain begins to concentrate between voids. This concentrated 

plastic strain causes necking between voids, and when strains increase even more, eventually 

adjacent voids coalesce, thus fracture occurs. In figure 2 is shown the progress of ductile 

fracture. (Anderson 1991, p. 301–307; Chen & Butcher 2013, p. 1–2; Murakami 2012, p. 7; 

Pineau et al. 2016, 436–437, 444.) 

 

 

Figure 2. Ductile fracture process on microscopic scale (modified from Anderson 1991, p. 

307.) 
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On a macroscopic scale, the fracture surface of ductile fracture consists shear lips and pos-

sibly also a flat surface. In uniaxial stress test of the circular test specimen, voids grow in 

the middle of the specimen due to higher hydrostatic stress and stress triaxiality. Crack that 

forms inside the specimen is perpendicular to the tensile direction, so the fracture surface is 

flat in middle (fibrous fracture).  After void growth and coalescence, the final shear fracture 

occurs in 45° angle from the crack plane, thus, so-called cup and cone fracture is formed. In 

figure 3 is shown cup and cone fracture. (Anderson 1991, p. 308–309, Callister & Rethwisch 

2011, p. 237.) 

 

 

Figure 3. Cup and cone fracture (Anderson 1991, p. 309). 

 

When plates under tensile loads are examined, the stress state has great influence on ductile 

fracture type. For thin plates that experience almost only plane stress conditions, the fracture 

through thickness occurs as slant failure in 45° angle from tensile direction, and the fracture 

surface consists only the shear lip and not a flat part. In transverse direction, the ductile 

fracture occurs in 30° angle. Lack of flat part in fracture surface is caused by necking of the 

plate, which constraints plastic deformations at the neck region. Plastic strains cause damage 

by voids, and when sufficient void size is achieved, the strain localization forms a shear band 

through the plate thickness, and the final fracture occurs inside the shear band, as illustrated 

in figure 4 (Björk, Nykänen & Valkonen 2015, p. 17; Callister & Rethwisch 2011, p. 237; 

Dowling 2007, p. 365–366; Woelke, Shields & Hutchinson 2015, p. 296.)  
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Figure 4. Ductile fracture of a thin plate under tension loading (Woelke et al. 2015, p. 296). 

 

When the plate is thicker, stress state in the middle of the plate is plane strain. This causes 

strain in the thickness direction to be zero, hence, no necking occurs. Because the constrained 

strains cause stresses, stress state in the middle of the plate is triaxial. It is also good to notice, 

that the degree of triaxiality can vary, and it is dependent on the geometry. Yielding along 

shear planes is not possible because necking is prevented, thus, fracture occurs as a flat sur-

face perpendicular to the tensile direction (fibrous fracture). Although there are plane strain 

conditions in the middle of the plate, on the surfaces of the plate condition is plane stress, 

and the fracture near surfaces occurs as in thin plate, generating shear lips in 45° angle. This 

fracture type resembles cup and cone fracture because there are both flat and slant fracture 

surfaces. In figure 5 is shown a ductile fracture of a thick plate with initial edge crack. (An-

derson 1991, p. 319–320; Dowling 2007, p. 366; Pineau et al. 2016, p. 437.) 
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Figure 5. Ductile fracture of a thick plate with initial edge crack (modified from Anderson 

1991, p. 320). 

 

For structural members that have initial cracks, such as low or normal workshop quality 

welded joints, the ductile crack starts to propagate from the initial crack. Assuming plane 

strain conditions near the initial crack tip, the crack propagates perpendicular to tension di-

rection on a macroscopic scale, thus generating flat fracture surface, as seen from figure 5. 

However, on a microscopic scale, the crack grows along the plane of maximum plastic strain, 

which is along 45° angle. In order to satisfy both microscopic and macroscopic requirements 

for crack growth, the crack grows in a zig-zag –pattern, such that the crack is oriented ±45° 

from macroscopic crack propagation direction. In figure 6 is shown ductile crack growth in 

a zig-zag pattern. (Anderson 1991, p. 319–320; Pineau et al. 2016, p. 450–451.) 

 

 

Figure 6. Ductile crack growth in high strength low alloy steel (Anderson 1991, p. 321). 

 

According to Teng & Wierzbicki (2006, p. 1654), several fracture models have been intro-

duced for ductile fracture modeling, and many of them are built in commercial finite element 

software. The simplest criterion of examining occurrence of ductile fracture is the constant 
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fracture strain. More sophisticated models include different approaches in order to define 

effective fracture strain or cumulative damage. For example Wilkins, Streit & Reaugh (1980, 

p. 8–9) presented damage model that integrates equivalent plastic strain in order to obtain 

cumulative damage. This fracture model also takes into account hydrostatic stress, principal 

stresses, and material properties. One other method presented in the articles by Li et al. 

(2015, p. 79) and Wierzbicki et al. (2005, p. 723) is Johnson-Cook fracture model, which 

uses the exponential relation between stress triaxiality and fracture strain. The model also 

takes into account strain rate and temperature. Johnson-Cook model calculates damage based 

on momentary strain, and the corresponding effective plastic strain, thus changes in stress 

triaxiality during loading process are acknowledged. A couple of other possible criteria are 

modified Mohr-Coulomb criterion and maximum shear stress criterion (Li et al. 2015, p. 79). 

 

2.2 Brittle fracture 

Brittle fracture differs from a ductile fracture in such way that there is no significant plastic 

deformation before failure. Also, the energy stored in crack propagation is lower than in 

ductile fracture. Brittle fracture is very dangerous phenomenon due to its unpredictability: 

the crack propagates almost at the speed of sound in the material, and due to almost no global 

plastic deformations before fracture, it is hard to notice when brittle failure is about to occur. 

The fast propagation of crack does not allow redistribution of loads, thus, failure is often 

catastrophic. (Hellan 1984, p.2–3; Kaitila 2010, p. 157; Miekk-Oja 1960, p. 579–580.) 

 

The most critical factors promoting brittle fracture are sufficiently high tensile stress, stress 

triaxiality, low temperature, strain rate, residual stresses, that prevent plastic deformations, 

or more precisely, dislocation motion from occurring, thus, increasing brittle fracture 

tendency. In addition material grain size is another critical factor that has a significant 

influence on occurrence of brittle fracture. There are also factors that affect on ductile-brittle 

transition temperature, such as alloying. For example, high carbon content in steels increases 

ductile-brittle transition temperature, causing the brittle fracture to occur at higher 

temperatures. Triaxial stress state criterion sets limits for plate thicknesses, because triaxial 

stress state occurs more likely on thicker plates, thus promoting brittle fracture. (Anderson 

1991, p. 321; Dowling 2007, p. 357; Kaitila 2010, p. 157–158; Miekk-oja 1960, p. 580, 591–

593.) 
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The occurrence of brittle fracture can be estimated in few ways. One approach is to use 

LEFM and stress intensity factor. Brittle fracture occurs, when stress intensity factor at the 

crack tip exceeds material’s fracture toughness, and crack propagation becomes unstable. In 

equation 1 is shown the relation of fracture toughness KIc for mode I, and critical crack length 

af that leads to brittle fracture at specific stress level. (Anderson 1991, p. 21, 68; Callister & 

Rethwisch 2011, p. 247; Dowling 2007, p. 536.) 

 

 𝐾𝐼𝑐 = 𝑌𝜎√𝜋𝑎𝑓    (1) 

 

In equation 1 Y is crack shape function, which depends on the crack geometry and σ is 

applied nominal stress for the uncracked cross section (Dowling, 2007, p. 536). Equation 1 

takes operation temperature into account in fracture toughness’ value. Alternatively, if 

equation 1 is solved with respect to crack length and stress is replaced with material yield 

strength fy, equation represents transition crack length at (Dowling 2007, p. 320). 

 

 𝑎𝑡 =
1

𝜋
(

𝐾𝐼𝑐

𝑌𝑓𝑦
)

2

    (2) 

 

If the structure contains cracks that are bigger than transition length, the most likely fracture 

mode is brittle, and if cracks are smaller than transition crack length, yielding occurs, hence, 

cracks do not reduce material strength. For UHSS and other high-strength steels, the fracture 

toughness and yield strength are not proportional, hence, the critical fracture toughness 

might be achieved before yield stress, even at small crack lengths. When the transition crack 

length is low, brittle behavior occurs, hence the full strength capacity of the steel can not be 

utilized. In figure 7 is shown transition crack length for low-strength and high-strength steels. 

(Dowling 2007, p. 320.)  
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Figure 7. Transition crack length for low-strength (left) and high-strength (right) steels 

(modified from Dowling 2007, p. 320). 

 

Another practical unscientfic way to examine brittle fracture is to find minimum impact 

toughness value by utilizing penalty function. This procedure is used in crane standard EN 

13001-3-1, and it takes into account operating temperature, material yield stress, material 

thickness, structural detail’s fatigue class (FAT) and utilization of static strength. Each 

previous criteria has a range of values, which are corresponding to different penalty factors, 

which are summed at the end of the procedure, in order to find a minimum allowable value 

for materials impact toughness. (EN 13001-3-1 2013, p. 14–15.) 

 

2.2.1 Cleavage fracture 

The brittle fracture can be divided into two sub-categories: cleavage and intergranular frac-

ture. For crystalline material cleavage means that the fracture splits the grains, as the name 

indicates. Cleavage crack propagates through the lattice structure along specific planes, 

which have weakest interatomic cohesive forces. Discontinuities, cracks or other stress con-

centrations promote the occurrence of cleavage. This is caused by the fact, that the stress 

state near the stress concentrations is triaxial, which prevents local plastic deformations, 

hence, promotes brittle fracture. The principle of cleavage is shown in figure 8. (Anderson 

1991, p. 321–322; Hellan 1984, p. 165–167; Miekk-oja 1960, p. 579; Murakami 2012, p. 5–

6.) 
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Figure 8. Cleavage fracture through grains (Anderson 1991, p. 302). 

 

Cleavage propagates along a plane that requires the least energy to break atomic bonds, 

therefore, the occurrence of cleavage is highly dependent on material’s lattice structure. Fer-

ritic steels that have body-centered cubic (BCC) structure are more prone to cleavage than 

face-centered cubic (FCC) structures, and for ferritic steels, the cleavage occurs along lattice 

plane {100}. On the other hand, metals that have FCC structure, like austenitic steels, are 

not likely experiencing cleavage. As grains of the material are oriented at different angles, 

the crack changes its direction at grain boundary in order to propagate along lattice plane 

{100}, as seen from figure 8. On macroscopic scale, the fracture is corresponding to mode I 

fracture as the cleavage crack’s surfaces are perpendicular to the maximum principal stress 

(Anderson 1991, p. 321; Francois, Pineau & Zaoui 2013, p. 105–106; Pineau, Benzerga & 

Pardoeng 2016, p. 425.) 

 

The fracture surface in cleavage has characteristic river pattern, which is caused by multiple 

smaller cleavage cracks converging into one bigger crack. Adjacent grains are not aligned at 

the same angle, so when propagating crack encounters grain boundary, it tries to adapt to the 

angle between grains by forming several parallel planes. This is very energy consuming, so 

the small cracks strive to merge into one bigger crack. In figure 9 is shown cleavage fracture 

surface from ferritic low alloy steel. (Anderson 1991, p. 322; Francois et al. 2013, p. 106; 

Pineau et al. 2016, p. 425.) 
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Figure 9. River patterns on low alloy steel’s fracture surface (Pineau et al. 2016, p. 425). 

 

As stated in equation 1, cleavage occurs when stress intensity factor exceeds fracture tough-

ness, so if stress intensity factor decreases during cleavage crack propagation, it is possible 

that the crack arrests. The material resist toughness, KIA, is an indicator when stress intensity 

factor is sufficiently low for the crack to arrest. Material resists propagating crack less than 

crack initiation, thus, the material resist toughness is lower than fracture toughness. In 

addition, the rapidly propagating crack has kinetic energy, which causes the true crack arrest 

toughness, KIa, to be slightly lower than the material resist toughness. If an external load or 

stress is constant, the structure is load controlled, and the stress intensity factor increases 

when the crack grows in most cases, so arresting of the cleavage crack is unlikely. However, 

when the structure is displacement controlled, the stress intensity factor decreases when 

crack length increases, which means that true crack arrest toughness will be achieved at some 

point and crack will arrest. The crack might also arrest when it reaches surrounding materials 

or regions that might have different properties and possibly high enough arrest toughness in 

order to arrest the propagating crack. For example, near welded joints, there are zones with 

different mechanical properties. (An, Woo & Park 2014, p. 179–180; Anderson 1991, p. 59, 

239–240; Francois et al. 2013, p. 34.) 

 

Stress intensity factor approach examines cleavage crack arresting on a macroscopic scale, 

but the crack can also arrest on a microscopic scale before macroscopic crack has formed. 

For ferritic steels, cleavage crack initiates often from brittle particles, for example, carbides 

in ferrite matrix. The ferrite matrix surrounding the carbide particle has higher toughness, so 
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the crack might arrest on particle-matrix interface due to insufficient stress intensity to prop-

agate into ferrite matrix. Also, the dislocation motion in the matrix could cause crack blunt-

ing, thus, the crack will not re-initiate. Even if the crack propagates successfully from parti-

cle to matrix, it can still arrest at the grain boundary due to misalignment of adjacent grains. 

The misalignment of grains causes material separation to occur by several different mecha-

nisms, and the critical energy release rate for crack propagation is higher in the grain that the 

crack is propagating into. Grain size has a significant influence on material crack arresting 

properties: if the grain size is smaller, the crack is smaller when it encounters the first grain 

boundary, thus, it has less kinetic energy and it arrests easier. Critical grain size is the largest 

grain size, which can arrest propagating microcrack. The critical grain size can be obtained 

from equation 2 by replacing crack length with grain size. This assumes, the brittle fracture 

occurs, when the crack has propagated through the grain size, and there is no other possible 

location after the first grain boundary, where the crack could be arrested. Stec & Faleskog 

(2009, p. 69–70) state that higher temperatures, lower stress triaxiality, and steeper tilt angles 

between grains increase critical grain size. In figure 10 is shown possible crack arrest loca-

tions. (Anderson 1991, 328; Francois et al. 2013, p. 127–128; Pineau et al. 2016, p. 429; Stec 

& Faleskog 2009, p. 51–52.) 

 

 

Figure 10. Crack arrest at particle-matrix interface (left) and at grain boundary (right) (mod-

ified from Pineau et al. 2016, p. 429). 

 

According to Anderson (1991, p. 301), cleavage is often called brittle fracture, hence, when 

the brittle fracture is discussed further in this thesis, it is referred to cleavage, unless other-

wise stated.  
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2.2.2 Intergranular fracture 

If brittle fracture propagates along grain boundary, it is called intergranular fracture (or in-

tercrystalline fracture). The crack propagates along lowest energy path which is most often 

transgranular due to the fact that intergranular surface has higher surface energy than crys-

tallographic cleavage plane. However, there are few conditions that promote the intergranu-

lar fracture such as, hostile environment, which might cause intergranular corrosion, the 

presence of brittle phases near grain boundaries and also the presence of hydrogen, phos-

phorus or other impurities. Hydrogen is very dangerous especially in welded joints, because 

the material could absorb moisture during welding and which might cause intergranular 

cracking in heat affected zone (HAZ). Principle of intergranular fracture is shown in figure 

11 (Anderson 1991, p. 342–343; Dowling 2007, p. 585–586; Francois et al. 2013, p. 107; 

Hellan 1984, p. 163–168.) 

 

 

Figure 11. Intergranular fracture along grain boundaries (Anderson 1991, p. 302). 

 

The fracture surface in intergranular fracture naturally differs from cleavage fracture surface 

due to a different path of crack propagation. River patterns do not occur, because the crack 

propagates along grain boundaries, therefore, the grains can be observed from the fracture 

surface. In figure 12 is shown intergranular fracture surface of steel used in the pressure 

vessel. The brittle fracture occurred as intergranular fracture due to the presence of hydrogen 

gas. (Anderson 1991, p. 344; Dowling 2007, p. 595.) 
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Figure 12. Intergranular fracture surface (Dowling 2007, p. 595). 

 

Large structures or components, which have experienced elevated temperatures in steel or 

component manufacturing processes are more prone to intergranular fracture due to temper 

embrittlement. Large scale components cannot be cooled down too rapidly due to micro-

structural requirements, thus, there is more time for impurities to diffuse into grain bounda-

ries. Impurities diffuse into steel more likely when the temperature is above 500 °C, so cool-

ing of large components has to be performed in clean and pure conditions. (Pineau 2016, p. 

435.) 

 

2.3 Ductile-brittle fracture 

The transition between brittle and ductile fracture is ambiguous, and it is impossible to define 

exact temperature limit when a fracture occurs as brittle or ductile. Between fully brittle and 

ductile fracture, there is ductile to brittle transition (DBT) temperature region, in which the 

fracture occurs as a combination of both brittle and ductile behavior. In figure 13 is shown 

the fracture toughness schematic dependency on operating temperature. (Chen, Zeng & Chao 

2007, p. 2437; Dowling 2007, p. 354; Francois et al. 2013, p. 275–276.) 
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Figure 13. Fracture toughness temperature dependency of ferritic steel (modified from Chen 

et al. p. 2437). Note that the quantity on vertical axis could also be absorbed impact energy, 

and the curve would still have a similar shape. 

 

As seen from figure 13, fracture toughness remains almost constant at both lower and upper 

shelves, and in those temperatures the fracture mode is unambiguous. In transition area, the 

fracture often starts as ductile tearing, followed by cleavage fracture. However, near the up-

per shelf of the transition zone, the final cleavage fracture might encounter obstacles, through 

which it cannot propagate, leaving unbroken ligaments well behind the crack tip. These lig-

aments behave in a ductile manner, and as cleavage crack propagates, the crack faces open, 

causing the ductile ligaments rupturing. This fracture of ductile ligaments and the cleavage 

itself requires more energy than propagation of the cleavage crack. The presence and density 

of ductile ligaments increase steeply the true crack arrest toughness KIa, hence it has similar 

temperature dependency as fracture toughness. As crack arrest toughness and fracture tough-

ness increase when the temperature increases, it can be concluded that the probability of 

catastrophic cleavage decreases significantly at higher temperatures. (Anderson 1991, p. 

339–341; Hausild, Berdin & Bompard 2005, p. 188–189.) 

 

Because there is no exact value for transition temperature, there are several different ways 

how to define DBT temperature. The most conservative criterion is to use lowest temperature 

corresponding fully ductile fracture as DBT temperature. This criterion is very conservative, 

so it is not used is practical applications according to Francois et al. (2013, p. 276). Other 

possible ways to define DBT temperature is to use average temperature of both upper and 
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lower limits, use temperature that causes fracture mode to be 50 % cleavage, or to use tem-

perature of specific impact energy such as 20 J. (Callister & Retwisch 2011, p. 253–254; 

Francois et al. 2013, p. 275–276.) 

 

Fracture toughness temperature relation is also dependent on the material. Low-strength 

FCC structured materials do not experience DBT almost at all, and the fracture toughness is 

almost same on any temperature, and the fracture behavior is most likely ductile. (Callister 

& Retwisch 2011, p. 254.) According to Callister & Rethwisch (2011, p. 254) and Francois 

et al. (2013, p. 279), high strength materials also do not experience DBT, and fracture tough-

ness is low even at higher temperatures, thus, the behavior of the material is brittle. But the 

research of ultra-high strength steels by Zhen et al. (2015, p. 645–649) gives conflicting 

results. Zhen et al. (2015, p. 649) performed Charpy impact tests on four martensitic UHSS 

specimens with different grain sizes, and the results indicated that also UHSS steels experi-

ence similar curves as presented in figure 13. The results by Zhen et al. (2015, p. 649) are 

shown in figure 14. Also, research by Wu et al. (2012, p. 891–892) obtained results that state 

UHSS experience ductile to brittle transition and the transition temperature might be as low 

as -105 °C if specific alloying and microstructure are achieved. 

 

 

Figure 14. UHSS impact energy temperature dependency. All samples have different grain 

sizes, sample 1 has smallest and sample 4 largest. (Zhen et al. 2015, p. 649.) 
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Previously, both ductile and brittle fracture criteria are examined. But in some cases, the 

interaction of ductile collapse and brittle fracture is the criterion that leads to unsafe struc-

tures. The interaction can be taken into account by using failure assessment diagrams (FAD). 

There are various FAD equations for different materials and material behaviors, however, 

all diagrams follow the same principle of defining both toughness ratio Kr and stress ratio 

Sr. Toughness ratio is the ratio of opening mode stress intensity factor KI and material frac-

ture toughness KIc. Stress ratio is defined as the ratio of the stress applied to the cracked 

member and the plastic limit load of the structural component. (Anderson & Osage 2000, p. 

956–959; Qian 2013, p. 44–45; Qian, Li & Ou 2013, p. 185–186.) 

 

2.4 Stresses at welded joints 

Welded joints have a significant influence on stresses in the structure. Welded attachments 

and welds itself create discontinuities that cause stress concentrations and alter the nominal 

stress distribution. Attached plate acts as structural discontinuity, the connection between 

weld toe and base plate is a local discontinuity, and there can be initial cracks present at weld 

toe if the weld is low or normal workshop quality. In addition to discontinuities, there might 

be also macrogeometric effects and misalignments present, that cause stress concentrations 

at the weld. In figure 15 is shown the three discontinuities that welded joints cause. (Hob-

bacher 2014, p. 16–17; Kaitila 2010, p. 153; Niemi 2003, p. 94.) 

 

 

Figure 15. Stress concentrations and discontinuities caused by welded joint. Figure a) rep-

resents structural discontinuity, b) is a local discontinuity at weld toe, and c) is an initial 

crack at weld toe. (Niemi 2003, p. 94.) 

 

Stresses at weld toe can be divided into three components: membrane stress, bending stress, 

and non-linear peak stress. Membrane stress is constant over the plate thickness and it is 
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referred as primary stress. Bending stress takes into account structural discontinuities and 

stress concentrations due to misalignments, and it is often referred as secondary stress. Pri-

mary and secondary stresses together form structural stress. Non–linear stress peak is very 

high and local, and even if stress peak exceeds material yield strength, it has no effect on 

global deformations of the structure, if the structure behaves in ductile manner. In figure 16 

is shown the stress components of butt weld. (Niemi 2003, p. 12–13.) 

 

 

Figure 16. Stress components of butt weld. σm is membrane stress, σb is bending stress, and 

σnl is non-linear peak stress (modified from Hobbacher 2014, p. 14). 

 

Even though butt weld in figure 16 does not have a very severe structural discontinuity, the 

asymmetric weld can cause secondary bending under axial load. (Niemi 2003, p. 13). If the 

dominating fracture mode is ductile, the stress peak at notch does not affect ultimate capac-

ity, because the highly stressed part of the joint near weld toe is under plastic deformations, 

that smooth out the highest peak stress. However, if the brittle fracture is dominating fracture 

mode, the stress peak contributes, because there are no plastic deformations near the notch 

at weld toe. (Pook 2007, p. 90.) 

 

Changes in temperature and constrained heat expansions during welding causes residual 

stresses to weld area and base metal. During welding, the base, and weld material melt, and 

the weld pool does not have strength to carry loads, however, the regions that are away from 

weld pool are still solid and strive to expand, but the expanding is constrained, thus, com-

pressive residual stresses occur in the longitudinal direction. When the temperature of the 

molten weld pool decreases and the pool solidifies, the weld contracts. The previously mol-

ten material starts to gain strength as temperature decreases, and due to adjacent regions 

preventing contracting, tensile residual stresses occur in the longitudinal direction. During 
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the cooling process of the weld, longitudinal stress is equal to the yield strength correspond-

ing to the temperature of the weld. Hence, when the weld and base material are cooled down 

to ambient temperature, the longitudinal stress at weld is equal to yield strength, and the base 

material experiences compressive residual stresses. (Kou 2003, p. 122–125; Niemi, 2003, p. 

78–79; Sluzalec 2005, p. 147–148.) 

 

According to Niemi (2003, p. 80–81), base material strength class and changes in lattice 

structure during welding affect the longitudinal stress distribution. During welding, suffi-

ciently high temperatures are achieved, so there is austenite present. For UHSS austenite 

transforms to other phases, such as bainite, pearlite, martensite, and ferrite at lower temper-

atures than for mild steels. Because the phase transformation from austenite to other phases 

increases volume, the contracting due to cooling might be equal to the volume change related 

to phase transformations, so residual stresses at weld might be low, or even negligible. How-

ever, the HAZ does not contract as much as the weld, so contracting does not compensate 

tensile stresses caused by phase transformation, thus, at HAZ, there is significant tensile 

stresses present. (Niemi 2003, p. 80–81.) 

 

Besides longitudinal stresses, also transverse residual stresses are present, even though the 

magnitude of transverse stresses is lower than longitudinal stresses. Kou (2003, p. 125) and 

Kaitila (2010, p. 103) states that in the middle of the weld, transverse stresses are tensile, 

because transverse contraction is suppressed by base metal in lower temperature, and the 

tensile stress is balanced by compressive stresses at weld ends. However, Niemi (2003, p. 

80) states that the transverse residual stress is almost zero in the middle of the weld, other-

wise the distribution is similar as presented by Kou (2003, p. 125) and Zerbst et al. (2014, p. 

209). In figure 17 is shown both longitudinal and transverse residual stress distributions of 

butt welded joint (Kou 2003, p. 125). It is also good to notice, that the distributions in figure 

17 are based on theory, and in real situations, the distributions might be totally different. 

According to Radaj (1992, p. 204) the weld deposition rate, and weld length affects the 

transverse residual stress distribution. 

 



29 

 

 

Figure 17. Butt weld residual stress distributions, (a) represents longitudinal stresses and (b) 

transverse stresses (Kou 2003, p. 125). 

 

If welded plates were rigidly supported before welding, transverse stresses increase due to 

more rigid constraining of the contracting during weld cooling. Transverse stresses increase 

so that approximately uniform tensile stress is added, thus, the stress distribution does not 

change its form, as seen from figure 17. (Kou 2003, p. 125; Niemi 2003, p. 79–80.) Trans-

verse residual stresses distribution through the thickness of the plate is not uniform, and the 

temperature differences through thickness define the residual stress distribution. Radaj 

(1992, p. 205) states that, the transverse residual stress of butt weld joint are tensile near the 

root that cools down first, if the welding is done in V-groove. The residual stress in the 

middle is compressive, because it cools down last. When inspecting the distributions away 

from the weld, tensile residual stresses are also present near the surface due to the faster 

cooling. In figure 18 is shown the transverse residual stresses through the plate thickness. 

(Radaj 1992, p. 205; Zerbst et al. 2014, p. 210.) 
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Figure 18. Transverse residual stress distributions through the plate thickness of a butt 

welded joint at different locations (modified from Radaj, 1992, p. 205). 

 

The effect of residual stresses on welded joint ultimate capacity is highly dependent on oc-

curring fracture mode, in a similar manner as for non-linear stress peak. If dominating frac-

ture mode is ductile, the high residual stresses cause plastic deformations, thus, relieving the 

stress peak at weld toe, so the effect of residual stresses can be considered negligible if frac-

ture mode is ductile. However, the effect is quite the opposite if a fracture occurs as brittle 

cleavage, and there is no plasticity present. Tensile residual stresses at welds increase the 

risk of brittle fracture significantly, and if tensile residual stress increases, brittle fracture 

toughness decreases and risk of cleavage increases. Hence, managing welding process pa-

rameters and weld zone size can prevent excessive residual stresses and decrease brittle frac-

ture risk. (Moshayedi & Sattari-Far 2015, p. 35–36; Panontin & Hill 1996, p. 317–318; Ren, 

Zhang & Nyhus 2011, p. 596–598.) 

 

2.5 Welding of ultra-high-strength steels 

Low alloy UHSS steels have excellent strength properties and good ductility, however, heat 

input during welding can alter UHSS joint properties, and the benefits of UHSS are lost. The 

mechanical properties of UHSS are also dependent on the manufacturing process of the steel, 

so in this thesis, the main emphasis is on direct quenched UHSS. High heat input causes 

significant grain growth in HAZ due to changes in the microstructure. Greater grain size 

increases the risk of cleavage, and it is observed that welding of UHSS might cause embrit-

tlement in the coarse-grained heat affected zone (CGHAZ), which is one sub-region of HAZ. 

According to Guo et al. (2015, p. 536) HAZ can be divided to four sub-regions: Sub-critical 

HAZ (SCHAZ), which is adjacent to the base metal (BM), intercritical HAZ, fine-grained 
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HAZ (FGHAZ), and CGHAZ, which is nearest to the fusion zone. The highest peak temper-

ature of HAZ during welding occurs at CGHAZ, which accounts for the greatest grain size. 

In figure 19 is shown the schematic figure of HAZ and its sub-zones, along with peak tem-

peratures Tp during welding for a single-pass fillet weld. (Amraei et al. 2016a, p. 5; Guo et 

al. 2015, p. 534–537; Lambert-Perlade et al. 2004, p. 1039; Kou 2003, p. 405, Zerbst et al. 

2014, p. 204–205.) 

 

 

Figure 19. HAZ sub-zones and peak temperatures during welding for single-pass fillet weld 

(modified from Zerbst et al. 2014, p. 204). 

 

Besides local embrittlement, base material softening at HAZ and the combination of base 

material and weld metal can affect UHSS welded joint’s ultimate capacity. The heat input 

causes grain growth, but also material softening at HAZ, which lowers material yield 

strength. Softening effect is directly proportional to heat input, so selecting appropriate weld-

ing process helps to minimize the softening effect, even though it cannot be completely elim-

inated. In figure 20 is shown hardness distribution of UHSS butt weld joint. (Björk et al. 

2012, p. 71–72; Björk et al. 2015, p. 1; Guo 2015, p. 534.) 
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Figure 20. UHSS butt weld hardness distribution (Björk et al. 2012, p. 72). 

 

Guo et al. (2015, p. 548) and Amraei et al. (2016a, p. 4) state that lowest local hardness at 

HAZ occurs at sub-critical HAZ, and the hardness increases rapidly when approaching fine-

grained HAZ. According to Björk et al. (2012, p. 81) width of the softened area is directly 

proportional to weld heat input, and if the ratio softened area width and plate thickness ex-

ceeds the critical value, the HAZ determines the joint ultimate strength and fracture occur at 

softened HAZ. In addition to the heat input, the cooling rate has a significant effect on the 

strength decrease in HAZ. In fact, the cooling rate is dependent on both heat input, and the 

geometry, or more specifically, the plate thick Higher cooling rates are beneficial to the 

strength of HAZ, and the cooling time from 800 °C to 500 °C, t8/5 should be as low as pos-

sible, in order to prevent strength loss. For example, external cooling helps to minimize the 

softening effect and strength loss. On the other hand, too fast cooling might cause embrittle-

ment in the structure. Björk et al. (2012, p. 73) states, that the strength of the HAZ decreases 

only 10 % from the corresponding values of BM, if cooling time t8/5 is less than 10 s, and 

the drop of strength at HAZ for steel S960 is directly proportional to the cooling time. In 

figure 21 is shown the relation of yield and ultimate tensile strengths at HAZ versus cooling 

time. (Björk et al. 2012, p. 71–73; Mohandas, Madhusudan Reddy & Satish Kumar 1999, p. 

292.) 

 



33 

 

 

Figure 21. Effect of cooling time on the strength of HAZ, for steel S960 (Björk et al. 2012, 

p. 73). 

 

Besides the softening effect, the weld metal strength also affects the location of the weakest 

point of the joint. If weld metal has lower yield strength than the base metal, the weld metal 

is undermatched and lowest strength occurs at weld itself. However, if weld metal has ap-

proximately same yield strength as the base metal, thus weld metal is matched, and lowest 

strength is located at HAZ. In figure 22 is shown yield and tensile strengths for three different 

weld metals at different locations. In all cases used base metal is S960 steel. Weld metal X96 

is matched with yield strength of 930 MPa, 13.31 is slightly undermatched with yield 

strength of 850 MPa, and 12.64 is undermatched with yield strength of 470 MPa. (Björk et 

al. 2012, p. 71–72.) 

 

 

Figure 22. Yield and tensile strengths for three different welds at BM, HAZ and weld metal 

(WM) (modified from Björk et al. 2012, p. 72). 
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From figure 22 can be observed that matched and slightly undermatched weld metals X96 

and 13.31 have lowest ultimate tensile strength at HAZ, and when more undermatched weld 

metal is used, the location of the lowest tensile strength shifts towards weld metal, and if the 

weld metal is significantly undermatched, for example, 12.64, the strength values at weld 

can be even lower than in HAZ. 

 

The different yield strengths of HAZ and adjacent zones (WM and BM) cause so-called 

constraint effect, especially when the weld filler is matched and lowest yield strength occurs 

at HAZ. The softer zone at HAZ starts to yield first, thus, plastic deformations occur. How-

ever, the elastic zones around prevent strains in transverse direction and necking is prevented 

at HAZ. This constraint effect causes the occurrence of hydrostatic stress component in soft 

HAZ and the stress triaxiality increases. Due to the hydrostatic stress component, the stress 

required to propagate plastic strain is significantly higher. (Amraei et al. 2016b, p. 228; Rod-

rigues et al. 2004, p. 11–12.) 

 

Amraei et al. (2016b, p. 236–237) states that the increase in yield strength for very narrow 

HAZ, such as keyhole welded specimen, could be as high as 1.65 times the value von Mises 

yield criterion indicates. The value in the study assumes plane strain conditions, and if the 

HAZ geometry causes plane stress state, the yield strength is 1.125 times von Mises criterion. 

Also, HAZ size affects the benefits of constraint effect and deformation capacity of the joint. 

When HAZ is very narrow, the constraint effect is strong, and the hydrostatic stress creates 

a beneficial increase in yield strength until necking becomes so significant that the adjacent 

zones cannot continue increasing the yield strength due to loss of rigidity on BM. When the 

HAZ is very wide, the plastic strain concentrates more on only the HAZ causing the plastic 

strains at BM remain smaller, thus, the deformation capacity of the joint decreases. (Amraei 

et al. 2016b, p. 238.) 

 

2.6 Effective notch stress method 

One possible method for defining stress concentrations and notch stresses is called effective 

notch stress method (ENS). Even though ENS is often related to fatigue analysis, it can be 

utilized for defining different joints or notches stress concentration factors. In ENS method, 

weld toe and root are modeled with reference radius rref of 1.0 mm or 0.05 mm, which are 
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based on different hypotheses. (Hobbacher 2014, p. 29–30; Sonsino et al. 2012, p. 2–3.) 

According to Sonsino et al. (2012, p. 3) the selection of reference radius can be also based 

on empirical observations, and for welded joints made of structural steel with at least 5 mm 

thickness, 1.0 mm radius is used. The Smaller radius can be used for example in thin plate 

structures and in the automotive industry, even though Hobbacher (2014, p. 29) states that 

ENS method is limited to plates with thicknesses of 5 mm or greater. In figure 23 is shown 

the locations of reference radii for fillet and butt welds. 

 

 

Figure 23. ENS reference radii for fillet and butt welds (Sonsino et al. 2012, p. 3). 

 

The theoretical basis of 1.0 mm reference radius is derived from the hypothesis of micro-

support, which was then related to fatigue calculations by using fictitious notch rounding. 

Real notches have an end radius of ρ, and also the material has specific microstructural sup-

port length ρ* at the root of the notch. The fictitious notch replaces the real notch and the 

support length area so that the maximum stress at the root of the fictitious notch is equal to 

the averaged stress along the support length of the real notch. Also, the fictitious notch root 

radius ρf is obtained from the sum of the real notch radius and support length multiplied by 

stress triaxiality factor s. In figure 24 is shown the schematic figure of fictitious notch round-

ing concept. (Fricke 2010, p. 2; Radaj & Vormwald 2013, p. 6–7; Sonsino et al. 2012, p. 2–

3) 

 



36 

 

 

Figure 24. Fictitious notch rounding concept (Sonsino et al. 2012, p. 4). 

 

The fictitious radius of ENS method is derived by seeking the combination, which causes 

the worst scenario. In the worst case, the real notch radius is zero, thus, the notch is consid-

ered to be a crack. Also, for steels the micro-support length is approximately 0.4 mm, and 

the most harmful situation occurs, when stress triaxiality is 2.5. By substituting these values 

into equation shown in figure 24, reference radius of 1.0 mm is obtained. (Fricke 2010, p. 

2–3; Sonsino et al. 2012, p. 2–3) 

 

 𝜌𝑓 = 𝜌 + 𝑠𝜌∗ = 0 𝑚𝑚 + 2.5 ∗ 0.4 𝑚𝑚 =  1.0 𝑚𝑚 

 

When using ENS method for fatigue analysis, the notch stress is usually defined from finite 

element method, and different stress values affect the value of the used FAT-value (Sonsino 

et al., 2013, p. 4). In this thesis notch stresses are used only for defining stress concentrations, 

thus FAT-values are not used, and all notch stresses are defined by using maximum principal 

stresses. 

 

2.7 Applications of finite element analysis 

Finite element analysis (FEA) is the most convenient way of defining notch stresses, thus, it 

is being utilized in this thesis in order to find ENS stress concentrations. Plate structures can 

be modeled by using several different element types. Hexahedral 3D continuum (solid) ele-

ments are most suitable for ENS calculations due to best accuracy, according to Baumgartner 

& Bruder (2013, p. 137). Also, hexahedral elements are more efficient, and also have better 

convergence rate than tetrahedral elements, however, when hexahedral elements are used, 
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the mesh quality has to be ensured because hexahedral elements are more prone to lose ac-

curacy due to mesh distortion. (Abaqus 2016, Ellobody, Feng & Young 2014, p. 37–38.) 

 

Baumgartner & Bruder (2013, p. 138) proposed different guidelines for mesh sizing in ENS 

models for different element orders and shapes. Tetrahedral mesh might result in even 10 % 

higher stresses, so it should be avoided. For hexahedral meshes, less than 2 % error is 

achieved with 24 elements over 360 °, even with linear shape function elements, if correct 

aspect ratios are used. If linear hexahedral elements are used, element aspect ratios and the 

size ratio of adjacent elements in radial direction should be 3, and for quadratic shape func-

tion hexahedron, sufficient aspect ratio is 2. It is also good to notice, that the aspect ratio 

recommendations should be fulfilled in the direction of the steepest stress gradient, and for 

example, the element edge size along weld seam is of lesser importance, due to lower stress 

gradient. (Baumgartner & Bruder 2013, p. 145.) 

 

Some finite element software can also model discontinuities, for example, cracks, which is 

often referred as extended finite element method (XFEM). The basis of XFEM is adding 

enrichment functions to nodes near the discontinuity. The enrichment functions add addi-

tional degrees of freedom to the conventional finite element representation. In XFEM, an 

enrichment support domain must be defined, in which the enrichment occurs. In figure 25 is 

shown the fundamental principle of XFEM. Grid represents enrichment domain. (Abaqus 

2016; Mohammadi 2008, p. 72–73.) 

 

Figure 25. The principle of nodal enrichment in XFEM (Mohammadi 2008, p. 72). 
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XFEM can be used for cohesive crack analysis and modeling crack growth, but also for 

evaluating contour integral (J-integral), and stress intensity values for stationary surface 

cracks (Abaqus 2016). In this thesis, XFEM analysis is limited only to stationary surface 

cracks, such as initial cracks at weld toe, because the research is emphasized on the ultimate 

capacity under static loading, and the fatigue cycles causing the crack growth, and fatigue as 

a phenomenon are not studied.   
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3 RESEARCH METHODS 

 

 

Research methods used in this thesis are literature survey, laboratory tests, and finite element 

analysis. The goal of the literature search is to discuss previous studies and also the present 

fundamental theory behind the research problem. Most of the research is done by numerical 

simulations by using finite element analysis, which is the most important research method 

of this thesis results-wise. Laboratory work is on lesser emphasizing in this thesis, and it is 

used for FEA model verification in order to improve FEA models. 

 

3.1  Literature search 

The scientific articles used as references in literature search were mostly obtained from Sco-

pus database. All scientific articles in Scopus are peer-reviewed, thus the reliability of the 

articles can be assumed to be good. Also, the most of the used scientific articles were pub-

lished during last five years, so the information is up to date. Besides scientific articles, 

books were also used as reference material. Even though older books always include the risk 

that the information is outdated, the books were used as references for fundamental theories 

that have not changed over time.  

 

3.2 Laboratory tests 

Laboratory tests included quasi-static tests for six test specimen. Besides quasi-static tests, 

also other measurements were performed, for example, hardness measurements. The tested 

specimen consisted two butt welded (BW) joints, two non-load carrying X-joints, and also 

two arrow plate (AP) specimen. The dimension drawings of the specimen are shown in figure 

26. 
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Figure 26. Dimension drawings of the butt weld, X-joint and one-sided arrow plate joint 

specimen. Note that the dimensions are after removing the weld ignition and ending points. 

 

The point of laboratory tests was to examine the effect of the joint shape on the ultimate 

static capacity, thus, one specimen of each type was grounded flat before testing. In table 1 

is shown the used test specimen IDs and respective joint types. 
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Table 1 Test specimen IDs and joint types. 

ID Joint type Other remarks 

A2_1 Butt weld None 

A2_3 Butt weld Ground flat 

X1_3 X-joint Ground flat 

X2_2 X-joint None 

N2_2 Arrow plate Ground flat 

N2_4 Arrow plate Arrow plate only on one side 

 

The material of every test specimen is SSAB Strenx® S960MC UHSS, and the used weld 

metal is Voestalpine Böhler Union X96 with a wire diameter of 1 mm. The test specimen 

were manufactured in the year 2012 when the corresponding material notation was Ruukki 

Optim S960QC. The chemical compositions of both materials, along with mechanical prop-

erties are shown in table 2. Values for base material S960MC are obtained from the test 

report of the specific plate, delivered by SSAB. 

 

Table 2 Base material and weld material mechanical properties and chemical compositions 

(Voestalpine Böhler 2013, p. 250). 

 Mechanical properties 

Material 
Yield strength fy 

[MPa] 

Ultimate strength fu 

[MPa] 
Elongation A [%] 

Charpy Impact 

test (V-notch) [J] 

S960MC 1061 1161 11 64 (-40 °C) 

Union 

X96 
930 980 14 47 (-50 °C) 

 Chemical composition (weight-%) 

 C Si Mn P S Al N Cu Cr Ni Mo Sn 

S960MC 0.097 0.2 1.08 0.008 0.001 0.033 0.006 0.015 1.1 0.08 0.129 0.004 

Union 

X96 
0.12 0.8 1.9 - - - - - 0.45 2.35 0.55 - 

 

All specimen were welded by using gas metal arc welding (GMAW). The butt weld and X-

joint specimen were welded manually, but for the arrow plate specimen, welding robot was 

used. The butt weld specimen were welded with two passes into 50° V-groove, and both 
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passes were welded from the same side. Fillet welds for X-joint specimen were welded in 

one pass for each side. The arrow plate specimen have slightly different welding parameters 

for arrowheads and sides because the head is of greater importance, thus, the melting of 

attached plate edge needs to be avoided especially near arrow plate ends. The arrow plate 

specimen welds ignition and ending points are located on the sides of the arrow plate. The 

arrow plate specimen had the attachment only on one side. In table 3 is shown the main 

welding parameters for all specimen. The values were obtained from corresponding welding 

procedure specifications (WPS). 

 

Table 3 Welding parameters for test specimen. 

Specimen 
Current 

(A) 

Voltage 

(V) 

Travel speed 

(mm/s) 

Wire feed 

(m/min) 

Arc energy 

(kJ/mm) 

Butt weld 

(Pass 1) 
249 26.1 9.35 13.4 0.69 

Butt weld 

(Pass 2) 
258 26.1 9.97 16.3 0.67 

X-joint 256 26.6 5.62 15.5 1.22 

Arrow plate 

(heads) 
202 26.6 9.00 10.0 0.42 

Arrow plate 

(sides) 
202 26.6 8.00 10.0 0.48 

 

The test specimen dimensions and shapes were also measured before the tensile tests were 

performed. For butt weld and X-joint specimen, 2D laser measuring was sufficient in order 

to obtain the geometry of the joint. The measuring was carried out over 100 mm span over 

the joint in such way, that the joint is located in the middle of the span. Also, the shape of 

the weld at arrow plate tip was measured by using the same procedure with measuring the 

span of 50 mm along the direction of the test specimen. The specimen effective weld throat 

dimensions were defined from the shape measurements. In addition, the X-joint specimen 

weld start and end parts were sawed off from the specimen and polished, thus the effective 

weld throat dimension for X-joints was also defined from the cross section. The polished 
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cross section also shows the shape of the HAZ. In figure 27 is shown the nominal and effec-

tive weld throat dimensions for X-joint specimen. The laser shape measurements are shown 

in appendix I. 

 

 

Figure 27. X-joint specimen weld throat dimensions and HAZ shape. 

 

As observed from figure 27, the nominal and effective throat dimensions distinguish signif-

icantly, thus there is notable penetration on every weld bead. The amount of penetration 

affects the shape of HAZ and due to greater penetration, the width of unaffected base mate-

rial becomes narrower. Especially on right-hand side of the polished section in figure 27, the 

width of unaffected base material is very narrow. In table 4 is shown the nominal weld throat 

dimensions obtained from laser shape measuring. 

 

Table 4 Specimen nominal weld throat dimensions from laser measurements. 

Specimen Weld 1 [mm] Weld 2 [mm] Weld 3 [mm] Weld 4 [mm] 

X1_3 5.27 5.00 5.20 5.34 

X2_2 5.21 5.09 5.19 5.14 

A2_1 10.709 - - - 

A2_3 10.710 - - - 

N2_2 3.86 3.92 - - 

N2_4 3.85 3.78 - - 
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The nominal throat thicknesses of the arrow plate specimen are notably smaller than the 

manufacturing drawing indicates. This is due to the fact that the maximum allowable throat 

dimension, in order to avoid melting of the arrow plate edge, is 5 mm, which was in the 

drawing. In reality, the actual throat thickness is smaller in order to ensure the edge will not 

melt. 

 

In addition, the hardness was measured from the same polished sections, where the throat 

dimensions were measured. A used method for hardness measuring was Vickers hardness 

with 5 kg weight (HV 5). In figure 28 is shown the hardness distributions across fillet weld 

from test specimen X1_3 and X2_2. Red and blue curves represent specimen X1_3 and 

X2_2, respectively. Even though the hardness distributions are measured across two differ-

ent welds, they are comparable, because the measuring points are corresponding to each 

other. 

 

 

Figure 28. Hardness distributions for test specimen X1_3 (red) and X2_2 (blue). 

 

Figure 28 shows similar hardness distribution as presented by Björk et al. (2012, p. 72), and 

both distributions show the soft zone at the boundary of HAZ and BM. The figure also shows 

the zone with a smaller decline in hardness near the fusion line. In table 5 is shown the 

average hardness values for different zones.  
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Table 5 Average hardness values for X-joint specimen zones. 

Specimen 
Average Vickers hardness (HV) 

WM CGHAZ FGHAZ SCHAZ BM 

X1_3 403 324 352 281 362 

X2_2 381 314 347 277 342 

 

Based on hardness measurements, material yield, and tensile strengths can be estimated. The 

estimations are not exact, because the hardness measurements include some deviations, and 

the hardness values are dependent on the exact location, for example, the hardness is differ-

ent at a grain boundary and in the middle of a grain, or when the measuring tool encounters 

hard phases in the microstructure, the measures might deviate. Pavlina & Van Tyne (2008, 

p. 888–889) states that there is a relation between Vickers hardness and both yield and tensile 

strength of the material. The equations presented by Pavlina and Van Tyne (2008, p. 888–

889) are obtained by using least squares linear regression, so they produce approximate re-

sults for yield and tensile strengths. In equations 3 and 4 are shown the relation between 

Vickers hardness and material yield and tensile strength. 

 

𝑓𝑦 = −90.7 + 2.876𝐻𝑣   (3) 

𝑓𝑢 = −99.8 + 3.734𝐻𝑣   (4) 

 

In equations 3 and 4 Hv is Vickers hardness. By utilizing previous equations and average 

results from hardness measurements, the approximations for yield and tensile strengths of 

different zones can be estimated. All test specimen are from the same plate, thus, the me-

chanical properties of the base material are identical, regardless of joint type. Also, the weld 

metal is same for each specimen, so following strength estimations are valid for every spec-

imen. In table 6 is shown the strength estimations based on hardness measurements. 
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Table 6. Yield and tensile strengths based on hardness measurements. 

Specimen 
Yield strength (MPa) 

WM CGHAZ FGHAZ SCHAZ BM 

X1_3 1068 841 922 718 950 

X2_2 1005 812 907 706 893 

 
Tensile strength (MPa) 

WM CGHAZ FGHAZ SCHAZ BM 

X1_3 1405 1110 1215 950 1252 

X2_2 1323 1073 1196 935 1177 

 

The weld metal strength values based on hardness measures gives slightly higher results that 

are reasonable, especially for specimen X1_3. For example, Amraei et al. (2016a, p. 4), Am-

raei et al. (2016b, p. 232) and Björk et al. (2012, p. 72) have reported that WM hardness for 

the same material pair (S960 and Union X96) was approximately 360 HV. Based on that, 

the hardness measurement for specimen X2_2 should provide more accurate results. There 

are many reasons why the hardness at WM of specimen X1_3 is higher than usually, for 

example, the weld might have cooled down more rapidly than normally, thus, martensite 

forming and hardening occurs. Also, the alloying near the fusion line might affect the local 

hardness values. Nevertheless, the values for other zones, from both curves, seem reasonable 

when compared to previously mentioned references and material certificates. 

 

The test specimen were tensile loaded by using displacement control with approximate draw-

ing speed of 2 mm/min. The speed was decreased, when plastic deformations and necking 

occurred in the specimen, in order to obtain more accurate results near the maximum load. 

Stresses and strains of the specimen were measured by using digital image correlation (DIC), 

and no strain gages were used. The DIC camera lens diameter was 75 mm, shutter time 22.8 

ms, and the used facet size was 18*14. In addition, the test rig had force and displacement 

sensors, which reported the force acting to the specimen, and the total displacement of the 

rig’s hydraulic cylinder. In figure 29 is shown the DIC camera setup, and the used test rig 

with specimen A2_3 attached. 
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Figure 29. Test rig with specimen A2_3 and the DIC camera setup. 

 

The specimen were fastened to the rig by using pins on both ends of the specimen. The pin 

was then fastened by a bolt, so the specimen is firmly attached to the rig. As seen from figure 

29, the forced displacement is applied on the right-hand side of the rig. 

 

3.3 Finite element analysis 

The finite element analyses were done by using FEA software Abaqus 2016. Test specimen 

were modeled by using a Python script, which enabled the parametrization of essential spec-

imen dimensions. ENS and XFEM models had linear material and geometry models because 

small displacement theory is sufficient in order to receive reliable results. However, when 

softened zone’s effect on the ultimate capacity is modeled, nonlinear material models are 

used, and also nonlinear geometry is required. 

 

According to Cook (1995, p. 283) the criteria, when nonlinear geometry needs to be used, is 

when the displacement is so large, that it affects the way the load is applied to the structure, 

or how the structure is able to resist the structure, for example, due to necking. Ultimate 

capacity models include significant deformations and excessive necking, so the way the 

structure resists external load alters, thus, nonlinear geometry needs to be considered. 
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3.3.1 Finite element analysis of the joint ultimate capacity 

The effect of softening was examined on several different joint types: butt weld, transverse 

attachment, and arrow plate. The effect of joint geometry was also studied, and the joints 

were modeled with different shapes. Also, the case, where only heat input is applied to the 

base plate, is examined. Besides joint geometry, the size and shape of the HAZ is an im-

portant variable in the analysis. 

 

Material strength and strain properties were obtained from hardness measurements and ma-

terial data sheets. However, the strength values based on hardness measurements and test 

reports are nominal values, and true stress values should be used in FEA in order to model 

ultimate capacity more accurately, because true stress values take into account the true cross 

section of the specimen, whereas engineering values refer to the nominal cross section. Es-

pecially after necking has begun, the difference between true and engineering values is sig-

nificant. Following equations 5 and 6 are used in order to convert nominal stresses and strains 

to true values (Dowling 2007, p. 127). Following equations are valid only before necking 

has started, and after that, more sophisticated models are necessary. 

 

  𝜎𝑡𝑟𝑢𝑒 = 𝜎(1 + 𝜀)   (5) 

  𝜀𝑡𝑟𝑢𝑒 = ln (1 + 𝜀)   (6) 

 

In equations 5 and 6 σtrue is true stress, εtrue is true strain, σ is stress and ε is strain obtained 

from conventional force-displacement material test. In addition, the damage model is needed 

in order to model the failure of the elements correctly. The used damage model consists two 

parts: damage initiation criteria, and damage evolution phase. Damage initiation was defined 

as constant strain, thus it is independent on strain rate or stress triaxiality. The damage evo-

lution phase causes element softening, thus the stress in an element that fulfills damage ini-

tiation criteria, decreases as strain increases until specific failure strain is achieved, and the 

element becomes inactive. In figure 30 is shown the stress-strain curve with progressive 

damage model (Abaqus 2016). 
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Figure 30. Stress-strain curve with damage model (modified from, Abaqus 2016). 

 

In figure 30, σy0 is yield stress at the initiation of damage, ε̅0
pl is equivalent plastic strain at 

damage initiation, ε̅f
pl is the equivalent plastic strain at failure, D is overall damage variable, 

and σtrue is true stress. In used damage model, the overall damage variable is composed based 

on individual damage variables d, but in this case, only one initiation criteria, constant frac-

ture strain is used, so the overall damage variable D is equal to individual damage variable 

d. 

 

After initiation of the damage, the individual damage variable is dependent on effective plas-

tic strain, however, the plastic strain is dependent on mesh size. Abaqus replaces plastic 

strain with effective plastic displacement in order to minimize mesh dependency, thus, the 

individual damage variable is linearly dependent on effective plastic displacement u̅pl. The 

plastic displacement at failure u̅pl
f is unknown, therefore it had to be calibrated by using test 

data. The calibration was done manually by changing the material parameters and comparing 

results with the laboratory test data. The damage variable is dependent on the effective plas-

tic displacement, and the linear relation was used. So when plastic displacement achieves 

the value at failure, the damage variable is 1 etc. Even though the mesh dependency is min-

imized, element aspect ratio has significant effect on the damage behavior of the model, 

because elements with high aspect ratios have different failure properties in different direc-

tions. When ultimate capacity was modelled, constant mesh density was applied in order to 

ensure elements with aspect ratios close to unity. (Abaqus 2016.)  
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In addition, element deletion was included in the model, thus, when element reaches specific 

value for overall damage variable at one integration point, the element becomes inactive, so 

the element has no stiffness. The value for maximum degradation Dmax was calibrated so the 

model does not provide significantly non-conservative results for displacement capacity. 

(Abaqus 2016.) 

 

After material model calibration based on the test results, values were obtained for different 

zones’ strength, strain, and fracture models. The whole HAZ is replaced with one material 

model, hence, the used model cannot represent true behavior precisely. Nevertheless, the 

study’s reliability is ensured by utilizing the same approximate material model all the time, 

and studying what relative effects different geometric parameters have on the ultimate ca-

pacity of the joint. In table 7 is shown the calibrated material properties for different zones. 

All zones used modulus of elasticity E = 200 GPa, and Poisson ratio ν of 0.3. 

 

Table 7 Calibrated material model values. 

Zone 

True yield 

strength fy,true 

[MPa] 

True ultimate 

strength fu,true 

[MPa] 

True ultimate 

plastic strain 

εu,pl,true [-] 

Effective plastic 

displacement at 

failure u̅pl
f [mm] 

Maximum 

degradation 

Dmax [-] 

BM 1066.3 1201.6 0.0296 1 0.9 

HAZ 708.5 979.8 0.044 1 0.3 

WM 967.5 1191.3 0.0296 1 0.9 

 

Strength values were estimated and calibrated based on material certificates and hardness 

measurements. The strength values based on hardness measurements, shown in table 6, are 

estimations, thus, they might include inaccuracy. However, the material model calibrations 

help to increase the reliability of the research, because the error of used strength values can 

be minimized. Especially the strength values for weld metal from hardness measurements 

are significantly higher than the values in the material certificate. The values from material 

certificate appeared to be too low, based on calibrations, thus the strength values for WM 

were obtained by taking the average of both material certificate and hardness measurements. 

The averaged strength values yielded good results, so they are acceptable. The effective 

plastic displacement was same for all zones, and the values shown in table 7 are valid for 
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uniform mesh sizing of 1 mm. The zones’ different damage properties were taken into ac-

count by using different values for maximum degradation. 

 

The effect of different parameters on the ultimate capacity was studied, and every joint type 

had own parameters that were altered. However, there were also constant parameters, such 

as air gap and the total length of the specimen. In figure 31 is shown the abbreviations of the 

most important geometric parameters. 

 

 

Figure 31. Specimen geometric parameters. 
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In figure 31 tb and wb are base plate thickness and width. ta, wa and ha are attached plate 

width, thickness, and height, respectively. wHAZ is the width of the HAZ, wreinf and hreinf are 

the width and height of the weld reinforcement, respectively, hroot is root reinforcement 

height, a is weld throat dimension, g is an air gap, and α is arrow plate head angle. In table 

8 is shown the test matrix of FEA models with variable and constant parameters. 

 

Table 8 FEA test matrix. 

Variable parameters Constant parameters 

Butt weld models  

tb [mm] 4 6 8 10   wreinf [mm] 11.0 

wHAZ [mm] 1.5 3.0 4.5 6.0 7.5 9.0 
hreinf [mm] 1.28 

hroot [mm] 1.4 

X-joint models   

ta [mm] 8 16     a [mm] 5 

tb [mm] 6 8 10 12   g [mm] 0.1 

wHAZ [mm] 2 3.5 6.5    ha [mm] 15 

Arrow plate models   

α [°] 60 90 135 180   ta [mm] 8 

tb [mm] 6 8 10 12   
wa [mm] 40 

wb [mm] 60 

 

The used element type for ultimate capacity models was linear brick element with reduced 

integration, element code C3D8R in Abaqus/Standard library. Used mesh sizing was uni-

form 1 mm in order to ensure aspect ratios close to unity. The models were 100 mm along 

the loading direction, and because symmetry is utilized, the FEA models depict 200 mm 

range of the test specimen, which is corresponding to 200 mm gage length in DIC. In figure 

32 is shown the test specimen model geometries with different zones highlighted. 
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Figure 32. FEA models for butt weld, X-joint, and arrow plate joint specimen. Green region 

represents BM, yellow region HAZ, and red region WM. 

 

The shape of HAZ was modeled as a spline for BW joint models, and the shape was obtained 

from existing image of polished section butt welded joint. For X- and AP joint models, the 

HAZ was modeled by using arcs, and no penetration was included in the analysis. The three 

different HAZ variations for X-joint are shown in figure 33. 

 

 

Figure 33. Three studied HAZ widths for X-joint ¼ models. 

 

As observed from figure 32, the butt weld and arrow plate models represent half of the gage 

length, and the X-joint specimen is one-quarter model, thus symmetry is utilized along X-

axis in every model, and also along Y-axis in X-joint models. It is also good to notice, that 

the models are symmetrical also along Z-axis, but the symmetry was not utilized in that 

direction, because according to Björk et al. (2015, p. 17) the failure at BM under tensile load 

occurs in 30° angle, thus, the fracture is asymmetric and symmetry boundary condition must 

be avoided. Besides symmetry boundary conditions, also translations along Y- and Z-axis 
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were constrained in specific locations in order to prevent rigid body movement. In figure 34 

is shown the locations of used boundary conditions and external loads. 

 

 

Figure 34. FEA model boundary conditions and external loading. 

 

Loading of the specimen was modeled as forced displacement of the base plate end along 

X-axis. The displacement was set as a linear ramp function, which increases from zero to 10 

mm during analysis time. The used maximum time increment was 0.0025 s, and total step 

time was selected as 1.0 s, thus, forced displacement increased not more than 0.025 mm 

during every increment. The analysis was run until the analysis becomes unstable, thus, frac-

ture occurs. 

 

In figure 34, highlighted edges represent boundary conditions that constrain translational 

degrees of freedom (DOF), along with either Y- or Z-axis. On vertical edges, the translation 
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along Z-axis is constrained, so necking is allowed at the cross section, but rigid body move-

ment is prevented. Similarly, the translation along Y-axis is prevented on horizontal edges, 

which are parallel to Z-axis. Symmetry boundary condition along X-axis constrains transla-

tional DOF along X-axis, and rotational DOFs along Y- and Z-axes, however, solid elements 

do not have rotational DOFs, so symmetry constraints only translation normal to the surface, 

where boundary condition is applied. In figure 34, X-symmetry is applied on the models’ 

surface, which is normal to X-axis, and on the left-hand side. In addition, symmetry along 

Y-axis is applied to the bottom surface of the X-joint specimen, and the symmetry boundary 

condition constrains translational DOF along Y-axis. The damage model is mesh sensitive, 

so mesh verification was essential, especially with respect to aspect ratios. In figure 35 is 

shown the meshes of the specimen. 

 

 

Figure 35. FEA model meshes. 

 

Arrow plate specimen is very unlikely fracturing from the top of the attached plate due to 

the force flux bypasses the attachment as it goes through the base plate, so the mesh of the 
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attachment could be slightly coarser in order to decrease computational requirements with-

out sacrificing accuracy. In table 9 is shown model element numbers and characteristic val-

ues of mesh qualities. The element quantities represent only these three models, and when 

parameters were changed, the element number naturally changes. 

 

Table 9 FEA model mesh data and characteristic values. 

Model 
Element 

number 

Average aspect 

ratio [-] 

Average  mini-

mum face 

angle [°] 

Average maxi-

mum face 

angle [°] 

Butt weld 56 220 1.14 78.78 101.25 

X-joint 34 020 1.39 81.85 98.53 

Arrow 

plate 
72 892 1.59 76.54 103.89 

 

As seen from table 9, the average aspect ratio is very close to unity, so the damage model 

works properly from mesh point of view. However, there might be other potential sources 

of error that are independent on mesh. Also, the element shapes are very close to ideal brick 

elements, because average element face angles are very close to ideal 90°, so the distortion 

does not cause errors. Excessive distortion should be avoided, because distortion of isopar-

ametric elements might affect the determinant of Jacobian matrix, thus, causing errors and 

poor stress estimates (Bull 1988, p. 83). According to Bull (1988, p. 83), the warning range 

for excessive element distortion is minimum face angle of less than 30°.  

 

3.3.2 Finite element analysis of brittle fracture assessment 

When investigating brittle fracture, and the correlation between ENS and stress intensity 

factor (SIF), the studied geometry was non-load carrying X-joint. The geometry parameters 

of the studied X-joint are same as X-joint specimen shown in figure 31, p. 50. ENS and 

XFEM models used linear material models with E = 200 GPa, and ν = 0.3, and also linear 

geometry was used. ENS and XFEM models used linear brick elements with full integration, 

Abaqus library code C3D8, in order to obtain best results that can be achieved by utilizing 

first order elements. In addition, both models include linear wedge elements C3D6(R) in 

order to generate mesh refinement zones. ENS and XFEM model geometries differ only 

from weld toe: ENS models have 1 mm fictitious fillet radius at weld toe, and in XFEM 
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models the weld toe is modeled as a sharp edge. In figure 36 is shown the geometry and 

mesh at weld area and in both ENS and XFEM models. 

 

 

Figure 36. ENS (left) and XFEM (right) model geometries and meshes at weld area. 

 

Both ENS and XFEM models had same boundary conditions. Symmetry was utilized along 

all three global coordinate axes in order to minimize computational requirements. The ex-

ternal tension load was applied as uniform pressure of 100 MPa to the end surface of the 

base plate. In figure 37 is shown the boundary conditions and an external load of ENS and 

XFEM models. 

 

 

Figure 37. ENS and XFEM model boundary conditions and external loading. 

 

Symmetry along X-axis is applied to the highlighted surface normal to the X-axis, symmetry 

along Y-axis is applied to the bottom surface of the base plate, which is normal to the Y-
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axis, and Z-symmetry is applied to the highlighted surface, which is normal to Z-axis. Due 

to solid elements having zero rotational DOF, the symmetry boundary conditions constrain 

only translational degrees of freedom. For example, X-symmetry constraints translation 

along X-axis etc. Additional boundary conditions are unnecessary because rigid body move-

ment is constrained by all three symmetry conditions. 

 

In XFEM models, the elliptical crack depths ac was selected to be 0.1 and 0.5 mm in order 

to model initial flaw that could be present at weld toe, and also to study how significantly 

increasing crack size affects stress intensity, thus, the probability of brittle fracture. The 

crack depth to width ratio was selected to be 10, hence, studied crack half-widths were 1.0 

and 5.0 mm. The crack domain was selected to be weld and HAZ areas. Figure 38 illustrates 

the crack domain and also the crack location at the specimen. 

 

 

Figure 38. XFEM crack domain and the crack. 

 

The test matrix of the ENS and XFEM models consisted varying the base plate and attach-

ment thicknesses, and the XFEM models were analyzed with both crack lengths. Attachment 

height was set as 15 mm and weld throat dimension as 5 mm. The test matrix is shown in 

table 10. 

 

Table 10 ENS and XFEM model test matrix. 

Variable parameters Constant parameters 

ta [mm] 8 16 ha [mm] 15 

tb [mm] 6 8 10 12 a [mm] 5 

ac [mm] (XFEM only) 0.1 0.5 g [mm] 0.2 
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The crack initiation criteria for stress intensity factor was selected as maximum tangential 

stress, and a total of 6 contours at crack was selected. The crack growth was restricted, be-

cause the main purpose of the study was to examine brittle fracture tendency of the joint and 

not fatigue. XFEM results for stress intensity factors are highly dependent on mesh sizing, 

and especially when the crack is small, the element size must be sufficiently small. Element 

size in XFEM models was 0.06 mm both in the elliptical crack width and depth direction. 

Elsewhere the mesh was significantly coarser, due to the fact that only area with greater 

interest is crack surroundings. Also, ENS results are dependent on element sizes near the 

fictitious radii, so element sizing was selected, hence, at weld toe, there are 80 elements for 

360°, meaning 10 elements for 45° arc, and for weld root radii, there were 34 elements for 

360°. The ENS stresses of weld root are of lesser importance, because in this study, only the 

relation of weld toe crack SIF and effective notch stresses is studied. In figure 39 is shown 

the mesh sizing near weld toe for both ENS and XFEM models. 

 

 

Figure 39. Weld toe meshing in ENS (left) and XFEM (right) models. 

 

The mesh quality at weld toe appears to be sufficiently good, and for XFEM models, the 

worst aspect ratio near crack is 4.0, and the average is 2.94. For ENS model’s mesh at the 

fictitious radius at weld toe, average and maximum aspect ratios both are equal to 14.06, 

which is slightly higher than recommended, however, the largest aspect ratio occurs in the 

transverse direction (Z-axis) with respect to the loading, which has low stress gradient. The 

more interesting aspect ratio in ENS model is the ratio of element sides in XY-plane, in 

which, the aspect ratio is 2.94, is almost the value of 3.0 that Baumgartner & Bruder (2013, 

p. 145) recommends. The analysis type was linear static for all ENS and XFEM models, and 

the analysis was run in one step, thus, the external load was applied instantaneously.  

 



60 

 

4 RESULTS AND ANALYSIS 

 

 

In this chapter, the results obtained from laboratory tests and FEA are presented. Due to the 

significant amount of data and especially a number of different graphs, the analysis chapter 

is merged into this chapter. Both results and analysis are presented in the same chapter in 

order to clarify the connection between results and analysis. 

 

4.1 Results from laboratory tests 

Laboratory tests showed, that removing the constraint affects the joints properties and be-

havior. In figure 40 is shown the force-displacement curves obtained from the rig displace-

ment sensors. Note that the curves include also the displacements of the whole rig, which 

consists also clearances. 

 

 

Figure 40. Force-displacement curves from the displacement transduces of the test rig. The 

test specimen notations are shown in table 1, p. 40. 
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In every joint type, the case with constraint still present showed significantly better defor-

mation capacity, and also in some cases, better ultimate load capacity. In table 11 is shown 

the ultimate load capacities and maximum displacements for the test specimen. The values 

are obtained from test rig, so clearances for displacement values are included. 

 

Table 11 Laboratory test results. 

 
Specimen 

A2_1 A2_3 X2_2 X1_3 N2_4 N2_2 

umax [mm] 11.50 10.30 27.78 13.33 22.26 18.32 

Fmax [kN] 508 476 546 481 535 533 

 

The laboratory tests indicate that removing the constraint decreases both ultimate load, and 

displacement capacities, but the difference is greater when the fracture mode is also altered. 

For BW specimen, the effect of constraint is not very significant, because the constraint 

(weld reinforcement) itself is not very rigid compared to other joint types. Therefore, the 

decrease of BW specimen deformation capacity is 10.4 %, when corresponding values of X- 

and AP-joint specimen are 52.0 % and 17.7 %, respectively. The most significant decrease 

in ultimate load capacity occurs, when X-joint specimen constraint is removed. The removal 

of the constraint shifts failure mode from the base material to HAZ region, decreasing ulti-

mate load capacity for 11.9 %, when the removal of the constraint in BW and AP joints 

decreases the load capacity by 6.3 % and 0.3 %, respectively. 

 

When comparing FEA and laboratory tests, it is more reasonable to use specific gage length 

and compare the results from DIC and FEA, instead of focusing on the displacements from 

the rig displacement transducer. In order to focus more on the most interesting parts of the 

specimen, DIC gage length was selected over the interesting part of the specimen. FEA mod-

els utilize symmetry, so the DIC gage length was selected correspondingly. The chosen 

lengths were 100 mm and 110 mm, in order to remain inside the DIC measuring area, and 

also, on the other hand, capture the whole fracture. Arrow plate specimen required slightly 

longer gage lengths because the attached plate itself was larger than in other examined spec-

imen. In figure 41 is shown the maximum principal strain contours and selected gage length 

locations from final DIC images before failure. 
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Figure 41. Maximum principal strain contours and gage length locations. 

 

The gage length was selected on the side of the joint, where the final fracture occurred. Blank 

areas in DIC images of specimen X2_2 and N2_4 represents areas with steep change in 

height, such as welds and attached plates, which DIC setup could not examine. Other blank 

areas represent locations, where the fracture was located and tearing occurred. The final 

fracture occurred at HAZ for both BW specimen, X1_3, and N2_2. For X-joint and AP spec-

imen, that had the constraint still present, the fracture occurred at the base material as in-

clined fracture, and due to short gage length in DIC setup, the failure in the base material of 

specimen N2_4 was not captured in the figures. Similar figures for maximum principal strain 

can be computed from FEA models, and the contours are shown in figure 42. 
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Figure 42. Maximum principal plastic strain contours from FEA models. 

 

The BW and X-joint specimen FEA models behaved very similarly as the laboratory tests, 

at least from facture mode’s point of view. Arrow plate specimen FEA models, on the other 

hand, did not present the exactly same fracture mode. FEA model of specimen N2_4 forces 

the fracture to occur at the gage length of the model, which is not the case in the real speci-

men. Also, the specimen N2_2 model did not concentrate the plastic strain into correct loca-

tion: the FEA model stated that the inclined fracture went through the location where arrow 

plate end was, but the laboratory test specimen inclined fracture began from the weld igni-

tion/ending point. Besides strain contours of the specimen, also force-displacement –curves 

were computed from both DIC and FEA results in order to examine the quality of the used 

FEA models. In figure 43 is presented the X-joint specimen force-displacement curves. 
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Figure 43. X-joint specimen force-displacement curves. 

 

The force-displacement curves of X-joints show that the material model gives sufficient 

results until the necking starts after the force has reached its ultimate value. Therefore addi-

tional parameters describing the post-necking part of the material would be necessary, espe-

cially for the base material, because the FEA curve of specimen X2_2 separates from the 

corresponding DIC curve immediately after necking has begun. On the other hand, the ma-

terial model is same for every FEA model, thus, relative changes can be modeled even 

though the post-necking part material model of BM is not very accurate. In figure 44 is 

shown the force-displacement curves of butt weld specimen. 

 

 

Figure 44. Butt weld specimen force-displacement curves. 
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The material models describe BW joints sufficiently well, even though also, in this case, the 

post-necking behavior is not precise. On the other hand, the location and value of the ultimate 

load are almost at the correct location, thus, sufficient accuracy is achieved. In figure 45 is 

shown the force-displacement curves of arrow plate specimen. 

 

 

Figure 45. Arrow plate specimen force-displacement curves. 

 

For AP joint specimen, the material model follows the real behavior well, when the con-

straint is not present, but when the arrow plate was still attached the material model predicts 

different behavior than DIC, because the real fracture of the test specimen occurred outside 

the DIC measuring length, thus, DIC setup captured displacement only along the gage length 

presented in figure 41. And in FEA, only the DIC gage length part of the specimen was 

modelled, and the FEA forces the fracture to occur in the model, so the numerical method 

and laboratory tests do not give exactly corresponding results. Due to the insufficient gage 

length of DIC, the AP specimen cannot be properly verified and more scatter is expected in 

the AP models that have the constraint present. 

 

The plastic strain concentrated at HAZ for specimen A2_1, A_3, X1_3, and N2_2, and for 

those specimen, the fracture occurred near the location of the constraint or the location where 

the constraint was before removing it. The localization of plastic strain caused the fracture 

to occur perpendicular to the loading direction, excluding the arrow plate specimen N2_2, 

where the final fracture occurred in 30° angle. The fracture of specimen X2_2 and N2_4, 

both of the specimen had constraint still present, occurred at the base material, away from 
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the constraint. When the failure occurred at BM, the fracture was inclined to 30° angle, as 

Björk et al. (2015, p. 17) stated. Every specimen showed at least small amount of necking, 

and the fracture was ductile in every case. The specimen fracture surfaces are shown in figure 

46. 

 

 

Figure 46. Test specimen fracture surfaces. 

 

Every specimen is a thin plate, and the stress state can be considered plane stress. From 

figure 46 it can be observed that every test specimen fracture surface consists shear lips, 

which are characteristic for ductile fracture as discussed in chapter 2.1. The test specimen 
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N2_2 does not have as smooth fracture surface as N2_4, where the fracture occurred in BM. 

In N2_2 the fracture went through both HAZ and BM zones, so the fracture surface and the 

shear lips formed in a different way dependent on the zone. The fracture surfaces of speci-

men X2_2 and N2_4 are similar due to the same fracture mechanism. For the same reason 

both BW specimen A2_1 and A2_3, along with X1_3 share similar fracture surfaces. 

 

4.2 FEA results for ductile fracture assessment 

In butt weld joints, the HAZ is located throughout the cross section of the plate, thus the 

width of HAZ is one of the most interesting parameters, because it can be controlled to some 

point, by using appropriate welding parameters. Also, the effect of plate thickness needs to 

be taken into account, because thin and thick plates behave differently in many cases. In 

figure 47 is shown the maximum displacements umax of butt weld specimen with different 

plate thicknesses and HAZ widths. 

 

 

Figure 47. Butt weld model deformation capacities.  

 

In order to make different plate thickness model results comparable, the HAZ width was 

divided by plate thickness in order to obtain relative HAZ width. In figure 48 is shown the 

ultimate loads of all butt weld models. The ultimate load capacity is highly dependent on 

cross section area, thus, plate thickness, so the joint ultimate forces Fmax were divided by 
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nominal cross section area Anom of the model in order to obtain comparable results. More 

detailed results are shown in appendix V. 

 

 

Figure 48. Butt weld model ultimate loads divided by nominal cross section area. 

 

The HAZ width, or more precisely, the relative HAZ width has a significant effect on both 

deformation and load capacity of the joint. When HAZ width exceeds the thickness of the 

plate, minimum deformation capacity is achieved, but ultimate load results show that the 

ultimate load capacity of the joint decreases even when relative HAZ width exceeds the base 

plate thickness. From the ductile fracture’s point of view, the most beneficial case for BW 

joint is to use a thicker plate, and also, to use as low heat input and many weld passes in 

order to achieve low relative HAZ widths. Of course using multiple passes affects other 

aspects, such as the amount of angular distortion, which might alter the stress state at the 

weld. Multiple pass welding also alters the HAZ sub-zones microstructure, which has its 

own effect on the results, but examining welding with multiple passes is not the topic of this 

thesis. For thin plate structures, relative HAZ widths are always higher due to the fact that 

very narrow HAZ widths cannot be achieved. Laser welding is one of the potential solutions 

for butt weld joints, and by laser welding, even very narrow HAZ can be achieved. 

 

When X-joint specimen are examined, the HAZ is located throughout the width of the plate, 

but not necessarily through the thickness. The most interesting parameters are base plate and 
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attachment thicknesses in order to examine the behavior of thin-walled structures versus 

thicker plates. Also, HAZ width is one very essential parameter because it can be controlled 

to some point during the welding process. In figure 49 is shown the maximum displacement 

capacities of different X-joint models. Two attachment thicknesses were studied, but the 

effect of it appeared to be insignificant, so the attachment thicknesses ta= 8 and ta= 16 mm 

are included in same curves. Even though the attachment thickness affects the rigidity of the 

constraint, the change is minimal due to the fact that the constraint effect is mainly created 

by the fillet welds. More detailed results are shown in appendix VI. 

 

 

Figure 49. X-joint model deformation capacities. 

 

The deformation capacities were also made comparable by defining the ratio of HAZ width 

and base plate thickness. And for ultimate load capacity, the load needs to be divided by 

nominal cross section in order to obtain reliable and comparable results. In figure 50 is shown 

the ultimate load capacity of the X-joint specimen. Also, in this case, both attachment thick-

nesses are included in same curves and more detailed tables are presented in appendix VI. 
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Figure 50. X-joint specimen ultimate load capacities. 

 

As opposed to butt weld joints, the X-joint models show some sort of transition values for 

relative HAZ width, when the deformation and loading capacity starts to decrease. Figure 

49 shows that at lower relative HAZ widths there is large scatter between deformation ca-

pacities, and when the value of 0.5 is exceeded, the deformation capacity decreases 

significantly. This is caused by the fact that HAZ on one side reached the centerline of the 

base plate, and due to symmetry, there is also similar HAZ on the other side of the base plate, 

thus, both HAZ meet, and there is no healthy base material between the zones. Meeting of 

the HAZs caused the joint behavior to be slightly more like BW joints. After HAZs have 

met in the middle, and when the HAZ width is still increased, the size of the merged zone 

increases, which is similar to the widening of the butt weld joint HAZ. 

 

Besides deformation and ultimate loading capacities, the comparison between joints with 

and without constrain is needed. In figure 51 is shown the BW and X-joint models maximum 

loading capacity, with and without the constraint, as a function of the ratio of HAZ width 

and base plate thickness. The used base plate thickness in the comparison presented in figure 

51 is 8 mm. 
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Figure 51. The effect of constraint on the deformation and ultimate loading capacities of 

BW and X-joint models. 

 

Figure 51 proves that the constraint of X-joint is more rigid than in butt welded joint, because 

the curve that represents BW with constraint intersects the BW without constraint curve at 

more narrow HAZ widths than X-joint. This is trivial, because the attachment in X-joint is 

significantly larger than the butt weld reinforcement, however, the interesting result is that 

the X-joint has more exact boundary value for relative HAZ width, after which the beneficial 

constraint effect begins to decline, and the behavior of the joint approaches the behavior of 

the joint without constraint. On the other hand, butt weld does not have that similar boundary 

value, and the constraint effect is present only at very narrow HAZ widths when HAZ width 

is only 20 % of the plate thickness. Butt weld joints might have the similar boundary value 

as X-joints, if very small relative HAZ widths were studied, however, that is not very 

important are of research, because very narrow HAZ widths are impracticable during 

fabrication of the joint. Few BW models showed that the failure would occur at base material 

instead of HAZ, but those cases would require the unfabricable relative HAZ width of 0.2 

or less. Laser welding might provide solution to this problem, but at least when GMAW is 

used, the very narrow HAZ widths are unfabricable. 

 

When the relative HAZ width increases and the constraint effect cannot force the failure 

mode from HAZ to BM, there might occur cases, in which the failure occurs as a 
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combination of both failure models. In these cases, the constraint effect improves the 

displacement and load capacities when compared to unconstrained versions. The 

combination failure concentrates plastic strain into similar shear bands as in traditional 

inclined fracture, but the shear bands start at the end of HAZ, so tearing begins from HAZ 

which has lesser deformation capacity, and then the failure propagates to the base material. 

This phenomenon was observed from both BW and X-joint specimen models. The different 

failure modes of BW and X-joint specimen are shown in appendices II and III, respectively. 

 

Arrow plate joint model behavior was examined in a slightly different way. The main 

emphasis was to examine how the design of the joint affects deformation and load capacities. 

AP joint HAZ is not through the plate thickness, nor through the plate width. So the softening 

effect caused by the HAZ is presumably lower than in BW or X-joint models. However, 

when the plate head angle α is increased, the arrow plate joint approaches cover plate case, 

and when α=180°, the HAZ is located almost through the whole base plate width. In figure 

52 is shown the maximum displacements of arrow plate models with different base plate 

thicknesses and head angles. Detailed results tables for arrow plate models with and without 

constraint are shown in appendices VII and VIII, respectively. 

 

 

Figure 52. AP model deformation capacities with constraint (left) and without (right). The 

curves represent different AP end angles. 
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As seen from figure 52, the cases where joint is still present, the deviation of the values is 

high. This is caused by the fact that, the arrow plate FEA model forces the fracture to occur 

inside the gage length when in reality the constraint forces the fracture to occur far away 

from the constraint. The FEA model also states that the inclined fracture of BM goes through 

the arrow head that concentrates plastic strain, which was not the case in laboratory tests. 

The models where constraint was not present, the fracture occurred in the gage length in both 

models, and laboratory tests, and the results seem more reliable. 

 

All curves for models without the constraint show an increasing trend in displacement 

capacity when base plate thickness is increased. This is due to the fact that, the HAZ width 

remains constant, so the relative HAZ width decreases as base plate thickness increases. 

However, the model with 135° head angle has the lowest deformation capacity, which is 

caused by the HAZ angle. If the head angle is 135°, the HAZ becomes parallel to the inclined 

fracture, and naturally, the fracture occurs at a location with the lowest resistance, thus, the 

shear band goes through the HAZ, which has lower deformation capacity than BM. 

 

 

Figure 53. AP model ultimate load capacities with constraint (left) and without (right). 

 

The deviation of AP joint ultimate load capacity is very small, especially when compared to 

displacement capacity. This is caused by the fact that base material has same properties in 

every case, so the ultimate load divided by nominal cross section area does not change 
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significantly. The situation is quite the opposite, when the constraint is not present: when the 

base plate thickness increases, relative HAZ width decreases, and ultimate load capacity 

increases. These results are corresponding to results from BW and X-joint specimen, where 

was also concluded that when relative HAZ width decreases, the ultimate load capacity 

increases. The effect of arrow plate head angle affects the ultimate load capacity is 

significant only on thinner plates when the relative HAZ width is small. The head angles 90° 

and 135° are more harmful because the angles are close to the angle inclined fracture prefers. 

When the head angle is 60° or 180°, the different zones prevent the inclined fracture from 

occurring in preferred angle, thus, more load is required for the fracture to occur. The fracture 

modes of the AP models without constraint are shown in appendix IV. 

 

4.3 FEA results for brittle fracture assessment 

The effect of ENS on the brittle fracture assessment of X-joint was studied. The crack depth 

was varied, and also the base plate thickness. The ENS concentration was defined based on 

maximum principal stress located at the weld toe radius. The ENS concentration and stress 

intensity factors of the studied models are shown in figure 54. 

 

 

Figure 54. Stress concentration and intensity factors when base plate thickness is varied. 
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The ENS concentration factors and stress intensity factors both increase as the base plate 

thickness increases. This is due to the non-linear peak stress that is caused by the weld. The 

stress peak is very local and affects only near surface of the base plate. When base plate 

thickness increases and crack depth remains constant, the relative crack depth decreases, 

thus, the non-linear peak stress is higher at the crack location. Figure 55 illustrates the ratio 

of stress concentration and intensity factors for different plate thicknesses and crack lengths. 

 

 

Figure 55. Ratios of stress intensity and concentration factors. 

 

Even though the ENS and SIF curves presented in figure 54 have a similar shape, their ratio 

is not constant, and therefore a simple relation between kt.ENS and KI cannot be found based 

on this data. The SIFs and ENS concentrations show dependence at least to some point, so 

brittle fracture tendency can be estimated based on effective notch stresses. However, the 

correlation is still unknown, and further research on the topic is needed. However, when 

ENS was used for defining the stress intensity of the crack, the basic equation for edge 

cracked plate combined with ENS concentration provided, stress intensity factors were al-

most the same as the values obtained from XFEM. In is shown the stress intensity factors 

for crack length of 0.1 mm, obtained from both XFEM, and ENS based approach. More 

detailed results from ENS and XFEM models are shown in appendix IX. 
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Figure 56. Stress intensity factors obtained by utilizing ENS concentration factors. 

 

The ENS based approach utilized the stress concentration factor and equation 1. Anderson 

(1991, p. 541) states that complex structural detail, such as fillet weld, with membrane load-

ing, can be treated as an edge cracked plate without the structural detail if the stress distri-

bution at the joint is used. Anderson (1991, p. 541) also states, that the procedure is valid 

only for small cracks, which do not alter the stress distribution. If the transverse attachment 

examined in XFEM models is removed, the situation represents edge cracked flat plate, 

which has crack shape factor Y = 1.12 (Dowling 2003, p. 327). And when the nominal stress 

in equation 1 is replaced by notch stress, values for SIF are obtained. Equation 7 represents 

the ENS based approach for stress intensity definition.  

 

  𝐾𝐼,𝐸𝑁𝑆 = 𝑌 𝑘𝑡,𝐸𝑁𝑆𝜎𝑚√𝜋𝑎𝑐   (7) 

 

In equation 7, KI,ENS represents stress intensity factor obtained from ENS method, and σm is 

membrane stress applied to the base plate. The ENS based method for stress intensity factor 

definition is valid only for very small cracks, because of the non-linear stress peak, which 

ENS depicts, decreases rapidly below the surface of the plate. For example, using the ENS 

based approach for crack depth of 0.5 mm, the values were too high compared to values 

from XFEM. Therefore a specific limit is needed, where the ENS based method is not valid 



77 

 

anymore. In figure 57 is shown the von Mises and maximum principal stress distributions 

through the plate thickness of ENS model.  

 

 

Figure 57. Von Mises and maximum principal stress distributions through plate thickness. 

Membrane stress far away from the weld was set as 100 MPa. The base plate and attachment 

thicknesses are both 8 mm.  

 

From figure 57 it is observed that the maximum principal stress decreases very rapidly below 

the base plate surface, therefore the proposed model valid for only cracks that are smaller 

than ac/tb = 0.0125. This value corresponds the studied value of 0.1 mm crack at weld toe 

for 8 mm plate thickness X-joint. More verification is needed before unambiguous limit for 

validity can be assured. The method can be utilized to examine brittle fracture probability of 

a welded structure that is done in low or normal workshop quality. First, stress intensity 

factor is defined based on notch stress and initial flaw at the weld toe, and then the value is 

compared to material fracture toughness in design temperature. 
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5 DISCUSSION 

 

 

The results obtained from used research methods seem reasonable, and they are correspond-

ing to each other. In this chapter, the results reliability, validity, and possible error causes 

are discussed. The results obtained from laboratory tests and FEA models are similar to the 

existing researches by Amraei et al. (2016b, p. 236–239) and Björk et al. (2015, p. 16). In 

this thesis it was observed that the presence of the constraint causes the stress needed to 

achieve yielding and ultimate values are higher than the values of HAZ material model, as 

Amraei et al. (2016n, p. 236) stated. Also, the fracture modes of laboratory test specimen 

and FEA models, are similar to the ones presented by Björk et al. (2015, p. 13–14). Björk et 

al. (2015, p. 16) also states, that the critical failure plane should be considered for example, 

in arrow plate joints, and in this thesis, it was observed, when the arrow plate constraint is 

removed, the inclined fracture occurs through the softened zone at arrow plate head. 

 

5.1 Reliability, validity and error analysis of the study 

The overall reliability of results is good in every used research method, and the triangulation 

also increases the reliability of the study. The material parameters used in FEA were obtained 

from reliable sources, such as the manufacturer’s tensile test results and based on hardness 

measurements. However, the equations that estimate strength values based on hardness 

measurements are approximate, so slight error is expected. The purpose of material calibra-

tion was to minimize this error, along with the possible errors in fracture model. The material 

strength values cause possible errors to specimen ultimate loading capacity, but the used 

material parameters are same for every specimen, and in this thesis, the main emphasis is on 

the changes that different geometric parameters causes, rather than absolute values for dis-

placements and forces. The biggest error source is the used values for effective plastic dis-

placement. By applying same value to every zone, every element has the same strain at frac-

ture, which is not the physical case. The physical behavior was adjusted by calibrating the 

value for maximum degradation, but it does not provide exactly correct outcome. 

 

Another source for slight errors is the analysis termination criterion of used FEA software. 

Even though the criterion is same for every model, the numerical behavior of the model is 

different in every case, and hence, the analysis termination criterion might be met earlier is 
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some cases. The analysis termination criterion could be set so robust, that the analysis could 

continue even though the specimen has almost fractured. However, in this part of the analy-

sis, the model might not represent the correct behavior of the specimen, because the force-

displacement relation becomes very unstable. Other option would be to use explicit solver 

that can run the analysis beyond the fracture. Explicit solver enables the user to examine 

from output data, when the fracture has occurred, and it eliminates the effect of other poten-

tial analysis termination criteria. In addition, every FEA model contains a slight error due to 

the method being numerical, but in this case, this error is negligible when compared to other 

sources of error. XFEM as a method is also mesh dependent, so the stress intensity factors 

contain small errors, but used mesh sufficiently dense that significant errors are not expected. 

 

The validity of used research methods is excellent. The laboratory test rig, DIC setup and 

FEA, all measure exactly the desired quantities. The clearances and other possible sources 

of error of the laboratory test rig and its sensors are eliminated by utilizing DIC setup. The 

FEA model outputs also measure the exact components of desired values at desired time 

points. For example, when defining the ultimate loading capacity from FEA models, the 

desired time point could be found out, and the corresponding load value was directly ob-

tained without any conversions or calculations that could cause errors. The small amount of 

laboratory test specimen is a possible source for errors, but the static ultimate capacity is not 

a statistical phenomenon, thus, when similar specimen are quasi-statically tested the ex-

pected deviation in results is small. 

 

5.2 Conclusions 

The most important and generalizable result of this thesis is that the behavior of butt welded 

and transverse joints made of ultra-high strength steel differs notably. The constraint present 

in X-joint is often sufficiently rigid to force the fracture to occur at the base material, but the 

constraint in butt welded joint is not as rigid as in X-joint, hence, it cannot shift the fracture 

from HAZ to the base material unless the width of HAZ is very narrow. It can be also con-

cluded that any unnecessary material removal should be avoided in order to maximize the 

beneficial constraint effect. 

 

One other important conclusion is that smooth weld toe transition decreases the beneficial 

constraint effect, thus, decreases the static ultimate capacity. This conflicts the fatigue design 
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recommendations, so the designer must be aware about the situation, but smooth shapes are 

still the main recommendation rule. Even though butt weld joint capacity can be increased 

by enlarging the reinforcement, this is not recommended procedure, and sufficient capacity 

of butt weld joints must be assured by other ways. Following answers for research questions 

along with other conclusions can be obtained based on the results: 

 Too slow cooling rate, which is controlled by heat input, can decrease the defor-

mation capacities of butt welded and X-joints even by 79 % and 73 %, respectively 

when specific conditions are met. 

 For butt weld joints the decline in deformation capacity might be usually milder (58 

%) because the fracture occurring at BM would require very small heat inputs and 

high weld reinforcements, which are difficult to fabricate. 

 Excessive heat input can decrease the ultimate loading capacity of butt weld joint by 

9.3 %, and the corresponding value for X-joint is 8.4 %. 

 Increasing the heat input decreases the load and deformation capacities of the butt 

welded joint in every case. On the other hand, X-joint has a threshold value, under 

which the heat input does not affect the joint capacity. When the threshold value of 

heat input is exceeded, the increase of heat input decreases the X-joint deformation 

and loading capacities. 

 The stress concentration, or the stiffness of the joint constraint, does not have a 

notable effect on the ultimate load of deformation capacity of the joint if the con-

straint is sufficiently rigid to prevent the occurrence of the fracture at HAZ. 

 If the constraint is not present or is not sufficiently rigid, the angle between HAZ and 

plate transverse direction must not be close to 30° in order to maximize joint defor-

mation capacity. The proper design for inclined HAZ could increase deformation 

capacity of the joint by 30 %, but the angle does not have a notable effect on the 

ultimate load capacity of the joint. 

 The stress concentration factor does correlate with stress intensity factor very well if 

basic equation for SIF definition is used. The utilization of stress concentration fac-

tors can provide a method for SIF definition that does not require usage of XFEM. 

 

5.3 Generalization of the results 

The results obtained in this thesis are easily generalized into real structures. The studies 

presented in this thesis give guidelines for designing of steel structures. For example, the 



81 

 

welded lifting lug of a structure must not be ground after usage, due to the fact that beneficial 

constraint is removed, but the detrimental HAZ is still present in the structure. The results 

about the effect of HAZ width indicates that when welding transverse attachments, the me-

chanical properties of the joint are not very sensitive to heat input, as long as the heat input 

is moderate. The situation is different when butt weld joints are examined, and the heat input 

affects the mechanical properties of the joint, even at low welding currents. These results are 

easily utilized when welding guidelines of the structures are prepared. For example the 

straightening of the plates by great heat input is detrimental to the UHSS ultimate capacity, 

therefore it has to be avoided, especially at critical locations. 

 

5.4 Further research 

Further topics of research should include ductile fracture analysis of other common joint 

types, such as cover plate joint and longitudinal gusset, because, for example, the longitudi-

nal gusset is widely used in structural applications as a lifting lug. Also, the effect of longi-

tudinal gusset shape on the capacity should be studied. The research should be also extended 

for ductile fracture of load-carrying joints. In this thesis, the HAZ was notably simplified, 

thus, in further research, the HAZ subzones should be modeled in order to examine the real 

behavior of the joint better. In addition, the used damage model could be improved, because 

it could not describe the behavior of laboratory test specimen correctly. Perhaps a more so-

phisticated fracture model than the model of constant fracture strain should be implemented 

in further studies. Further studies could include, for example, Johnson Cook –fracture model 

that takes into account the effect of stress triaxiality, strain rate, and temperature. Also, the 

effect of Lode parameter should be studied in further studies. 

 

Besides widening the study to other joint types, more laboratory tests of the joints studied in 

this thesis are required. For example, further study should include laboratory tests about X-

joints that have been welded with very high heat inputs, in order to find out how wide HAZ 

can be achieved by welding. By welding with slow cooling rates and high heat inputs it 

possible to find out whether the relative HAZ width of 1.0 can be achieved or not, and is it 

possible that the rigid constraint of X-joint cannot force the fracture to base material. Future 

laboratory tests should examine the plasticity behavior of different zones, and also the frac-

ture behavior of zones in order to achieve more accurate material and damage models. Also, 

one emphasis of the further research should be on the post-necking behavior of metals. 
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For brittle fracture assessment, further research should be carried out on other joint types 

besides the studied transverse attachment. The longitudinal gusset could be one of the most 

interesting joint types. In addition, the stress intensities should be examined for load-carrying 

joint types. The ENS based method for SIF definition needs significantly more models in 

order to verify its accuracy, and the validity of the method should be studied for different 

crack lengths. Further research should include finding the exact limit for the maximum al-

lowable crack depth in ENS based method for stress intensity definition. 
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6 SUMMARY 

 

 

In this thesis, the effect of welded joint geometry on the ultimate deformation and load ca-

pacity of the joint was examined. The study included analysis of both ductile and brittle 

fracture. Method triangulation was utilized in the study, and the three independent research 

methods were literature search, laboratory test, and finite element analysis. 

 

Previously done research was utilized to study the behavior of welded joints, and especially 

the fracture modes. Laboratory tests included six test specimen that was quasi-statically ten-

sile loaded. The test specimen in laboratory tests consisted three different welded joint types: 

butt weld, X-joint, and arrow plate joint specimen. Every specimen was made from direct 

quenched ultra-high strength steel. Laboratory tests were the basis for FEA model calibra-

tion, and the main research itself was carried out by using FEA software Abaqus. The joint 

types in FEA were the same as in laboratory tests. The research by utilizing FEA consisted 

varying several joint geometric parameters and the width of HAZ, which is directly propor-

tional to the heat input during welding. In addition, the stress intensity factors were defined 

in order to examine X-joint tendency towards brittle fracture. The software used for brittle 

fracture assessment was Abaqus/XFEM. 

 

The results indicated that the heat input affects significantly on the dominating fracture mode 

of the specimen, but there are differences between joint types. For example, butt weld joint 

is very prone to heat input, and the constraint caused by weld reinforcement can force the 

fracture only when the width of HAZ is extremely narrow. The increasing heat input de-

creases both ultimate loading and deformation capacities of the butt welded joint. On the 

other hand, X-joint has a specific threshold value for HAZ width, and when it is exceeded, 

the increase in heat input causes decreasing in the joint deformation capacity. 

 

The slow cooling rate causes a significant decline in joint deformation capacity when the 

fracture shifts from the base material to HAZ. The decline in deformation capacity can be 

79 % for butt weld joints, and 73 % for X-joints if specific conditions are met. Cooling rate 

also affects the ultimate loading capacity, but the decline is not as drastic as in deformation 

capacity: butt weld joint ultimate load capacity can decrease up to 9.3 %, and X-joint 8.4 %. 
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Results also showed, that the removal of the constraint is very harmful to the joint static 

capacity because the beneficial constraint effect is removed, but the HAZ with lower strength 

values is still present. Arrow plate models indicated, that when the HAZ without sufficiently 

rigid constraint, is inclined, the worst angle is 30° from the plate transverse direction. This 

angle is beneficial for inclined fracture, and when HAZ is parallel to the fracture’s preferred 

path, the joint load and deformation capacity is decreased. The decline of deformation ca-

pacity can be up to 30 %. 

 

Results from brittle fracture assessment indicate that stress intensity factor at weld toe can 

be defined by utilizing stress concentration factors obtained from ENS models. This method 

enables modeling of notch stress and brittle fracture by utilizing the same model, thus, 

modeling the geometry in XFEM is not necessary. 
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Appendix I 

 

Test specimen laser shape measurements. 

 

 

 



 

 

Appendix II 

 

Transition of fracture modes for butt weld models. 

 

WHAZ / tb = 0.1875 

 

 

wHAZ / tb = 0.375 

 

 

wHAZ / tb = 0.5625 

 

 



 

 

Appendix III 

 

Transition of fracture modes for X-joint models. 

 

WHAZ / tb = 0.25 

 

wHAZ / tb = 0.4375 

 

wHAZ / tb = 0.8125 

 



 

 

Appendix IV 

 

Fracture modes from arrow plate modes without constraint. 

 

tb = 4 mm, α = 60° 

 

tb = 4 mm, α = 90° 

 

tb = 4 mm, α = 135° 

 

tb = 4 mm, α = 180° 

 



 

 

Appendix V 

 

Butt weld model FEA results. 

 

tb [mm] wHAZ [mm] wHAZ /tb umax [mm] Fmax [kN] Fmax/Anom [MPa] 

10 

 

 

 

1.5 0.15 5.128 695.2 1158.67 

3.0 0.3 3.853 682 1136.67 

4.5 0.45 2.778 663.8 1106.33 

6.0 0.6 2.028 647.5 1079.17 

7.5 0.75 1.653 634.2 1057.00 

9.0 0.9 1.628 624.3 1040.50 

8 

1.5 0.1875 7.462 556.5 1159.38 

3.0 0.375 3.55 548 1141.67 

4.5 0.5625 2.425 528.4 1100.83 

6.0 0.75 1.603 513.4 1069.58 

7.5 0.9375 1.503 504.4 1050.83 

9.0 1.125 1.578 504.4 1050.83 

6 

1.5 0.25 4.428 415.4 1153.89 

3.0 0.5 2.575 400 1111.11 

4.5 0.75 1.618 387.1 1075.28 

6.0 1 1.425 379.2 1053.33 

7.5 1.25 1.478 374.3 1039.72 

9.0 1.5 1.703 369.4 1026.11 

4 

1.5 0.375 2.623 270.6 1127.50 

3.0 0.75 1.853 261.3 1088.75 

4.5 1.125 1.253 256.1 1067.08 

6.0 1.5 1.403 252.3 1051.25 

7.5 1.875 1.375 247.6 1031.67 

9.0 2.25 1.425 245.9 1024.58 

8 (no constraint) 

1.5 0.1875 3.003 540.1 1125.21 

3.0 0.375 2.078 523.1 1089.80 

4.5 0.5625 1.528 509.9 1062.29 

6.0 0.75 1.553 501.3 1044.38 

7.5 0.9375 1.653 494.5 1030.21 

9.0 1.125 1.928 488.9 1018.54 

 



 

 

Appendix VI 

 

X-joint model FEA results 

 

ta [mm] 
tb 

[mm] 

wHAZ 

[mm] 

wHAZ 

/tb 

umax 

[mm] 

Fmax 

[kN] 

Fmax/Anom 

[MPa] 

8 

6 2 0.3333 8.125 207.6 1153.33 

8 2 0.2500 6.956 277 1154.17 

10 2 0.2000 7.003 346.4 1154.67 

12 2 0.1667 7.453 415.9 1155.28 

16 

6 2 0.3333 8.006 207.6 1153.33 

8 2 0.2500 6.436 276.9 1153.75 

10 2 0.2000 6.903 346.3 1154.33 

12 2 0.1667 7.695 415.8 1155.00 

8 

6 3.5 0.5833 8.457 207.6 1153.33 

8 3.5 0.4375 6.653 277 1154.17 

10 3.5 0.3500 7.203 346.4 1154.67 

12 3.5 0.2917 7.753 415.9 1155.28 

16 

6 3.5 0.5833 8.379 207.6 1153.33 

8 3.5 0.4375 6.636 276.9 1153.75 

10 3.5 0.3500 9.363 346.3 1154.33 

12 3.5 0.2917 7.523 415.8 1155.00 

8 

6 6.5 1.0833 1.25 190 1055.56 

8 6.5 0.8125 1.863 260.6 1085.83 

10 6.5 0.6500 2.82 335.5 1118.33 

12 6.5 0.5417 4.153 406.3 1128.61 

16 

6 6.5 1.0833 1.303 190.2 1056.67 

8 6.5 0.8125 1.789 260.5 1085.42 

10 6.5 0.6500 2.789 336.2 1120.67 

12 6.5 0.5417 4.388 407 1130.56 

8 (no con-

straint) 

8 2 0.25 2.653 257.9 1074.58 

8 3.5 0.4375 2.158 243 1012.50 

8 6.5 0.8125 2.221 231 962.50 

 



 

 

Appendix VII 

 

Arrow plate model FEA results, with constraint 

 

tb [mm] α [°] umax [mm] Fmax [kN] Fmax/Anom [MPa] 

4 60 2.105 274.6 1144.17 

6 60 2.439 412.7 1146.39 

8 60 2.756 550.7 1147.29 

10 60 5.31 686.05 1143.42 

4 90 2.603 274.9 1145.42 

6 90 2.88 413.1 1147.50 

8 90 4.439 551.1 1148.13 

10 90 4.88 689.6 1149.33 

4 135 4.353 276.3 1151.25 

6 135 5.033 414.6 1151.67 

8 135 4.495 552.8 1151.67 

10 135 4.608 690.8 1151.33 

4 180 4.091 276.1 1150.42 

6 180 3.663 414.4 1151.11 

8 180 4.261 552.8 1151.67 

10 180 2.569 685.7 1142.83 

 

  



 

 

Appendix VIII 

 

Arrow plate model FEA results, without constraint 

 

tb [mm] α [°] umax [mm] Fmax [kN] Fmax/Anom [MPa] 

4 60 4.324 268.1 1117.08 

6 60 5.658 407.4 1131.67 

8 60 6.477 546.9 1139.38 

10 60 7.032 687.1 1145.17 

4 90 3.398 262.2 1092.50 

6 90 4.617 403.1 1119.72 

8 90 5.57 544 1133.33 

10 90 6.006 684.6 1141.00 

4 135 3.482 262.6 1094.17 

6 135 4.339 404 1122.22 

8 135 4.986 544.9 1135.21 

10 135 6.142 685.3 1142.17 

4 180 4.169 266.2 1109.17 

6 180 4.977 406.4 1128.89 

8 180 5.568 546.4 1138.33 

10 180 6.102 686.3 1143.83 

 

  



 

 

Appendix IX 

 

X-joint ENS and XFEM results. 

 

ta [mm] tb [mm] ac [mm] kt,ENS [-] 
KI 

[MPa√mm] 

KI,ENS 

[MPa√mm] 

KI / kt,ENS 

[MPa√mm] 

8 

6 

0.1 

2.241 136.9 140.7 61.09 

8 2.391 147.3 150.1 61.61 

10 2.472 154.3 155.2 62.42 

12 2.53 158.8 158.8 62.77 

16 

6 2.263 140.3 142.1 62.00 

8 2.447 152.9 153.6 62.48 

10 2.565 162.3 161.0 63.27 

12 2.644 168.8 166.0 63.84 

8 

6 

0.5 

2.241 167.3 - 74.65 

8 2.391 179 - 74.86 

10 2.472 188.6 - 76.29 

12 2.53 194.8 - 77.00 

16 

6 2.263 170.7 - 75.43 

8 2.447 185.7 - 75.89 

10 2.565 197.3 - 76.92 

12 2.644 205.4 - 77.69 

 

 


