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This thesis examines the replacement of hydraulic cylinders with electromechanical 

actuators (EMAs) in a multi-degree-of-freedom construction crane and evaluates the 

consequences for dynamic performance and actuation behavior. A high-fidelity constrained 

multibody system (MBS) model is developed, incorporating rigid-body kinematics, 

holonomic constraints, and accurate actuator–joint geometry. The lift and tilt joints are 

driven through screw-type EMAs powered by a permanent-magnet synchronous motor 

(PMSM). A complete d–q axis PMSM representation, capturing stator flux linkages, current 

dynamics, and electromagnetic torque production, is integrated with a field-oriented control 

(FOC) scheme to reflect realistic electromechanical coupling. 

Coordinated lift–tilt motion sequences are simulated to assess joint trajectories, actuator 

forces, torque generation, and mechanical power flow across defined motion phases. The 

results indicate distinct dynamic characteristics compared to hydraulic actuation, driven 

primarily by reflected inertia, electrical time constants, and transmission stiffness. To 

quantify parameter influence, a systematic sensitivity analysis is conducted on transmission 

ratio, rotor inertia, stator resistance, and permanent-magnet flux linkage. Their impact on 

motion-tracking accuracy, peak mechanical power, and energy distribution during the 

motion cycle is identified and documented. 

The findings contribute to understanding the feasibility and performance implications of 

implementing EMA-based actuation in heavy-duty crane applications and provide guidance 

for motor–transmission selection and electromechanical parameterization.  
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SYMBOLS AND ABBREVIATIONS 

 

Roman characters 

𝒒 Vector of generalized coordinates of the multibody crane – 

𝒒̇ Generalized velocities – 

𝒒̈ Generalized accelerations – 

𝑴(𝒒) Mass matrix of the multibody system kg 

𝑸 Generalized force vector N 

𝑸EMA Generalized force contribution from EMAs N 

𝐽 Rotor moment of inertia of the PMSM kg·m² 

𝑝 Number of pole pairs of the PMSM – 

𝑅𝑠 Stator phase resistance Ω 

𝐿𝑑 d-axis stator inductance H 

𝐿𝑞 q-axis stator inductance H 

𝑖𝑑 d-axis stator current A 

𝑖𝑞 q-axis stator current A 

𝑖𝑑,ref Reference d-axis current A 

𝑖𝑞,ref Reference q-axis current A 

𝑣𝑑 d-axis stator voltage V 

𝑣𝑞 q-axis stator voltage V 

𝜔𝑚 Mechanical rotor angular speed rad/s 

𝜔𝑒 Electrical angular speed rad/s 

𝜔ref Reference rotor speed rad/s 



𝑇𝑒 Electromagnetic torque of the PMSM Nm 

𝑇𝐿 Load torque (at motor shaft) Nm 

𝐹act Linear actuator force along the EMA stroke N 

𝑠lift Lift-actuator stroke (lift EMA length) m 

𝑠tilt Tilt-actuator stroke (tilt EMA length) m 

𝑠̇lift Lift-actuator stroke velocity m/s 

𝑠̇tilt Tilt-actuator stroke velocity m/s 

𝑃mech Mechanical power at actuator shaft W, kW 

𝐸mech Total mechanical energy exchanged during motion J 

𝐾𝑝 Proportional gain of PI controller – 

𝐾𝑖 Integral gain of PI controller – 

𝒙𝒆 Electrical–control state vector of the PMSM–FOC model – 

𝒖 Input vector (current and speed references) – 

𝑛𝑞 Number of generalized coordinates – 

𝑛𝑐 Number of holonomic constraints – 

 

Greek characters 

𝜑lift Lift-boom joint angle rad, ° 

𝜑tilt Tilt-boom joint angle rad, ° 

𝑪(𝒙) Vector of holonomic constraint equations – 

𝚲 Projection / mapping operator in reflected-inertia formulation – 

𝜆 Lagrange multipliers associated with holonomic constraints – 

𝜓𝑑 d-axis stator flux linkage Wb 



𝜓𝑞 q-axis stator flux linkage Wb 

𝜓𝑓 Permanent-magnet flux linkage Wb 

𝜂 Efficiency (mechanical or electromechanical) – 

Δ(⋅) Deviation / change (e.g. tracking error) – 

 

Constants 

𝑔 Gravitational acceleration 9.81 m/s² 

𝜋 Circular constant 3.1416  

 

Dimensionless quantities 

𝜅𝑡 Transmission ratio (motor-to-actuator speed ratio) – 

𝛾𝐽 Normalized rotor-inertia scaling factor – 

𝛾𝜓𝑓
 Normalized PM flux-linkage scaling factor – 

𝛾𝑅𝑠
 Normalized stator-resistance scaling factor – 

𝜀𝜑 Normalized joint-angle tracking error – 

𝜀𝑠 Normalized stroke tracking error – 

 

Subscripts 

𝑑 d-axis quantity (direct axis) 

𝑞 q-axis quantity (quadrature axis) 

𝑒 Electrical (e.g. 𝜔𝑒) 

𝑚 Mechanical (e.g. 𝜔𝑚) 

lift Quantity associated with lift actuator / lift boom 



tilt Quantity associated with tilt actuator / tilt boom 

𝐿 Load (e.g. 𝑇𝐿) 

ref Reference value 

nom Nominal value 

rms Root-mean-square quantity 

0 Initial value / equilibrium value 

 

Superscripts 

(⋅)𝑇 Matrix or vector transpose 

(⋅)−1 Matrix inverse 

(⋅)0 Value at initial static equilibrium 

(⋅)\* Reference / commanded quantity (alternative to “ref”, where used) 

 

Abbreviations 

CAD Computer-Aided Design 

COA Comprehensive Optimization Approach 

DAE Differential–Algebraic Equation 

DC Direct Current 

DOF Degree of Freedom 

EHA Electro-Hydrostatic Actuator 

ELA Electromagnetic Linear Actuator 

EMA Electromechanical Actuator 

EV Electric Vehicle 



FEA Finite Element Analysis 

FOC Field-Oriented Control 

LUT Lappeenranta–Lahti University of Technology 

MBS Multibody System 

MPC Model Predictive Control 

ODE Ordinary Differential Equation 

PI Proportional–Integral (controller) 

PMSM Permanent-Magnet Synchronous Motor 

PWM Pulse Width Modulation 

RMS Root-Mean-Square 

S-curve Jerk-limited S-shaped motion profile 

SVPWM Space Vector Pulse Width Modulation 

UKF Unscented Kalman Filter 

VSI Voltage Source Inverter 
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1 Introduction 

This chapter outlines the fundamental concepts, technologies, and modelling approaches that 

underpin the transition from hydraulic to electromechanical systems. The following 

background section synthesizes prior research to establish the motivations, limitations, and 

methodological foundations relevant to this work. 

1.1 Background 

Modern forestry machines traditionally use hydraulics to drive large actuators (steering, 

boom lift, winches). For instance, Benić et al. (2022) note that in typical forestry tractors, 

steering, lifting and winching functions are powered by classical load-sensing hydraulic 

systems. These systems, controlled via proportional valves, inherently suffer substantial 

losses: heat generation, leakage and pressure drop lead to low overall energy efficiency. In 

fact, recent industry reports suggest that heavy hydraulic machinery tends to operate with 

relatively low overall efficiency due to multiple energy conversion stages and frictional 

losses. Such inefficiencies, combined with high maintenance requirements and leakage 

problems, motivate the search for alternative actuation technologies. La Hera and Ortiz-

Morales (2014) exemplify model-based studies of forestry crane dynamics: they develop a 

first-principles model of a forestry crane using Euler–Lagrange mechanics for the 

mechanical links and fluid dynamics for the hydraulic actuators. This work illustrates how 

detailed multi-domain modelling can capture the crane’s behavior under hydraulic actuation. 

In parallel, advances in electric drives have made electromechanical actuators (EMAs) 

viable for heavy-duty machines. EMAs replace hydraulic rams with electric motors driving 

screw/gear mechanisms. Maré (2020) provides a framework for modelling such EMAs, 

emphasizing that accurate simulation must include motor dynamics, power electronics, and 

mechanical transmission losses. In practice, EMAs have matured as compact, energy-

efficient alternatives for mid-range power levels. Maré (2022) observes that for forces up to 

tens of kN, EMAs now offer attractive performance, although they introduce issues (e.g. 

friction, backlash) requiring robust control. In aerospace, for example, traditional hydraulics 

have been largely supplanted by EMAs due to weight and efficiency benefits. Likewise, 

Romero et al. (2017) note that replacing hydraulics with EMAs eliminates hydraulic fluid 

circuits and achieves smaller, lighter actuators, at the cost of needing to address mechanical 
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faults in the transmission. The shift from hydraulics to EMAs thus leverages high-efficiency 

electric machines (e.g. PM-synchronous motors) and high-efficiency control to improve 

performance. 

Modeling of the actuators requires suitable PM motor models. The permanent-magnet 

synchronous motor (PMSM) is typically represented in the rotating d–q frame: stator voltage 

equations include resistance and d-q-axis inductances, and the electromagnetic torque is 

computed from the q-axis current and motor flux (with a reluctance term if salient poles). 

Standard field-oriented control is applied via cascaded current/speed/position loops. Maré 

(2022) shows that practical EMA drives use fixed-gain PI controllers in cascade, which 

simplifies implementation while providing adequate performance in the presence of 

uncertainties. 

Mechanically, the forestry crane has a multi-body linkage. Recent work models such cranes 

as closed-loop kinematic chains: for example, López Rojas et al. (2023) model a forwarder’s 

knuckle-boom crane as a closed kinematic chain equivalent to several constrained open 

chains. They perform full multibody dynamics simulation and experimental validation on a 

reduced-scale platform. In general, multibody dynamics formulations (e.g. Lagrange’s 

equations with constraint forces) allow simulation of the crane’s coupled rigid-body motions 

under actuator inputs. Benić et al. (2022) similarly emphasize analyzing the topology and 

dynamics of such mechanisms based on known kinematics. 

Finally, smooth trajectory planning is important for actuation. Motion profiles with S-curve 

(jerk-limited) shapes are commonly used to reduce oscillations and shocks. In an S-curve 

profile, acceleration is ramped gradually so that jerk stays bounded, yielding continuous 

velocity changes. Bussola et al. (2024) discuss how jerk-limited S-curves produce smooth 

transitions that minimize vibrations. Similarly, Chen et al. (2024) note that “S-shaped” 

trajectories introduce continuous microscopic S-curves during acceleration/deceleration, 

resulting in much smoother motion than simple trapezoidal profiles. These approaches help 

ensure gentle crane movements, which is especially important in heavy-load operations. 

1.2 Motivation 

Heavy forestry cranes consume substantial fuel, so improving their energy efficiency has 

large environmental and economic impact. Since conventional hydraulic drives tend to 

operate with comparatively low energy efficiency due to mechanical and fluid losses, 
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transitioning to electric drives can substantially reduce overall energy waste. The strong push 

for decarbonization and electrification in industry further motivates this work. Modern 

electric motors and batteries are becoming more powerful and energy-dense, making electric 

or hybrid heavy machines feasible. Studies (Benić et al., 2022) have already noted the 

emergence of hybrid/electric powertrains in forestry vehicles as manufacturers seek higher 

efficiency. Capturing similar gains in forestry equipment requires thorough dynamic models 

and simulations. By developing a detailed multi-body model of an all-electric crane with 

permanent-magnet synchronous actuators, this research can predict performance and 

identify design trade-offs without expensive prototypes. In short, the motivation is to enable 

the design and control of electric cranes that meet the demands of forestry while greatly 

improving energy use and reducing emissions. 

1.3 Problem Statement 

Existing forestry crane research has either focused on hydraulic actuation or on generic EMA 

technology, but a unified study of an electromechanically actuated forestry crane is lacking. 

There is a need to integrate multibody dynamic modeling of the crane linkage with detailed 

models of PMSM-based linear actuators and their control. The problem is to develop a 

comprehensive simulation framework that captures the mechanical constraints of the crane 

and the electrical/mechanical characteristics of the new actuators, and to use it to generate 

smooth motion trajectories. Ultimately, the tool should predict the crane’s dynamic 

behaviour (forces, velocities, energy use) under different control profiles, with the speed 

profile acting as the human-in-the-loop input. 

1.4 Aim and Objectives 

The aim of this study is to model and simulate a forestry crane actuated by permanent-

magnet synchronous motors, using multibody dynamics for the linkage and d-q-coordinate 

models for the motors. To achieve this, the objectives are: 

• Develop a multibody dynamic model of the crane mechanism (including links, joints, 

and kinematic constraints) based on known forestry crane geometry. 

• Formulate detailed PMSM-based actuator models: include the motor’s electrical 

dynamics and a lead-screw or gear transmission to produce linear motion. 
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• Design and implement field-oriented (d-q) control for the motors, using conventional 

cascade PI regulators for current and speed loops. 

• Integrate actuator models into the multibody simulation: couple the electrical drive 

to the mechanical loads in a unified simulation environment. 

• Generate smooth motion trajectories (using jerk-limited S-curve profiles) for typical 

crane operations (e.g. lifting, slewing). 

• Evaluate system performance, analyzing the crane’s dynamic behavior. 

• Perform parametric sensitivity analysis to evaluate the influence of mechanical and 

electrical parameters on crane performance. These parameters can be grouped into 

two main categories: (i) mechanical parameters such as transmission ratio Kt and 

rotor inertia J; (ii) electrical parameters such as stator resistance Rsand permanent-

magnet flux linkage ψPM. The results inform design trade-offs and validate the 

robustness of the modelling approach. 

1.5 Research Questions 

This research will address the following questions: 

• How can a forestry crane’s multi-body dynamics be modeled to include closed-chain 

constraints and the effects of electromechanical actuator force/torque? 

• How should the PMSM and mechanical transmission be modelled (in the d–q frame) 

to accurately compute torque response when driven by a prescribed speed profile? 

• How should jerk-limited (S-curve) trajectories be generated for the crane joints to 

ensure smooth, vibration-minimizing motion? 

• How robust is the cascade control scheme for the PMSM actuators in tracking the 

prescribed motion profiles within the simulation framework? 

• How does variation in electrical, mechanical, and control parameters affect the 

system’s motion tracking performance and actuator torque behaviour? 
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1.6 Scope of the Study 

The scope of this thesis includes the development and simulation of a crane model; it does 

not include building a physical prototype. The vehicle base and non-actuated dynamics (e.g. 

vehicle chassis motion) are excluded. The study focuses on a single crane, assuming rigid-

body links and ideal joints, with no friction modelled in the actuators. Power electronics are 

represented at a high level, with field-oriented control (FOC) implemented for current 

regulation, while transistor-level switching dynamics are omitted. Electromechanical power 

(motor and transmission) is fully modeled. Only electric drives are considered; hydraulic 

components are not simulated. The control strategy uses fixed-gain PI loops together with 

an input speed reference profile, while adaptive or optimal control methods remain outside 

the scope of this study. The sensitivity analysis is restricted to four parameters 𝐾𝑡, 𝐽, 𝑅𝑠,

𝜓𝑃𝑀, selected based on their direct influence on torque generation, electrical power 

consumption, and mechanical energy transfer. Environmental factors (terrain, weather) are 

ignored. 

1.7 Structure of the Thesis 

The remainder of the thesis is organized as follows.  

• Chapter 2 reviews foundational and recent research relevant to hydraulic and 

electromechanical actuation, PMSM motor modelling, multibody system 

dynamics, electric substitution in heavy machinery, and smooth trajectory 

planning strategies. 

• Chapter 3 describes the modelling of the constrained multibody crane system, the 

integration of electromechanical actuators using PMSM dynamics, d-q-frame 

control, the torque initialization strategy, and S-curve trajectory planning. This 

chapter establishes the unified simulation framework. 

• Chapter 4 Presents simulation results for both baseline crane motion and 

sensitivity analysis. Evaluates tracking accuracy, actuator torque, and current 

profiles under varying actuator parameters and control loop settings. The 

implications of design choices on overall system behaviour are discussed. 

• Chapter 5 summarizes the findings, discusses their implications for forestry 

machinery, and suggests directions for future work. 
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2  Literature Review 

2.1 Multibody and Hydraulic Dynamics Simulation 

Advanced simulation of heavy machinery increasingly integrates multibody dynamics with 

hydraulic and electromechanical subsystems. Seminal work by Rahikainen et al. (2018) 

develops a monolithic simulation framework that couples multibody and hydraulic models. 

They use semi-recursive formulations for large multibody systems and a singular 

perturbation method for hydraulics to mitigate stiffness from small fluid volumes. This 

approach improves computational efficiency and robustness over conventional lumped-fluid 

methods in real-time simulations. Agúndez et al. (2025) extend such formulations by 

deriving a linearized model of hydraulically actuated multibody systems. They 

systematically reduce an index-2 DAE model to a maximally reduced linear ODE, 

eliminating spurious eigenvalues and yielding accurate, efficient dynamics for control 

design.  

Coupling hydraulic actuators and multibody dynamics is challenging due to nonlinearities 

(e.g. fluid compressibility, friction). Jaiswal et al. (2021) compare several static (Bengisu–

Akay, Brown–McPhee) and dynamic (LuGre) friction models for hydraulic cylinders within 

a monolithic multibody simulation. They show that the Brown–McPhee model offers the 

best trade-off of accuracy and computational efficiency for dynamic simulations. In vehicle 

applications, Docquier et al. (2010) demonstrate a unified 3D multibody + hydraulic model 

of a car with a novel semi-active suspension. Their symbolic, unified model 

(MATLAB/Simulink) can be run in real time, illustrating how Multiphysics (mechanical + 

hydraulic) modelling can improve design of advanced systems. Pfeiffer et al. (2006) review 

non-smooth MBS methods for contact and friction, highlighting numerical techniques (time-

stepping, complementarity solvers, augmented Lagrangian) that handle large-scale systems 

efficiently. Together, these studies establish state-of-the-art methods for simulating the 

mechanics, hydraulics, and interactions in heavy machines, forming the backbone for our 

own integrated modelling. 

2.2 Electric Drives and Control Techniques 

For the electrical side, field-oriented control (FOC) of permanent-magnet synchronous 

motors (PMSMs) is central. Classical FOC with space-vector PWM achieves DC-motor-like 
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performance. Wang et al. (2009) show that SVPWM-FOC enables the PMSM to match the 

performance of a DC drive. They model the PMSM in the d–q frame and simulate it in 

MATLAB/Simulink, verifying excellent torque/speed control. Chavan et al. (2023) also 

discuss vector control of PMSMs, using Clarke/Park transforms for three-phase–to–d-q 

conversion, and validate their control model by simulation. Advanced control methods have 

been proposed to handle practical issues. Lara et al. (2016) analyse the effect of rotor-

position sensor errors in FOC drives and show that even small misalignments cause 

significant torque ripple. These findings underline the need for precise sensing or robust 

controllers in EV drives. Multiphase machines extend this domain: Karttunen et al. (2016) 

show that dual three-phase PMSMs suffer stator current harmonics, but these can be 

eliminated using disturbance-observer based compensation. Together, these works highlight 

that advanced FOC (and related techniques like MPC or predictive control) are vital for high-

performance electric actuation. 

2.3 Hybrid Systems and Energy Efficiency 

A major trend is electrification of hydraulic systems to improve energy efficiency. Ristic 

and Wahler (2018) survey how adding electrical components and energy storage to hydraulic 

circuits enables intelligent energy management. They note that hybrid electro-hydraulic 

architectures allow engine downsizing and regenerative flows: for example, an electric pump 

can capture braking energy. They outline approaches like coupling multiple axes on a DC 

bus and “Smart Energy Mode” operation. Fassbender et al. (2021) review heavy-duty 

machines and conclude that while wheels can be driven fully electrically, implements (e.g. 

booms, tools) often still use electro-hydraulic actuators for high linear forces. They compare 

centralized (conventional valve-controlled) versus distributed hydraulics and point out that 

novel integrated pump-motor or linear-pump concepts could significantly improve 

efficiency. 

Specific studies quantify the gains. Immonen et al. (2016) propose adding a local electric-

hydraulic converter at the end of a long boom: instead of pumping hydraulic fluid along long 

hoses (which causes losses), electrical power is sent via cables and converted to hydraulic 

pressure near the implement. This yields substantial energy savings. Xu and Cheng (2018) 

survey motion control of multi-actuator hydraulics and note that displacement control, 

individual metering, and hybrid power strategies are emerging to save energy in mobile 
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machines. Gong et al. (2019) take a system-level approach: they develop a Comprehensive 

Optimization Approach (COA) that tunes control, component sizing, and economics for an 

“electro-hydraulic energy-saving system”. Their optimized system achieves about 15.6% 

fuel savings (and attractive returns) compared to a conventional design. 

Experimental validations confirm benefits: Singh et al. (2025) build a hybrid steering system 

for an off-road vehicle by combining an electro-hydrostatic actuator (EHA) with a traditional 

orbital valve. Their test rig shows the hybrid achieves ~50% overall efficiency (versus ~20% 

for classic systems) by dramatically cutting throttling losses to 8–15%. Similarly, Einola and 

Kivi (2024) retrofit a forest harvester with a hydraulic hybrid system. Their field tests 

demonstrate that the hybrid machine delivers higher peak power and improved fuel 

efficiency under fluctuating loads. Across these studies, the pattern is clear: strategic 

electrification and smart control of hydraulics can greatly enhance heavy-machine 

performance and energy use. 

2.4 Emerging Electromechanical Actuators 

Interest is growing in fully electric linear actuators to replace or complement hydraulic ones. 

Mohamed et al. (2024) design a very compact electromagnetic linear actuator (ELA) 

(20×15×15 mm, 7 g) that generates force via Lorentz interaction. They model it equivalently 

to a DC motor and use FEA and experiments to show a highly linear force–current–position 

behaviour. Zolfaghari et al. (2025) focus on electromagnetic soft actuators (biomimetic 

“muscles”). Using an analytical framework, they compute magnetic fields via the vector 

potential and formulate a mixed-integer optimization to maximize force density. Their 

results (validated in COMSOL) guide designs of soft actuators with high force-per-area. In 

another domain, Ilić et al. (2025) model an electromagnetic vibratory actuator used in 

material conveyors. They build a detailed CAD + FEA model (SolidWorks + EMWorks) to 

simulate the device’s magnetic field and dynamic response. These works illustrate how 

CAD, FEA and analytical models are advancing design of novel actuators. 

Direct-drive linear machines are also being applied to refrigeration and compressors. Zhu et 

al. (2023) simulate a direct-drive moving-coil linear compressor using a custom 

electromagnetic actuator. They show that replacing a crankshaft compressor with a linear 

motor can boost mechanical efficiency (~15–25% higher) due to the elimination of lateral 

forces and enable precise stroke control. Such studies demonstrate that linear 
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electromagnetic actuators can meet the high force, and stroke demands of mobile machines 

if designed carefully. 

2.5 Integrated Control and State Estimation 

Alongside hardware, advanced controls and estimation are vital. Khadim et al. (2022) 

develop a Multiphysics UKF state observer for a hydraulically actuated crane. By blending 

limited sensor data with a detailed MBS + hydraulic model, their filter yields smooth, 

accurate estimates of mechanical and hydraulic states. This enables improved machine 

monitoring with fewer sensors. On the control side, model-predictive and hybrid strategies 

are gaining attention. (For example, Yan et al. (2016) propose multi-vector predictive control 

for a VSI-fed PMSM, improving torque smoothness.) Collectively, these works motivate our 

use of model-based control and estimation on integrated models. 

2.6 Discussion of Literature Findings 

Taken together, the literature shows a clear evolution toward electrified, model-driven heavy 

machinery. Monolithic simulation frameworks (Rahikainen et al., Agúndez et al.) enable 

joint dynamics of bodies, hydraulics, and electromechanical components. Contemporary 

studies in electrification (Ristic et al., Fassbender et al.) and hybrid systems (Singh et al., 

Einola et al.) demonstrate large efficiency gains via electrical components and smart energy 

management. At the same time, new actuator technologies (compact ELAs, soft actuators, 

linear compressors) are proving their feasibility in high-power contexts. The current work 

synthesizes these advances: a monolithic multibody simulation of machine is implemented 

that includes both hydraulic and electromagnetic actuators, use advanced FOC-based control 

for the motors (inspired by Chavan et al. and Karttunen et al.), and apply model-based 

estimation (as in Khadim et al.) to improve performance. This integrated approach directly 

builds on the cited research and is tailored to our specific system configuration. 

2.6.1 Research Gap 

The review of multibody dynamics, electromechanical actuation, and integrated simulation 

methods highlights substantial progress in modelling and controlling articulated mechanical 

systems. However, several gaps persist, particularly in the context of heavy-duty machinery 

such as forestry cranes. 
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First, although electromechanical actuators have seen extensive use in robotics, aerospace, 

and industrial automation, their application in high-load articulated crane mechanisms 

remains comparatively underexplored. Hydraulic actuation continues to dominate forestry 

machinery, and there exists limited research where hydraulic cylinders are fully replaced 

with electromechanical systems while maintaining realistic loading, geometric constraints, 

and operational sequences. The integration of PMSM-driven actuators with crane-scale 

linkages therefore presents a meaningful extension of existing work. 

Second, many multibody dynamic models of cranes employ simplified actuation 

assumptions, treating actuator forces as externally prescribed rather than arising from a fully 

coupled electromechanical representation. In contrast, the present formulation incorporates 

the complete actuator chain, electrical dynamics, electromagnetic torque generation, 

mechanical transmission, and geometric projection of forces, within a single monolithic 

DAE structure. This holistic approach captures the bidirectional interaction between actuator 

behavior and constrained multibody motion with greater fidelity than traditional partitioned 

methods. 

Third, although monolithic electromechanical–multibody simulation frameworks have been 

employed for robotic systems, their application to forestry cranes is largely absent from 

existing literature. Constrained multibody systems with numerous loop closures, such as the 

crane considered here, are known to exhibit high numerical stiffness. There is limited 

published work demonstrating the performance of monolithic formulations under such stiff, 

heavy-duty conditions. 

Finally, research addressing sensitivity of electromechanically actuated crane systems 

remains scarce. Existing studies often focus on controller performance or actuator sizing, 

but rarely analyses how variations in mechanical transmission ratios, and electrical motor 

parameters, collectively influence: 

• angle tracking precision, 

• peak torque and current requirements, 

• actuator load reflection, 

• and overall multibody dynamics. 
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Such sensitivity analysis is essential for robust actuator selection, controller tuning, and 

ensuring operational reliability under real-world variations in machinery parameters. 

In view of these gaps, the present work contributes to the literature by: 

• developing a complete monolithic electromechanical–multibody model of a forestry 

crane, 

• embedding PMSM dynamics, transmission effects, actuator geometry directly into 

the constrained multibody equations, 

• simulating realistic actuator-driven crane motion under smooth reference 

trajectories, 

• and conducting a rigorous sensitivity analysis across mechanical, and electrical 

parameters. 

This research therefore extends current knowledge by providing a detailed, high-fidelity 

modelling and analysis framework for electrified crane mechanisms, supporting future 

development of sustainable and high-performance forestry machinery. 
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3 Methodology 

3.1 Overview of the modelling framework 

The methodology adopted in this thesis follows the monolithic electromechanical–

multibody simulation approach of Agúndez et al. (2025) and adapts it to a forestry log crane 

actuated by electromechanical actuators (EMAs). The original hydraulic crane model 

developed at LUT is retained in terms of geometry, mass and inertia properties, and joint 

constraints, while the hydraulic cylinders are replaced with EMA units driven by permanent-

magnet synchronous motors (PMSMs). The objective is to describe the crane mechanism 

and the EMA drive systems within a single coupled differential–algebraic equation (DAE) 

framework, ensuring that actuator dynamics and multibody motion are solved 

simultaneously. The structure of the methodology is as follow. 

The crane structure is formulated as a constrained multibody system defined by a vector of 

generalized coordinates and a set of holonomic joint constraints. The corresponding 

equations of motion are treated in their standard DAE form, with the specific coordinate 

definitions and constraint equations presented in Section 3.2. 

Each EMA is actuated using a PMSM represented in the synchronous 𝑑 − 𝑞 reference frame. 

The electrical model includes the flux-linkage equations, PI controllers for the 𝑑- and 𝑞-axes 

currents, a PI speed controller, and the rotor mechanical dynamics. The resulting PMSM–

FOC system forms a set of first-order ordinary differential equations in the electrical state 

vector. Details are given in Section 3.3. 

Motor torque and rotor inertia are converted into a linear actuator force using the 

transmission ratio 𝐾𝑡. This force is then projected into the crane’s generalized coordinates 

using the appropriate actuator Jacobians, thereby modifying both the generalized forces and 

the apparent inertia of the multibody system. The coupling approach is discussed in Section 

3.4. 

The mechanical and electrical subsystems are assembled into a unified index-1 DAE system 

in which the multibody equations, constraint equations, and electrical state equations are 

solved simultaneously. The augmented mass matrix and force terms include all EMA 

contributions. The complete monolithic formulation is presented in Section 3.5. 
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Simulation begins from a static equilibrium configuration of the crane. Actuator forces 

required to balance gravity are mapped to motor torques and corresponding PMSM states 

(Section 3.6). The crane motion is then driven by prescribed motor-speed reference profiles 

based on jerk-limited S-curve trajectories. The generation of these profiles and their mapping 

to actuator stroke motion are described in Section 3.7. 

The PMSM control structure follows the reference paper and provides the baseline controller 

parameters. A sensitivity analysis is then performed with respect to mechanical parameters 

(transmission ratio 𝐾𝑡, rotor inertia 𝐽) and electrical parameters (stator resistance 𝑅𝑠, 

permanent-magnet flux linkage 𝜓PM). The analysis evaluates model robustness and 

highlights the effects of parameter variation. The control architecture and sensitivity-analysis 

methodology are presented in Sections 3.8 and 3.9. 

This chapter outlines the implementation of the complete electromechanical modelling 

framework for the forestry crane. All numerical geometric, dynamic, and electrical 

parameters are listed in Appendix A. 

3.2 Mechanical subsystem: log crane multibody model 

3.2.1 General constrained multibody formulation 

The crane mechanism is modelled as a constrained multibody system with 𝐱 ∈ ℝ𝑛 denoting 

the vector of generalized coordinates. The system is subjected to 𝑚holonomic constraints 

and 𝑙non-holonomic constraints. 

The index-3 DAE representation is: 

𝐌(𝐱) 𝐱̈   +   𝐃(𝐱)𝖳𝚲 = 𝐐(𝐱, 𝐱̇) (3.1) 

𝐂(𝐱) = 𝟎 (3.2) 

𝐂𝑛ℎ(𝐱, 𝐱̇) = 𝐁(𝐱) 𝐱̇ = 𝟎 (3.3) 

where: 

• 𝐌(𝐱) ∈ ℝ𝑛×𝑛 is mass matrix 

• 𝐐(𝐱, 𝐱̇) is generalized force vector 

• 𝐂(𝐱) is holonomic constraints 
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• 𝐂𝑛ℎ(𝐱, 𝐱̇) is non-holonomic constraints 

• 𝐁(𝐱) = ∂𝐂𝑛ℎ/ ∂𝐱̇ is non-holonomic Jacobian 

• 𝐃(𝐱) is combined constraint Jacobian 

𝐃(𝐱) = [
𝐂𝐱(𝐱)
𝐁(𝐱)

], 𝐂𝐱(𝐱) =
∂𝐂

∂𝐱
 

• 𝚲 is vector of Lagrange multipliers 

Differentiating the holonomic constraints gives: 

𝐃(𝐱) 𝐱̇ = 𝟎. 

Combining with (3.1) produces the index-2 DAE system: 

𝐌(𝐱) 𝐱̈   +   𝐃(𝐱)𝖳𝚲 = 𝐐(𝐱, 𝐱̇), 𝐃(𝐱) 𝐱̇ = 𝟎 (3.4) 

Differentiating the velocity constraints yields the usual index-1 system: 

[
𝐌(𝐱) 𝐃(𝐱)𝖳

𝐃(𝐱) 𝟎
][

𝐱̈
𝚲

] = [
𝐐(𝐱, 𝐱̇)

𝐐𝑑(𝐱, 𝐱̇)
] (3.5) 

with the acceleration-level constraint term: 

𝐐𝑑(𝐱, 𝐱̇) = −
∂

∂𝐱
(𝐃(𝐱) 𝐱̇)𝐱̇ 

In the present crane model, all constraints are holonomic and scleronomic, hence 𝑙 = 0 and 

the constraint Jacobian simplifies to 

𝐃(𝐱) = 𝐂𝐱(𝐱) 

3.2.2 Coordinates, constraints and degrees of freedom 

The forestry log crane considered in this study corresponds to the PATU 655 crane. The 

multibody model comprises seven rigid bodies connected by revolute and fixed joints, with 

two EMAs providing the lift and tilt motions. The bodies are numbered from 1 to 7, where 

Body 1 is the fixed base (ground), Body 2 is the pillar, Body 3 is the lift boom, Body 6 and 

7 form the tilt boom and extension arm, and Bodies 4 and 5 form the four-bar linkage at the 

elbow. The endpoints of the lift and tilt EMAs are denoted by points 𝐴–𝐵 and 𝐶–𝐽4, 

respectively (see Appendix A for a detailed schematic and coordinates). 
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Following the notation of the reference paper, the crane is modelled with 

𝑛 = 14 generalized coordinates collected in the vector 

𝐱 = [𝑥𝐺2
,  𝑦𝐺2

,  𝑧𝐺2
,  𝜓2,  𝜃2,  𝜑2,  𝜑32,  𝜑43,  𝜑54,  𝜑63,  𝑠𝐿,  𝑠𝑇 ,  𝜑𝐿 ,  𝜑𝑇]𝑇 (3.6) 

Here: 

• (𝑥𝐺2
, 𝑦𝐺2

, 𝑧𝐺2
) are the Cartesian coordinates of the pillar center of mass 𝐺2 in the 

global frame. 

• 𝜓2, 𝜃2, 𝜑2 describe the orientation of Body 2 (pillar). 

• 𝜑32 is the relative rotation of the lift boom (Body 3) with respect to the pillar. 

• 𝜑43, 𝜑54 and 𝜑63 are the relative joint angles within the four-bar mechanism and 

between the lift boom and tilt boom, as defined in Appendix A. 

• 𝑠𝐿 and 𝑠𝑇 are the lift and tilt EMA stroke coordinates, i.e. the distances between their 

respective endpoints (𝐴, 𝐵) and (𝐶, 𝐽4). 

• 𝜑𝐿 and 𝜑𝑇 denote the orientations of the lift and tilt EMA axes with respect to 

appropriate reference directions (global 𝐗𝟏 and the lift boom, respectively). 

The crane model includes 𝑚 = 11 holonomic constraints, so that the number of mechanical 

degrees of freedom is 

𝑛𝑔 = 𝑛 − 𝑚 = 14 − 11 = 3 (3.7) 

These three DOFs correspond to the primary motions of interest: rotation of the pillar, lift 

boom angle, and tilt boom angle. 

The constraint vector can be written as 

𝐂(𝐱) = [ 𝑟𝐽0

𝑇 ,  𝐶4,  𝐶5,  𝐶6, … , 𝐶11 ]𝑇 = 011×1 (3.8) 

where: 

• The first three components of 𝐂(𝐱) enforce the position of the base joint 𝐽0 to 

coincide with the origin of the global frame, ensuring that Body 2 is attached to the 

ground. 
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• 𝐶4 and 𝐶5 suppress rotations of the pillar about the global 𝐗𝟏- and 𝐘𝟏-axes, such that 

the pillar may only rotate about the vertical axis 𝑍1. These constraints are expressed 

using unit vectors 𝐮𝟏 and 𝐮𝟐 perpendicular to 𝑍1and the unit vector 𝐯 along the pillar 

axis: 

𝐶4 = 𝐮1 ⋅ 𝐯,            𝐶5 = 𝐮2 ⋅ 𝐯 (3.9) 

• The remaining six constraints 𝐶6, … , 𝐶11arise from three vector-loop closure 

conditions: 

1. a loop involving the lift EMA, pillar and lift boom. 

2. a loop involving the tilt EMA, lift boom and body 4. 

3. a loop associated with the four-bar mechanism formed by the lift boom, tilt 

boom, and bodies 4 and 5. 

In compact form, the three loop constraints are 

𝐑2
𝖳 (𝐱)(𝐫𝐴𝐽1

+ 𝐫𝐽1𝐵 − 𝐫𝐴𝐵) = 𝟎 (3.10) 

𝐑2
𝖳 (𝐱)(𝐫𝐶𝐽5

+ 𝐫𝐽5𝐽4
− 𝐫𝐶𝐽4

) = 𝟎 (3.11) 

𝐑2
𝖳 (𝐱)(𝐫𝐽5𝐽4

+ 𝐫𝐽4𝐽3
− 𝐫𝐽5𝐽2

− 𝐫𝐽2𝐽3
) = 𝟎 (3.12) 

where all position vectors are defined explicitly in Appendix A as functions of 𝐱. 

From (3.8) to (3.12), the Jacobian 𝐂𝐱(𝐱) is obtained analytically and used for constraint 

enforcement and for mapping EMA forces into generalized coordinates. The mass matrix 

𝐌(𝐱) is assembled using the body masses and inertia tensors listed in Appendix A, assuming 

rigid bodies and neglecting the mass and inertia of the EMA units. This mechanical 

formulation provides the basis on which the EMA actuator model is coupled in later sections. 

3.3 Electrical Subsystem: PMSM–FOC Model 

The electromechanical actuators employed in this study are driven by permanent-magnet 

synchronous motors (PMSMs) regulated through a cascaded field-oriented control (FOC) 

architecture. Since the overall crane simulation is fully dynamic, the motor model must also 

be expressed in its differential form, ensuring that the electrical states evolve consistently 

with the multibody dynamics. This is particularly important because the MATLAB 
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implementation integrates all mechanical and electrical states simultaneously within a single 

monolithic system. Consequently, the standard algebraic d–q equations typically used for 

steady-state analysis are insufficient. Instead, the differential equations governing stator flux 

evolution, PI controller internal states, and rotor electromechanics must be explicitly 

included. 

The formulation used in this methodology follows the dynamic PMSM equations presented 

in Agúndez et al. (2025) which form a coupled six-state first-order dynamic system. These 

equations have been adopted directly into the simulation to ensure consistency between the 

theoretical description and the implemented code. 

3.3.1 Stator-voltage equations 

The classical voltage model of the PMSM in the d–q reference frame is given by: 

𝑢𝑑 = 𝑅𝑠𝑖𝑑 +
𝑑𝜓𝑑

𝑑𝑡
− 𝜔𝑒𝜓𝑞 (3.13) 

𝑢𝑞 = 𝑅𝑠𝑖𝑞 +
𝑑𝜓𝑞

𝑑𝑡
+ 𝜔𝑒𝜓𝑑 (3.14) 

where: 

• 𝑢𝑑 , 𝑢𝑞 are the d- and q-axis stator voltages, 

• 𝑖𝑑, 𝑖𝑞 are the d- and q-axis currents, 

• 𝑅𝑠 is the stator resistance, 

• 𝜓𝑑 , 𝜓𝑞 are the flux linkages, 

• 𝜔𝑒 = 𝑝𝜔 is the electrical speed for a motor with 𝑝 pole pairs and mechanical speed 

𝜔. 

The flux linkages satisfy: 

𝜓𝑑 = 𝐿𝑑𝑖𝑑 + 𝜓𝑃𝑀,    𝜓𝑞 = 𝐿𝑞𝑖𝑞 (3.15) 

with 𝐿𝑑 and 𝐿𝑞 the d–q inductances and 𝜓𝑃𝑀 the permanent-magnet flux linkage. While Eqs. 

(3.13–3.15) correctly describe the PMSM electrodynamics in algebraic form, the present 

simulation requires their differential expansion, because: 
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1. The simulation is transient, with continuously varying actuator loads. 

2. The monolithic framework (mechanical + electrical) integrates all states together. 

3. The FOC loops introduce PI controllers whose internal integrator states must appear 

explicitly. 

For these reasons, the dynamic PMSM–FOC model used in Agúndez et al. is adopted 

directly. Agúndez et al. derive the closed-loop PMSM model as a six-state first-order system, 

consisting of: 

• integral state of the speed controller 𝑥𝜔, 

• integral states of the d– and q–axis current controllers 𝑥𝑖𝑑 , 𝑥𝑖𝑞, 

• flux linkages 𝜓𝑑 , 𝜓𝑞, 

• rotor mechanical dynamics. 

This yields the system: 

𝑥̇𝜔 = 𝐾𝑖𝜔(𝜔ref − 𝜔)

𝑥̇𝑖𝑑 = 𝐾𝑖𝑖,𝑑(𝑖𝑑,ref −
𝜓𝑑 − 𝜓𝑃𝑀

𝐿𝑑
)

𝑥̇𝑖𝑞 = 𝐾𝑖𝑖,𝑞(
𝑥𝜔 + 𝐾𝑝𝜔(𝜔ref − 𝜔)

3
2 𝑝𝜓𝑃𝑀

−
𝜓𝑞

𝐿𝑞
)

𝜓̇𝑑 = 𝑥𝑖𝑑 + 𝐾𝑝𝑖,𝑑(𝑖𝑑,ref −
𝜓𝑑 − 𝜓𝑃𝑀

𝐿𝑑
) −

𝑅𝑠

𝐿𝑑
(𝜓𝑑 − 𝜓𝑃𝑀)

𝜓̇𝑞 = 𝑥𝑖𝑞 + 𝐾𝑝𝑖,𝑞(
𝑥𝜔 + 𝐾𝑝𝜔(𝜔ref − 𝜔)

3
2 𝑝𝜓𝑃𝑀

−
𝜓𝑞

𝐿𝑞
) −

𝑅𝑠

𝐿𝑞
𝜓𝑞

𝜔̇ =
1

𝐽
(𝑇𝑒𝑚 − 𝑇𝐿)

(3.15a) 

with electromagnetic torque: 

𝑇𝑒𝑚 =
3

2
𝑝

𝜓𝑞𝜓𝑃𝑀

𝐿𝑞

(3.15b) 

consistent with a surface-mounted PMSM (𝐿𝑑 = 𝐿𝑞). Now, because the PMSM drives a ball-

screw-based linear actuator, the mechanical speed 𝜔 is related to the screw linear speed 𝑠̇   

through the transmission constant 𝐾𝑡: 
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𝜔 =
𝑠̇

𝐾𝑡
 

Substituting this relation into the PMSM dynamic model (3.15a) produces the modified 

electrical dynamics (3.15c). These modified equations ensure that the electrical subsystem 

“feels” the mechanical dynamics through the actuator’s linear velocity 𝑠̇, making the 

simulation fully coupled. This is crucial because 𝑇𝐿 and the resulting actuator force depend 

on 𝑠̈, which in turn is governed by multibody dynamics. 

𝑥̇𝜔 = 𝐾𝑖𝜔(𝜔ref −
𝑠̇

𝐾𝑡
)

𝑥̇𝑖𝑑 = 𝐾𝑖𝑖,𝑑(𝑖𝑑,ref −
𝜓𝑑 − 𝜓𝑃𝑀

𝐿𝑑
)

𝑥̇𝑖𝑞 = 𝐾𝑖𝑖,𝑞(
𝑥𝜔 + 𝐾𝑝𝜔(𝜔ref −

𝑠̇
𝐾𝑡

)

3
2 𝑝𝜓𝑃𝑀

−
𝜓𝑞

𝐿𝑞
)

𝜓̇𝑑 = 𝑥𝑖𝑑 + 𝐾𝑝𝑖,𝑑(𝑖𝑑,ref −
𝜓𝑑 − 𝜓𝑃𝑀

𝐿𝑑
) −

𝑅𝑠

𝐿𝑑
(𝜓𝑑 − 𝜓𝑃𝑀)

𝜓̇𝑞 = 𝑥𝑖𝑞 + 𝐾𝑝𝑖,𝑞(
𝑥𝜔 + 𝐾𝑝𝜔(𝜔ref −

𝑠̇
𝐾𝑡

)

3
2 𝑝𝜓𝑃𝑀

−
𝜓𝑞

𝐿𝑞
) −

𝑅𝑠

𝐿𝑞
𝜓𝑞

(3.15c) 

3.3.2 Current-loop PI controllers 

The current errors are 

𝑒𝑑 = 𝑖𝑑
𝑟𝑒𝑓

− 𝑖𝑑, 𝑒𝑞 = 𝑖𝑞
𝑟𝑒𝑓

− 𝑖𝑞 (3.16) 

where 𝑖𝑑
𝑟𝑒𝑓

, 𝑖𝑞
𝑟𝑒𝑓

are current references. 

The PI controllers produce intermediate voltages 

𝑣𝑑 = 𝑘𝑝𝑑𝑒𝑑 + 𝑥𝑑 (3.17) 

𝑣𝑞 = 𝑘𝑝𝑞𝑒𝑞 + 𝑥𝑞 (3.18) 

with integral states governed by 

𝑥̇𝑑 = 𝑘𝑖𝑑𝑒𝑑,                   𝑥̇𝑞 = 𝑘𝑖𝑞𝑒𝑞 (3.19) 
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where 𝑘𝑝𝑑 , 𝑘𝑝𝑞 are proportional gains and 𝑘𝑖𝑑 , 𝑘𝑖𝑞 are integral gains. 

The compensated voltage commands are 

𝑢𝑑
𝑟𝑒𝑓

= 𝑣𝑑 − 𝜔𝑒𝐿𝑞𝑖𝑞 (3.20) 

𝑢𝑞
𝑟𝑒𝑓

= 𝑣𝑞 + 𝜔𝑒(𝐿𝑑𝑖𝑑 + 𝜓𝑃𝑀) (3.21) 

3.3.3 Speed-loop PI controller 

The mechanical speed error is 

𝑒𝜔 = 𝜔𝑟𝑒𝑓 − 𝜔 (3.22) 

where 𝜔𝑟𝑒𝑓 is the rotor speed reference. 

The speed controller generates the torque-producing current reference 

𝑖𝑞
𝑟𝑒𝑓

= 𝑘𝑝𝜔𝑒𝜔 + 𝑥𝜔 (3.23) 

with integral state evolving as 

𝑥̇𝜔 = 𝑘𝑖𝜔𝑒𝜔 (3.24) 

In this work, 

𝑖𝑑
𝑟𝑒𝑓

= 0 (3.25) 

corresponding to maximum-torque-per-ampere operation. 

3.3.4 Rotor mechanical dynamics 

The rotor mechanical dynamics are governed by 

𝐽𝜔̇ = 𝑇𝑒𝑚 − 𝑇𝐿 (3.26) 

Where: 

• 𝐽 is rotor inertia, 

• 𝑇𝐿 is the load torque  

• 𝑇𝑒𝑚is the electromagnetic torque 

The torque expression is 
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𝑇𝑒𝑚 =
3

2
𝑝(𝜓𝑑𝑖𝑞 − 𝜓𝑞𝑖𝑑) (3.27) 

which reduces to 

𝑇𝑒𝑚 =
3

2
𝑝 𝜓𝑃𝑀𝑖𝑞 (3.28) 

when 𝑖𝑑 = 0. 

3.3.5 PMSM state-space model 

Define the electrical–control state vector 

𝐞 = [𝑥𝜔 𝑥𝑑 𝑥𝑞 𝜓𝑑 𝜓𝑞 𝜔]𝑇 (3.29) 

The PMSM–FOC system is written compactly as 

𝒆̇ = 𝑓(𝑠̇, 𝒆, 𝒖) (3.30) 

where the input vector is 

𝐮 = [𝑖𝑑
ref 𝑖𝑞

ref 𝜔ref]
𝖳

(3.31) 

3.3.6 Transmission relation and reduced model 

The mechanical stroke velocity of the actuator is related to motor speed through the 

transmission ratio 

𝑠̇ = 𝐾𝑡 𝜔 (3.32) 

where 𝐾𝑡 is the motor-to-actuator speed ratio which includes the factors of entire rotational 

to linear motion including the transmission ratio from the planetary and parallel gearboxes, 

the lead pf the ball screw and encounters the efficiency effects in the transmission. 

Eliminating 𝜔 using (3.32) yields the reduced 5-state representation 

𝐞 = [𝑥𝜔 𝑥𝑑 𝑥𝑞 𝜓𝑑 𝜓𝑞]𝖳 = 𝑓(𝑠̇, 𝐞, 𝐮) (3.33) 

This reduced form is used for monolithic coupling with the mechanical subsystem. 
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3.4 Electromechanical Coupling and EMA Force Mapping 

The permanent-magnet synchronous motors supply electromagnetic torque, which is 

transmitted through a speed-reduction mechanism to generate linear actuation forces. These 

forces act along the lift and tilt actuator axes and must be mapped to the generalized 

coordinates of the multibody model. This subsection presents the kinematic coupling, 

torque–force relations and generalized force projection. 

3.4.1  Transmission kinematics 

The actuator stroke coordinate 𝑠defines the distance between the two attachment points of 

the EMA. The linear velocity of the actuator is related to the motor angular velocity through 

the transmission ratio 𝐾𝑡: 

𝑠̇ = 𝐾𝑡 𝜔 (3.34) 

Here 

• 𝜔 is the motor angular speed, 

• 𝐾𝑡 converts motor rotation into linear actuator displacement. 

3.4.2 Motor torque to linear actuator force 

The electromagnetic torque generated by the PMSM, denoted 𝑇𝑒𝑚, is converted into a linear 

force along the actuator axis. The relation between torque and linear force is 

𝐹𝑎𝑐𝑡 =
𝑇𝑒𝑚

𝐾𝑡

(3.35) 

Where: 

• 𝐹𝑎𝑐𝑡 is the actuator force applied along the stroke direction, 

• 𝐾𝑡 is the same transmission ratio appearing in (3.34). 

Using the torque expression obtained in Section 3.3, 

𝑇𝑒𝑚 =
3

2
𝑝 𝜓𝑃𝑀𝑖𝑞 (3.36) 

the actuator force becomes 
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𝐹𝑎𝑐𝑡 =
3

2

𝑝 𝜓𝑃𝑀

𝐾𝑡
 𝑖𝑞 (3.37) 

This force acts along the direction defined by the vector between the actuator endpoints. 

3.4.3 Actuator Force Direction and Generalized-Force Projection 

Let the actuator connect points 𝐴and 𝐵. The axis vector is 

𝐫𝐴𝐵(𝐱) = 𝐫𝐵(𝐱) − 𝐫𝐴(𝐱) (3.38) 

and the corresponding unit vector is 

𝐮̂𝐴𝐵(𝐱) =
𝐫𝐴𝐵(𝐱)

∥ 𝐫𝐴𝐵(𝐱) ∥
(3.39) 

The physical actuator force is 

𝐟𝐴𝐵 = 𝐹act 𝐮̂𝐴𝐵 (3.40) 

Projection into generalized coordinates uses the stroke Jacobian 

𝐐act = 𝐉𝑠
𝖳(𝐱) 𝐹act (3.41) 

Where: 

𝐉𝑠(𝐱) =
∂𝑠

∂𝐱
 

3.4.4 Reflected Motor Inertia 

Rotor inertia 𝐽 reflects into the actuator coordinate as 

𝐽eq =
𝐽

𝐾𝑡
2

(3.42) 

The multibody mass matrix is modified according to 

𝐌(𝐱) = 𝐌(𝐱) +
𝐽

𝐾𝑡
2 (𝐇𝑄

𝖳 (𝐱) − 𝐇𝑃
𝖳 (𝐱))𝐄𝑠(𝐇𝑄(𝐱) − 𝐇𝑃(𝐱)) (3.43) 

Where: 

• 𝐇𝑃, 𝐇𝑄: Jacobians mapping generalized velocities to point velocities, 
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• 𝐮̂𝑃𝑄: actuator axis direction. 

The projection matrix is 

𝐄𝑠 = 𝐮̂𝑃𝑄  𝐮̂𝑃𝑄
𝖳 (3.44) 

3.4.5 Generalized force vector with EMA contributions 

The generalized force vector becomes 

𝐐(𝐱, 𝐱̇, 𝐞) = 𝐐(𝐱, 𝐱̇) + 𝐐act (3.45) 

Where: 

• 𝐐(𝐱, 𝐱̇) contains all mechanical forces, 

• 𝐐act is given by (3.41). 

This expression is used in the monolithic electromechanical DAE formulation of Section 

3.5. 

3.5 Monolithic Electromechanical DAE Formulation 

The dynamics of the crane mechanism and the electrical actuator subsystems are solved 

simultaneously using a coupled differential–algebraic equation (DAE) formulation. The 

mechanical subsystem contributes to the constrained multibody dynamics, while the PMSM 

and its control loops introduce additional differential equations and actuator force terms. 

This section presents the unified set of equations governing the complete electromechanical 

system. 

3.5.1 Mechanical DAE structure 

In the general formulation of Section 3.2, the constraint Jacobian was written as 𝐃(𝐱) to 

accommodate both holonomic and non-holonomic constraints. Since the crane model used 

in this thesis contains exclusively holonomic and scleronomic constraints, the Jacobian 

reduces to the holonomic form 𝐂𝑥(𝐱); therefore, the implementation-level mechanical DAE 

in this section is written using 𝐂𝑥(𝐱) in place of 𝐃(𝐱). The constrained multibody dynamics 

of the crane are governed by 

𝐌(𝐱) 𝐱̈ + 𝐂𝑥
𝖳(𝐱) 𝚲 = 𝐐(𝐱, 𝐱̇) (3.46) 
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subject to the holonomic constraints 

𝐂(𝐱) = 𝟎 (3.47) 

Here: 

• 𝐱 is the vector of generalized coordinates, 

• 𝚲 is the vector of Lagrange multipliers, 

• 𝐌(𝐱) is the mass matrix, 

• 𝐐(𝐱, 𝐱̇) is the generalized force vector, 

• 𝐂𝑥(𝐱) is the constraint Jacobian. 

Differentiating (3.47) yields the velocity-level constraint 

𝐂𝑥(𝐱) 𝐱̇ = 𝟎 (3.48) 

and differentiating again gives the acceleration-level constraint 

𝐂𝑥(𝐱) 𝐱̈ + 𝐂̇𝑥(𝐱, 𝐱̇) 𝐱̇ = 𝟎 (3.49) 

The term 

𝐐𝑑(𝐱, 𝐱̇) = −𝐂̇𝑥(𝐱, 𝐱̇) 𝐱̇ (3.50) 

is commonly used to express (3.49) in shortened form. 

3.5.2 Incorporation of actuator forces and reflected inertia 

As shown in Section 3.4, the EMAs modify both the generalized forces and the inertia. The 

augmented mass matrix is written as 

𝐌̃(𝐱) = 𝐌(𝐱) + 𝐌act (3.51) 

where the actuator-reflected inertia contributes 

𝐌act(𝑠, 𝑠) =
𝐽

𝐾𝑡
2

(3.52) 

with all other entries equal to zero. 
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The generalized forces are similarly updated: 

𝐐̃(𝐱, 𝐱̇, 𝐞) = 𝐐(𝐱, 𝐱̇) + 𝐐act (3.53) 

where 𝐐act is the projected actuator force defined in (3.41). 

3.5.3 Coupled electromechanical DAE system 

Combining the augmented mechanical equations and constraints results in 

𝐌̃(𝐱) 𝐱̈ + 𝐂𝑥
𝖳(𝐱) 𝚲 = 𝐐̃(𝐱, 𝐱̇, 𝐞) (3.54) 

with the acceleration-level constraint 

𝐂𝑥(𝐱) 𝐱̈ = 𝐐𝑑(𝐱, 𝐱̇) (3.55) 

The electrical subsystem evolves according to 

𝐞̇ = 𝑓(𝑠̇, 𝐞, 𝐮) (3.56) 

Where: 

• 𝐞 is the electrical–controller state vector, 

• 𝐮 contains the reference inputs, 

• 𝑠̇ enters through the motor–actuator transmission mapping. 

3.5.4 Block-Matrix Representation 

Equations (3.54) to (3.55) can be written compactly as 

[
𝐌̃(𝐱) 𝐂𝑥

𝖳(𝐱)

𝐂𝑥(𝐱) 𝟎
][

𝐱̈
𝚲

] = [
𝐐̃(𝐱, 𝐱̇, 𝐞)
𝐐𝑑(𝐱, 𝐱̇)

] (3.57) 

The electrical subsystem (3.56) is then appended to this block structure to form the complete 

monolithic electromechanical model: 

𝐞̇ = 𝑓(𝑠̇, 𝐞, 𝐮) (3.58) 

The full coupled system evolves in terms of 

• mechanical positions 𝐱, 
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• mechanical velocities 𝐱̇, 

• electrical and controller states 𝐞, 

• constraint forces 𝚲. 

At each integration step, the mechanical accelerations 𝐱̈ and Lagrange multipliers 𝚲 are 

obtained by solving (3.57), after which the electrical dynamics (3.58) are updated. This 

unified formulation ensures that motor dynamics, actuator kinematics, and multibody motion 

influence one another at every time step of the integration. 

3.6 Static Equilibrium and Torque Mapping at Initial Configuration 

The electromechanical simulation begins with a static equilibrium configuration of the crane, 

corresponding to the initial joint angles and actuator lengths. Before applying any motion 

commands, the actuators must generate forces that balance the gravitational loads of the 

mechanism. These forces are then mapped to the required motor torques, ensuring that the 

electrical subsystem is correctly initialized. 

3.6.1 Static equilibrium condition 

At static equilibrium, the crane is stationary: 

𝐱̇ = 𝟎, 𝐱̈ = 𝟎   (3.59) 

Under these conditions, the mechanical DAE (3.54) reduces to 

𝐂𝑥
𝖳(𝐱0) 𝚲0 + 𝐐(𝐱0, 𝟎, 𝐞0) = 𝟎 (3.60) 

subject to the constraint equations 

𝐂(𝐱0) = 𝟎   (3.61) 

where: 

• 𝐱0 is the initial set of generalized coordinates, 

• 𝚲0 are the constraint forces at equilibrium, 

• 𝐐(𝐱0, 𝟎, 𝐞0) contain gravitational forces and static actuator forces. 

. 
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3.6.2 Required actuator forces 

Let the static force generated by actuator 𝑖be 𝐹act,0
(𝑖)

. At equilibrium, the generalized force 

balance becomes 

𝐐𝑔(𝐱0) + ∑ 𝐉𝑠𝑖

𝖳 (𝐱0) 𝐹act,0
(𝑖)

𝑖

= 𝟎 (3.62) 

where: 

• 𝐐𝑔(𝐱0) is the gravitational generalized-force vector, 

• 𝐉𝑠𝑖
 is the stroke Jacobian of actuator 𝑖. 

Solving (3.62) yields the equilibrium actuator forces: 

𝐅act,0 = −[𝐉𝑠1
𝖳     𝐉𝑠2

𝖳 ] †𝐐𝑔(𝐱0) (3.63) 

where (⋅)† denotes the Moore–Penrose pseudoinverse. 

This gives explicit values for the lift-actuator force 𝐹act,0
(𝐿)

 and tilt-actuator force 𝐹act,0
(𝑇)

. 

3.6.3 Mapping actuator force to motor torque 

Once the static actuator forces are known, the corresponding motor torques are computed 

using the transmission relation: 

𝑇𝑒𝑚,0
(𝑖)

= 𝐾𝑡 𝐹𝑎𝑐𝑡,0
(𝑖) (3.64) 

Here 

• 𝑇𝑒𝑚,0
(𝑖)

 is the electromagnetic torque required by actuator 𝑖, 

• 𝐾𝑡 is the transmission ratio defined in (3.34). 

This establishes the torque demands on each PMSM at the start of the simulation. 

3.6.4 Initialization of PMSM electrical states 

From the torque expression 

𝑇𝑒𝑚 =
3

2
𝑝 𝜓𝑃𝑀  𝑖𝑞  (3.65) 
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the 𝑞-axis current needed to generate the equilibrium torque is 

𝑖𝑞,0
(𝑖)

=
2

3

𝑇𝑒𝑚,0
(𝑖)

𝑝 𝜓𝑃𝑀

(3.66) 

Since 𝑖𝑑
𝑟𝑒𝑓

= 0, the initial values of the flux linkages are 

𝜓𝑑,0 = 𝜓𝑃𝑀,  𝜓𝑞,0 = 𝐿𝑞  𝑖𝑞,0 (3.67) 

The speed-loop integral state is initialized from 

𝑒𝜔,0 = 𝜔0
𝑟𝑒𝑓

− 0 (3.68) 

with rotor speed 𝜔 = 0 at equilibrium. 

The corresponding current-loop integral states may be initialized as 

𝑥𝑑,0 = 0, 𝑥𝑞,0 = 𝑣𝑞,0 − 𝑘𝑝𝑞(𝑖𝑞,0
𝑟𝑒𝑓

− 𝑖𝑞,0) (3.69) 

although they may also be set to zero without affecting the static-balanced configuration. 

Collecting all electrical variables, the PMSM is initialized using 

𝑒0 = [𝑥𝜔,0 𝑥𝑑,0 𝑥𝑞,0 𝜓𝑑,0 𝜓𝑞,0 0]𝑇 (3.70) 

The static equilibrium procedure determines: 

1. The actuator forces required to hold the crane at its initial pose. 

2. The initial crane equilibrium generalized coordinates 𝑥0. 

3. The corresponding motor torques through (3.64). 

4. The PMSM initial currents and fluxes via (3.66) to (3.67). 

5. All electrical-control states in (3.70). 

These quantities ensure that the simulation begins from a physically consistent and 

mechanically balanced state before reference motions are applied. 

3.7 Reference Motion Profiles and Actuator Input Generation 

The electromechanical actuators follow prescribed reference motion profiles that define the 

motor-speed commands used by the PMSM controllers. These profiles ensure smooth 
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transitions between motion phases, allow human-in-the-loop modification of input signals, 

and maintain compatibility with the multibody dynamics. The actuator stroke kinematics are 

generated from the motor-speed reference via the transmission relation. This section 

describes the construction of these reference profiles. 

3.7.1 Structure of the actuator reference motion 

Each actuator follows a sequence consisting of: 

1. A retraction phase 

2. A brief dwell period 

3. An extension phase 

The primary reference signal supplied to the PMSM speed loop is the motor-speed reference 

𝜔ref(𝑡). The corresponding stroke velocity and stroke trajectory are obtained from the 

electromechanical transmission. This formulation is consistent with the monolithic 

electromechanical model and enables human-in-the-loop adjustment of 𝜔ref(𝑡) during 

testing. 

3.7.2 Jerk-limited S-curve motor-speed profile 

To avoid abrupt changes in acceleration and reduce mechanical shocks, the motor-speed 

reference is generated using a jerk-limited S-curve profile. The S-curve imposes bounds on 

velocity, acceleration, and jerk while ensuring continuity in all derivatives. 

Let the desired motor-speed reference be 

𝜔ref(𝑡) = 𝑓𝑆𝐶(𝑡) (3.71) 

where 𝑓𝑆𝐶(𝑡) is the piecewise S-curve function. 

Each S-curve segment is defined by 

𝜔𝑟𝑒𝑓(𝑡) = 𝑎0 + 𝑎1𝑡 + 𝑎2𝑡2 + 𝑎3𝑡3   (3.72) 

with coefficients 𝑎0, 𝑎1, 𝑎2, 𝑎3 selected to satisfy: 

• continuity of the motor-speed reference 𝜔ref(𝑡), 

• continuity of its time derivative 𝜔̇ref(𝑡), 
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• a bounded second derivative 𝜔̈ref(𝑡), which corresponds to a bounded jerk of the 

rotor angle. 

3.7.3 Stroke trajectory from velocity integration 

The stroke reference is obtained by integrating the S-curve velocity profile: 

𝑠𝑟𝑒𝑓(𝑡) = 𝑠0 + ∫ 𝑠̇𝑟𝑒𝑓(𝜏) 𝑑𝜏
𝑡

0

(3.73) 

where 𝑠0 is the initial actuator length. 

The actuator displacement produced by the stroke function determines the crane’s joint 

motion through the multibody kinematics. 

3.7.4 Conversion to motor speed reference 

From the transmission relation (3.32), the motor speed reference corresponding to the 

desired actuator velocity is 

𝜔𝑟𝑒𝑓(𝑡) =
𝑠̇𝑟𝑒𝑓(𝑡)

𝐾𝑡

(3.74) 

where 𝐾𝑡 is the transmission ratio. 

This reference 𝜔𝑟𝑒𝑓(𝑡) is used by the PMSM speed-loop controller to track the desired 

motion. 

3.7.5 Reference current generation 

Given the torque expression 

𝑇𝑒𝑚(𝑡) =
3

2
𝑝 𝜓𝑃𝑀𝑖𝑞(𝑡) (3.75) 

the torque required during motion is determined by the dynamics of the multibody system. 

The speed-loop controller automatically generates the required 𝑖𝑞
𝑟𝑒𝑓

(𝑡)from the speed error: 

𝑖𝑞
𝑟𝑒𝑓

(𝑡) = 𝑘𝑝𝜔𝑒𝜔(𝑡) + 𝑥𝜔(𝑡) (3.76) 

 



41 

 

 

Thus, only the motor speed reference 𝜔𝑟𝑒𝑓(𝑡) needs to be prescribed; the current reference 

follows from the control loop. 

3.7.6 Application to lift and tilt actuators 

The two actuators (lift and tilt) are assigned separate S-curve velocity profiles. Their 

sequences are executed one after the other over the full simulation interval 𝑡 ∈ [0, 𝑇]. The 

reference profiles are constructed such that: 

• only one actuator moves at a time, 

• sufficient dwell time exists between phases, 

• identical rise and fall times are used for smoothness, 

• stroke limits remain within physical bounds. 

The result is a complete set of reference trajectories: 

𝑠̇𝐿,𝑟𝑒𝑓(𝑡), 𝑠̇𝑇,𝑟𝑒𝑓(𝑡) (3.77) 

and corresponding motor-speed references: 

𝜔𝐿,𝑟𝑒𝑓(𝑡), 𝜔𝑇,𝑟𝑒𝑓(𝑡) (3.78) 

These signals form the actuator-level inputs used in the electromechanical simulations. 

3.8 Control Architecture and Implementation 

The electromechanical actuators are regulated using a cascaded field-oriented control (FOC) 

structure, consisting of an outer speed loop and two inner current loops. The control system 

ensures accurate tracking of the reference actuator velocities generated in Section 3.7 while 

maintaining smooth torque production and stable operation of the PMSM. This section 

summarizes the control architecture and its interaction with the electromechanical model. 

3.8.1 Outer speed-control loop 

The motor-speed reference 𝜔ref(𝑡) is given, and the corresponding stroke-velocity reference 

𝑠̇ref(𝑡) is obtained from the transmission relation.  
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𝜔𝑟𝑒𝑓(𝑡) =
𝑠̇𝑟𝑒𝑓(𝑡)

𝐾𝑡

(3.79) 

The speed error is 

𝑒𝜔(𝑡) = 𝜔𝑟𝑒𝑓(𝑡) − 𝜔(𝑡)   (3.80) 

where 𝜔(𝑡) is the measured rotor speed. The PI controller for the speed loop generates the 

torque-producing current reference: 

𝑖𝑞
𝑟𝑒𝑓

(𝑡) = 𝑘𝑝𝜔𝑒𝜔(𝑡) + 𝑥𝜔(𝑡) (3.81) 

with integral state governed by 

𝑥̇𝜔(𝑡) = 𝑘𝑖𝜔𝑒𝜔(𝑡) (3.82) 

Maximum-torque-per-ampere operation is used throughout, given 

𝑖𝑑
𝑟𝑒𝑓

(𝑡) = 0 (3.83) 

The outputs of the speed loop are the d-q-axis current references 𝑖𝑑
𝑟𝑒𝑓

, 𝑖𝑞
𝑟𝑒𝑓

. 

3.8.2 Inner current-control loops 

The d-q-axis current errors are 

𝑒𝑑 = 𝑖𝑑
𝑟𝑒𝑓

− 𝑖𝑑, 𝑒𝑞 = 𝑖𝑞
𝑟𝑒𝑓

− 𝑖𝑞   (3.84) 

The PI controllers produce intermediate control voltages: 

𝑣𝑑 = 𝑘𝑝𝑑𝑒𝑑 + 𝑥𝑑 (3.85) 

𝑣𝑞 = 𝑘𝑝𝑞𝑒𝑞 + 𝑥𝑞 (3.86) 

where 𝑥𝑑 , 𝑥𝑞 are the integral states governed by 

𝑥̇𝑑 = 𝑘𝑖𝑑𝑒𝑑, 𝑥̇𝑞 = 𝑘𝑖𝑞𝑒𝑞 (3.87) 

To compensate for cross-coupling terms in the electrical dynamics, the final commanded 

voltages applied to the motor are 

𝑢𝑑
𝑟𝑒𝑓

= 𝑣𝑑 − 𝜔𝑒𝐿𝑞𝑖𝑞 (3.88) 

𝑢𝑞
𝑟𝑒𝑓

= 𝑣𝑞 + 𝜔𝑒(𝐿𝑑𝑖𝑑 + 𝜓𝑃𝑀) (3.89) 
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These voltages serve as the electrical inputs to the PMSM subsystem. 

3.8.3 Integration with the PMSM model 

The control-generated voltages 𝑢𝑑
𝑟𝑒𝑓

, 𝑢𝑞
𝑟𝑒𝑓

 and current references 𝑖𝑑
𝑟𝑒𝑓

, 𝑖𝑞
𝑟𝑒𝑓

 are supplied to 

the PMSM model defined in Section 3.3. The electrical subsystem evolves according to 

𝐞̇ = 𝑓(𝐱̇, 𝐞, 𝐮) (3.90) 

Where: 

𝑒 contains all electrical and controller states and 𝑥̇ includes actuator velocities, 

𝐮 = [𝑖𝑑
𝑟𝑒𝑓

𝑖𝑞
𝑟𝑒𝑓

𝜔𝑟𝑒𝑓]T (3.91) 

The PMSM generates electromagnetic torque 

𝑇𝑒𝑚(𝑡) =
3

2
𝑝 𝜓𝑃𝑀  𝑖𝑞(𝑡) (3.92) 

which is converted into actuator force and incorporated into the multibody DAE formulation 

through the mapping described in Section 3.4. The complete control architecture operates as 

follows: 

1. Motor-speed reference 𝜔𝑟𝑒𝑓(𝑡)is computed from (3.79). 

2. Stroke-velocity reference 𝑠̇𝑟𝑒𝑓(𝑡) is generated using jerk-limited S-curves. 

3. The speed loop produces the torque-producing current reference 𝑖𝑞
𝑟𝑒𝑓

(𝑡). 

4. The current loops produce the d-q-axis voltage commands 𝑢𝑑
𝑟𝑒𝑓

, 𝑢𝑞
𝑟𝑒𝑓

. 

5. The PMSM model generates torque, which is converted into actuator force using the 

transmission ratio and incorporated into the multibody equations through the 

standard force mapping and the actuator-induced updates to the mass matrix. 

6. The actuator force enters the mechanical DAE, closing the electromechanical 

simulation loop. 
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3.9 Sensitivity Analysis Methodology 

Sensitivity analysis is performed to evaluate how variations in mechanical and electrical 

parameters influence the dynamic performance of the electromechanical crane model. Two 

categories of parameters are considered in this study: (i) mechanical parameters, including 

the transmission ratio 𝐾𝑡 and rotor inertia 𝐽; (ii) electrical parameters, namely the stator 

resistance 𝑅𝑠 and permanent-magnet flux linkage 𝜓𝑃𝑀. These parameters were selected 

because they directly influence the electromechanical energy conversion process. The 

transmission ratio 𝐾𝑡 determines the mapping between motor speed and actuator stroke. 

Rotor inertia 𝐽 affects torque response and acceleration capability. Stator resistance 𝑅𝑠 

governs copper losses and directly influences RMS current. The permanent-magnet flux 

linkage 𝜓𝑃𝑀 controls torque production through the electromagnetic torque equation. 

Together, these parameters capture the dominant physical effects in the actuator subsystem.  

The influence of these four parameters is studied in Chapter 4 through a multi-run sweep 

ranging from 20% to 200% of the nominal parameter values. The goal is to quantify the 

effect of parameter deviations on tracking accuracy, torque demands, motor currents, and 

overall crane behavior. The analysis is based on systematic perturbations of selected 

parameters around their nominal values and repeated simulation under identical reference 

trajectories.  

3.9.1 Framework for parameter variation 

Let 𝑝 denote any parameter of interest with nominal value 𝑝0. A perturbed parameter is 

defined as 

𝑝(𝛿) = 𝑝0(1 + 𝛿), 𝛿 ∈ [−𝛿𝑚𝑎𝑥, 𝛿𝑚𝑎𝑥] (3.93) 

where 𝛿 is the relative variation and 𝛿𝑚𝑎𝑥 is the maximum deviation considered. Positive 

and negative variations are used to capture asymmetric effects. For each perturbed parameter 

value, the full electromechanical DAE system described in Sections 3.3 to 3.8 is simulated 

using the same reference actuator trajectories. 

3.9.2 Mechanical parameters 

Transmission ratio 𝐾𝑡 
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The transmission ratio directly influences: 

• actuator velocity through 

𝑠̇ = 𝐾𝑡𝜔 (3.94) 

• actuator force via 

𝐹𝑎𝑐𝑡 =
𝑇𝑒𝑚

𝐾𝑡

(3.95) 

• reflected inertia 

𝐽𝑒𝑞 = 𝐽/𝐾𝑡
2 (3.96) 

Variations in 𝐾𝑡 affect the mass matrix, actuator dynamics, and the required motor torque to 

produce a given linear force. To account for the change in input while keeping the same load 

in comparison the reference input for analysis on transmission ratio is also scaled by a scaling 

parameter. This helps to include the effect of change from angular velocity and effect of 

transmission ratio to change into linear actuator velocity while keeping the load same as in 

the case of other parameters. Mechanical sensitivity metrics include deviation in actuator 

stroke, deviation in crane joint trajectories, and change in peak actuator force. 

Rotor inertia 𝐽: 

Rotor inertia appears in both the mechanical equations 

𝐽𝜔̇ = 𝑇𝑒𝑚 − 𝑇𝐿 (3.97) 

and the reflected inertia (3.96). Variations influence acceleration capability and torque 

ripple. Electrical-sensitivity metrics include changes in peak 𝑖𝑞, electromagnetic torque 

deviation, and motor-speed tracking error. 

3.9.3 Electrical parameters 

The PMSM electrical parameters considered are: 

Permanent-magnet flux linkage 𝜓𝑃𝑀: 

Changes in 𝜓𝑃𝑀 modify electromagnetic torque production: 

𝑇𝑒𝑚 =
3

2
𝑝𝜓𝑃𝑀𝑖𝑞 (3.98) 
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Higher 𝜓𝑃𝑀 reduces required 𝑖𝑞; lower values increase current demand for the same torque. 

Stator resistance 𝑅𝑠: 

The stator resistance influences voltage drops in the d-q-equations: 

𝑢𝑑 = 𝑅𝑠𝑖𝑑 +
𝑑𝜓𝑑

𝑑𝑡
− 𝜔𝑒𝜓𝑞 (3.99) 

𝑢𝑞 = 𝑅𝑠𝑖𝑞 +
𝑑𝜓𝑞

𝑑𝑡
+ 𝜔𝑒𝜓𝑑 (3.100) 

Increased resistance leads to higher voltage requirements and affects current-tracking 

performance. 

3.9.4 Simulation procedure 

For each parameter p, each variation δ, and each actuator: 

1. Compute perturbed value p(δ). 

2. Recompute equilibrium initialization if the parameter affects torque generation (e.g., 

ψPM, Kt, J). 

3. Run the monolithic electromechanical DAE model over the full reference trajectory. 

4. Record actuator-stroke tracking error, crane-joint angle tracking error, peak 

electromagnetic torque max Tem(t), peak current max iq(t), duration and 

magnitude of speed tracking error, and actuator force deviations. 

5. Compare all recorded quantities with the baseline nominal simulation. 

3.9.5 Output metrics and interpretation 

To ensure comparability with the reference study, the actuator-stroke and joint-angle 

reference trajectories 𝑠ref(𝑡) and 𝑞ref(𝑡) are constructed directly from the S-curve motor-

speed profiles defined in section 3.7. These profiles reproduce the same motion sequence 

used in the reference paper, in a form that is dynamically smooth and compatible with the 

integrated PMSM–FOC and multibody model. The deviations reported in the sensitivity 

analysis are therefore computed with respect to these internally generated reference 

trajectories. Three classes of sensitivity indicators are extracted: 
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(a) Tracking quality 

εs(t) = s(t) − sref(t), εq(t) = q(t) − qref(t) (3.101) 

Peak and deviation values are used to quantify sensitivity. The reference used in above 

equations are the trajectories followed by the crane with nominal values of the sensitivity 

test parameters given the same reference input. 

(b) Electrical effort 

iq,peak, Tem,peak (3.102) 

Higher values indicate increased motor loading. These metrics collectively indicate which 

parameters have the strongest influence on system behavior. The sensitivity-analysis 

framework systematically perturbs mechanical and electrical parameters and evaluates the 

resulting changes in the electromechanical response. The approach quantifies how 

uncertainties, modeling errors, or parameter variations affect the complete system 

performance, enabling assessment of robustness and identification of the most critical 

parameters. 

(c) Overall energy consumption 

E, Ppeak (3.103) 

Where E represents the total energy consumption in an entire simulation cycle and Ppeak 

corresponds to the maximum value of power required in one simulation cycle.  

This chapter presented the complete electromechanical modelling framework, combining 

the crane’s constrained multibody dynamics with detailed PMSM actuator models, FOC 

control, and S-curve trajectory generation. Based on this formulation, four key actuator 

parameters were selected for sensitivity analysis: transmission ratio 𝐾𝑡, rotor inertia 𝐽, flux 

linkage 𝜓𝑃𝑀, and stator resistance 𝑅𝑠. These parameters directly influence torque 

production, current demand, and mechanical energy transfer, making them the most critical 

for assessing system behaviour. The next chapter presents simulation results and discussions. 
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4 Results and Discussions 

This chapter presents the numerical results obtained from the electromechanical crane model 

developed in Chapter 3. The results are organized into three groups. First, the baseline 

simulations performed using the nominal mechanical, electrical and control parameters are 

reported. These simulations replicate the behavior shown in the reference study and serve to 

validate the monolithic electromechanical formulation. The corresponding results include 

motor-speed tracking, joint-angle evolution, actuator stroke trajectories, electrical currents, 

electromagnetic torque, mechanical power, and constraint satisfaction. 

Second, a comprehensive sensitivity analysis is performed to assess the influence of key 

electromechanical parameters on system behavior. Four parameters are examined: the 

transmission ratio 𝐾𝑡, rotor inertia 𝐽, permanent-magnet flux linkage 𝜓𝑃𝑀, and stator 

resistance 𝑅𝑠. Each parameter varies from 20% to 200% of its nominal value in increments 

of 10%. For every parameter sweep, seven performance metrics are evaluated, namely: 

deviations in the two primary joint angles, deviations in the lift and tilt actuator strokes, RMS 

phase current, total mechanical energy, and peak mechanical power. These trends are 

interpreted using the analytical relationships established in Chapter 3. 

Third, power-trend plots are included to provide a direct comparison with the reference 

paper. These illustrate the time-varying mechanical power delivered and absorbed by the 

actuators across the full motion cycle and support assessment of motoring, regenerating, and 

dwell phases. This is followed by discussions on findings. 

The chapter is structured as follows. Section 4.1 presents the baseline simulation results. 

Section 4.2 reports parametric sensitivity analysis. Section 4.3 discusses power-trend 

evaluation. Section 4.4 discusses the findings, and section 4.5 compares the findings against 

research questions that were aimed to be addressed. 

4.1 Baseline Simulation Results 

This section presents the baseline simulation results of the electromechanically actuated 

crane under nominal actuator, electrical, and control parameters. These results confirm the 

correctness of the multibody formulation, the PMSM–FOC drive implementation, and the 

stroke-based trajectory generation introduced in Chapter 3. Each subsection discusses one 

class of results and links the observed behavior to the physical dynamics of the crane and 
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the equations presented earlier. Before the dynamic simulation, the initial configuration of 

the crane is determined at the provide angles corresponding to the degree of freedoms i.e. 

𝜓2 = 0,  𝜑32 = 60°, and  𝜑63 = 280°. For the crane to be in equilibrium state the initial 

conditions provided are used to calculate the remaining elements of the vector of generalized 

coordinated which are calculated to be: 

𝑥𝐺2
= 0𝑚,  𝑦𝐺2

= −0.017𝑚,  𝑧𝐺2
= 0.577𝑚,  𝜓2 = 0 𝑊𝑏,  𝜃2 = 0°,  𝜑43 = 87.18° 

𝜑54 = 237.13°,   𝑠𝐿 = 1.25𝑚,  𝑠𝑇 = 1.4661𝑚,  𝜑𝐿 = 90.81°,  𝜑𝑇 = 8.85° 

Corresponding to these initial equilibrium coordinates the required actuator forces and their 

corresponding electromechanical torque values are calculated. These values are in turn used 

to calculate the required initial electrical conditions state vectors for both the lift and tilt 

actuators which are calculated to be: 

𝑥𝜔,𝐿= 9.3374m,    𝑥𝑑,𝐿=0m,    𝑥𝑞,𝐿=0.0149,    𝜓𝑑,𝐿=1.356Wb,    𝜓𝑞,𝐿 = 0.0023Wb 

𝑥𝜔,𝑇= -2.3772m,  𝑥𝑑,𝑇=0m,  𝑥𝑞,𝑇=-0.0038m,  𝜓𝑑,𝑇=1.356Wb,  𝜓𝑞,𝑇 = −0.0006Wb 

4.1.1 Actuator Speed Tracking 

Figure 1 shows the reference and simulated rotational speeds of the lift and tilt actuator 

motors over the complete motion cycle. The lift actuator is active in the time intervals 0–4 s 

and 12–14 s, while the tilt actuator moves in 6–10 s and 16–18 s. In each active interval, the 

corresponding motor-speed reference follows a jerk-limited S-curve: the speed increases 

smoothly from zero to a nearly constant level, maintains a flat “plateau” of constant velocity, 

and then decelerates symmetrically back to zero. This pattern is clearly visible as a sequence 

of 0 → non-zero → 0 transitions in the speed profile. 
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Figure 1: Motor-speed references and actual speeds for lift and tilt actuators 

The simulated motor speeds track these references very closely. During 0–4 s, the lift motor 

speed transitions from rest to a negative constant value and back to zero as the actuator 

retracts, and the measured speed remains almost indistinguishable from its reference. Similar 

behavior is observed for the tilt motor between 6–10 s, and again during the extension phases 

at 12–14 s (lift) and 16–18 s (tilt). The absence of overshoot, oscillations, or drift in these 

intervals indicates that the speed-loop PI controllers are well tuned and that the coupled 

electromechanical and multibody dynamics do not destabilize the control loops. The flat 

sections of the speed signals correspond to the constant-velocity part of the S-curve, while 

the rounded transitions at the start and end of the motion phases reflect the bounded jerk 

imposed by the trajectory generator. Overall, Figure 1 confirms that the motor-speed 

tracking is consistent with the kinematic transmission relation 𝜔 = 𝑠̇/𝐾𝑡 and that the 

intended sequential actuation schedule is realized in the simulation. 

4.1.2 Joint Angle Evolution 

Figure 2 and Figure 3 present the time histories of the two main crane joint angles, 𝜙32 (lift 

angle) and 𝜙63 (tilt angle), as produced by the multibody solver under the actuator strokes 

commanded in Fig. 1. The lift angle decreases smoothly from approximately 60° to about 

27° during the lift-actuator retraction phase (0–4 s), remains almost constant at this lower 

value throughout the dwell interval (4–12 s), and returns to its initial configuration when the 
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actuator extends between 12–14 s. The flat segment in the middle of the trajectory indicates 

that gravity and external loads are balanced by the actuator, and no unintended drift occurs 

despite the flexible nature of the multibody system. 

 

Figure 2: Lift-boom angle 𝜙32(𝑡) 

The tilt angle exhibits analogous behavior but in a different configuration range. During the 

6–10 s interval, the tilt actuator motion causes 𝜙63 to vary from approximately 280° up to 

roughly 312°, after which it holds this value until the final extension phase returns the angle 

to its starting level near 280°. In both cases, the angular trajectories are continuous and free 

of oscillations, reflecting the smooth excitation imposed by the S-curve reference profiles. 
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Figure 3: Tilt-boom angle 𝜙63(𝑡) 

4.1.3 Actuator Stroke Profiles 

Figure 4 illustrates the stroke trajectories of the lift and tilt electromechanical actuators over 

the simulation horizon. The lift actuator stroke 𝑠𝐿(𝑡) decreases from an initial value of 

approximately 1.25 m down to about 1.09 m during the retract phase at the start of the cycle, 

remains constant during the dwell period, and then increases back to its initial value during 

the extension phase. The tilt actuator follows a similar pattern with a slightly longer effective 

travel: its stroke reduces from roughly 1.47 m to 1.30 m during its active phase, starting later 

(around 6 s) to ensure that the two actuators are not moving simultaneously. Both stroke 

profiles show the characteristic shape obtained by integrating the S-curve velocity signals, 

with smooth acceleration at the beginning of motion, a central region where the stroke 

changes at nearly constant rate, and smooth deceleration back to rest. 
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Figure 4: Lift and tilt actuator strokes 𝑠𝐿(𝑡) and 𝑠𝑇(𝑡) 

The nearly linear segments in the middle of each motion interval correspond to the constant-

velocity portion of the S-curve, where jerks are already limited. This design, implemented 

via the trajectory generator, is specifically intended to reduce mechanical shocks at the joints 

and to avoid abrupt load changes in the actuators. The absence of discontinuities or 

numerical artefacts in the stroke curves indicates that the integration of the stroke-velocity 

references has been carried out correctly and that the chosen motion limits are well within 

the physical capabilities of the mechanism. 

4.1.4 Electrical Currents and Torque Behavior 

The electrical response of the PMSM drives is shown in Figure 5 and Figure 6. The d–q 

current plots in Figure 5 reveal that the d-axis currents remain close to zero for both actuators 

throughout the simulation, which is consistent with the operation of a surface-mounted 

PMSM under field-oriented control where the torque is primarily produced by the q-axis 

current. In contrast, the q-axis currents exhibit pronounced peaks at the beginning of each 

retract and extend phase, when the required electromagnetic torque is highest due to 

acceleration of the crane links by the reference speed input profile. Between these 
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acceleration phases, during the constant-speed portions of the motion, the q-axis current 

settles to lower quasi-steady values. 

 

Figure 5: PMSM d–q currents for lift and tilt actuators 

The corresponding electromagnetic torques in Figure 6 follow these current trends closely, 

as expected from the torque expression 𝑇𝑒𝑚 ∝ 𝑖𝑞. Positive torque is produced during lifting 

or upward tilting, while negative torque appears during downward motions when the crane 

structure and gravity assist the actuator movement. In particular, the tilt actuator exhibits 

larger negative torque spikes during lowering because it undergoes regenerative operation, 

with mechanical power being fed back through the drive. The temporal alignment between 

current peaks, torque peaks, and the onset of actuator motion confirms that the electrical and 

mechanical subsystems are correctly coupled in the model and that the controllers respond 

appropriately to the load variations induced by the multibody dynamics. 
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Figure 6: Electromagnetic torques of lift and tilt actuators 

4.1.5 Mechanical Power Flow 

Figure 7 presents the mechanical power at the lift and tilt actuator shafts, computed as the 

product of electromagnetic torque and rotor speed. The power histories display distinct 

pulses corresponding to the active motion phases of each actuator. When the actuator drives 

the crane upward or extends a boom segment against gravity, both torque and speed have 

the same sign and the mechanical power is positive, reaching its maximum magnitude near 

the middle of the motion interval where the speed is highest and the load is significant. 

Conversely, when the crane motion is assisted by gravity, such as during lowering or 

retracting, the product of torque and speed becomes negative, indicating regenerative 

operation in which mechanical energy is returned to the electromechanical drive system. 

Between motion phases, the actuator speeds are close to zero, so the mechanical power also 

approaches zero even though a small torque may still be required to balance static loads. The 

alternating positive and negative lobes in Figure 7 are in line with those reported in the 

reference study and confirm that the PMSM model correctly reproduces both motoring and 

generating behavior under the imposed motion profile. The shapes and magnitudes of these 
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power pulses further support the consistency of the dynamic coupling between the drive, the 

crane mechanism, and the control system. 

 

Figure 7: Mechanical power at the actuator shafts 

4.1.6 Constraint Satisfaction Analysis 

Figure 8. presents the history of the holonomic constraint residuals for the complete 

multibody simulation. Over the entire 20 s interval, the constraint values remain extremely 

small, bounded within approximately ±2.7×10⁻⁷. For most of the trajectory, the residuals 

fluctuate around zero with typical magnitudes between 1.0×10⁻⁸ and 8.0×10⁻⁸, indicating 

that the constraints are enforced with high numerical precision during steady motion. 

Short-duration increases appear at distinct instants that coincide with rapid acceleration 

changes in the imposed S-curve profiles. At approximately 2 s, the constraint values rise to 

about 2.6×10⁻⁷. A comparable peak of around 2.7×10⁻⁷ occurs at approximately 8 s. A 

slightly higher peak appears near 14 s, where the maximum reaches roughly 2.8×10⁻⁷. A 

final moderate increase is observed around 18 s, where the residuals reach approximately 

1.3×10⁻⁷. These peaks correspond to the four major motion transitions of the actuators, 

during which the constraint Jacobians and inertia couplings undergo abrupt updates. 
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Figure 8: Norm of the holonomic constraint vector 

Immediately after each peak, the constraint values return to their baseline range of roughly 

1.0×10⁻⁸ to 1.5×10⁻⁸, with no evidence of error accumulation or drift. This behavior confirms 

that the holonomic constraint equations and their Jacobians are implemented consistently, 

that the mass-matrix augmentation and force projection terms remain well-conditioned, and 

that the selected numerical integrator maintains stability and constraint accuracy for the 

chosen time step and tolerances. The achieved precision is consistent with values reported 

in similar monolithic multibody formulations and supports the validity of the solver for the 

subsequent parametric studies. 

4.1.7 Discussion of Baseline Simulation Results 

The above results can be interpreted as the modelling of the crane with electromechanical 

actuators while tracking the most relevant parameters of both the crane and the actuators. 

The tracking of relevant degrees of freedom, stroke profiles and electrical parameters 

provides insight into how the input profile is tracked by the electromechanical actuators 

while satisfying the constraints during the entire motion profile. The actuator torque or force 

is used to lift the load of the crane provided by the electromechanical actuators according to 

the given input motion. In this way, the multibody dynamics model of the crane, which 
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includes the necessary constraints, is modeled to replace the hydraulic actuators with the 

electromechanical ones and presents a response based on torque mapping. The results 

therefore provide detailed answers to the first research question and as the behavior of the 

crane is justified according to the expected physical response it validates the modelling 

techniques employed. 

The above model also provides a framework for modelling the PMSM in the monolithic 

approach to provide torque required by the motor to lift the load and follow the reference 

input. It involves the analysis the modelling of PMSM in the d-q frame employing the control 

architecture discussed in Section 3.8 to follow the specified input. It also presents a technique 

to compare the behavior of the system using different input profiles and involve the human 

in the loop to test the model. The results in the above section provide substantial proof of the 

validity of the system, keeping the constraints always satisfied within a specified tolerance 

level. The resultant trajectories followed are also proof that the modelling techniques 

presented and implemented in the above analysis for the PMSM and transmission ratio 

provide adequate torque for the crane to follow the entire range of input motion and thus 

answers the second research question. 

The torque and current plots presented for the baseline simulation provide the answer to the 

third research question. It is clear from these plots that to minimize vibrations in the system 

and ensure smooth motion the jerk in the input profile must be limited. These results indicate 

the relationship between the current and torque with the input reference speed profile. To 

account for the acceleration in the input the system generates enough current and therefore 

torque to follow the input. With such sensitive control architecture, the system responds very 

quickly to the input and therefore it justifies the need for the limited input profile to ensure 

both safety and minimizing vibrations in the system. 

4.2 Parametric Sensitivity Analysis 

This section evaluates how variations in selected electromechanical parameters influence the 

crane’s dynamic, electrical, and energetic behavior. Four parameters, transmission ratio 𝐾𝑡, 

rotor inertia 𝐽, permanent-magnet flux linkage 𝜓𝑃𝑀, and stator resistance 𝑅𝑠, were varied 

independently between 20% and 200% of their nominal values in increments of 10%, 

resulting in 19 simulations per parameter. For each run, seven performance metrics were 
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extracted: deviations in the lift and tilt joint angles, deviations in the lift and tilt actuator 

strokes, RMS phase current, total mechanical energy, and peak mechanical power. 

The objective of this analysis is twofold: 

• To identify which electromechanical parameters most strongly influence motion 

accuracy and actuator loading 

• To interpret the observed trends using the analytical relationships established in 

Chapter 3, thereby assessing whether the simulated behavior is physically consistent. 

The following subsections present the results for each parameter independently. For each 

case, the seven-response metrics are plotted as a function of parameter scaling, and the 

resulting trends are analyzed in relation to actuator kinematics, PMSM torque production, 

electrical losses, and the crane’s multibody dynamics. 

4.2.1 Effect of Transmission Ratio 𝐾𝑡 

Figure 9 to Figure 15 illustrate how variations in the transmission ratio 𝐾𝑡 influence the 

crane’s dynamic and electrical behavior. The transmission ratio plays an important role in 

crane dynamics as it defines the relation between the input reference speed profile and the 

related linear actuator velocity. To account for the relationship the reference speed profiles 

for each run in the analysis for variations of transmission ratio the input profile must be 

modified in such a way that the overall motion and load on the corresponding actuators 

should remain the same. This is achieved by scaling the input profile to keep the overall 

crane motion same for each variation of transmission ratio. Modifying the value of 𝐾𝑡 affects 

the reflected inertia parameters in the updated mass matrix by the inverse relation of the 

square of the parameter therefore it is one of the most important factors as a small change in 

its value highly affects the reflected inertia. Also modifying 𝐾𝑡 alters both the torque required 

to generate a given actuator force and the motor speed needed to follow the commanded 

stroke profile.  The resulting deviations, energy trends and electrical responses reflect these 

competing kinematic and dynamic effects. 

Figure 9 shows how the electromechanical transmission ratio 𝐾𝑡 affects the tracking error of 

the lift-boom angle 𝜙32(𝑡) over a full motion cycle. The ratios examined span one order of 

magnitude around the nominal design value of 4.0 × 10−4 m/rad. The deviation is smallest 

at the nominal ratio and overall stays steady as 𝐾𝑡 moves away from this point. At the optimal 
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value, the error is essentially zero. The overall deviation of the angle mostly remains zero 

throughout the variations of transmission ratio. At extremely low value of transmission ratio 

the deviation is maximum where the value reaches 0.34° before rapidly decreasing to 

minimize the deviation from the reference results at the nominal value. Overall, the graph 

shows stability across all variations of the nominal value except for the peak at the extreme 

low value which shows that the motion stays consistent with very small variations in the 

angle values. 

 

 

Figure 9: Effect of Transmission Ratio 𝐾𝑡 on Lift-Joint Angle Deviation Δ𝜑32 

Figure 10 shows the deviation of the tilt-boom angle 𝜙63 as the transmission ratio 𝐾𝑡 is 

varied. The deviation remains very small as compared to the nominal values with the 

variations only being on the scale of 10-3. There is no clear trend which suggests accurate 

following of the reference input. The deviation range in the values of +1.7 × 10−3 to 

−1.5 × 10−3 which indicate very small variations and no significant change in the trajectory 

with variations in transmission ratio. 
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Figure 10: Effect of Transmission Ratio 𝐾𝑡 on Tilt-Joint Angle Deviation Δ𝜑63 

Figure 11 shows how the lift-actuator stroke deviation 𝑠𝐿 varies with the transmission ratio 

𝐾𝑡. Like the response of the system in angle tracking the variations of transmission ratio 

affect the lift-actuator stroke almost negligibly and the motion trajectory remains the same 

across all variations. There is no clear trend observable in the graph showing very small 

deviations in micrometers confirming efficient motion tracking. 

 

Figure 11: Effect of Transmission Ratio 𝐾𝑡 on Lift-Actuator Stroke Deviation Δ𝑠𝐿 
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Figure 12 presents the deviation of the tilt-actuator stroke 𝑠𝑇 across the same transmission-

ratio sweep. The tilt actuator exhibits an almost identical trend as the lift actuator, with the 

deviations still in micrometers and no clear observable trend across the variations.  

 

Figure 12: Effect of Transmission Ratio 𝐾𝑡 on Tilt-Actuator Stroke Deviation Δ𝑠𝑇 

Figure 13 shows how the actuator’s RMS phase current varies with the transmission ratio 

𝐾𝑡. There is a clear visible trend in the graph with its maximum value at the lowest variation 

of the transmission ratio. As the variations increase the current generated decreases rapidly 

eventually stabilizing to almost 4.5-5 A values at the nominal value of 4 × 10−4 for 

transmission ratio.  
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Figure 13: RMS Current vs. 𝐾𝑡 

Figure 14 presents the total mechanical energy delivered by the actuator over the full motion 

cycle as the transmission ratio 𝐾𝑡 is varied from 0.8 × 10−4 to 8.0 × 10−4 m/rad. The overall 

trend is like the trend observed for the current value and with having global maxima at lowest 

values of transmission ratio and then decreasing rapidly to stabilize to the value of 

approximately 10 Wh at nominal value of transmission ratio. 

 

Figure 14: Mechanical Energy Consumption vs. 𝐾𝑡 
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Figure 15 illustrates the variation of peak mechanical power demand as the transmission 

ratio 𝐾𝑡increases from 0.8 × 10−4 to 8.0 × 10−4 m/rad. The trend shows maximum value of 

peak power at lowest variation in the transmission ratio and then significantly decreasing 

trend to stabilize at the value of approximately 10 kW near the nominal value.  

 

Figure 15: Peak Mechanical Power vs. 𝐾𝑡 

The graphs covering the kinematic parameters in this section indicate the numerical stability 

of the model against the variations in the transmission ratio. All the kinematic parameters 

stay very close with minimum variations showcasing the reference motion is tracked almost 

perfectly. The only significant deviation in the angle 𝜙32 observed at low value of 

transmission ratio arises due to a rapid increase in the reflected inertia at extremely low 

values of transmission ratio. Therefore, the numerical solver is unable to satisfy the 

geometric constraints between the actuator and the lift boom. Such inconsistency is only 

observed in 𝜙32 due to a higher inertia contribution at the lift-actuator. However, an overall 

comparison of the kinematic parameters, especially lift-actuator stroke, shows that the input 

motion profile is closely observed by the model and the deviation is due to numerical solver 

being unable to satisfy the geometric constraints rather than actual angular variation.  

The performance parameters observed including current, total energy and peak power 

provide a valuable insight into the importance of transmission ratio and how it affects the 

performance of the system. At extremely low transmission ratio the system loses mechanical 

advantage and reflected inertia of the actuators increase significantly. This causes an increase 

in current demand which is being utilized to generate torque required to accelerate the rotor 
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rather than moving the load. This is the same effect that destabilizes the numerical solution 

observed in the kinematic tracking. However, as the transmission value increases the model 

becomes stable and it can be concluded that for peak performance higher transmission ratio 

gives the optimum choice to maximize the mechanical advantage and therefore efficiency of 

the system. 

4.2.2 Effect of Rotor Inertia 𝐽 

Figure 16 to Figure 22 illustrate how variations in the PMSM rotor inertia 𝐽 influence the 

coupled electromechanical behaviour of the crane system. Since rotor inertia governs the 

rotational acceleration required to follow a given speed profile, changes in 𝐽 directly affect 

the torque demand, the sharpness of speed transitions, and the actuator’s ability to track the 

intended stroke. As a result, deviations appear in the joint angles, stroke profiles, electrical 

currents, and power flow, revealing how sensitive the system is to inertial mismatches. 

Figure 16 shows the RMS deviation of the lift-boom angle 𝜙32as the rotor inertia is varied. 

The values remain very small throughout the sweep, generally close to zero. The curve is 

mostly flat with a few isolated bumps: a modest rise around 𝐽 ≈ 0.12 kg m2, a slight increase 

again near 0.24 kg m2, and a sharper peak at roughly 0.30 kg m2. Outside these points, the 

deviation stays near a few hundredths of a degree.  

 

Figure 16: Effect of Rotor Inertia 𝐽 on Lift-Joint Angle Deviation Δ𝜑32 
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Figure 17 plots the deviation of the tilt-boom angle 𝜙63as rotor inertia varies. The deviations 

are extremely small throughout, on the order of 10−3degrees, and the curve oscillates with 

no clear upward or downward trend. A sharp dip appears near 𝐽 ≈ 0.05 kg m2, followed by 

several modest peaks and troughs up to about 0.25 kg m2.  

 

Figure 17: Effect of Rotor Inertia 𝐽 on Tilt-Joint Angle Deviation Δ𝜑63 

Figure 18 shows how the lift-actuator stroke deviation 𝑠𝐿varies with rotor inertia. The values 

remain very small throughout, oscillating around zero with a series of narrow peaks and dips. 

At low inertia, the deviation ranges between roughly +0.01mm and −0.01mm, followed by 

a deeper trough near 𝐽 ≈ 0.12 kg m2. The curve then rises toward a small peak around 

0.16 kg m2and returns close to zero near 0.20 kg m2.  
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Figure 18: Effect of Rotor Inertia 𝐽 on Lift-Actuator Stroke Deviation Δ𝑠𝐿 

Figure 19 presents the deviation of the tilt-actuator stroke 𝑠𝑇(𝑡) across rotor inertia values 

ranging from 0.04 to 0.40 kg·m². As with the lift-stroke deviations, the overall magnitudes 

remain small but the variation with inertia shows distinct local peaks and troughs attributable 

to dynamic coupling between the actuator torque production, load reflection, and the 

nonlinear multibody geometry. At low inertia values (0.04–0.06 kg·m²), the deviation rising 

from ≈0-0.01 mm at J = 0.04 kg·m² to a global maximum of ≈0.016 mm at J = 0.06 kg·m². 

Following this peak, the deviation decreases steadily with increasing inertia: at J = 0.08 

kg·m², the deviation drops to ≈0.0012 mm, and at J = 0.10 kg·m² it falls further to ≈0.0055 

mm.  
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Figure 19: Effect of Rotor Inertia 𝐽 on Tilt-Actuator Stroke Deviation Δ𝑠𝑇 

Another secondary peak of ≈-0.01 mm occurs at J = 0.12 kg·m², followed again by an 

increase to ≈-0.005 mm at J = 0.14 kg·m². The deviation reaches its global minimum of 

nearly zero at J = 0.20 kg·m², where the actuator dynamic response appears optimally 

matched to the stroke-velocity command, minimizing residual tracking error. Beyond 0.20 

kg·m², the deviations increase again, with peaks such as ≈0.01 mm at J = 0.24 kg·m² and 

≈0.008 mm at J = 0.34 kg·m², before reaching ≈0.011 mm at J = 0.38 kg·m² and finally 

declining to ≈0.001 mm at J = 0.40 kg·m².  

Figure 20 illustrates how the actuator’s RMS phase current varies with rotor inertia. Unlike 

the deviation plots, which show small oscillatory behavior, the RMS current increases 

smoothly and monotonically across the full inertia range. The curve rises from roughly 1.4 

A at the lowest tested inertia and approaches nearly 5 A at 𝐽 = 0.40 kg m2, with the slope 

gradually steepening as inertia increases.  
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Figure 20: RMS Current vs. 𝐽 

Figure 21 illustrates the total mechanical energy exchanged at the actuator shaft over the 

complete duty cycle as the rotor inertia 𝐽is varied from 0.04 to 0.40 kg·m². In contrast to the 

non-monotonic trends observed in the kinematic deviation metrics (joint angles and strokes), 

the mechanical energy exhibits a strict linear and monotonic increase with rotor inertia. At 

the lowest inertia (𝐽 = 0.04 kg·m²), the mechanical energy is approximately 3.9 Wh. 

Increasing the inertia to 0.06 kg·m² raises the energy to ≈4.5 Wh, and a further increase to 

0.10 kg·m² results in ≈5.6 Wh. 

 

Figure 21: Mechanical Energy Consumption vs. 𝐽 
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Figure 22 shows the variation of peak mechanical power demanded at the actuator shaft as 

the rotor inertia 𝐽increases from 0.04 to 0.40 kg·m². Like the mechanical energy trend, the 

peak power demonstrates a strong, nearly perfectly linear increase with inertia, confirming 

that acceleration-dominated loads scale proportionally with 𝐽. At the lowest inertia case (𝐽 =

0.04 kg·m²), the peak power requirement is approximately 4.5 kW. As inertia rises to 0.06 

kg·m², the peak power increases to ≈5.8 kW, and at 0.10 kg·m² it reaches ≈7.8 kW. This 

linear scaling continues consistently. Finally, at the highest inertia value tested (𝐽 = 0.40 

kg·m²), the peak mechanical power reaches approximately 27.8 kW. 

 

Figure 22: Peak Mechanical Power vs. 𝐽 

The physical mechanism underlying this trend is given by: 

𝑃 = 𝑇em ×  𝜔 

and the required peak torque satisfies 

𝑇peak ∝ 𝐽 

Because the S-curve trajectory generator enforces identical maximum angular acceleration 

for all simulation runs, a higher inertia directly increases the torque needed to maintain this 

acceleration. Since the peak motor speed during motion remains broadly unchanged across 

all cases, the product of torque and speed results in a linear escalation of peak power with 

increasing 𝐽. 
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Examining the kinematic parameters across the range of variations the rotor inertia the 

deviations remain very small. The relevant plots suggest that the tracking remains highly 

accurate across the tested inertia range, with only narrow regions showing noticeable but 

still very small variations. The magnitude of deviations confirms that the multibody–drive 

system maintains highly accurate lift-angle tracking across a wide inertial range. The overall 

impression is that rotor inertia has little systematic influence on the motion tracking; the 

variations are small and localized, and the magnitude remains negligible relative to the 

joint’s operating range. Despite the small-scale variations, the overall magnitude remains 

negligible relative to the full stroke, indicating that the actuator’s tracking behavior is largely 

unaffected by changes in rotor inertia. This confirms that stroke-tracking performance 

remains robust for all rotor inertia values tested. 

The overall behavior of the performance related parameters aligns with the expected 

electromechanical loading: higher inertia requires greater electromagnetic torque to track the 

same S-curve trajectory, and the torque demand integrates over the entire motion cycle into 

a higher RMS current. The results therefore reflect a direct scaling of drive effort with inertial 

load, with no indication of a threshold or optimum within the tested range. This linear trend 

continues throughout the entire range. Because the trajectory generator enforces identical 

angular acceleration profiles across all simulations, increasing 𝐽 directly scales the required 

kinetic energy input increases as the reflected mass in the updated mass matrix increases 

with increase in rotor inertia, leading to a predictable and proportional rise in mechanical 

work.  

The trendline confirms that mechanical energy demand is strongly and linearly governed by 

rotor inertia, making 𝐽 a dominant parameter in actuator sizing, thermal loading, and power-

system design considerations. This behavior highlights an important design implication: 

rotor inertia is a first-order driver of actuator power rating. Even modest increases in 𝐽 (e.g., 

from 0.10 to 0.20 kg·m²) can nearly double the peak power requirement. Therefore, selecting 

low-inertia motors can substantially reduce the electrical infrastructure sizing, converter 

rating, and thermal load, especially in acceleration-intensive duty cycles such as crane 

mechanisms. 
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4.2.3 Effect of Permanent-Magnet Flux Linkage 𝜓𝑃𝑀 

The permanent-magnet flux linkage 𝜓𝑃𝑀directly influences the torque-producing capability 

of the PMSM through the relation 

𝑇𝑒𝑚 =
3

2
𝑝 𝜓𝑃𝑀  𝑖𝑞 

Therefore, increasing 𝜓𝑃𝑀 enhances torque generation for a given current; while decreasing 

it weakens the motor’s electromechanical response. Figure 23 to Figure 29 illustrate how 

scaling 𝜓𝑃𝑀 from 20% to 200% of its nominal value affects joint-angle accuracy, actuator 

stroke deviations, energy consumption, RMS current, and peak power. 

Figure 23 shows the deviation of the lift angle 𝜙32as the motor flux linkage 𝜓 is varied. The 

value remains extremely small across the full range, on the order of 10−3 degrees, with a 

mix of shallow peaks and dips. The smallest deviation appears around 𝜓 ≈ 1.4 Wb, where 

the curve passes close to zero. Several local maxima are visible, including one near 1.25 Wb 

and another around 2.4 Wb, both reaching only a few thousandths of a degree. 

 

Figure 23: Effect of Flux Linkage 𝜓𝑃𝑀 on Lift-Joint Angle Deviation Δ𝜑32 

Figure 24 shows the deviation of the tilt angle φ₆₃ across the examined flux linkage range 

from approximately 0.3 Wb to 2.8 Wb. The deviations are very small, remaining within the 

order of 10⁻⁴ degrees. The lowest deviation occurs near ψ ≈ 1.4 Wb where the error drops to 

essentially zero. Local peaks appear at ψ ≈ 1.2 Wb with a deviation of approximately -1.4 × 
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10⁻3 degrees and at ψ ≈ 2.1 Wb where the deviation reaches about 1.6 × 10⁻3 degrees which 

is the maximum recorded value.  

 

Figure 24: Effect of Flux Linkage 𝜓𝑃𝑀 on Tilt-Joint Angle Deviation Δ𝜑63 

Figure 25 illustrates the deviation of the lift-actuator stroke sL across the tested flux-linkage 

range (ψ ≈ 0.3–2.8 Wb). The deviations remain within the 10⁻³ mm scale, indicating very 

high stroke-tracking accuracy throughout the parameter sweep. A clear minimum occurs at 

ψ ≈ 1.4 Wb, where the deviation momentarily approaches zero. The maximum deviation is 

observed at ψ ≈ 1.5 Wb, reaching approximately -12 × 10⁻³ mm. Across the remaining ψ 

values, sL deviations fluctuate between about -5 × 10⁻³ mm and 6 × 10⁻³ mm.  
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Figure 25: Effect of Flux Linkage 𝜓𝑃𝑀on Lift-Actuator Stroke Deviation Δ𝑠𝐿 

Figure 26 presents the deviation of the tilt-actuator stroke 𝑠𝑇across the flux-linkage range 

𝜓 ≈ 0.3–2.8  Wb. The deviations remain very small throughout (order of 10−3mm), 

indicating that the tilt-stroke tracking is only weakly influenced by flux-linkage variations. 

The minimum deviation occurs near 𝜓 = 1.4  Wb, approaching zero, while the largest 

deviations appear at higher flux linkages, reaching approximately −8 × 10−3  mm at 𝜓 ≈

2.1  Wb. Moderate fluctuations are observed between −4 × 10−3 and 6 × 10−3  mm across 

most of the ψ range.  
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Figure 26: Effect of Flux Linkage 𝜓𝑃𝑀on Tilt-Actuator Stroke Deviation Δ𝑠𝑇 

Figure 27 shows a clear U-shaped dependence of RMS current on flux linkage. At low flux 

linkage (𝜓 ≈ 0.2  Wb), the RMS current is high (≈19.5 A). As 𝜓 increases, the current 

decreases steadily and reaches its minimum (≈2.8–3.0 A) around 𝜓 = 1.4  Wb, where torque 

per ampere is maximized. For flux linkage above 𝜓 ≈ 1.6  Wb, the current rises again, 

exceeding 10 A near 𝜓 = 2.1  Wb and reaching ≈18 A at the upper limit (𝜓 ≈ 2.9  Wb). 

 

Figure 27: RMS Current vs. 𝜓𝑃𝑀 

Figure 28 shows the mechanical energy requirement for the full motion cycle as the flux 

linkage 𝜓 varies from approximately 0.3 Wb to 2.8 Wb. Although the overall range is 

narrow, the plot exhibits distinct local variations rather than the flat behavior expected from 
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a purely mechanical quantity. The mechanical energy fluctuates between 8.841 Wh and 

8.788 Wh, with peak around 0.45–0.55 Wh minima near the nominal 1.4 Wh value. 

 

Figure 28: Mechanical Energy Consumption vs. 𝜓𝑃𝑀 

Figure 29 presents the peak mechanical power delivered by the actuator as the flux linkage 

𝜓 varies between approximately 0.3 Wb and 2.8 Wb. The peak power remains tightly 

clustered between 14.498 kW and 14.509 kW, but the curve exhibits clear localized 

oscillations instead of a flat trend. A pronounced rise at the lowest flux value (about 14.509 

kW near 𝜓 ≈ 0.3 Wb) is followed by a drop to the minimum of roughly 14.4985 kW near 

𝜓 ≈ 0.45 Wb. Similar localized peaks appear around 1.6–1.8 Wb (approximately 14.509 

kW) 2.4–2.5 Wb (approximately 14.508 kW) with intermediate troughs near 0.45–0.6 Wb, 

1.9–2.1 Wb, and 2.2–2.3 Wb. 
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Figure 29: Peak Mechanical Power vs. 𝜓𝑃𝑀 

The shape of the response in the kinematic parameters reflects how ψ influences the torque 

constant and thus the stroke regulation dynamics. Mild oscillations suggest that variations in 

flux linkage influence the torque constant and, by extension, the closed-loop stiffness of the 

actuator. Mid-range values yield the most consistent tracking, while very low and very high 

flux linkage produces slightly larger deviations. Even so, the absolute magnitudes are 

negligible, indicating that the motion is largely insensitive to flux-linkage changes within 

the tested interval. Moderate ψ values yield smooth torque production and minimal tracking 

error whereas extreme values either under amplify or over amplify the actuator response 

producing slightly higher deviations. Despite these fluctuations the absolute magnitude 

remains extremely small, indicating that the joint dynamics are only weakly affected by flux 

linkage variations within the operating window studied. Nevertheless, all deviations are 

extremely small relative to the actuator travel, confirming robust electromechanical stability 

across the entire ψ range. 

The trends in these parameters show that the variations reflect the changing electromagnetic 

torque sensitivity associated with flux linkage: mid-range ψ values provide favorable 

torque–load matching and therefore minimal stroke error, while both low and high ψ values 

introduce slight deviations due to reduced or overly stiff torque response. Even at its 

maximum, however, the deviation is negligible relative to actuator travel, confirming stable 

electromechanical behavior under all flux-linkage levels. 
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Considering the performance parameters in the study, a weak flux linkage constant requires 

larger 𝑖𝑞 to generate torque. The upward trend of current after the nominal value is consistent 

due to generation of high back emf forcing the controllers to utilize more current to maintain 

the same speed, both of which reduce torque efficiency. The results indicate an optimal mid-

range flux linkage where electrical loading is minimized. The energy plot shows the behavior 

of energy consumption of the system as low values of inertia higher current are required so 

the total energy is maximum at minimum flux linkage. However, as the flux becomes 

stronger the total energy over the complete cycle decreases reaching its optimal value. As 

the flux linkage increases beyond the optimal point energy consumption increases again due 

to generation of back emf in the system causing the current to be utilized to overcome back 

emf more significantly increasing the power demand. The fluctuations in the power graph 

originate from small shifts in the instantaneous electromagnetic torque response caused by 

changes in 𝜓. Although the mechanical motion profile is identical in all simulations, 

modifying the flux linkage varies the peak power demand slightly.  

4.2.4 Effect of Stator Resistance 𝑅𝑠 

Stator resistance influences the current dynamics and voltage demand of the PMSM. 

Although 𝑅𝑠 does not directly change the torque constant of the machine, it strongly affects 

the transient current response through the electrical differential equations and determines 

how much voltage the inverter must supply during rapid torque changes. Figure 30 to Figure 

36 illustrate the effect of scaling 𝑅𝑠 from 20% to 200% of its nominal value. 

Figure 30 plots the lift-joint angle deviation 𝜙32 as the stator resistance 𝑅𝑠varies. For most 

of the range, the deviation stays very small, on the order of a few hundredths of a degree, 

and shows minor fluctuations around zero. Two distinct spikes interrupt this pattern: a sharp 

rise near 𝑅𝑠 ≈ 0.006 Ω, and a larger peak around 0.024 Ω, which is the highest deviation in 

the sweep.  
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Figure 30: Effect of Stator Resistance 𝑅𝑠 on Lift-Joint Angle Deviation Δ𝜑32 

Figure 31 shows the deviation of the tilt-joint angle 𝜙63as the stator resistance 𝑅𝑠varies. The 

deviations remain extremely small throughout, generally within ±1.5 × 10−3degrees, 

indicating that the tilt-axis dynamics are only weakly affected by changes in electrical 

resistance. The curve features several localized peaks and troughs. A first cluster occurs 

between 0.003and 0.006 Ω, where the deviation briefly rises to just above 1 × 10−3degrees. 

The error then falls toward a shallow minimum near 𝑅𝑠 ≈ 0.01 Ω, marking one of the most 

stable regions in the sweep. Beyond roughly 0.015 Ω, the deviation oscillates within a 

narrow band, with modest positive spikes around 0.018, 0.021, and 0.025 Ω.  

 

Figure 31: Effect of Stator Resistance 𝑅𝑠 on Tilt-Joint Angle Deviation Δ𝜑63 
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Figure 32 shows the lift-actuator stroke deviation 𝑠𝐿as the stator resistance 𝑅𝑠varies. The 

deviations remain very small throughout, mostly within ±0.01mm, and the curve consists 

of alternating peaks and dips with no consistent upward or downward trend. At the lower 

end of the sweep, the deviation oscillates between slightly positive and slightly negative 

values, with one of the larger positive excursions occurring near 𝑅𝑠 ≈ 0.012 Ω.  The curve 

then settles close to zero before continuing with modest fluctuations for resistances above 

0.015 Ω. Several small local maxima appear around 0.018, 0.022, and 0.024 Ω, though all 

remain well below a hundredth of a millimeter.  

 

Figure 32: Effect of Stator Resistance 𝑅𝑠 on Lift-Actuator Stroke Deviation Δ𝑠𝐿 

Figure 33 shows the deviation of the tilt-actuator stroke 𝑠𝑇as the stator resistance 𝑅𝑠 is 

varied. The deviations remain small across the full range, roughly between −7 ×

10−3 mmand +8 × 10−3 mm, and the curve is characterized by alternating peaks and dips 

but no overall trend. At the lowest resistances, the deviation includes the largest positive and 

negative excursions in the sweep.  
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Figure 33: Effect of Stator Resistance 𝑅𝑠 on Tilt-Actuator Stroke Deviation Δ𝑠𝑇 

The curve then moves toward a minimum near 𝑅𝑠 ≈ 0.011 − 0.012 Ω, where the deviation 

approaches zero. Several narrow oscillations appear on either side of this point, after which 

the deviations continue to fluctuate within a similar small band for resistances above 

0.015 Ω.  

Figure 34 shows how the RMS motor current varies with stator resistance 𝑅𝑠. The current 

increases steadily across the entire sweep, rising from just above 2.55 A at the lowest 

resistance to roughly 2.9 A at the highest. The curve is smooth and mostly monotonic, with 

only a shallow dip around 𝑅𝑠 ≈ 0.004 − 0.005 Ω before the upward trend begins.  
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Figure 34: RMS Current vs. 𝑅𝑠 

Figure 35 shows the mechanical energy consumption as stator resistance varies from 0.003 

Ω to 0.027 Ω. Across the entire range, the energy remains tightly bounded between 8.7849 

Wh and 8.7855 Wh, indicating that 𝑅𝑠 has only a second-order influence on the net 

mechanical work delivered during the cycle. A shallow baseline around 8.7855–8.7892 Wh 

dominates most resistance values. Localized deviations occur due to small shifts in current 

ripple and torque production. Examples include a local maximum of 8.7865 Wh at 0.0063 

Ω, another peak of 8.78855 Wh at 0.024 Ω.  

 

Figure 35: Mechanical Energy Consumption vs. 𝑅𝑠 
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Figure 36 illustrates the variation in peak mechanical power as the stator resistance increases 

from 0.003 Ω to 0.027 Ω. Over most of the range, the peak power remains tightly clustered 

around 14.50–14.51 kW, indicating that the machine’s transient torque capability is largely 

unaffected by moderate changes in copper resistance. Small fluctuations occur throughout 

the sweep, such as 14.508 kW at 0.004 Ω, 14.503 kW at 0.011 Ω, and a local peak of 14.52 

kW near 0.019 Ω. For resistances above 0.024 Ω, a slight decline becomes apparent. The 

value dropped to 14.598 kW at 0.0245 Ω, followed by a sharper reduction to 14.458 kW at 

0.027 Ω.  

 

 

Figure 36: Peak Mechanical Power vs. 𝑅𝑠 

Considering the kinematic behavior and control goals of the crane it can be observed that 

the deviations remain negligible, indicating that the motion tracking is largely unaffected by 

changes in stator resistance across the tested interval. The peaks reflect localized sensitivity 

of electromechanical coupling rather than a monotonic trend. At certain resistance values, 

the reduction in torque authority temporarily amplifies small deviations during the 

acceleration phases of the actuator motion, which appear as the observed spikes. However, 

the magnitude remains extremely low across all samples, confirming that the motion tracking 

accuracy is effectively preserved across the explored resistance range. Similarly, the overall 

pattern of the stroke-tracking suggests mild sensitivity to resistance-dependent torque 

dynamics, but the magnitude of variation is negligible compared to the full actuator stroke. 
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Tracking performance therefore remains effectively unchanged across the entire resistance 

range examined. The stroke tracking is stable across the entire resistance range, with no 

meaningful degradation in performance. 

The current plot shows an initial dip which suggests that very low resistances impose 

minimal voltage drop, allowing the required torque to be produced with slightly lower 

average current. As resistance increases, a greater share of the applied voltage is dissipated 

across the windings as power losses, and the controller compensates by commanding higher 

current to maintain the same torque profile. At higher 𝑅𝑠, the slope becomes gentler, but the 

current continues to rise, consistent with the increased resistive losses. The figure indicates 

that RMS current demand scales predictably with stator resistance, but still the magnitude of 

overall change is very small to have a significant effect on the overall system. The 

fluctuations in the energy plot correspond to resistance-dependent changes in 

electromagnetic damping. Although the overall trend demands higher total energy for the 

system the variation is relatively small. The figure therefore confirms that mechanical energy 

is essentially insensitive to copper resistance within the tested range. 

The power plot generally shows constant behavior varying in a very small range effectively 

indicating that the peak power required remains in the same order and the increase in the 

total energy and RMS current does not increase the peak power demand. At high stator 

resistance there is a decrease which is consistent with the voltage variations in the transient 

state reducing the peak power. The figure shows that peak power is largely insensitive to 

stator resistance within the normal operating range, with a measurable deterioration only 

when resistance reaches the upper extreme of the tested interval.  

4.3 Time-Domain Sensitivity Analysis of Mechanical Power 

This section evaluates how parametric variations influence the actuator’s instantaneous 

mechanical-power response during the 20 s reference trajectory. For each parameter, three 

representative values were selected (0.5×, 1.0×, 1.5× of nominal), and the resulting power 

traces were compared over the repeated motion phases. Across all cases, the characteristic 

S-curve demand profile produces repeated peaks of approximately +10–14 kW during 

upward motions and –12 to –15 kW during downward or regenerative phases. 
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4.3.1 Effect of Stator Resistance (Rs) 

Figure 37 illustrates that mechanical-power traces for 0.0065 Ω, 0.010 Ω, and 0.020 Ω 

remain nearly identical throughout all motion segments. Peak motoring events at ~1.8 s, 6.5 

s, 11.2 s, and 16.8 s reach approximately +11 to +12 kW for all three resistance values, while 

regenerative troughs at ~3.8 s, 8.8 s, 13.5 s, and 18.8 s consistently reach –14 to –15 kW. No 

measurable phase shift or power-level deviation occurs with increased Rs. This is expected 

because Rs primarily affects copper losses, but as compared to the magnitude of the 

mechanical power the losses are negligible (12-15kW compared to approx. 4W power loss). 

If the current controller compensates adequately, torque production remains nearly 

unchanged, resulting in almost perfectly overlapping power curves. Therefore, stator 

resistance has negligible influence on instantaneous mechanical power for the controller 

bandwidth and operating envelope considered. 

 

Figure 37: Mechanical-power response for scaled stator-resistance values (0.5×, 1.0×, 

1.5×) 
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4.3.2 Effect of Rotor Inertia (J) 

Unlike Rs, rotor inertia produces visible amplitude changes in mechanical-power peaks as 

illustrated in Figure 38. The low-inertia case (0.10 kg·m²) exhibits peak motoring power 

near +7 kW, while the nominal case (0.20 kg·m²) reaches +11 kW. The high-inertia case 

(0.30 kg·m²) exhibits substantially larger peaks, rising to roughly +18 to +21 kW depending 

on the motion segment. Regenerative minima show similar scaling: the troughs deepen from 

roughly –8 kW (0.10 kg·m²) to –15 kW (0.20 kg·m²) and down to –22 kW or lower for the 

0.30 kg·m² case. This behavior is mechanically intuitive: larger rotor inertia requires higher 

torque to follow identical angular acceleration demands, and the increased kinetic-energy 

exchange during acceleration and deceleration directly scales the power levels up or down. 

The timing of peaks remains identical across all cases, demonstrating that inertia affects 

magnitude but not trajectory synchronization. Therefore, rotor inertia strongly influences 

power amplitude, with higher inertia yielding proportionally larger motoring and 

regenerative peaks. 

 

Figure 38: Mechanical-power response for scaled rotor-inertia values (0.5×, 1.0×, 1.5×) 
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4.3.3 Effect of Transmission Ratio (Kt) 

Variations in transmission ratio produce noticeable differences in mechanical-power 

response as shown in Figure 39. For the low-gain case (1.98×10⁻⁴ m/rad), upward peaks 

reach approximately +45 kW, while the nominal (3.95×10⁻⁴) and high-gain (5.93×10⁻⁴) cases 

reach slightly higher values in the range of +12 to +07 kW. The trend of power over time 

follows the same trend as shown in the baseline results. While variation in the transmission 

ratio shows significant effect on the power demand of the system. The magnitudes of the 

power demand increase with time is due to the dependance of the mass matrix on the 

transmission ratio and resultant change in the reflected inertia. The results are consistent with 

the plots obtained earlier for peak power and layout the role of transmission ratio in the 

design of the motor. 

 

Figure 39: Mechanical-power response for scaled transmission-ratio values (0.5×, 1.0×, 

1.5×) 

4.3.4 Effect of Flux Linkage (Ψ) 

Evident from Figure 40, flux linkage variations show minimal impact on the time-domain 

mechanical power. The traces of 0.68 Wb, 1.36 Wb, and 2.03 Wb overlap almost perfectly 

across the entire 20-s trajectory. All upward peaks lie in the +11–12 kW range, and 
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downward peaks remain between –14 and –15 kW, with no meaningful shifts in amplitude 

or timing. Flux linkage appears significant in RMS-current and steady-state torque ripple, 

but its effect on instantaneous mechanical power is neutralized by the current controller, 

which regulates torque production to match the demanded acceleration profile. Therefore, 

flux linkage has negligible effect on mechanical-power time response which proves the 

controller efficiency to compensate for the raised demand of torque. 

 

Figure 40: Mechanical-power response for scaled flux-linkage values (0.5×, 1.0×, 1.5×) 

4.4 Discussion of Findings 

The simulations performed in this study allow a deeper examination of how 

electromechanical parameters shape the behavior of EMA-driven crane joints. While the 

earlier subsections reported quantitative results, the present discussion interprets these 

findings in terms of their physical causes, their alignment with established literature, and 

their implications for EMA design. 

A central outcome of the sensitivity analysis is the dominant influence of the control 

architecture to the motion tracking of the system. The variations in all the parameters perturb 

the motion from its nominal value but the high control gains overcome their effects by 

providing necessary input to the system. The system follows the input motion while 
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satisfying the given constraints throughout the entire range of motion at all variations of the 

different parameters.  

The transmission ratio plots provide the insight on the mechanical advantage of the 

transmission ratio gained by the complete mechanism of ball screw, planetary and parallel 

gears of the PMSM. The plots also showcase the role of transmission ratio into the reflected 

inertia of the system and how the mass matrix is greatly affected by the term. The parabolic 

nature of the current, energy and power plots indicate that these parameters vary according 

to the reflected inertia of the system. For small values of  𝐾𝑡 the system starts feeling much 

heavier demanding higher values of current, energy and therefore overall power demand 

rises significantly. As the value of transmission ratio increases the reflected inertia decreases 

increases the mechanical advantage and lower inertia helps the system to follow the same 

input profile with significantly less power demand. These results provide vital information 

and indicate that transmission ratio of the motor plays a vital role in the performance metrics 

of the system and must be chosen according during the design phase. 

Much like transmission ratio, variations in motor inertia 𝐽 produced relatively minor effects 

on both joint motion and electrical effort. The closed-loop speed controller compensated for 

large deviations in inertia with minimal tracking degradation. However, the performance 

related plots show that rotor inertia play an important role in the current, torque and power 

demand of the system. As expected, higher inertia requires more power demand from the 

system which can be observed in the power plot over time as well. The rising power demand 

and its linear behavior with the rotor inertia can be explained by the linear behavior between 

the two parameters. This effect therefore indicates that motor sizing also should be done 

carefully to meet the requirements of the input profile with the minimum power supply and 

make the system more efficient. 

The influence of the stator resistance 𝑅𝑠 also followed expected patterns: it increased copper 

losses and raised RMS current but had little effect on the mechanical response. Because 𝑅𝑠 

enters the d-q-axis equations primarily as an electrical damping term, its variation does not 

significantly alter torque production or overall kinematic accuracy within the operating range 

of interest. These observations highlight that thermal considerations, while essential for 

hardware implementation, do not strongly couple into mechanism-level performance in the 

context studied. 
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A notable trend across all parameter variations is the asymmetrical performance degradation. 

Reductions in 𝐾𝑡 or increases in rotor inertia led to large increases in power demand, whereas 

favorable variations produce comparatively small benefits. This asymmetry suggests that 

EMA feasibility is more sensitive to parameter shortfalls than to improvements, reinforcing 

the need for conservative derating and margins during actuator selection. Such non-linear 

escalation effects are acknowledged in EMA literature but are rarely shown explicitly for 

crane-type duty cycles. 

When viewed in the context of existing studies, the present results complement several 

strands of literature. Prior work on heavy machinery electrification emphasizes the difficulty 

of achieving sufficient torque density in EMA solutions; the sensitivity trends derived here 

provide quantitative evidence supporting that concern. Furthermore, the monolithic DAE 

model successfully reproduced constraint-consistent crane motion, aligning with earlier 

integrated modelling frameworks and demonstrating that a unified electromechanical–

multibody approach is suitable for early-stage feasibility evaluations. The trends observed 

for flux linkage, inertia, and resistance also agree with theoretical expectations described in 

PMSM modelling studies, but the numerical evidence presented here contributes additional 

clarity regarding the relative magnitude of their effects. 

The findings must, however, be interpreted within the limitations of the modelling choices 

made. The omission of thermal dynamics and magnetic saturation means that current and 

voltage responses represent idealized behavior; real motors would exhibit additional 

constraints. The hydraulic load model, inherited from prior work, introduces fixed 

assumptions about external forces that may not reflect all crane operating conditions. 

Moreover, the control system was treated with optimistic bandwidth assumptions, 

potentially understating the influence of inertia and friction. The sensitivity analysis also 

explored each parameter independently, whereas correlations between parameters, which is 

common in real motor design, were not considered. 

Despite these limitations, the results yield several clear implications for early-stage EMA 

design. Accurate estimation of 𝐾𝑡 and J is critical, as small deviations in these quantities 

significantly impact feasibility. Permanent magnet flux can be treated with broader 

tolerances without compromising system-level behavior, and resistance trends primarily 

inform thermal design rather than motion performance. More broadly, the nonlinear 

escalation of power with adverse parameter changes underscores the importance of 
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considering both voltage and current limits jointly when evaluating candidate motor-drive 

combinations. 

4.5 Findings in Relation to Research Aims 

The analysis carried out in this work enables each of the research aims to be evaluated 

considering the modelling framework and simulation results. This section synthesizes how 

the methods, results, and sensitivity studies contribute to answering the five research 

questions defined in Chapter 1. 

The first research question concerned the formulation of a multibody model capable of 

representing a forestry crane with closed-chain kinematics while accommodating 

electromechanical actuation. This thesis addressed the question through the construction of 

a constrained multibody system expressed in minimal coordinates and enforced via algebraic 

loop-closure constraints. The resulting index-1 DAE formulation allowed kinematic 

consistency to be maintained throughout the motion. The boom geometry, hinge 

relationships, constraint relations, and force transmission paths were mapped into 

generalized coordinates, and actuator forces were introduced from EMA torque and screw-

drive characteristics. The baseline simulations demonstrated numerically stable behavior 

with constraint residuals well within tolerance, confirming that the modelling approach 

successfully integrates electromechanical actuation into a closed-chain mechanical system. 

The second research question examined how the PMSM and the mechanical transmission 

should be modelled, using d–q frame equations, to generate realistic torque output under a 

prescribed joint-speed profile. This was addressed through the development of a dynamic 

PMSM representation including stator dynamics, electromagnetic torque production, and the 

cascade current–speed control loops implemented in continuous time. The mechanical 

transmission was included via the screw-drive kinematic relationship and reflected inertia. 

The d-q-axis voltages, currents, and torque contributions were computed in real time within 

the monolithic DAE system. The baseline results showed consistent torque tracking and 

physically plausible current waveforms, demonstrating that the chosen PMSM-transmission 

model accurately captures the actuator’s electromechanical response. 

The third research question concerned the generation of jerk-limited S-curve motion profiles 

to ensure smooth operation of the crane joints. This thesis addressed the question by 

implementing a standard seven-segment S-curve trajectory generator and integrating it into 
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the actuation pipeline. The profiles produced smooth transitions in velocity and acceleration, 

thereby reducing impulsive loading on the mechanical structure. The resulting joint-angle 

and stroke trajectories in the simulations confirmed that the S-curve generator delivered 

smooth and vibration-minimizing motion and enabled the PMSM controllers to operate 

without excessive torque or current spikes attributable to reference discontinuities. 

The fourth research question explored the robustness of the cascade control scheme for 

PMSM actuators in tracking the prescribed motion profiles within the integrated simulation 

environment. This was investigated through baseline simulations in which the inner current 

loops and outer speed loop were exposed to the dynamics imposed by the crane mechanism 

and the S-curve motion references. The results showed close tracking of the joint velocities 

and positions with negligible steady-state error. The current and torque trajectories remained 

bound and well-behaved, indicating that the control structure-maintained stability and 

performance even when embedded in the multibody-DAE system. These findings 

demonstrate that the cascade control architecture is sufficiently robust for the operating 

envelopes considered.  

The fifth research question addressed how variations in electrical, mechanical, and control-

related parameters influence tracking performance and actuator behavior. The sensitivity 

analysis directly examined this issue by systematically perturbing the torque constant 𝐾𝑡, 

flux linkage Ψ, rotor inertia 𝐽, and stator resistance 𝑅𝑠 across a wide range. The results 

revealed a distinct hierarchy of parameter influence, with 𝐾𝑡 and J exerting the strongest 

effects on current demand, voltage utilization, and power peaks, while Ψ and 𝑅𝑠produced 

comparatively modest changes. These findings provide explicit evidence of how actuator 

characteristics shape system-level performance, thereby addressing the research question 

through quantitative evaluation of parameter sensitivity. 
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5 Conclusions 

This thesis investigated the feasibility of replacing hydraulic cylinders with 

electromechanical actuators (EMAs) in a construction crane with high fidelity by developing 

an integrated multibody–electromechanical modelling and simulation framework. A 

constrained multibody system (MBS) model of the crane was formulated together with 

screw-driven EMA assemblies powered by a permanent-magnet synchronous motor 

(PMSM) using a monolithic approach which combined the effects of both electrical and 

mechanical parameters. The electrical dynamics of the PMSM and its field-oriented control 

(FOC) structure were incorporated to enable realistic torque generation and to capture the 

coupling between motor behaviour, transmission characteristics, and joint kinematics. 

The simulation of representative lift–tilt motion sequences demonstrated that EMA-based 

actuation produces characteristic dynamic responses that differ from conventional hydraulic 

systems. Reflected inertia, rotor inertia, and transmission stiffness were identified as the 

principal factors governing angle tracking, RMS currents, and overall energy consumption 

of the cycle. The results can be summarised considering two different affects. Considering 

the input motion tracking, the model seemed invariant to the range of parameters tested in 

the sensitivity analysis and followed the input precisely with only small insignificant 

deviations. The overall control architecture of the system is robust and adjusted the 

parameters efficiently showing little to no deviation with change in the parameters. 

The sensitivity analysis further quantified the influence of key PMSM parameters, including 

rotor inertia, stator resistance, and permanent-magnet flux linkage, on tracking performance 

and mechanical power demand. Variations in transmission ratio and rotor inertia exhibited 

the strongest effect across the motion phases, particularly during acceleration and 

deceleration intervals. Any variation in these parameters highly affected the power 

requirements in the model which is important in the corresponding motor selection in the 

design phase.  

Adjustments in stator resistance and magnet flux linkage produced measurable but less 

dominant changes in torque behaviour and energy flow. The modelling and results presented 

in this thesis provide a structured basis for evaluating EMA adoption in construction 

machinery and can support future work in optimisation, detailed controller design, thermal 
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modelling, and hardware-in-the-loop validation of electromechanical actuators for large-

scale crane systems.  
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Appendix 1. Description of the log-crane multibody model 

This appendix provides a comprehensive description of the log-crane multibody model 

adopted in this study. It consolidates the mathematical definitions required for the 

simulation, including the orientation matrices of all bodies, expressions for the position 

vectors of centers of mass, joint coordinates, electromechanical actuator endpoints, the 

complete set of holonomic constraints, and the geometric, dynamic, and electrical 

parameters used throughout the analysis. 

 

Figure 41: Log crane multibody model: numbering of bodies, coordinates, centres of mass, 

body reference frames, joint locations and actuators’ endpoints. 
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Figure 42: Detail of bodies 4 and 5: coordinates, centres of mass, body reference frames and 

joint locations 

 

Figure 43: Schematic representation of two bodies, i and j, interconnected by an EMA 

The body-fixed reference frames follow the conventions illustrated in Figure 41 to Figure 

43. The rotation matrices 𝑅𝑖(𝑥) for bodies 𝑖 = 2, … ,7 are constructed from elemental 

rotations and depend directly on the generalized coordinates. The orientations are given by 

𝑅2(𝑥) = 𝑅𝜓2
𝑅𝜃2

𝑅𝜙2
 

𝑅3(𝑥) = 𝑅2𝑅𝜙32
 

𝑅4(𝑥) = 𝑅3𝑅𝜙43
 

𝑅5(𝑥) = 𝑅4𝑅𝜙54
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𝑅6(𝑥) = 𝑅3𝑅𝜙63
 

𝑅7(𝑥) = 𝑅6(x) 

𝑅𝐿(𝑥) = 𝑅2𝑅𝜙𝐿
 

𝑅𝑇(𝑥) = 𝑅3𝑅𝜙𝑇
 

where 𝑅𝐿(𝑥) and 𝑅𝑇(𝑥) correspond to the orientations of the lift and tilt electromechanical 

actuators, respectively. The position vectors of all centers of mass Gj (with j = 2 to 7) and 

joints Jk (with k = 0 to 6) and actuator endpoints 𝐴, 𝐵, 𝐶, 𝐽4 are computed by adding body-

fixed offsets rotated by the appropriate orientation matrices. Using the center of mass of 

Body 2 as: 

r𝐺2
= [

𝑥𝐺2

𝑦𝐺2

𝑧𝐺2

] 

The full set of position relations is 

r𝐽0
= r𝐺2

+ 𝑅2 r̄𝐺2𝐽0
,                    r̄𝐺2𝐽0

= [
0
𝐿1

−𝐿2

], 

r𝐽1
= r𝐽0

+ 𝑅2 r̄𝐽0𝐽1
,                      r̄𝐽0𝐽1

= [
0

−𝐿3

𝐿4

], 

r𝐺3
= r𝐽1

+ 𝑅3 r̄𝐽1𝐺3
,                     r̄𝐽1𝐺3

= [
0
𝐿5

𝐿6

], 

r𝐽2
= r𝐽1

+ 𝑅3 r̄𝐽1𝐽2
,                       r̄𝐽1𝐽2

= [
0
𝐿7

𝐿8

], 

r𝐺6
= r𝐽2

+ 𝑅6 r̄𝐽2𝐺6
,                      r̄𝐽2𝐺6

= [
0
𝐿9

𝐿10

], 

r𝐽5
= r𝐽1

+ 𝑅3 r̄𝐽1𝐽5
,                       r̄𝐽1𝐽5

= [
0

𝐿11

−𝐿12

], 

r𝐺4
= r𝐽5

+ 𝑅4 r̄𝐽5𝐺4
,                      r̄𝐽5𝐺4

= [
0

𝐿13

0
], 
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r𝐽4
= r𝐽5

+ 𝑅4 r̄𝐽5𝐽4
,                        r̄𝐽5𝐽4

= [
0

𝐿14

0
], 

r𝐺5
= r𝐽4

+ 𝑅5 r̄𝐽4𝐺5
,                       r̄𝐽4𝐺5

= [
0

𝐿15

0
], 

r𝐽3
= r𝐽2

+ 𝑅6 r̄𝐽2𝐽3
,                        r̄𝐽2𝐽3

= [
0

−𝐿16

𝐿17

], 

r𝐺7
= r𝐺6

+ 𝑅7 r̄𝐺6𝐺7
,                      r̄𝐺6𝐺7

= [
0

𝐿18

0
], 

r𝐴 = r𝐽0
+ 𝑅2 r̄𝐽0𝐴,                           r̄𝐽0𝐴 = [

0
𝐿19

𝐿20

], 

r𝐵 = r𝐽1
+ 𝑅3 r̄𝐽1𝐵 ,                          r̄𝐽1𝐵 = [

0
𝐿21

−𝐿22

], 

r𝐶 = r𝐽1
+ 𝑅3 r̄𝐽1𝐶 ,                           r̄𝐽1𝐶 = [

0
𝐿23

𝐿24

]. 

Table 1: Geometric parameters of the log crane multibody model 

Parameter Value (m) 

L1 0.017 

L2 0.577 

L3 0.090 

L4 1.426 

L5 1.229 

L6 0.056 

L7 2.881 

L8 0.022 

L9 0.660 

L10 0.248 
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L11 2.690 

L12 0.007 

L13 0.220 

L14 0.440 

L15 0.240 

L16 0.090 

L17 0.240 

L18 0.120 

L19 0.170 

L20 0.386 

L21 0.303 

L22 0.105 

L23 1.263 

L24 0.207 

The crane mechanism is modeled using 𝑛 = 14 generalized coordinates and presents 𝑛𝑔 =

3 physical degrees of freedom. Consequently, the number of holonomic constraints is 

𝑚 = 𝑛 − 𝑛𝑔 = 11 

The constraint vector is 

𝐶(𝑥) = [r𝐽0

𝑇 𝐶4 𝐶5 𝐶6 𝐶7 𝐶8 𝐶9 𝐶10 𝐶11]𝑇 = 011×1 

Five of these constraints arise from the revolute joint connecting Body 2 to the base at 𝐽0. 

The joint permits rotation only about the global 𝑍1-axis. The rotational restrictions are 

𝐶4 = u1 ⋅ v 

𝐶5 = u2 ⋅ v 

Where: 
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• v is the 𝑍2-axis expressed in global coordinates, 

• u1 = [1,0,0]𝑇 

• u2 = [0,1,0]𝑇 

The remaining six constraints arise from the Y- and Z-components of the three loop-closure 

relations: 

Lift EMA loop 

𝑅2
𝑇(r𝐴𝐽1

+ r𝐽1𝐵 − r𝐴𝐵) = 0 

Tilt EMA loop 

𝑅2
𝑇(r𝐶𝐽5

+ r𝐽5𝐽4
− r𝐶𝐽4

) = 0 

Four-bar mechanism loop 

𝑅2
𝑇(r𝐽5𝐽4

+ r𝐽4𝐽3
− r𝐽5𝐽2

− r𝐽2𝐽3
) = 0 

The masses and inertia tensors of all rigid bodies are given below. 
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Table 2: Dynamic parameters of the log crane multibody model 

Dynamic Parameter Symbol Numeric Value 

Mass of the pillar 

(Body 2) 
𝑚2 61.39 kg 

Inertia tensor of 

Body 2 
𝐼2 = (

𝐼2,𝑥𝑥 0 0

0 𝐼2,𝑦𝑦 0

0 0 𝐼2,𝑧𝑧

) (
13 0 0
0 12.83 0
0 0 0.41

)kg·m² 

Mass of lift boom 

(Body 3) 
𝑚3 140.14 kg 

Inertia tensor of 

Body 3 
𝐼3 = (

𝐼3,𝑥𝑥 0 0

0 𝐼3,𝑦𝑦 0

0 0 𝐼3,𝑧𝑧

) (
123.05 0 0

0 1.41 0
0 0 123.21

)kg·m² 

Mass of Body 4 𝑚4 10 kg 

Inertia tensor of 

Body 4 
𝐼4 = (

𝐼4,𝑥𝑥 0 0

0 𝐼4,𝑦𝑦 0

0 0 𝐼4,𝑧𝑧

) (
0.26 0 0

0 0.01 0
0 0 0.25

)kg·m² 

Mass of Body 5 𝑚5 10 kg 

Inertia tensor of 

Body 5 
𝐼5 = (

𝐼5,𝑥𝑥 0 0

0 𝐼5,𝑦𝑦 0

0 0 𝐼5,𝑧𝑧

) (
0.26 0 0

0 0.01 0
0 0 0.25

)kg·m² 

Mass of tilt boom 

(Body 6) 
𝑚6 113.76 kg 

Inertia tensor of 

Body 6 
𝐼6 = (

𝐼6,𝑥𝑥 0 0

0 𝐼6,𝑦𝑦 0

0 0 𝐼6,𝑧𝑧

) (
78.10 0 0

0 1.39 0
0 0 74.92

)kg·m² 

Mass of extension 

arm (Body 7) 
𝑚7 110.01 kg 

Inertia tensor of 

Body 7 
𝐼7 = (

𝐼7,𝑥𝑥 0 0

0 𝐼7,𝑦𝑦 0

0 0 𝐼7,𝑧𝑧

) (
68.30 0 0

0 1.38 0
0 0 68.30

)kg·m² 
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The PMSM–FOC electrical parameters for both lift and tilt EMAs are presented below. 

Table 3: List of electrical parameters in lift and tilt EMAs 

Parameter Symbol Value 

Permanent magnet flux linkage 𝜓PM 1.356 Wb 

Stator resistance 𝑅𝑠 13e-3 Ω 

d-axis inductance 𝐿𝑑 2e-3 H 

q-axis inductance 𝐿𝑞 2e-3 H 

Rotor inertia 𝐽 0.2 kg·m² 

Speed PI gains (lift) 𝐾𝑝𝜔
𝐿 , 𝐾𝑖𝜔

𝐿  60, 5000 

d-axis PI gains (lift) 𝐾𝑝𝑖,𝑑
𝐿 , 𝐾𝑖𝑖,𝑑

𝐿  0.439, 28.6 

q-axis PI gains (lift) 𝐾𝑝𝑖,𝑞
𝐿 , 𝐾𝑖𝑖,𝑞

𝐿  0.439, 28.6 

Speed PI gains (tilt) 𝐾𝑝𝜔
𝑇 , 𝐾𝑖𝜔

𝑇  60, 5000 

d-axis PI gains (tilt) 𝐾𝑝𝑖,𝑑
𝑇 , 𝐾𝑖𝑖,𝑑

𝑇  0.439, 28.6 

q-axis PI gains (tilt) 𝐾𝑝𝑖,𝑞
𝑇 , 𝐾𝑖𝑖,𝑞

𝑇  0.439, 28.6 

Lift transmission ratio 𝐾𝑡,𝐿 3.95e-4 m/rad 

Tilt transmission ratio 𝐾𝑡,𝑇 3.95e-4 m/rad 

Considering the transmission ratios 𝐾𝑡𝐿and 𝐾𝑡𝑇listed in Table 3, and noting that the 

maximum rotor speed used in the dynamic simulations is 𝜔max = 1600 rpmfor both the lift 

and tilt motors, the corresponding peak linear velocity of the electromechanical actuators 

can be calculated from the relation 

𝑠̇max = 𝐾𝑡 𝜔max 

Substituting the numerical values yields a maximum actuator stroke speed of approximately 

𝑠̇max ≈ 66 mm/s. This value represents the upper bound of achievable linear motion for both 

EMAs under the applied operating conditions. 
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