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Synchronous motors are used mainly in large drives, for example in ship propulsion systems

and in steel factories’ rolling mills because of their high efficiency, high overload capacity and

good performance in the field weakening range. This, however, requires an extremely good

torque control system. A fast torque response and a torque accuracy are basic requirements for

such a drive. For large power, high-dynamic performance drives the commonly known

principle of field oriented vector control has been used solely hitherto, but nowadays it is not

the only way to implement such a drive. A new control method - Direct Torque Control

(DTC) has also emerged.

The performance of such a high quality torque control as DTC in dynamically demanding

industrial applications is mainly based on the accurate estimate of the various flux linkages’

space vectors. Nowadays industrial motor control systems are real time applications with

restricted calculation capacity. At the same time the control system requires a simple, fast

calculable and reasonably accurate motor model. In this work a method to handle these

problems in a Direct Torque Controlled (DTC) salient pole synchronous motor drive is

proposed.

A motor model which combines the induction law based "voltage model" and motor

inductance parameters based "current model" is presented. The voltage model operates as a

main model and is calculated at a very fast sampling rate (for example 40 kHz). The stator

flux linkage calculated via integration from the stator voltages is corrected using the stator
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flux linkage computed from the current model. The current model acts as a supervisor that

prevents only the motor stator flux linkage from drifting erroneous during longer time

intervals. At very low speeds the role of the current model is emphasised but, nevertheless, the

voltage model always stays the main model. At higher speeds the function of the current

model correction is to act as a stabiliser of the control system. The current model contains a

set of inductance parameters which must be known. The validation of the current model in

steady state is not self-evident. It depends on the accuracy of the saturated value of the

inductances. Parameter measurement of the motor model where the supply inverter is used as

a measurement signal generator is presented. This so called identification run can be

performed prior to delivery or during drive commissioning. A derivation method for the

inductance models used for the representation of the saturation effects is proposed.

The performance of the electrically excited synchronous motor supplied with the DTC

inverter is proven with experimental results. It is shown that it is possible to obtain a good

static accuracy of the DTC’s torque controller for an electrically excited synchronous motor.

The dynamic response is fast and a new operation point is achieved without oscillation. The

operation is stable throughout the speed range. The modelling of the magnetising inductance

saturation is essential and cross saturation has to be considered as well. The effect of cross

saturation is very significant. A DTC inverter can be used as a measuring equipment and the

parameters needed for the motor model can be defined by the inverter itself. The main

advantage is that the parameters defined are measured in similar magnetic operation

conditions and no disagreement between the parameters will exist. The inductance models

generated are adequate to meet the requirements of dynamically demanding drives.
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Nomenclature
$ cross area, vector potential
% flux density
F coefficient for space vector reduction
& machine coefficient
' diameter
I Magneto Motive Force (MMF), frequency
+ field intensity
L current
, current
N saliency ratio
. unsaturated saliency ratio
O length
/ inductance, length
P number of phases
1 number of turns
S number of polepairs
3 active power
SVLV flux linkage
T number of slots per phase per pole
4 number of slots
U resistance
5 resistance
W time, instantaneous electric torque
7 temperature, static electric torque
X voltage
8 voltage
: weighting factor
[ reactance [pu]
; reactance
α angle
β angle
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δ load angle, length of the air gap
φ flux, logical variable of the stator flux linkage error
γ angle
ϕ angle
κ logical variable of the stator flux linkage orientation
µ angle, permeability
θ rotor angle
σ angle, conductivity
τ time constant, pole pitch, logical variable of the torque error
ω angular frequency
ξ winding factor
ψ flux linkage
ζ angle
Γ characteristic function
Λ permeance

Indices
a armature
a, b, c phases
AC alternating current
act actual
base base value
c intermediate circuit
cor correction
cur current model
d real axis in the rotor oriented reference frame (direct axis)
drift stator flux linkage drifting
D direct axis damper winding
DC direct current
e effective, electrical
err error signal
error error signal
est estimate
f excitation
FEM finite element method
gain gain
inc incremental
k Canay
lin linear magnetic conditions
load motor load
loss losses
m magnetisation
max maximum
md direct axis magnetisation
meas measured
min minimum
mod modelling
mq quadrature axis magnetisation
n index of sample
no load motor no load operation
nom nominal
nonlin non linear magnetic conditions
offs offset
op operation point
q imaginary axis in the rotor oriented reference frame (quadrature axis)
Q quadrature axis damper winding
r rotor, reduction
ref reference
res resultant, reserve
ripple ripple of the signal
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s stator, leakage
S sampling
sA phase A
sal saliency
sat saturation
sB phase B
sC phase C
skin skin effect
stat static
th threshold
torq torque
tot resultant
u unsaturation
vol voltage model
x real axis in the stator oriented reference frame
y imaginary axis in the stator oriented reference frame
ψ flux linkage
σ leakage

Mathematical symbols
* complex conjugate
× cross product

j imaginary unit ( )−1
VPDOO�OHWWHUV�EROG vector
$//�&$36�%2/' matrix

Acronyms
AC Alternate Current
CSI Current Source Inverter
DC Direct Current
DFLC Direct Flux Linkage Control
DSP Digital Signal Processor
DTC Direct Torque Control
EMF Electro Motive Force
FEM Finite Element Method
GTO Gate Turn-off Thyristor
ID identification
IEC International Electrotechnical Commission
IEEE Institute of Electrical and Electronics Engineers
IGBT Insulated Gate Bibolar Transistor
IGCT Integrated Gate Commutated Thyristor
IM Induction Machine
ITC Indirect Torque Control
LCI Line Commutated Inverter
MMF Magneto Motive Force
NEMA National Electrical Manufacturers Association
PC Personal Computer
PM Permanent Magnet
PMSM Permanet Magnet Synchronous Machine
PWM Pulse Width Modulation
SM Synchronous Machine
VSI Voltage Source Inverter
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The Song Remains The Same
------------------------------------

(Page/Plant)

I had a dream- crazy dream
Anything I wanted to know
Any place I needed to go

Hear my song- sing along
Any little song that you know

Everything that’s small has to grow.

California sunlight, sweet Calcutta rain
Honolulu starbright- the song remains the same.
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A modern AC motor drive is a very intelligent system which covers a wide range of different
electrotechnical apparatus and a wide scope of electrical engineering skills. A today’s AC
motor drive consists of four closely acting main parts: the AC machine, the power electronics,
the motor control algorithm and the control hardware, i.e. the signal electronics. In this
content only the motor control subsystem is considered. The advances in semiconductors and
microelectronics have made the rapid development of AC motor drives possible.
Semiconductors used in the switching converters provide the electric energy processing
capability and microcontrollers and digital signal processors (DSP) provide the data
processing power for complex control algorithms. Many different combinations of AC
machines, power converters and control methods are existing. In the following chapters a brief
introduction to the evolution of AC drives and their present state is given. For large power,
high-dynamic performance drives the commonly known principle of field oriented vector
control has been used, but nowadays it is not the only way to implement such a drive. The
new control methods are also emerging.

����7+(�(92/87,21�2)�63(('�&21752//('�$&�02725�'5,9(6

The idea of the vector controlled AC motor drives is based on the ideal control properties of
fully compensated DC motors, where the torque and motor magnetic flux can be separately
controlled. During the development of the vector controlled AC technology one of the first
theoretical problems that appeared was the problem of modelling a multi phase AC winding
system in a way that made it possible to separate the torque control from the flux control. The
introduction of the space vector in an appropriate reference frame solved the problem.

The importance of synchronous machines in power systems was rapidly increasing during the
first decades of the 20th century and therefore intensive research work to develop the
synchronous machine theory was done in the 1920’s e.g. in the United States. Synchronous
machine models had to be able to analyse power network fault conditions. R.E.Doherty and
C.A.Nickle introduced their synchronous machine theory development results at the end of the
1920’s [Doherty & Nickle 1926, 1927, 1928 and 1930]. The theory developed by Doherty and
Nickle included the two-axis modelling of the synchronous machine. In the late 1920's also
Park introduced his generalised method for idealised machines [Park 1928, 1933]. The two
reaction theory of the synchronous machines is usually referred to as the Park’s two-axis
model. Park replaced the measured machine phase quantities by calculatory ones in the rotor
reference frame. Park’s two reaction theory actually completed the synchronous machine
linear theory. No saturation effects are taken into account and it is clear that the model
behaviour differs from the real machine behaviour. The development of a synchronous
machine model that takes saturation effects into account has been a challenging problem
during the past decades and many different saturation models have been proposed. The two-
axis model, however, has normally been the basic method that has been improved.

The space vector theory by Kovács and Rácz [1959], Kovács [1984] for multi-phase AC
machines combined the motor phase quantities into a single complex vector variable. The
space vector theory - with its simple reference frame changing properties - opened the way for
the development of vector control.
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The development of electric power switching devices has been a precondition for the
development of controlled electrical drives. In 1900 the Mercury-arc rectifier was invented by
Cooper-Hewitt. This switching component has been used in the first inverter topologies. The
first “Switching tube” inverter circuit was developed by Steinmetz in 1906. After that, in 1925
Prince developed a parallel inverter with natural commutation, and 1928 the parallel inverter
with forced commutation appeared which, however, was unable to handle any reactive power,
and therefore the use of a synchronous machine as a drive motor was necessary. After reactive
power handling - with feedback diodes introduced by Steenback in 1931 - had been made
possible and after the development of the cycloconverter family in the beginning of the
1930’s, the development of the power electronic frequency converters advanced significantly.
The control of motors at that time reminds the control of constant frequency motor drives and
the stability as well as the dynamics of the motor drive control were very poor. In these drives
the synchronous machine often lost synchronism during load transients and that was one
reason why induction machines were preferred.

The first transistor was developed in 1948 but it took still another decade before the first
commercial thyristor was introduced. The thyristor made finally the electronic control of
electric power circuits possible. Thyristor bridge based controlled DC motor drives developed
fast in 1960's. This drive type has been very popular ever since in traction and industry
applications. Intensive development work was done to improve also variable frequency AC
drive systems and e.g. the pulse width modulation (PWM) technique was introduced in
variable frequency AC drives in 1964 [Stemmler 1994].

Felix Blaschke developed the first field oriented vector controlled AC motor drive in the late
1960's [Blaschke 1972]. He was the first one to see that - like in fully compensated DC motor
drives - it is possible to control separately the AC motor air gap magnetic flux and torque
producing currents. The principle of field orientation applied to AC motor control by Blaschke
was called the transvector control. The transvector control was first applied for large
synchronous motors by Siemens.

Finns were also active in the field of AC drives in 1970's. Strömberg Oy manufactured
asynchronous motors and development engineer Mr. Martti Harmoinen saw that because of its
robustness and competitive price the asynchronous motor suited very well for traction drives
and industry applications. Thus Strömberg decided to develop a power electronic converter for
asynchronous motor control. Mr. Harmoinen's group developed a PWM based variable
frequency scalar control for the motor type. The technique was adopted in the Helsinki
underground asynchronous motor drives in the beginning of 1980’s. These Helsinki
underground drives became the first controllable AC traction drive in the world. Strömberg
applied the new technology also to paper machine speed controlled drives. AC motor drive
technology has been made good use of in many different areas of application and the demand
for high dynamic performance necessitated the use of field oriented vector control also in
asynchronous machine drives. Substantial development of the microcontrollers and
microprocessors made it possible to develop more and more accurate and complicate control
algorithms. Vector control methods for AC drive systems have been widely discussed e.g. in
[Leonhard 1996a] and [Vas 1990, 1992, 1998].

A new principle for rotating field machine control was introduced in Germany and in Japan
almost simultaneously by Depenbrock [1985] and by Takahashi and Noguchi [1986].
Depenbrock's method was called Direct Self Control. According to the principles of this
method the stator flux linkage of the AC motor is directly controlled with the stator voltage
vector and no current vector control is necessary. A name that describes clearly the method is
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the Direct Flux Linkage Control, ')/&. The Finnish team of Professor Harmoinen in ABB
Industry Oy, previously Strömberg Oy, developed the first industrial application based on the
new control method [Tiitinen 1995]. This control utilises a new powerful digital signal
processor (DSP) which had emerged on the market just opportunely in the beginning of
1990's. The control method of the commercial product was named the Direct Torque Control -
'7&.

����&855(17�$&�'5,9(6

The power ratings of large variable frequency drives vary from one megawatt up to one
hundred megawatts depending on the application. The nominal rotational speeds of these
applications vary e.g. from 15 min-1 of a 6 MW cycloconverter fed drive to 18,000 min-1 of a 3
MW high-speed drive equipped with active magnet bearings and solid rotors. A considerable
quantity of material concerning large drives has been published by e.g. Leonhard [1996a];
Bose [1997]; Novotny and Lipo [1997] and Vas [1992, 1998].

Table 1.1 shows typical conficurations of controlled AC drives and it is constructed according
to professor Leonhard’s [1996b] review. Some typical industrial applications are taken into
account. The updated table gives a basis for the discussion of different AC drive applications.
The table includes the influence of the development of IGBTs and new IGCTs [Buschmann,
Steinke 1997].

7DEOH������7\SLFDO�FRQILJXUDWLRQV�RI�FRQWUROOHG�$&�GULYHV�DFFRUGLQJ�WR�/HRQKDUG�[����E] ��XSGDWHG��

�����&RQYHUWHUV '&�OLQN�FRQYHUWHUV &\FORFRQYHUWHUV
9ROWDJH�VRXUFH�FRQYHUWHUV
�96,�

&XUUHQW�VRXUFH�FRQYHUWHUV
�&6,�

ZLWK�OLQH
FRPPXWDWLRQ

0DFKLQHV

Transistor inverters
(IGBT)

Thyristor
inverters
(GTO, IGCT or
GCT)

Thyristor
inverters
(GTO)

Load-commutated
thyristor inverters
(GTO)

(GTO)

Synchronous motor
with permanent
magnet excitation

Low power (10 kW),
very good dynamic
performance
(servo drives).
More than 1 MVA
(wind turbines)

Medium power
(3 MW), high
power density

Reluctance
synchronous motor

Low to medium power
(100 kW)

Squirrel-cage
induction motor

Low to medium power
(5 MW),
high speed,
very good dynamic
performance (spindle
and servo drives)

Medium to high
power
(5 MW),
good dynamic
performance
(traction drives)

Medium to
high power
(4 MW), high
speed

High power
(10 MW), low
speed, very good
dynamic
performance

Double fed slip-ring
induction motor

Shaft generators
on ships
(2 MW)

High power
(20 MW),
subsynchronous
operation

High power
(100 MW), limited
speed control range

Synchronous motor
with field and damper
windings

8 MVA unit
(Siemens)

High power
(typ. 40 MW), high
speed. The largest:
101 MVA ABB:
NASA wind tunnel
fan 1998)

High power
(20-40 MW),
low speed, good
dynamic
performance

AC drive converters can be divided into direct converters and current or voltage source
converters with intermediate DC links. Direct converters, such as cycloconverters, connect the
phases of the machine instantaneously directly to the supplying network and thus the motor
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phase voltages are determined directly according to the phase voltages of the line and switch
controls. DC link converters perform a two-phase frequency conversion. The alternating
voltage is first rectified and supplied to the DC link. The DC link filters the harmonics of the
voltage or of the current. Depending on the filter type the constructions are called either
voltage source inverters (VSI) or current source inverters (CSI). Fig. 1.1a) shows the most
typical VSI induction motor drive type with IGB transistors and Fig. 1.1b) represents a
synchronous motor cycloconverter drive. Fig. 1.1c) gives an example of a load commutated
synchronous machine drive (LCI). VSI has been employed in large industrial asynchronous
motor drives, but commercial VSI synchronous motor drives are still being developed.

a) 
IMT

Xc

Drive
control θ,ω 

References

 b) 
SM

Lf

Field power
supply

T

Drive
control θ,ω 

References

c) 
SMT

Lf

Field power
supply

/ Lc

Drive
control θ,ω 

References

)LJ�������'LIIHUHQW�FRQYHUWHUV�IRU�$&�GULYHV�[/HRQKDUG�����D] �[%RVH�����]��D��96,�LQGXFWLRQ�PRWRU�GULYH�
E�� F\FORFRQYHUWHU� GULYH� IRU� D� V\QFKURQRXV� PRWRU�� F�� /&,� V\QFKURQRXV� PRWRU� GULYH�� 7KH� GULYHV� DUH
HTXLSSHG�ZLWK�URWRU�SRVLWLRQ�PHDVXUHPHQW�

Different converters utilise different amounts and different types of power electronic switches.
Two- and three-level alternatives of the VSI are the most popular. One inverter leg consists of
four components or ten components respectively. The numbers of voltage vectors are 8 (23) or
27 (33) depending on the VSI-type. Fig. 1.2 shows the voltage vectors of the two-level and the
three-level VSI types. The three-level VSI type has a much lower relative output harmonic
voltage level than its two-level counterpart and thus a remarkably lower switching frequency
can be used. This is also necessary in large high voltage drives since present-day large power
electronic switches (IGCTs and GTOs) are not capable of withstanding high switching
frequencies. The modern largest VSI units produce a maximum output power of about 8 MW.
Large voltage source AC converters will probably gain popularity in the future. Also load
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commutated (LCI) converters and cycloconverters will be used in the largest AC drive
applications.
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)LJ�� �����7KH� YROWDJH� YHFWRUV� RI� D� WZR�OHYHO� D�� DQG� D� WKUHH�OHYHO�96,� E�� LQ� D� VWDWLRQDU\� UHIHUHQFH� IUDPH
[/HRQKDUG�����D] �

Because of their high efficiency, high overload capacity and good performance in the field
weakening range the synchronous motors have been utilised in large controlled drives, e.g. for
ship propulsion and in rolling mills in steel industry. The requirements of a typical high
performance metal industry application are shown in Table 1.2.

7DEOH������'ULYH�SHUIRUPDQFH�UHTXLUHPHQWV�RI�W\SLFDO�G\QDPLFDOO\�GHPDQGLQJ�PHWDO�LQGXVWU\�DSSOLFDWLRQV
�$%%�,QGXVWU\�2\��

7KH�UHTXLUHPHQWV�RI�PRWRU�ORDGDELOLW\
%7nom  (according to the 1(0$)

'XUDWLRQ

100 % continuously, temperature according to class B
115 % continuously, temperature according to class F
125 % two hours, temperature according to class F
175 % one minute, frequently
200 % one minute, occasionally
250 % 10 seconds
275 % cut off
70 % zero speed
7KH�UHTXLUHPHQWV�RI�WKH�GULYH
SHUIRUPDQFH
Static accuracy of the torque ± 1 % of 7max

Torque step response time of rise %7nom

0 → 100% 3.5 ... 5 ms (0 ... 70 % Qnom),   5 ... 12 ms (70 ... 100 % Qnom)
Amplitude of a single air gap torque
harmonic

< 3 % pp (1% rms)              (Iripple< 100 Hz)
linear increase allowed        (100< �Iripple <250 Hz)
< 5 % pp                 (Iripple > 250 Hz)

Static speed accuracy ± 0.01 % of Qmax

Dynamic speed accuracy ± 0.2 ... 0.5 %s of Qnom (error integral during load impulse)
Field weakening ratio 1:5

Traditional vector controlled cycloconverter or LCI converter synchronous motor drives have
dominated the market. Cycloconverters are suitable for very low-speed drives, e.g. in
reversing rolling mills in the metal industry and in mine hoists. The output frequency of the
cycloconverter drives is restricted to about 40 ... 50 % of the supplying line frequency. The
line current of the cycloconverter includes typical thyristor bridge harmonics and it also
produces some subharmonics which are difficult to filter.
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An LCI drive consists of a line commutated six pulse thyristor rectifier, a DC-current link and
a machine commutated six pulse thyristor inverter. The output frequency is restricted by the
duration of the motor bridge commutation. This converter type can thus be used in relatively
high-speed drives. At low speeds, when the back electromotive force of the motor is not high
enough to commutate the motor inverter thyristors, special methods are needed. The network
bridge gives short current pulses so that the thyristors of the motor inverter have time to
switch off. The motor torque is thus zero during the commutation. The high reactive power
typical for the high current low voltage operation of a thyristor rectifier is another problem
related to low speeds and heavy start-ups [Bose 1998 pp. 354-355],  [Leonhard 1996a pp. 330-
331], [Niiranen 1992 pp. 55-56]. Consequently the main applications of load commutated CSI
converters are drives where low speed operation is not needed and the start-up is light.
Blowers, compressors, pumps and start-up equipment for gas turbine generators are typical
applications.

Vector controlled synchronous motor drives normally utilise position sensors, and, for
security, two separate sensors are often installed. Synchronous motor drives for dynamically
demanding applications will be equipped with position sensors also in the future. The power
ratings of these drives vary typically from one to ten megawatts. Even larger synchronous
motors in ship propulsion, where the dynamic demands are much lower, may be operated
without a position sensor. Pump and blower drives are also suitable to be operated without a
position sensor. The need for a position sensor diminishes the reliability of the drive and
increases the costs and thus there seems to be a tendency to develop drives where shaft
sensors are not necessary.

��� &203$5,621�2)�&21752/�0(7+2'6���,1',5(&7�72548(�&21752/
�,7&���',5(&7�)/8;�/,1.$*(�&21752/��')/&��$1'��',5(&7�72548(
&21752/��'7&�

To understand a DTC or field oriented current vector control a representation of the space
vector is required [Kovacs 1959, Leonhard 1996a, Vas 1992].�A symmetrical three-phase
stator winding system is considered. These three phases are magnetically displaced by an
angle 2π/3 from each other in the space around the air gap periphery. The instantaneous values
of the stator phase currents are LsA(W), LsB(W) and LsC(W). The Magneto Motive Force Is(α,W) in the
air gap caused by the stator currents can be defined as a resultant of the three stator phases.

( ) ( ) ( ) ( )I W 1 L W L W L Ws se sA sB sCα α α α, cos cos cos= + −



 + −











2

3

4

3

π π
, (1.1)

where 1se = 1sξs1 ∼  effective number of turns in series per phase in the stator winding,
1s ∼  number of turns in series per phase in the stator winding,
ξs1 ∼  winding factor for the fundamental wave,
α  ∼  angle from phase sA magnetic axis in stator periphery.

By using the Euler equations Eq. (1.1) it can be rewritten

( ) ( ) ( )[ ]I W 1 W H W Hs se sres
j

sres
* jα α α, = +−L L . (1.2)



7

In Eq. (1.2) Lsres(W) the resultant space vector of the stator currents is expressed in a stationary
reference frame fixed to stator

( ) ( ) ( ) ( )Lsres sA
j

sB
j

sC
jW L W H L W H L W H= + +0 2γ γ . (1.3)

The stator current space vector is time dependent and ( )Lsres
* W  is its complex conjugate. γ is the

phase shift between phases (γ = 2π/3). Usually the stator current vector is reduced with a
constant and we get

( ) ( ) ( ) ( )[ ]Ls sA
j

sB
j

sC
jcW L W H L W H L W H= + +0 2γ γ . (1.4)

If c = 
2

3
, then a definition of the asymmetrical non-power invariant form of the three-phase

space vector is obtained and if c = 
2

3
, then the symmetrical power invariant form of the

three-phase space vector is obtained. In the following the former method where c = 
2

3
 is used.

Fig. 1.3 illustrates the construction of the space vector of the stator phase currents. It is
assumed that the instantaneous values of the phase currents are LsA > 0 and LsB, LsC < 0.

Ls(W)

LsC(W)ej2γ

LsB(W)ejγ

LsA(W)

ejγ

ej2γ

γ ζ

)LJ�������7KH�VSDFH�YHFWRU�Ls (W)�RI�WKH�VWDWRU�FXUUHQWV�LsA(W)��LsB(W)�DQG�LsC(W)�

The magnitude and the angle of the stator current vector vary with the time

( ) ( ) ( )L Ls s
jW W H W= ζ . (1.5)

The space vectors of other motor variables such as the voltage vector Xs, the flux linkage
vector ψs etc. can be obtained similarly. For example the voltage space vector Xs is defined as

( ) ( ) ( ) ( )[ ]Xs sA
j

sB
j

sC
jW X W H X W H X W H= + +

2
3

0 2γ γ (1.6)

It is important to note that the space vector represents only a complex notation of a sinusoidal
space distribution and therefore it is not strictly a physical vector.
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,QGLUHFW�WRUTXH�FRQWURO��,7&�

The basic idea of the field oriented current vector control of AC machines is to control the
motor torque using the same technique as in DC machines [Leonhard 1996a, Vas 1990]. The
electrical torque We of a fully compensated DC machine can be defined as

afe L&W ψ= , (1.7)

where ψf is the instantaneous value of the magnetising flux linkage produced by the excitation
winding and La is the instantaneous value of the armature current. & is in this case a machine
dependent coefficient. If the flux linkage of the DC machine is kept constant, its electrical
torque can be controlled by adjusting the armature current. Thus the electrical torque is fully
controlled and very good dynamic operation can be achieved. For the AC machine the
electrical torque can be defined for example as a vector product of the stator flux linkage and
the stator current space vectors presented in the stator oriented reference frame

( )W Le s s= ×& ψ . (1.8)

In the DC machine the magnetising flux linkage and armature current are in space quadrature
due to the commutator and the compensating winding, thus Eqs. (1.7) and (1.8) can be
considered equal. The current component which produces the magnetising flux linkage
(excitation current Lf) and the current component which produces the electrical torque
(armature current La) can be controlled separately. This decoupled control of motor flux and
electrical torque is the basic idea of the field oriented current vector control of AC machines.
The field oriented control is implemented using currents as control variables to control the
magnetic state and electrical torque of the machine and thus it is named Indirect Torque
Control - abbreviated ,7& - in this context.

ITC can be achieved using the space vectors of the electrical variables when the quickly
responding stator current space vector is defined in the co-ordinates fixed to the rotating flux
linkage vector. Using a moving reference frame fixed to the flux linkage vector it is possible
to define the stator current component equal to the armature current of the DC machine. This
stator current component is chosen to be the main control input for the torque. It corresponds
to the component of the stator current space vector that is in space quadrature to the flux
linkage vector. The direct component of the stator current space vector, which in this case is
aligned with the flux linkage vector, is used as the control input for the flux of the machine.
Fig. 1.4 shows the principle of the field orientation where the axes (xψ, yψ) correspond to the
rotating field oriented reference frame. It can be seen that the flux producing current

component is ( )L L Lm x fx= +ψ ψ  and the torque producing current component is

( )L L Ltorq y fy= +ψ ψ . In the case of electrically excited synchronous motors the air gap flux is

determined by the armature voltage. The task of the field winding excitation current Lf is to
keep the desired armature power factor. In the case of a permanent magnet machine a
fictitious excitation current Lf can be assumed. In both cases the machine can operate with the
stator current Lxψ = 0. When induction machines are concerned there is no auxiliary excitation
and the flux must be controlled by the stator current component Lxψ.
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�G�T��WKH�URWDWLQJ�FR�RUGLQDWH�IL[HG�WR�WKH�URWRU�DQG��[ψ�\ψ��URWDWLQJ�FR�RUGLQDWH�IL[HG�WR�WKH�IOX[�OLQNDJH�
LV� LV� WKH�VSDFH�YHFWRU�RI� WKH�VWDWRU�FXUUHQW�DQG� LI� LV� WKH�VSDFH�YHFWRU�RI� WKH�H[FLWDWLRQ�FXUUHQW��7KH�URWRU
UHIHUHQFH�IUDPH�URWDWHV�DW�DQJXODU�YHORFLW\�ωU�DQG�WKH�IOX[�UHIHUHQFH�IUDPH�URWDWHV�DW�DQ�DQJXODU�YHORFLW\
RI�ωI��)RU�V\QFKURQRXV�PDFKLQHV�ωU� �ωI�LQ�VWHDG\�VWDWH�

It is possible to implement ITC control using a co-ordinate system fixed to some of the
machine flux linkages or using the rotor reference frame or even the stator reference frame.
The idea of field orientation is, however, fully met when the so called stator flux oriented
control or rotor flux oriented control is used. In the case of a synchronous motor the air gap
flux linkage oriented control is used often. In practice the control is implemented using such a
space vector of the flux linkage which is known for its smooth behaviour and which can not
change quickly in a transient. Thus the rotor flux linkage oriented control in induction
machines and the air gap flux linkage oriented control in synchronous motors are the most
used ones. In Fig. 1.5 the principle of the ITC control for AC machines is shown.

The implementation of the indirect torque control has to provide solutions for the following
tasks:

•  Co-ordinate transformations between the rotating reference frame and the stationary
reference frame which calls for trigonometric functions with knowledge of the angle of the
co-ordinate system used.

•  Acquisition of the various flux linkages from terminal quantities such as voltages, currents,
speed and position.

•  Impressing the flux producing current component and the torque producing component in
the field oriented co-ordinate system.

•  Obtaining an electrical torque to close the torque control loop.
•  Separate PI control of the flux and torque and, further on, a separate current control of the

torque producing and flux producing current components.
•  Decoupling of the torque producing and flux producing voltage reference components.
•  PWM modulator for switch pulse pattern implementation.
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 'LUHFW�)OX[�/LQNDJH�FRQWURO��')/&��DQG�'LUHFW�7RUTXH�&RQWURO��'7&�
 
 The basic idea of the DFLC method is to adapt directly Faraday’s induction law in the
calculation of the machine flux linkage vector ψs. With a two-level voltage source inverter in
contribution with a three-phase winding six different non-zero voltage vectors and two zero
voltage vectors can be produced, as introduced in Fig. 1.2. The induction law gives a
connection between the voltage vector Xs and the flux linkage vector ψs,

 ψ s s s )= −∫ ( dsX L 5 W . (1.9)

 This equation will later be referred to "the voltage model" of the motor.

 According to Eq. (1.9) it is possible to drive the stator flux linkage to any position with the six
available non-zero voltage vectors of a three-phase inverter. It can be shown [Takahashi and
Noguchi 1986], that the increase of the slip immediately increases the motor torque. On the
other hand the flux linkage amplitude should be kept constant, if the motor has to work in the
same magnetic working point. These two conditions together with the field orientation give all
necessary information to control the power stage switches in order to meet the required flux
linkage amplitude and the requested torque. The electric torque We of the machine can now be
directly calculated as

 W Le s s= ×
3

2
Sψ . (1.10)

 The idea of the torque control in DFLC is based on the fact that the rotor and air gap flux
linkages have quite long time constants. For example in induction machines the rotor time
constant is typically in the range of 100 ms. Using modern fast DSPs it is possible to make
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decisions on the inverter switching states in a few microseconds. With respect to this it is
possible to achieve a fast torque change by changing the stator flux according to Eq. (1.9).
 
 The calculated instantaneous torque can easily be compared to the reference value to achieve a
fast torque control. At the same time the stator flux linkage is compared to the reference value
to ensure a sufficient magnetisation of the machine. According to Takahashi the torque and
the stator flux linkage can be controlled using the so called "optimal switching logic table".
The optimal switching table is an essential part of DFLC. The name was given by the
Japanese inventors. At every modulation instant it selects the most suitable voltage vector to
meet the flux and torque control requirements relative to the stator flux linkage orientation.
 
 The optimal switching table is a logic array which has three logical input variables. The
logical input for the torque is done by supplying the error of the torque into a three-level
hysteresis comparator, and the logical input for the flux linkage is achieved by supplying the
flux linkage error into a two-level hysteresis comparator. The third input is a discrete-valued
field orientation variable, which can have six different values. These values describe six
different switching sectors κ which use different voltage vectors for a certain combination of
the flux and torque logical variables. Fig. (1.6) shows the functional principle of the optimal
switching table and the comparators for the two-level voltage source inverter. It is important
to observe where the stator flux linkage is situated. The flux linkage circle is divided into six
segments so that the available voltage vectors are in the middle of each segment. In each
segment it is possible to use two voltage vectors in each rotating direction. One vector
increases and the other vector decreases the flux linkage length. When two hysteresis controls
- one for the flux linkage and the other for the torque - are unified an optimal switching table
is found.
 
 Because the flux linkage is controlled inside a hysteresis band its absolute value is either
increased 1 or decreased -1. With respect to the torque there are three possibilities: 0 a zero
voltage vector is used, 1 flux linkage is turned in positive direction, -1 flux linkage is turned
in negative direction.
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 Flux linkage position
         τ                φ

 κ = 0  κ = 1  κ = 2  κ = 3  κ = 4  κ = 5

 -1  -1  X5  X6  X1  X2  X3  X4
 -1  1  X6  X1  X2  X3  X4  X5
 1  -1  X3  X4  X5  X6  X1  X2
 1  1  X2  X3  X4  X5  X6  X1
 0  not defined  X0  X0  X0  X0  X0  X0
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 Fig. 1.7 shows the stator and air gap flux linkages rotating counter clockwise at an angular
frequency ω near nominal speed (no zero voltage vectors are used).
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 The dot lines indicate the tolerance band of the stator flux linkage vector length. The torque
has its own hysteresis limits. When the upper or lower hysteresis limit is reached a new
voltage vector is applied (Fig. 1.7). The stator flux linkage is first integrated using the voltage
vector X

3
 until the lower limit is reached or until the torque reaches its upper limit. The stator

flux linkage is kept inside the hysteresis band and the torque is controlled mainly by changing
the flux linkage angle using the voltage vectors transverse to the Stator flux linkage (Fig. 1.7
X

3
 and X

6
). The transverse voltage vector gives a very fast change in the torque. A large torque

step can be achieved in a few milliseconds depending mainly on the subtransient inductance
of the machine.
 
 The optimal switching table is an ideal modulator. Every switching transfers the stator flux
linkage into the right direction. No unnecessary switchings take place and the dynamic
response is extremely good. DFLC is not inductance parameter sensitive. The physical
dependence between the voltage and the stator flux linkage is simple and accurate. The only
necessary parameter is the stator resistance, which is rather easy to estimate when the current
is measured. DFLC controls directly the torque of the motor with the voltage, and no extra
current control loops are required. DFLC suits well for different types of rotating field
machines and requires in theory no rotor position feedback. However, the direct flux linkage
control method, described above, is not capable of working without any extra feedback in the
whole motor speed range. Especially at low speeds the integral of the voltage model (Eq. 1.9)
contains too much error and the motor stator flux linkage drifts so that it rotates no more
origin centred. It seems that up to now the best method to solve this problem is to apply a
traditional inductance model that prevents the motor stator flux linkage from drifting. This
traditional model of the motor will later be referred to "the current model" of the motor.
 
 A combination of the voltage model and the supervising current model is called the Direct
Torque Control Method (DTC). ABB Industry was the first manufacturer that introduced a
DTC-based Induction motor drive (ACS600) on the market a few years ago. The DTC-
induction motor drive is capable of operating without any rotor position feedback in the whole
speed range. The DTC-method is applicable to all rotating field machines, but in the case of a
synchronous motor the use of the current model has the disadvantage that a rotor position
measurement system must be used. Thus, part of the advantages of the DFLC-method are lost.
In Fig. 1.8 the principle of the DTC control for AC machines is demonstrated.
 
 The implementation of the Direct Torque Control has to provide solutions for the following
tasks:
 

•  Acquisition of the various flux linkages from terminal quantities such as voltages, currents
and position.

•  Obtaining the instantaneous electrical torque to close the torque control loop.
•  Controlling separately the flux linkage and torque.
•  Using the DFLC modulator optimal switching table for the switch pulse pattern

implementation.
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In a field oriented current vector controlled drive the reference values for the magnetising
current component and the torque current component are first calculated. The voltage vector is
then selected to produce the required current components. From the physical point of view,
the voltage vector selection is not a trivial task, if the saturation of the machine is also
considered. The dependence between the current L, inductance / and the voltage X under
saturation is

X
L

L= +/
W

/
W

d

d

d

d
(1.11)

Normally the latter term in Eq. (1.11) is neglected and the first term may have some errors due
to erroneous inductance parameters. Because of the parameter dependency of Eq. (1.11)
optimal torque control appears to be a difficult task. The current controller must be tuned
correspondingly to the motor parameters which are changing due to saturation. Such an
adaptation requires a lot of calculation power and may still not be optimal. Inaccurate
dependence between the input and output requires higher switching frequency, so that the
feedback control can correct the current errors. Table 1.3 still shows a comparison between
the current vector control, DFLC and DTC.
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DFLC (flux control) ITC (current control) DTC

Inductance parameter
independent

Strongly dependent on inductances Inductance parameter
dependent dep. on speed

Torque controlled directly by
voltage

Torque controlled indirectly by voltage Torque controlled directly by
voltage

One control loop (control cycle
e.g. 25 µs)

Two control loops (control cycle e.g.
100 µs), decoupling circuit needed

One control loop (control cycle
e.g. 25 µs)

Robust hysteresis control
(adjusted hysteresis bands are
quite complex)

Tuned PI controllers needed Robust hysteresis control
(adjusted hysteresis bands are
quite complex)

Physically accurate control law Inaccurate control low due to parameter
errors

Physically accurate control law

Moderate switching frequency
sufficient

High switching frequency required Moderate switching frequency
sufficient

Over current protection more
complicated to implement,
because currents are not
directly controllable

Over current protection easy to
implement, because currents are directly
controllable

Over current protection more
complicated to implement,
because currents are not
directly controllable

Rotor position not required Rotor position required Rotor position required

����'7&�)25�(/(&75,&$//<�(;&,7('�6<1&+521286�02725

Usually large synchronous motors in high performance applications are driven with
cycloconverters and the power range goes up to 20 ... 40 MW. Cycloconverters, however, are
not suitable if Direct Torque Control (DTC) is implemented. A voltage source frequency
converter with a fast switching inverter unit is needed for this purpose. DTC suits best for the
power area where Insulated Gate Bipolar Transistors (IGBTs) are available. New medium
voltage switching device IGCT (Integrated Gate Commutate Thyristor) or GCT can be used
for larger units as well. When the inverter unit is built with IGBTs or GCTs switching times
are short (typically in the range of a few µs)�[Pyrhönen J. 1997].

As mentioned earlier, DFLC cannot be applied to the motor control only without a machine
voltage measurement, because the stator flux linkage integration using Eq. (1.9) at low motor
speeds is inevitably too erroneous. For instance, when the voltage drop in the switches is
larger than the Electro Motive Force of the machine, it is very difficult to maintain the stator
voltage integration correct enough. Because of this, especially at low speeds, it is necessary to
use a rotor oriented current model for the machine to correct the stator flux linkage ψs. When
the best properties of DFLC and the traditional current control are combined the DTC-control
for all rotating field AC-machines is established. However, using the current model does not
change the nature of DFLC; the DTC�system is at any instant capable of producing fast torque
changes using the core elements of DFLC. Also DFLC is independent on the saturation of the
motor inductances during fast transients, because the torque step is calculated using mainly
the voltage integral and the current model inductances are kept as constants during fast
transients (required torque step response typically 1-5 ms when the motor operates below
nominal speed). The current model acts only as a supervisor that at longer time levels prevents
the motor stator flux linkage from drifting out of the centre. No co-ordinate transformations
are needed. The current model, however, is calculated in the rotor reference frame, because
the rotor of the salient pole synchronous machine is unsymmetrical. To get valid information
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from the current model it is necessary to have correct machine parameters as well as
knowledge of the position of the rotor.

Fig. 1.9 illustrates the principle of the electrically excited synchronous motor Direct Torque
Control (DTC) block diagram (inner control). The two-phase currents of the synchronous
motor are measured. The intermediate voltage is measured and the motor voltage is calculated
using this knowledge and using the switching states (S1, S2, S3) of the switches. The motor
voltage is then integrated in order to get the stator flux linkage. The current model calculates
an estimation of the stator flux linkage and this is used to correct the integrated flux linkage.
The parameters of the motor model are first initialised in the identification run and estimated
on-line during the operation of the drive. A thermal model of the stator resistance 5s is
included. The control of the rotor magnetising current is implemented by a combined reaction-
cosϕ control [Pyrhönen, O. 1998]. In the field weakening area the stator flux linkage reference
must be reduced and this is done in the special field weakening calculation block. Two
hysteresis controls and an optimal switching logic are implemented according to the
presentation before.
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The main goal of this thesis is to present a synchronous machine model for an industrial
Direct Torque Controlled drive. The objective of the work is not to develop the ultimate
model to be used for control feedback calculation, but on the contrary the control system
demands for a simple, fast calculable and “reasonably” accurate motor model. The demand for
a “reasonably” accurate model varies depending on which performance of the torque control
loop is wanted. The motor model proposed is a combination of the voltage and current model.
The role of both models is presented in different operation stages. Because of the simplicity of
the voltage model the current model derivation is emphasised throughout the work. The
saturation of the magnetic paths is very important when inductance based current models are
used. The initial calculation of the inductance parameters and measurements where the supply
unit itself produces the signals used in the parameter measurements is described. Saturation
phenomena are studied and inductance models representing the magnetic saturation of the
main flux path are proposed. The accuracy and the behaviour of the motor model is tested
using a Direct Torque Controlled test drive. The work is divided in three parts:

1)  In the first part (chapter 2) the theory of the synchronous motor modelling is described. A
method for the motor flux linkage estimation is introduced and problems associated with it
are discussed. The physical nature of the saturation effect is emphasised and good physical
understanding is necessary. When the phenomena of saturation are known methods for the
representation of the main flux saturation may be presented. At the end of the chapter the
behaviour of the voltage and current models in load transients is discussed. Finally, a
motor model for the DTC drive is proposed.

2)  The second part (chapter 3) demonstrates the synchronous motor parameter calculation
using standard measurement methods, design programs and finite element calculations.
The parameter sets obtained from these different methods are compared and some
conclusions concerning the accuracy of the parameter set are made. The reduction factor
between the rotor and stator winding systems is handled in its own section, because it is a
very essential coefficient for the model and it is often left without any notice. The
parameter measurement of the motor model, where the supply inverter is used as a
measurement signal generator, is explained. This so called identification run can be
performed in the factory or during drive commissioning. At the end of the second part the
generation of the inductance models used for the representation of the saturation effects is
proposed.

3) In the third part (chapter 4) experimental results are shown for the Direct Torque
Controlled test drive system with a 14.5 kVA, four pole salient pole synchronous motor
with damper winding and electrical excitation. The stator is supplied with a two-level
voltage source DTC inverter and the excitation circuit is supplied from a four-quadrant
DC-chopper. The test drive is introduced. The static accuracy of the drive is shown using
the torque measurements in static load operation and the dynamics of the drive are proven
by load transient tests.
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In the following chapter the basics of the synchronous motor modelling are introduced. At
first the history of the synchronous machine modelling is briefly enlighten. The generally
known electrical equations of the motor model are presented as the point from which the
process of modelling begins. After that different flux linkage estimation techniques are
introduced and the problems related to them are discussed. The motor model has as any other
mathematical model of the system a set of parameters which are for the electrical machine the
resistances and inductances. The motor model parameters are not constant, but they vary
according to the operation point of the machine. This variation of the motor model parameters
as well as, more specifically, the problem of saturation in the magnetic circuit and the
representation of the saturation effect are discussed in detail. The behaviour of the motor
different flux estimation methods are examined during the transients. Finally at the end of the
chapter a synchronous motor model that may be applied to the DTC drive can be proposed.

The theory of the salient pole synchronous machine is known for almost one hundred years,
but the “Song (of the complete machine model problem) Remains the Same” [Led Zeppelin
1973]. During these years many different methods were developed to model the magnetic field
conditions in saturated salient pole synchronous machines in order to predict their
performance. The purpose of machine modelling in several applications is to find out the
behaviour of the machine in different operation states. Machine models can be derived in
many different ways depending on the application. For example in steady state analysis phase
phasor analysis is adequate, but in transient analysis space vectors and motor differential
equations are needed. Also, there are a differences between the machine models that are used
for transient analysis of the generator-network interaction and the models used to analyse
variable speed motor drives. Salient pole generator models are complicated and their main
intention is to model the behaviour of the generator during faults when phenomena in the
damper windings are dominant. Salient pole motor models which are used in variable speed
vector controlled drives are more simple and the main purpose is to find a reasonably accurate
motor model that can be implemented in a real time solution.

There are many reasons why the “song remains the same”. The modelling of the salient pole
synchronous machine is a very complicated problem. Several factors make it difficult to
model the real machine behaviour. Saliency and saliency dependent phenomena are the most
difficult. The magnetic paths of the machine are not similar in the different parts of the
machine iron core. Salient rotor poles result in flux distortion in the interpolar spaces and the
non-uniform air gap. Because of the latter, the peak of the fundamental of the flux density
distribution does not coincide with the peak of the resultant Magneto Motive Force (MMF)
distribution, unless the resultant MMF distribution is oriented on one of the axes of symmetry
(direct or quadrature axis). Stator windings are embedded in slots. This produces a non
sinusoidal MMF distribution in the air gap and MMF harmonics occur. Possible slot skewing
and the effects of the end windings lead into a variation of the field density along the length of
the laminated stator yoke. MMF distribution of the rotor salient pole is always in the direct
axis, but the rotating MMF-wave distribution of the multi-phase stator winding can be in any
position, depending on the machine load and power factor with respect to the rotor direct axis.
That is why the resultant MMF distribution is quite difficult to determine. The saturation
effect is another sourse of difficulties. It has an effect on all parts of the machine iron volume.
The most heavily saturated regions are the stator teeth and rotor pole shoes, while the stator
yoke is much less saturated. Salient pole synchronous machines are designed so that saturation
occurs even, if the machine operates well below the rated conditions. In the following section
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the history of synchronous machine modelling is shortly introduced. The work of Cordon
[1994] is used as a basis for the introduction.

Magnetic paths of a salient pole synchronous machine have unsymmetry because of the rotor
construction. Thus it is useful to observe the behaviour of a synchronous machine within the
two symmetry axis known as direct and quadrature axis. This is generally known as the two
reaction theory first introduced by Blondel [Blondel, 1899, 1913]. The basic idea of the theory
was to handle the magnetic difference between the direct and quadrature axes. Fundamental
propositions of the theory were: ³:KHQ�DQ�DOWHUQDWRU�VXSSOLHV�D�FXUUHQW�GHSKDVHG�E\�DQJOH�ψ
ZLWK�UHVSHFW�WR�WKH�LQWHUQDO�LQGXFHG�(�0�)���WKH�DUPDWXUH�UHDFWLRQ�PD\�EH�FRQVLGHUHG�DV�WKH
UHVXOWDQW� RI� D� GLUHFW� UHDFWLRQ� SURGXFHG� E\� WKH� UHDFWLYH� FXUUHQW� ,� VLQψ� DQG� D� WUDQVYHUVH
UHDFWLRQ�GXH�WKH�DFWLYH�FXUUHQW�,�FRVψ³. The theory is proved to be quite accurate for linear
steady state conditions. Doherty and Shirley [Doherty, 1918] were the first to use in their
research the principle of constant flux linkages at the beginning of transients. They examined
the effects of a non-sinusoidal field and developed estimates of initial short circuit currents.
Stevenson and Park [Stevenson, 1927] and Wieseman [Wieseman, 1927] developed and
applied the theory to graphical field solutions. Although only suitable for infinite permeability
conditions, this technique makes a more accurate and convenient field prediction possible in
the air gap of the linear salient pole machine. This graphical technique was used by Doherty
and Nickle in a series of articles [Doherty, 1926, 1927, 1928 and 1930] which extended the
Blondel two reaction method to account for MMF harmonics, torque angle under steady state
conditions and single- and three-phase faults.

Magnetic linearity was one of the fundamental assumptions in the works mentioned above. At
the same time Park introduced the famous generalised method for idealised machines [Park,
1928 and 1933]. The basic assumption here is that saturation, hysteresis and eddy currents are
neglected and a sinusoidal stator MMF distribution is assumed. The method also needs
information about the rotor position. Saliency and multi-phase stator windings are considered.
This method is very suitable for steady state and transient analysis and has been the basis for
salient pole synchronous machine modelling since then. After the research described above
was done, the linear theory of the synchronous machine could be developed.

The linear theory assumes that there are no saturation effects in the machine and it is obvious
that errors occur due to that assumption. After the development of the two reaction theory,
research was focused on the problem how to account for the effects of saturation. Various
attempts were made to model the effects of saturation by using the no-load magnetisation
curve and the experimental data. Equivalent synchronous reactances were developed, which
enable to calculate the effects of saturation on small variations around each operating point
[Crary, 1934]. Empirical saturation factors were defined based on test data and guidelines of
their use were introduced [Kilgore, 1935]. The saturated synchronous reactance defined from
no-load and three-phase short circuit curves was used in the investigation of the power angle
and maximum power [Kingsley, 1935].

All methods based on experimental data have similar limitations. They consider saturation
only under direct axis excitation and neglect quadrature axis saturation. Saturated quadrature
axis reactance defined from the slip test is included in the study of Robertson, Rogers and
Dalziel [Robertson, 1937]. Rüdenburg introduced a method for the investigation of a saturated
synchronous machine under transient conditions. The method is based on a graphical
construction of the no-load curve combined with machine differential equations [Rüdenburg,
1942]. The development continued to focus on the no-load curve until the mid 1960’s, when
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the digital computer was invented. The finite difference method of field computation was
applied to the saturation problem [Ahamed, 1966]. The development of computing capability
made it possible to introduce the finite element method into magnetic field problems in the
early 1970’s [Silvester, 1970 and Chari, 1971].

In this work a salient pole synchronous motor model in a variable speed direct torque
controlled drive is considered. The assumption that the machine operates under linear
magnetic conditions leads to an error in the predicted operation state. It is obvious that the
linear model is not sufficient when we try to estimate the motor performance and to make
control decisions according to the measured signals and the motor model. Several methods are
developed and a lot of papers are written about the problem, how to include the saturation
effect into the motor model. Much of the recent work is focused on the introduction of
saturation terms into the generalised motor equations. Also data fitting techniques are largely
used.

The development of computation capability in microprocessors has made it possible to use
different estimators and state predictors based on motor state equations and on the error
between the model and measured data. Several methods based on neural networks were
proposed. However, it should be remembed that nowadays industrial motor control systems
are real time applications with restricted calculation capacity and at the same time the control
system has the demands of a simple, fast calculable and reasonably accurate motor model. It is
a matter of compromise between the calculation capacity and accuracy. It should be noted that
“The song” still remains after this contribution and the purpose of this work is not to develop
an ultimate solution. The goal is to develope an improved solution based on the known
electrical machine theory. A method to handle these problems in a Direct Torque Controlled
(DTC)  salient pole synchronous motor drive is proposed.

�����(/(&75,&$/�(48$7,216�2)�7+(�*(1(5$/�02725�02'(/

Electrically excited synchronous motors can be divided into different types depending on their
rotor structure. In high speed motors (in the case of a synchronous motor high speed is defined
over 1500 min-1) cylindrical rotors with two or four poles are used. A synchronous motor with
a cylindrical rotor has a uniform air gap and thus the reluctance in the d- and q- axis are equal,
in principle. Non-salient synchronous motors are used in a high speed range due to the
mechanical strength of the rotor structure. The air gap of salient pole synchronous motors is
smaller in the direct than in the quadrature direction and the reluctances in the d- and q- axis
are not equal. The reluctance ratio between the quadrature and direct axes is typically 2...2,5.
Salient pole synchronous motors are used at low speeds and in high power applications. The
DC-excitation current in the field pole winding can be supplied through slip rings, or the
excitation energy can be generated in a brushless excitation unit which rotates with the rotor.

The excitation of a synchronous motor can also be generated by using permanent magnets
(PM). PM synchronous motors (PMSM) are mainly used in servo drive applications and the
power range varies from 100 W to few hundred kW. PMSMs are also used in windmill
applications and power goes up to 1 MW. In the near future PM synchronous motors possibly
will replace induction motors in low speed high torque applications. Improvement of
efficiency and a high power factor can be achieved when PMSM are used. Stator winding
usually consists of three-phase windings, but in high power motors a double three-phase
winding can be used. Two equal galvanically isolated three-phase windings are embedded to
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the stator slots. They can be located in a 30 degree phase shift from each other or they can be
on a two layer winding when there is no phase shift between each other.

According to the two reaction theory the quadrature phase model of the salient pole
synchronous motor can be developed. It can be said that any rotor construction part of a
synchronous motor is a special case of a salient pole rotor and this model is suitable with
minor modifications for all synchronous motor types. An electrically excited salient pole
synchronous motor equipped with slip rings and damper windings in the rotor is considered in
this work. The geometry of the four-pole synchronous motor with the damper winding is
shown in Fig. 2.1. In the same figure the direct and quadrature axes are visible to clarify the
considered two reaction theory.
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Considering the general equations of a salient pole synchronous motor the basic assumptions
were that saturation, hysteresis and eddy currents are neglected and a sinusoidal stator MMF
distribution is assumed. The rotor poles have such a shape that the flux density distribution of
the rotor excitation is also sinusoidal. When iron losses, end-effects and harmonics due to the
stator windings embedded in slots are neglected. We are dealing with a two dimensional
magnetic field problem and there is no coupling between the direct and quadrature axis
magnetic fluxes. A two-pole three-phase stator winding is assumed, but the model can of
course be used for motors which have a larger number of poles.

7ZR�UHDFWLRQ�WKHRU\

The current vector defines the instantaneous magnitude and the angular position of the peak of
the sinusoidal distributed MMF wave produced by the three spatially displaced stator
windings and we can write

I L Is se s s
j

c
= =1

1 H ζ . (2.1)

The MMF of the rotor field pole winding can be defined in a similar manner as the MMF of
the stator windings Eq. (2.1). Steady state is considered and thus the damper winding effects
can be left out. We have to consider that the field pole is supplied by a DC-current and that the
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MMF distribution of the field winding is a rectangular wave. In a salient pole motor this
rectangular wave, however, creates a sinusoidal magnetic flux density in the air gap. Thus the
space vector of the rotor excitation current can be expressed similarly as

( ) ( )Lf f
j rW L H W= θ , (2.2)

where θr is the rotor angle referring to the stationary real axis.

In the definition of the excitation current space vector it is assumed that the MMF distribution
is uniform over the pole shoe and the centre of the wave is placed in the centre of the pole
shoe. The magnitude of the DC excitation current referred to stator is Lf. The rotor current
vector defines the instantaneous magnitude and angular position of the peak of the MMF wave
and it can be written

I L Irf re f rf
j r= =1 H θ . (2.3)

The resultant MMF is a superposition of the stator and the rotor MMF

I I Itot s
j

rf
j r= +H Hζ θ . (2.4)

The pole shoe of the salient pole synchronous motor has such a shape that with rotor
excitation the flux density distribution of the field pole winding in the air gap is sinusoidal.
The air gap is not uniform in the direct and quadrature direction and the permeance of the
magnetic path is much larger in the direct axis direction than in the quadrature axis direction
( Λ Λd q> ). As a consequence of the permeance difference it is obvious that the part of the

resultant MMF which lies in the direction of the pole shoe centre line (direct axis) has a much
greater impact on the flux production than the part of the MMF which lies on the quadrature
direction. It follows that, when the resultant MMF space vector is divided into real and
imaginary components I tot tot d tot qj= +I I , the flux components can be defined

φ φd tot d d q tot q qand= =I IΛ Λ . As a consequence of the armature reaction and rotor saliency

the flux density in the non-uniform air gap is distorted. Because of the latter, the peak of the
fundamental of the flux density distribution does not coincide with the peak of the resultant
Magneto Motive Force distribution unless the resultant MMF distribution is oriented on one
of the axes of symmetry (direct or quadrature axis). Fig. 2.2 clarifies the situation. It can be
concluded that, if we want to observe the behaviour of the magnetic field (by using various
flux linkages of the motor) in different operating points, the salient pole synchronous motor
has to be considered as a quadrature phase model one phase aligned with the field winding
and the other phase aligned with the midpoint of the adjacent poles (the direction of the
largest air gap).
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In the next section the electrical equations of the salient pole synchronous machine are
presented in their natural reference frames. The natural reference frame for the stator windings
is a stationary co-ordinate system where the real axis is fixed to the stator phase A (x,y), and
for the excitation winding and the damper winding it is the rotating co-ordinate system where
the real axis is fixed to the centre of the pole shoe (d,q). Motor electrical equations can be
expressed
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As described earlier the quadrature phase model is a useful method when studying salient pole
synchronous motors. After the three- to two-phase transformation when the space vector of a
variable is calculated and divided into real and imaginary components, the equations can be
expressed
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The relationship between the motor currents and the flux linkages can be defined by using the
various inductances of the motor. Due to saliency the flux linkages are not only functions of
the motor currents, but also of the rotor position. When we observe the behaviour of the motor
in a stationary reference frame fixed to the stator, the reluctance of the magnetic path varies as
a function of the rotor position. This is discussed in detail in the work of Vas [1992].
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It is also important to note that in a motor model expressed in the natural reference frame,
even in linear magnetic conditions, there is a mutual coupling between the direct phase and
quadrature phase. The motor model is shown in Fig. 2.3.
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The problem of coupling and the difficulties in the motor equations which are dependent on
the rotor angle can be eliminated if the stator equations are expressed in a rotor oriented
reference frame instead of a stator oriented reference frame.

0RWRU�HTXDWLRQV�LQ�WKH�URWRU�UHIHUHQFH�IUDPH

As a consequence of the difficult motor equations in the stationary reference frame, it is useful
to observe the behaviour of a synchronous motor in a rotor oriented reference frame. The
reference frame rotates with the rotor angular velocity and it follows that the direct and
quadrature magnetic paths are constant in both axes. The calculations are done in the direct
and quadrature directions separately. In the direct axis there is the rotor excitation winding (f).
The damper winding is replaced by two windings in space quadrature - one in the direct axis
(D) and another in the quadrature axis (Q). The stator three-phase winding is also replaced by
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two windings in space quadrature - one in the direct axis (d) and another in the quadrature axis
(q). The motor model in the rotor oriented reference frame is shown in Fig. 2.4.
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The stator variables in the electrical equations must be transformed into the rotor oriented
reference frame. This operation needs accurate knowledge of the rotor position. After the
transformation we are dealing with space vectors which do not change as a function of time in
steady state. The transformation can be done by using the complex notation (Fig. 2.5).
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dq - rotor oriented reference frame
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The stator voltage equation in the stationary reference frame (stator co-ordinates s) can be
written as

X Ls
s

s s
s s

sd

d
= +5

W
ψ

. (2.8)

By multiplying by H− j rθ , we get the stator voltage Eq. in the rotor reference frame

X X Ls
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s
r

s s
r s

r

r s
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d
d

jH 5
W

− = = + +θ ωψ ψ . (2.9)
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This can be divided into real and imaginary components and thus we get the direct and
quadrature components of the stator voltage.

X 5 L
Wd s d
sd

r sq

d

d
= + −

ψ
ω ψ , (2.10)

X 5 L
Wq s q

sq

r sd

d

d
= + +

ψ
ω ψ . (2.11)

Other windings are in their natural reference frames (rotor co-ordinates) and we can write

X 5 L
Wf f f

fd
d

= + ψ
, (2.12)

X 5 L
WD D D

Dd
d

= + =ψ
0 , (2.13)

X 5 L
WQ Q Q

Qd

d
= + =

ψ
0. (2.14)

The motor voltage Eqs. (2.10-2.14) form the basis for the motor model. The relationship
between the motor currents and flux linkages can be defined by using the various inductances
of the motor.

( )ψ ψsd md d s md f d D d s= + = + + +L / / L L L L /σ σ , (2.15)

( )ψ ψsq mq q s mq q Q q s= + = + +L / / L L L /σ σ , (2.16)

( ) ( ) ( )ψ ψf md f f f D k md d D f f D k f f= + + + = + + + + +L / L L / / L L L L L / L /σ σ σ σ , (2.17)

( ) ( ) ( )ψ ψD md D D f D k md d D f f D k D D= + + + = + + + + +L / L L / / L L L L L / L /σ σ σ σ , (2.18)

( )ψ ψQ mq Q Q mq q Q Q Q= + = + +L / / L L L /σ σ . (2.19)

Using the voltage and flux linkage equations, the equivalent circuits of the salient
synchronous motor can be derived. The motor model described by these equations is shown in
Figs. 2.6 and 2.7.
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The equivalent circuits of the synchronous motor consists of eight inductance parameters and
four resistance parameters. All parameters are referred to the stator voltage level:

Direct axis:
/md direct axis magnetising inductance
/sσ stator leakage inductance
/Dσ direct axis damper winding leakage inductance
/fσ magnetising winding leakage inductance
/kσ Canay inductance

Quadrature axis:
/mq quadrature axis magnetising inductance
/ sσ stator leakage inductance
/Qσ quadrature axis damper winding leakage inductance

Resistances:
5s stator resistance
5f magnetising winding resistance
5D direct axis damper winding resistance
5Q quadrature axis damper winding resistance

When the excitation current is known, the excitation winding parameters can be replaced by a
current Lf=Nr,F, where Nr is called the reduction factor of the excitation current which refers the
rotor DC-excitation current to the stator side. The direct axis damper winding’s and the field
winding’s common leakage inductance� /kσ (so called Canay inductance [Canay 1983], [de
Oliveira 1989]) is often left out of the study, because the determination of the common
leakage inductance is very difficult and inaccurate results will be obtained. The stator leakage
inductance is assumed not to be dependent on the rotor position and it is equal in the direct
and quadrature direction. In the following it is assumed that the mutual inductances between
the direct axis stator winding, the field winding and the direct axis damper winding are equal
(/df = /fd = /dD = /Dd = /fD = /Df�= /md).

In Fig. 2.8 the vector diagram of the salient pole synchronous motor is given. The machine
operates as a motor in a steady state load condition with a load angle δs. The quadrature phase
components are given in the rotor oriented reference frame (d,q). The angle between the rotor
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co-ordinates and the stationary reference frame (x,y) is θr. The rotor is rotating at an angular
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Considering a salient pole motor, the mechanism of the electromagnetic torque production
differs from the torque production mechanism of smooth air gap motors. It can be shown that,
due to saliency, the so-called reluctance torque component will also arise (for example Vas,
1992). Despite of this the instantaneous electromagnetic torque is produced by interaction
between the flux linkages and the currents which are in space quadrature. Thus, it applies to
all rotating field motors that we can write for the electromagnetic torque vector in the
stationary reference frame

s
s

s
m

s
s

s
se 2

3

2

3
LLW ×=×= ψψ SS , (2.20)

and in the rotor reference frame the modulus of torque is

( ) ( )dmqqmddsqqsd
r
s

r
se 2

3

2

3

2

3
LLSLLSSW ψψψψ −=−=×= Lψ . (2.21)

By substituting the stator flux linkage Eqs. (2.15) and (2.16) to (2.21) we get

( )[ ]dQmdqDmdqfmdmqmdqde 2

3
LL/LL/LL///LLSW +++−= . (2.22)

The first term is the reluctance torque due to saliency. The second term is the torque produced
by the field and q-axis stator current. The third and fourth terms are damper torques which
occur only during transients.
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We can also write for the electromagnetic torque
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This expression clarifies the basic idea of the Direct Flux Linkage Control. DFLC is based on
the fact that in Eq. (2.23) the air gap flux linkage ψm due to different damping effects in the
air gap region has quite a long time constant, typically in the range of 100-500 ms. A large
torque step can be achieved by accelerating fast the rotation of the stator flux linkage ψs so
that the angle between it and the air gap flux linkage ψm increases fast. If we have a voltage

reserve to accelerate the rotation of the stator flux linkage vector then actually the stator
subtransient inductance is the main limiting factor during this change.

����)/8;�/,1.$*(�(67,0$7,21�,1�'7&

The performance of the high quality torque control as DTC in dynamically demanding
industrial applications is mainly based on the accurate estimate of the various flux linkages
space vectors. Estimation of the flux linkages of the synchronous motor is based on
calculations where flux linkages are calculated from easily measured signals such as currents
and voltages. Flux linkages can also be measured directly by using for instance hall sensors
assembled in the air gap of the motor, but direct measuring is relatively expensive and
unreliable. When faults occur in the flux transducers, the disassembly and stand still costs are
considerable. Due to the disadvantage of the direct measurement, flux calculation methods are
used in industrial motor drives. Calculation methods are based on the electrical equations of
the salient pole synchronous machines and different types of procedures can be specified.
Most commonly a current model (motor currents as state variables) or a voltage model (motor
flux linkages as state variables) is used. Recent development in the field of microprocessors
has made it possible to use more complicated algorithms such as flux estimators [Alaküla
1993], [Das 1996]. When a reliable and fast calculable real time model is needed, a traditional
current model or a voltage model or a combination of them is still more appropriate. In the
following sections the flux linkage calculation using a current model and the voltage model
are studied and their advantages and disadvantages are discussed. Special attention is given to
the stator flux linkage, because it is important in the stator side control of a salient pole
synchronous motor DTC-drive. The air gap flux linkage is needed in the implementation of
the excitation control.
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The stator flux linkage estimate can be calculated using the stator voltage equation expressed
in the stator oriented reference frame via integration. Stator co-ordination is a natural choice,
because of the principle of the Direct Flux Linkage Control (DFLC). Using DFLC there is no
need for additional co-ordinate transformations. This integration can be done digitally with a
high sampling rate when a powerful DSP is used. Only the stator voltage estimate and
measured current vectors Xsest and Lsmeas are needed in addition to the stator resistance estimate
5sest

( )ψ sest sest smeas sestd= −∫ X L 5 W . (2.24)

In practice, when a variable frequency voltage source inverter is used, the voltage waveform
consists of pulses. These pulses supplied in the stator windings form the instantaneous voltage
vectors. The voltage vectors of the voltage source inverter are considered as discrete values
and an analysis using the instantaneous voltage vectors is suitable for investigating the
dynamic behaviour of the motor. Stator phase currents are measured. Usually the stator
voltage is not measured. Only the intermediate circuit voltage 8c of the inverter is measured
and thus the inverter switching states 6A, 6B, 6C and a model for the voltage drop in the
inverter switches must be used when constructing the voltage vectors for the integration. In 2-
level inverters the switching state value is either 1 when connected to the positive potential, or
0 when connected to the negative potential of the intermediate circuit. When 3-level inverters
are considered the switching state value is either 1 when connected to the positive potential,
1/2 when connected to the neutral point or 0 when connected to the negative potential of the
intermediate circuit. From the switching states, the measured intermediate voltage and the
model for the voltage drop in the inverter switches we get

( )Xsest A B C cmeas A
j

B

j
2

3
C

j
4

3
a,loss

j
b,loss

j
2

3
c,loss

j
4

3, ,6 6 6 8 6 H 6 H 6 H X H X H X H= + +






 − + +









2

3

2

3
0 0

π π π π

(2.25)

where�Xa,loss, Xb,loss and Xc,loss take into consideration the threshold voltage and the conducting
state voltage losses in the power switches and also the switching delay during switch
commutation. Eqs. (2.24) and (2.25) can now be rewritten for the stator flux linkage estimate
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( )

ψ

ψ

sest sest A B C smeas sest

sest A B C smeas sest sest

d

d

= −

= − +

∫
∫ =

X L

X L

6 6 6 5 W

6 6 6 W 5 W
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, ,

, , ∆
0

. (2.26)

It can be seen in Eq. (2.26), when considering that the voltage drop in the stator resistance is
small in proportion to the stator voltage, that the stator flux linkage moves into the direction
of the instantaneous inverter output voltage vector. In the case of non-zero voltage vectors, the
velocity is proportional to the intermediate voltage. When a zero voltage is applied, the
velocity is small and is proportional to the value Ls5s. In Fig. 2.9 the movement of the stator
flux linkage vector is constructed by applying different voltage vectors.
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A stator flux linkage estimate based on the integration of the stator voltage estimate is rather
easy to implement in discrete form. The calculation can be performed with a very high
sampling rate. We can get information of the electromagnetic state of the motor which is valid
during very fast transients as well as in a steady state. The calculation method is not sensitive
to inductance variations due to saturation effects, since no inductances are present in the
expression used in the integration. Instead of inductances, the stator resistance 5s is a critical
motor parameter.

In practice, however, the simple and intelligent calculation method described above does have
some problems. All the terms in Eq. (2.26) contain some errors and thus at low speeds and
especially at zero speed the motor stator flux linkage ψ s  gradually drifts erroneous due to
errors in the integration of the stator flux linkage estimate ψ sest. At zero speed the stator flux

linkage estimation by integration of DC signals is not possible, because even the smallest
offset signals cause the estimate to be false and thus the motor stator flux linkage drifts. At
higher speeds the error in the integral of Eq. (2.26) is negligible and the motor stator flux
estimation is reliable.

In the following the problem of the stator flux linkage drifting and the error sources are
discussed. It can be seen from Eqs (2.25 and 2.26) that an error in the integration can be
caused by four different factors: 1) an intermediate voltage measuring error, 2) a stator current
measuring error, 3) a power switch voltage loss estimation error and 4) a stator resistance
estimation error. Measuring errors can be divided into two categories depending on their
nature: 1) a gain error and 2) an offset error. Gain and offset errors in the measured
intermediate circuit voltage behave in a similar manner. The measured signal is a DC-signal
with small ripple and then in practice the effect of the gain and offset error is the same. Two
different types of behaviour can be observed when there is an error in the measured
intermediate voltage. The first is a constant stable error in the stator flux linkage and the
second is an alternating unstable drifting of the stator flux linkage. Let us consider that the
measured intermediate voltage 8cmeas can be expressed as

( ) cccoffscgaincmeas 1 8888N8 ∆+=∆+−= , where (2.27)
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8c is the actual intermediate voltage and Ngain is the gain coefficient and ∆8coffs is the offset
voltage. ∆8c is the total measuring error at a certain time instant. Simulations show that: if
∆8c ≥ 0  (8cmeas ≥ 8c), then a stable stator flux linkage error occurs and if ∆8c < 0 (8cmeas <
8c), then an unstable drifting of stator flux linkage occurs. These two different cases are
illustrated in Fig. 2.10.
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Gain and offset errors in the measured phase currents behave in a similar way. Two different
types of behaviour can be observed when there is a gain error in the phase currents. The first is
a constant stable error in the stator flux linkage and the second is an alternating unstable
drifting of the stator flux linkage. These two phenomena are affected in the same conditions as
in the case of an intermediate voltage measuring error. The gain error in the measured currents
can be considered as a voltage loss calculation error and further on as a voltage error. Let us
consider that the estimated stator voltage Xsest can be expressed as

( ) ( )X X L X Xsest scalc A B C gain s s s s= − − = +6 6 6 N 5, , 1 ∆ , where (2.28)

Xs is the actual stator voltage,� Xscalc is the stator voltage calculated from the measured
intermediate voltage and switch states and Ngain is a gain coefficient. ∆Xs is the total measuring
error at a certain time instant. Simulations show that: if |Xsest| ≥ |Xs|, then a stable stator flux
linkage error occurs (see Fig. 2.10-1) and if |Xsest| < |Xs|, then an unstable drifting of stator flux
linkage occurs (see Fig. 2.10-2). An offset error in the measured phase current causes a DC-
component in the phase current and the integration is unstable.

No accurate models for power switches can be used because they are far too complicated to
implement in the motor control algorithms. Power switches are usually described with a
simple resistance model (5d) completed with a threshold voltage Xth.

X X Lloss th s d= + 5 . (2.29)

The voltage loss estimation error in power switches can be considered similar to the stator
resistance error. In the following this error source is considered to be part of the resistance
estimation error.
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The stability of the DFL control method can be observed via the stator resistance estimate,
because it is the most significant variable in the voltage loss calculation and it is very sensitive
to errors. Analytically for the induction motor it can be shown, in simulations and also
experimentally, that if the stator resistance is estimated too large 5s est > 5s act the stator flux
linkage error term increases in the same direction as the actual value of the flux linkage error
and the DFL control is unstable (positive feedback). If the stator resistance is estimated too
small 5s est ≤ 5s act the flux linkage error tends to decrease and the DFL control is stable
(negative feedback) [Pohjalainen 1987]. The same phenomenon is valid also for the salient
pole synchronous motors. The stator voltage integral Eq. (2.24) can be written

ψ sest sest sest smeasd d= − ∫∫ X LW 5 W , (2.30)

where the stator resistance estimate can be expressed as

5 5 5sest s s= + ∆ . (2.31)

5s est is the estimated stator resistance and ∆5s is the error of the estimated stator resistance.
Assuming that the estimated stator voltage and the measured stator current are correct the
stator flux linkage error term can be defined as

( )
( ) ( )

ψ ψ ψs err s sest s s s sest s s smeas

s s s sx s sy sx err sy err sd err sq err
j

= d d d d

d d j d j j

− = − − + +

= = + = + = +

∫∫ ∫∫
∫ ∫ ∫

X L X L

L

W 5 W W 5 5 W

5 W 5 L W 5 L W H U

∆

∆ ∆ ∆ ψ ψ ψ ψ θ
(2.32)

In Fig. 2.11 the stator flux linkage error and the flux linkage drifting are shown in a space
vector diagram in case of error in the voltage loss estimation. The voltage losses are assumed
to be larger than they really are. For this reason the real stator voltage is larger than the voltage
which is used to calculate the stator flux linkage estimate. The given voltage vector is
supplied until the stator flux linkage estimate reaches the hysteresis limit. During that time the
actual stator flux linkage goes beyond the hysteresis and drifts out of the hysteresis band and
the control becomes unstable.
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It is assumed that the flux linkage vector is removed from the origin due to the instantaneous
error in the stator resistance estimate (time W1) Fig. 2.11. This displacement can be seen in the
motor current vector according to the synchronous motor stator flux linkage Eq. (2.15-2.16)
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The stator current space vector moves in the same direction as the flux linkage error term
ψ s err . The error term which accumulates during one electric cycle can be calculated from Eq.
(2.32). It is assumed that the angular velocity of the stator current vector is constant.

( ) ( )[ ]∆ ∆ ∆ ∆ π ∆ ∆ψ ψ ψs err sd err sq err
j

s d q
jj j= + = ⋅+H 5 L L HU Uθ θ2 . (2.34)

For the current components ∆Ld and ∆Lq caused by the estimation error we can write from Eq.
(2.33) ∆Ld = ψ sd err//sd and ∆Lq = ψ sq err//sq. Now we can define the difference of the estimation

error
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In Fig. 2.12 the stator flux linkage of the synchronous machine is shown, when the estimated
stator resistance is too large 5s est > 5s act or too small 5s est < 5s act. Results of a DFLC drive
simulator are given. Intuitively, it is easy to understand that the control system tends to be
stable if the real losses are larger than the estimated losses.
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Errors in the measured and estimated signals cause an error in the stator flux linkage estimate
and, further on, an error in the torque estimate. It can be shown [Pohjalainen 1987] that the
torque estimation error is directly proportional to the error in the intermediate voltage
measurement. Also the torque estimation error is directly proportional to the square of the
error of the measured current vector. If an error occurs in the stator resistance, the torque
estimation error is directly proportional to the estimation error in the stator resistance. It
should be noted that the torque estimation error in all different error types is also proportional
to an inverse of the supply frequency of the motor. At higher speeds the torque estimation
error is negligible, but at zero frequency the torque estimation error increases to infinite
values.

When the motor flux linkage drifting out of origin centered occurs, it causes DC-components
in the phase variables and the current and flux linkage space vectors rotate eccentrically with a
distance defined by the offset error from the origin. An alternating component which varies
with the supply frequency of motor arises in the torque estimate.

As described before there are two types of problems in the flux linkage integration and
generally speaking the sourse of the problem is WKH�GHWHUPLQDWLRQ�RI�WKH�VWDWRU�YROWDJH. The
first is a constant integration error caused by errors in the measured intermediate voltages, the
motor phase currents, the estimated stator resistance and the estimated voltage losses in power
switches. This problem occurs when the stator voltage is estimated to be larger than the actual
value. The second problem is the motor flux linkage drifting out of the centre. This problem is
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serious, because it causes an unstable operation of the DFL control and occurs when the stator
voltage is estimated to be smaller than the actual value. Error sources affect the flux linkage
integration at the same time with different proportional shares. Analytical specification of the
effects of different error sources in the calculation is very difficult to carry out. A better
understanding can be achieved by using a schematic presentation of the principle of the flux
linkage integration which consists of all error sources. This is shown in Fig. 2.13. The
controller keeps the estimate origin centred and thus the errors in the integration cause the
actual motor flux linkage drift non-origin centred.
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The stator flux linkage estimation is performed by integrating the phase voltages Xxest and Xyest,
which are calculated from the intermediate voltage and the given switching states of the power
switches. Also the voltage losses of the power switches are considered. The total voltage loss
can be estimated using the estimated stator resistance and the measured motor phase currents
Lxmeas and Lymeas. This loss is also integrated and subtracted from the actual voltage integral.
After that, the stator flux linkage estimate is obtained and selection of all control decisions
(switch combinations) is done according to this estimate. The actual stator flux linkage is
intended to be kept within hysteresis limits and it should be rotated around the origin. If errors
are made in the voltage loss estimation, then there is an additional voltage loss ∆Xs. The
control system does not recognise this and wrong control decisions are made because all
voltage vectors are selected according to the estimate and the estimate is forced to rotate
around the origin inside of a certain hysteresis. The problem of the flux integration can be
considered as the SUREOHP� RI� YROWDJH� ORVV� FDOFXODWLRQ. It can be shown that a hysteresis
control as DFLC which is based on an estimate of a control variable is an oscillating system,
even if the estimated control variable is absolutely accurate [Vertanen 1995]. It is also known
that additional losses in the system dampen the oscillation. An example for this is the damper
winding of the synchronous machine which dampens the oscillations if a synchronous
machine starts to dephase. As a conclusion it can be said that, if there is a negative additional
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voltage loss -∆Xs in the DFL control system (i.e. voltage losses are estimated larger than the
actual), the gain of the control system is increased and the control system becomes unstable.
On the other hand, if there is a positive additional voltage loss ∆Xs in the system (i.e. voltage
losses are estimated smaller than the actual) the additional positive losses ensure that the
control system is stable.

Unstability and drifting problems at low speeds can be avoided if the stator resistance is
estimated to be smaller than it deliberately was estimated, but this causes an error in the flux
estimate and the zero speed integration problem still exists. If some additional flux linkage
correction is implemented, a better control is achieved. The task of this additional correction
is to inhibit the motor flux linkage drifting by using the measured phase currents. Motor phase
currents can be used as indicators for the flux linkage drifting. One possible method is to
apply the motor current model which calculates the motor flux linkages using the measured
phase currents and the motor inductance parameters. The accuracy of the voltage integral is
sufficient to meet the requirements of a demanding drive, but at very slow speeds some
additional correction is needed to adjust the flux linkage calculation. At higher speeds the
function of the additional correction is to act as a stabiliser of the control system.

������&XUUHQW�0RGHO

The flux linkage calculation can be performed applying the commonly known method which
calculates various flux linkages of the motor using the measured phase currents and the
inductances which are known in advance. This so called current model is very simple to
implement. The calculation can be done digitally with a high sampling rate when a powerful
DSP is used, and it also fulfils the requirements of a real time control system where simple
fast calculable models are needed. The calculation is performed in the direct and quadrature
directions separately using the two-axis model of the synchronous machine as explained
earlier. All variables have to be transformed into the rotor oriented reference frame. The two-
axis current model has a few drawbacks. It contains a set of inductance parameters which
must be known. Usually the current model is based on the linear equations of the machine and
the saturation of the inductance parameters is taken into consideration by updating the
inductance parameters according to the operating point. This causes an error during transients,
but in steady state the model is valid. The validation of the current model in steady state is not
self-evident. It depends on the accuracy of the saturated value of the inductances. The rotor
co-ordinate transformation can also be considered as a drawback, because trigonometric sinus
and cosinus functions are needed. This operation also needs accurate knowledge of the rotor
position. Since only three of the five motor currents in a two-axis model can be measured, two
damper winding currents have to be estimated. The damper windings take part in the motor
operation during transients, and so it is obvious that the estimation of the damper winding
currents reduce the accuracy of the current model during transients. In the following chapter
the current model based on linear magnetic conditions is discussed. After that some equations
for non-linear magnetic conditions are presented and the usability of those in the flux linkage
calculation is briefly discussed.
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After the stator phase currents and the excitation current are measured and the damper
winding currents are estimated, the various flux linkages of the synchronous motor can be
calculated according to Eqs. (2.15 - 2.19) which are repeated here

( )ψ ψsd md d s md f d D d s= + = + + +L / / L L L L /σ σ ,

( )ψ ψsq mq q s mq q Q q s= + = + +L / / L L L /σ σ ,

( )ψ ψf md f f md d D f f f= + = + + +L / / L L L L /σ σ , (2.36-2.40)

( )ψ ψD md D D md d D f D D= + = + + +L / / L L L L /σ σ ,

( )ψ ψQ mq Q Q mq q Q Q Q= + = + +L / / L L L /σ σ .

The damper winding current estimates must be calculated. In the following saturation effects
are not taken into consideration. The saturation of the inductance parameters and the
temperature dependency of the damper winding resistance cause that damper winding time
constants are not constant, but this is often neglected when damper winding current estimators
are developed. The air gap flux linkage can be evaluated according to the two-axis theory

( )ψ md md md md f d D= = + +L / / L L L . (2.41)

( )ψ mq mq mq mq q Q= = +L / / L L . (2.42)

Here Lf is the excitation current referred to the stator, L N ,f r F= ⋅ . Here Nr is a reduction factor
and ,F is the rotor excitation DC current.

Let us first consider the direct axis. The damper winding is short circuited, therefore the direct
component of the damper winding voltage equation is

( )X 5 L
W

5 L
W

L /D D D
D

D D md D D

d

d

d

d
= + = + + =ψ ψ σ 0 . (2.43)

The time constant of the direct axis damper winding is defined

τ D
md D

D

= +/ /

5
σ . (2.44)

When Eq. (2.41) is substituted into the voltage Eq. (2.43)

( )( )0 = + + + +5 L
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According to Eq. (2.45) we get a discrete representation for the calculation algorithm of the
direct axis damper winding current if the equation is integrated over one sampling interval ((n�
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1)τs...nτs, where n is index of the sample), and the damper current is approximated to change
linearly within the sampling period

( ) ( ) ( ) ( ) ( ) ( )( )L L
/

/ /
L L L LD n

D

s D
D n 1

md

md D
f n d n f n 1 d n 1=

+
−

+
+ − −









− − −

τ
τ τ σ

. (2.46)

τs is the sampling interval, τD is the time constant of the direct axis damper winding, /md is the
direct axis magnetising inductance and /Dσ is the direct axis damper winding’s leakage
inductance.

The current equation of the quadrature axis damper winding can be derived in the same way.
According to Eq. (2.46) we get a discrete representation for the calculation algorithm of the
quadrature axis damper winding current
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τ τ σ

(2.47)

τs is the sampling interval, τQ is the time constant of the quadrature axis damper winding,�/mq

is the quadrature axis magnetising inductance and /Qσ is the quadrature axis damper
winding’s leakage inductance. τQ is defined as

τ Q
mq Q

Q

=
+/ /

5
σ .

Now all motor currents are known and according to the motor Eq. (2.36-2.40) the two-axis
components of the stator flux linkage can be calculated. The saturation of the inductance
parameters is taken into account by updating the inductance parameters according to the
operating point. This causes an error during transients but in steady state the model is valid. A
complete derivation of the damper winding current estimators can be found in Appendix 1.
The modelling of the inductance saturation is discussed in detail in chapter 2.3.

1RQ�OLQHDU�PDJQHWLF�FRQGLWLRQV

The damper winding current estimators described above are derived using linear equations of
the salient pole synchronous machine. Neither do they take into account the saturation of the
machine inductance parameters, nor the temperature dependence of the damper winding
resistance. The assumption of linear magnetic conditions and constant resistances is not valid
when the motor operates at different operating points. Leakage inductances are known to be
less saturation dependent than magnetising inductances, and therefore leakage inductances are
assumed to be constant and only magnetising inductances are considered as saturation
dependent.

A method to include the effects of main flux path saturation in the electrical equations of AC
machines can be found in the work of Brown, Kovacs, Vas [Brown 1983] and Melkebeek.
These publications are focusing  mainly on the modelling of an induction machine or smooth
air gap machines in general. Non-linear equations can be applied also to all rotating field AC
machines and the equations for salient or nonsalient synchronous machines can be found in
the publications of Melkebeek [1984], Melkebeek et. al. [1985] and Vas et. al. [1984, 1985,
1986].
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The air gap flux linkage can be evaluated according to Eqs. (2.41-2.42), where a resultant
magnetisation current exists. It is possible to derive for the time derivatives of the direct axis
air gap flux linkages [Vas 1990]
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The angle µ is the angle of the resultant magnetisation current space vector with respect to the

direct axis i.e. ( )µ = atan /mq mdL L . These two equations include new inductance parameters.

/Md and /Mq can be considered as magnetising inductances which include an incremental
inductance change during a transient. /dq and /qd are cross-coupling inductances in direct and
quadrature directions. These cross-coupling inductances take into consideration the cross
saturation effect. This causes that the two axes which are in space quadrature are coupled.  /md

and /mq are so called chord slope static magnetising inductances which are usually used in
current model calculations. /md

d  and /mq
d  are tangent slope dynamic magnetising inductances.

In linear magnetic conditions i.e. in low flux density levels the tangent slope inductances/md
d

and /mq
d  are equal to the chord slope inductances /md and /mq. These chord slope and tangent

slope inductances are defined from the magnetisation curve in Fig. 2.14. A complete
derivation of the time derivatives of the air gap flux linkages can be found in Appendix 2.
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In the following the damper winding current estimators are calculated using non-linear Eqs.
(2.48)-(2.49). Let us again first consider the direct axis. The damper winding is short
circuited, therefore the direct component of the damper winding voltage equation is

( )X 5 L
W

5 L
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L /D D D
D

D D md D D

d

d

d

d
= + = + + =ψ ψ σ 0 . (2.50)

The time constant of the direct axis damper winding can be now defined as

τ D
Md D

D

= +/ /

5
σ . (2.51)

When Eq. (2.48) is substituted into the voltage Eq. (2.50)
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and is rewritten, we get
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According to Eq. (2.53) we get a discrete representation for the calculation algorithm of the
direct axis damper winding current if the equation is integrated over one sampling interval ((n�
1)τs, nτs), and the damper current is approximated to change linearly within the sampling
period
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τs is the sampling interval, τD� is the time constant of the direct axis damper winding and the
inductance parameters are those defined before.
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The current equation of the quadrature axis damper winding can be derived in the same way.
According to Eq. (2.54) we get a discrete representation for the calculation algorithm of the
quadrature axis damper winding current
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. (2.55)

τs is the sampling interval, τQ is the time constant of the quadrature axis damper winding and
the inductance parameters are those defined before. τQ is defined as

τ Q
Mq Q

Q

=
+/ /

5
σ .

It can be seen that the damper winding current estimators derived from non-linear motor
equations differ from the estimators derived from linear equations, mainly because there is a
coupling between the direct and quadrature axis estimators. The direct axis damper winding
current depends on the quadrature axis damper winding current and vice versa. Also there are
four new dynamic inductances /Md, /Mq, /dq and /qd in addition to the static inductances /md

and /mq which are usually used in linear equations. All these inductances have to be defined in
the Lmd - Lmq plane and six inductance surfaces must be known as was introduced by Alaküla
[1993].

According to the motor Eqs. (2.36-2.40) the two-axis components of the stator flux linkage
can now be calculated. The saturation of the inductance parameters is taken into consideration
by updating the inductance parameters according to the operation point. The accuracy of the
model is now improved during transients, because the damper winding current estimators also
take into account the saturation effect. A complete derivation of the damper winding current
estimators can be found in Appendix 3. The modelling of the inductance saturation is
discussed in chapter 2.3.

The implementation of a non-linear estimator is much more complicated in a real time
application than the implementation of a linear one. That is why it is very relevant to examine,
if there is some real advantage in using the non-linear model and if the linear damper winding
current estimator is sufficient to meet the current model behaviour requirements in transients.
Examination of the non-linear model is performed using a salient pole synchronous motor
DTC drive simulator. A schematic block diagram and the flowchart of the developed C-
language simulator is illustrated in Appendix 4 [Burzanowska 1990]. A motor model is used
where the flux linkages are state variables and the calculation of the various motor flux
linkages can be done using Eq. (2.6). All voltage equations are presented in their natural
reference frames. The used pu system can be found in Appendix 7. The motor currents can be
calculated from Eqs. (2.15-2.19) which can be presented in a form L /= −

stat
1 ψ  where L is the

motor current matrix, /stat
−1  is the static inductance matrix inverse and ψ is the flux linkage

matrix, all presented in a rotating reference frame fixed to the rotor. Saturation is taken into
consideration by updating the inductance matrix /stat

−1  according to the operating point using

inductance surfaces /md=f(Lmd,Lmq) and /mq=f(Lmd,Lmq), which are defined in advance. Leakage
inductances are assumed constant. The linear and non-linear damper winding current
estimators are used in the Direct Torque Control system and a comparison is made between
these two in opposition to the damper winding current calculated by the simulator motor



43

model. The motor model simulation algorithm is described in Appendix 5. All six inductance
surfaces discussed before are illustrated in Figs. 2.15, 2.16 and 2.17. The static inductance
surfaces are measured from the salient pole synchronous machine of our test drive. The
dynamic and the cross saturation inductances are calculated according Eq. (2.48) and (2.49).
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At first the effect of saturation in the damper winding currents is briefly considered. A current
flows in the damper winding only during transients. During transients the flux linkage of the
damper winding tries to change and according to Faraday’s law this change of the flux linkage
induces currents in the short circuited damper winding. The induced currents try to resist the
flux variation and this defines their direction. The direct axis damper winding currents
calculated in the rotor reference frame are shown in Fig. 2.18. Both linear and saturated
conditions are simulated. Simultaneous torque and stator flux linkage steps are performed.
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Saturation of the motor inductances causes that the magnitude of the induced current is higher
than under linear magnetic conditions. Also the direction of the step affects the induced
current magnitude. Saturation has a minor effect in the duration of the induced current.
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In Fig. 2.19 the quadrature axis damper winding currents calculated in the rotor reference
frame are shown. The transient is similar as shown in Fig. 2.18. Both linear and saturated
conditions are simulated. The influence of the saturation on the quadrature axis damper
winding current is much stronger than on the direct axis.
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In Figs. 2.20 and 2.21 the proposed direct and quadrature axis damper winding current
estimators are compared with the damper winding currents calculated from the saturated
motor model. Both the linear and non-linear current estimator are illustrated. The transient is
similar to those in the previous figures. It is obvious that the linear estimator is erroneous. It
can also be seen that the calculation of the non-linear estimator is better, but the benefit of the
non-linear calculation is insignificant compared to the complexity of the implementation. It
must be pointed out that in the study presented before all motor parameters were assumed to
be exactly known. This is not the case in a real drive, where the motor parameters of the
equivalent circuits have some calculated or measured values and the accuracy of the
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parameters can vary considerably. Especially the parameters of the damper winding can be
very inaccurate.
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As a conclusion of the damper winding estimator study there seems to be no need to use non-
linear damper winding estimators. The benefits of the non-linear estimator are not remarkable
in relation to the complexity of the implementation. If the sampling rate of the damper
winding current integration can be higher (for example 100 µs), then non-linear and also
linear model calculation accuracy will improve.
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The operating point of the motor in synchronous motor drives can be varied in a wide range.
In the constant flux linkage region the motor can be loaded for example up to two and a half
times the nominal torque or in the field weakening area the motor can be operating at five
times the nominal speed producing half of the nominal torque. This means that the flux
linkage of the motor is reduced to one fifth of the nominal flux linkage and the current is
correspondingly very large. The reliability of the motor flux linkage calculation depends on
the accuracy of the parameters used in the calculation methods. In the previous section two
calculation methods have been introduced. The voltage model has only one parameter, the
stator resistance. The current model is much more parameter dependent, because it has six
inductance parameters and in the damper winding current estimators there are two resistance
parameters included in the time constants of the damper winding. Resistances are known to be
temperature dependent. Variable frequency of the supply voltage causes variation in the
winding resistances also due to the skin effect. All inductances depend on saturation and the
effects of saturation are more complex when salient pole synchronous machines are
considered. The variation of the motor model parameters can be considered as a control
problem or a modelling�problem. The effect of parameter variations can be accounted to the
controllers or motor models, but this leads to more complex implementations. Before
implementation of the parameter models, a good physical knowledge of the phenomenon
modelled is required. In the next section the variation of resistances and saturation dependent
inductances is considered. Physical phenomena and the principles of parameter models are
described.

������0RWRU�UHVLVWDQFHV

Using the voltage integration method to calculate the stator flux linkage no inductances are
present in the expression in the integration. Instead of inductances, the stator resistance 5s is
the critical parameter. In the current model there are also damper winding resistances 5D and
5Q present in the expression of the damper winding estimators (included to the damper
winding time constants). Motor resistances can not be considered as constant parameters,
because they are temperature and frequency dependent. Stator, damper and excitation
windings are usually made of copper. The conductivity of copper is
σ = ⋅57 106 S m� (defined at temperature +20 °C) and the temperature coefficient of the

resistivity of copper is α = ⋅ −3 81 10 13� � K . The resistance of the winding can be defined
using winding data as

5
O
D$DC

j

=
σ

, (2.56)

where O is the length of the winding, σ is conductivity, D is the number of the parallel
conductors and $j is the cross-section area of the conductor or it can be measured using DC
measurement. This so called DC resistance is valid when the winding is supplied with a DC.
When supplied with AC the alternating field in the conductors produced by AC current causes
that the distribution of the current density through the conductor cross-section area is unequal.
This phenomenon is known as the skin effect. The resistance of the winding is increased due
to the skin effect and the DC resistance defined above is not valid during normal operation of
the machine. The AC resistance is somewhat larger than the DC resistance. The increase of
the resistance due to the skin effect depends on the supply frequency, on the conductivity of
the conductor, on the permeability of the surrounding material and on the shape of the
conductor and the slot where the conductor is situated. The higher the frequency of the current
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flowing in a conductor is, the more the current is concentrated near the surface of the
conductor. When the cross-section of the conductor is decreased the skin effect is also
decreased and the value of the AC resistance approaches the DC resistance. In large
synchronous machines the stator and excitation windings are made of flat copper bars and the
damper winding are made of round copper bars, and thus the skin effect is much more
considerable as when round wire windings are used. It is assumed that the resistance can be
defined as

( ) ( ) ( )5 I 7 5 7 5 I 7AC DC skin, ,= + , (2.57)

where 7 is temperature, I is the supply frequency and 5skin is an approximated increase of the
resistance due to the skin effect. 5skin can be defined for example from motor design data if
5AC is available (5skin = 5AC − 5DC). Usually 5AC is calculated for the motor nominal
frequency Inom. It can be written for the AC resistance

( )[ ][ ]5 7 7 5 5AC nom DCnom skin nom= + − +1 α , (2.58)

where values with subscript “nom” are defined in the nominal operation point. The skin effect
in the resistances of the various windings is a very complicated problem and only poor
approximate estimates for the resistance variations during supply frequency variation can be
found. Usually temperature modelling is adequate.

������0DJQHWLF�VDWXUDWLRQ�HIIHFW

The saturation effect depends on the magnetic material used in the stator and rotor magnetic
circuits. Magnetic material properties can be described using hysteresis and median
magnetising curves. In Fig. 2.22 the hysteresis curve and the median magnetising curve are
shown for the typical standard electrical steel. The so called %/+-curve shows very clearly that
saturation exists even at low magnetic field intensities. When the machine operates at nominal
flux levels under load, the magnetic flux densities in the stator teeth and rotor pole faces vary
between 1.0 ... 1.8 T and then the saturation effect is very strong. It can be seen in Fig. 2.22
that in addition to the non linear phenomenon of the saturation effect we are also dealing with
a non-symmetrical phenomenon because of the hysteresis. Usually hysteresis is not taken into
account and saturation is considered to be symmetrical using a median saturation curve.
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)LJ��������%�+�FXUYH�DQG�PHGLDQ�PDJQHWLVLQJ�FXUYH�IRU�WKH�W\SLFDO�VWDQGDUG�HOHFWULFDO�VWHHO��&RHUFLYH�ILHOG
LQWHQVLW\�+U� �����$�P�DQG�LW�LV�GHFXSOHG�LQ�ILJXUH�

The magnetic paths of the synchronous machine are saturated at nominal flux levels.
Saturation appears in all parts of the iron volume. The stator teeth and the rotor pole faces are
most heavily saturated. The stator yoke is less saturated because the flux density is much
lower in that area. Leakage flux paths are mainly situated in the air. The saturation of the
leakage flux path can be considered less dominant.

The effect of saturation in different parts of the flux path differs depending on the rotor
structure. Magnetic flux paths are different in non salient and salient pole synchronous
machines. The flux path of a non salient pole machine can be considered equal in all
excitation directions, but in salient pole machines there is a reluctance difference between the
direct and quadrature directions. In salient pole synchronous machines the shape of the rotor
pole defines mainly the flux path, because the magnetic flux uses the path of the minimum
reluctance. Fig. 2.23 shows  the flux plots of the salient pole synchronous machine used in
tests when excitation is in the direct axis. The flux plots are obtained from Finite Element
Calculations (FEM) calculations. The software package Magnet  has been used to the
calculation of the test motor.
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In the case of no load operation of the salient pole machine the flux path is similar as in Fig.
2.23 a). In practice no stator current is flowing. When the machine is loaded it means that in
addition to the excitation current also the stator current emerges and the total MMF is a
superposition of the stator MMF and the excitation MMF. This means that the magnetic flux
turns away from the direct axis towards the direction of the larger air gap (quadrature axis).
The magnetic flux does not want to use air as a flux path and the flux density increases in one
pole edge and correspondingly the flux density decreases in the other pole edge (see Fig. 2.23.
b)). The rotor pole is very heavily saturated in one edge and much less saturated in the other
edge.

This unequal saturation of the rotor pole is a phenomenon similar to the well known armature
reaction in non compensated DC-machines [De Jong 1982]. The only difference compared to
the armature reaction in DC-machines is that in salient pole synchronous machines the stator
MMF can be in any position between the direct and quadrature axes (armature MMF of DC-
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machine stays always in the quadrature direction). The direct and quadrature axes are
magnetically linked together and thus they can not be considered as uncoupled quadrature
phase windings as is assumed in the two reaction theory. On the contrary they are
magnetically linked together and the direct axis flux saturates the quadrature axis and vice
versa. The cross magnetisation effect has been determined first for salient pole machines, but
the same phenomenon appears also in uniform air-gap machines. The difference between
salient and uniform air gap AC-machines is that the rotor pole causes the cross saturation
effect in non uniform air gap machines, but in uniform air gap machines saliency does appear
due to the saturated zone in the direction of flux [Kovács 1988]. In the following the physical
interpretation of the cross magnetisation phenomenon is studied. In this case a steady state
operation is considered, but cross saturation appears also during transients as has been shown
in the previous section 2.2.2.

Fig. 2.24 demonstrates the behaviour of the cross saturation effect in salient pole machines.
When the resultant MMF Itot = Is + If is divided into separate d/q axis components as shown in
Fig. 2.24 A), the cross saturation effect described before can be analysed. Let us first consider
the case when only the direct axis MMF Idtot = Id + If magnetises the machine. The magnetising
flux φd is shown in Fig. 2.24 B) (dotted line). When both Idtot = Id + If and Iqtot = Iq magnetise
the machine so that Idtot is kept constant, the quadrature axis component has a demagnetising
effect on one side and a magnetising effect on the other side of the pole shoe. If linear
magnetic conditions are assumed, the magnetising and demagnetising effects are equal (areas -
∆φd and +∆φd) and the d-axis magnetising flux is unchanged. Due to saturation the magnetic
flux densities are different in saturated and unsaturated conditions. This is shown in Fig. 2.24
C), where the saturation curves of the direct axis flux and fictitious cross magnetising flux are
illustrated. (Fictitious cross magnetising curve characterises the effect of the quadrature axis
MMF on the direct axis. At low and high saturation levels the effect of cross magnetising
disappears because the magnetising and demagnetising areas become equal). Areas -∆φdsat and
+∆φdsat are unequal and -∆φdsat > +∆φdsat. This means that the direct axis flux component is
decreased due to the quadrature axis MMF although the d-axis MMF is kept constant which is
shown in Fig. 2.24 D). We can graphically determine that the direct axis magnetising flux is

unsatmdmqqdmqqdmdmdsatmd )()()( φφφφφ <−++= LLL .
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It can be seen in Fig. 2.25 how significant the effect of cross saturation is in a salient pole
synchronous machine. In the figure the measured saturation curves of the direct and
quadrature axis magnetising inductances are shown. The measurements are performed using
our test drive. The implementation of the measurements is discussed in more detail in chapter
3. For example, at low values of direct axis excitation i.e. in the field weakening the direct
axis magnetising inductance is reduced by 27 % as quadrature axis current increases from zero
to 1.5 pu. The reduction in the quadrature axis magnetising inductance is even 50 % when the
direct axis excitation current is increased from 0.5 to 2.0 pu. This means that the cross
saturation effect is very dominant when the motor operates at high loads (large load angle) and
especially in the field weakening when the direct axis excitation is reduced.
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The variation of the motor model parameters can be considered as a control problem [Alaküla
1989] or as a modelling problem. In this work the latter method is considered. Representation
of saturation and cross saturation has been the subject of many researchers. A lot of methods
were presented to model the inductance variation of synchronous machines in general as well
as more specific for power systems stability, for transient studies and for motor drives. One
possibility is to solve the complete magnetic field during every step of the calculation using
for example the FEM calculation, but such a method is computationally very slow and
expensive and can not be used in motor drive models. A much simpler and faster, but less
accurate approach is to use the open circuit saturation curves as reference to find the
saturation factors for the direct and quadrature axis inductances (/mα = Kα(;mα)/mαu, where ;
is L or ψ, α = d, q and /mαu is the unsaturated value) [Harley 1980], [Brandwajn 1980].
Analytical expressions for the saturation factors as a function of either the flux linkage or the
magnetising current can be derived using curve fitting techniques. There are two main
problems when this kind of approach is used. An open circuit saturation curve for the
quadrature axis is generally not available for industrial synchronous machines. It is often
assumed that the saturation factor for the quadrature axis is equal to the direct axis saturation
or the quadrature axis saturation factor is unity i.e. saturation of the quadrature axis is
neglected. These assumptions are not adequate when a synchronous machine is considered.
Another drawback is that those saturation factors, as defined before for the direct and
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quadrature axes, do not take the cross saturation effect into account. A method for appending
the cross saturation to the saturation model was among the first ones proposed by De Jong
[1982]. The cross saturation in both axes has been taken into consideration by defining the

saturation as a function of the resultant MMF I I Itot d q= +2 2 , where Id consists of the rotor

excitation MMF and the stator direct axis MMF and Iq consist of the quadrature axis
component of the stator MMF. Saturation can also be defined as a function of the resultant
magnetising current. The use of the resultant MMF or magnetising current as a saturation
level indicator in both axes leads to overestimation of the saturation level in the case of the
salient pole machines. This can be explained by the fact, that the resultant MMF does not have
the same effect on the direct and quadrature axes, when the resultant MMF is kept constant
but the direction of MMF is changed. The saturation effect of the direct axis decreases when
the resultant MMF turns from the direct to the quadrature axis.

Stiebler and Ritter [1985] used in their model saturation factors which depend on the direct
and quadrature axis magnetising currents with different weights. The weighting factors were
constants and dependent on machine properties i.e. the ratio of saliency and windings.
Weighting factors take the direction of the resultant MMF into account more reliably than the
previous methods. Kamoun and Poloujadoff [1985, 1986] proposed also empirical laws which
define the saturation level as a function of the direct and quadrature axis magnetising currents.
The functions are derived from measurements and they are quite complicated. The method
proposed and used in many of the papers of El Serafi et.al. [1988, 1988, 1991, 1992, 1993] is
based on rather simple linear equations. The saturation defined from open circuit
characteristics is separated from the cross magnetisation effect. The principle of saturation
modelling has been considered detailed and the models are applicable to salient pole
synchronous machines, but the definition of the cross magnetisation effect for a machine used
in an industrial drive might be rather difficult.

The leakage inductances are known to depend less on saturation than the magnetising
inductances, and therefore the leakage inductances are usually assumed to be constant and the
magnetising inductances are estimated. In case of an industrial salient pole synchronous
machine drive we are looking for a saturation model for the air gap flux linkage. The model
has to fulfil the following requirements: 1) Simple and fast calculations. 2) “Reasonable”
accuracy. The demand for accuracy depends on the application. 3) The Saturation model
should be implemented so that it can be added to the linear current model. 4) The saturation of
the air gap flux linkage is modelled according to the open circuit saturation curves. A linear
model is valid in the static state when the values of the inductances are updated according to
the operating point of the machine. During transients the validation of the model depends on
the damper winding current estimate. 5) The saturation model has to be implemented so that it
takes the cross saturation into account.

In order to implement the saturated air gap flux linkage in the current model which is required
for the Direct Torque Control, the inductance parameters must be represented as a function of
current. The linear stator flux linkage equations become

( )( ) ( )ψ ψsd md d s md f d D f d D d s md md md d s= + = + + + = +L / / L L L L L L L / / L L L /σ σ σ, , , (2.59)

( )( ) ( )ψ ψsq mq q s mq q Q q Q q s mq mq mq q s= + = + + = +L / / L L L L L / / L L L /σ σ σ, . (2.60)
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To provide suitable functions for the variation of these inductances their dependence must be
defined, and this is done with respect to the machine currents. In the work of Melkebeek and
Willems [1990] it is proposed that the magnetising inductances should be represented as a
non-linear function of the direct and quadrature axis MMF, which can also be given as a
function of the magnetising currents. The problem of saturation modelling is to find the non-
linear functions defined by Eq. (2.61)-(2.62), where machine currents are used as indicators of
the saturation level.

( ) ( )( )/ L W L Wmd md mqf ,= (2.61)

( ) ( )( )/ L W L Wmq md mqf= , (2.62)

The basic principles of the derivation of the non-linear functions are discussed next. In the last
decade there has been a great interest in the saturation and especially cross magnetisation
phenomenon. There has been a hard controversy on the nature of the cross magnetising effect
in AC machines. Is the cross magnetisation between the quadrature axis windings in the
saturated machines merely a mathematical artefact or a physically sound phenomenon? The
cross magnetisation is a real physical phenomenon and the reason for that is basically the
same as for the armature reaction in the DC-machines. In non salient pole machines cross
magnetisation occurs due to the reluctance difference between the “saturated regions” in the
direction of the flux and the non saturated region. In salient pole machines cross
magnetisation can be considered to be purely a similar phenomenon as that occurring in DC-
machines. The only difference is that the armature current can be in any position with respect
to the field winding. In addition to this it is also a phenomenon which occurs due to
mathematical modelling. A physical fact is that the armature current component which lies in
space quadrature to the motor flux causes the cross magnetisation. If we observe the
behaviour of the machine in the co-ordinates fixed to the direction of the flux, then the cross
saturation effect which has to be considered is a real phenomenon. This is possible in the case
of a non-salient pole machine, where the magnetic flux is aligned with the resultant MMF. If
we observe the behaviour of the machine in the co-ordinates fixed to any other rotating
reference frame or to the static reference frame (for example rotor reference frame as is used
in the case of a salient pole machine due to saliency and to the fact that the resultant MMF is
not aligned with the produced flux) then there is in addition to the real cross magnetisation
also a “mathematical cross magnetisation” due to the modelling technique used. If this
“mathematical cross saturation” is not taken into account, it leads to a non physical operation
of the machine model. Let us assume that /md depends only on Lmd (resultant excitation in
direct axis) and /mq depends only on Lmq (resultant excitation in quadrature axis), cross
saturation is not considered. In the case of a salient pole machine a non physical phenomenon
arises, when the quadrature axis current Lmq ≈ 0 and the direct axis is saturated. At this point a
small reduction in current Lmd does not have a large impact on the direct axis flux linkage ψmd,
if the direct axis excitation current Lmd is slightly reduced and at the same time the excitation

current in quadrature axis Lmq is increased, so that 2
mq

2
mdm LL +=L  is kept constant. The flux

linkage ψmd does not change remarkably, but the flux linkage ψmq increases. In that case

ψ m md
2

mq= +ψ ψ 2  will increase. This is non physical if |ψm| will increase when |� Lm | is

kept constant and the angle between Lm and direct axis will increase.

Irrespective of the nature of the cross magnetisation effect, it is obvious that the additional
saturation due to this phenomenon has to be considered. Neglecting this will lead to the
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overestimation of the air gap flux linkage. At first a non-salient pole machine is taken into
consideration. In the non-salient pole machine the direct and quadrature axis magnetising
inductances can be considered equal. This means that the saturation of the magnetic circuit is
defined by the magnitude of the resultant MMF, but the saturation is identical regardless of
the direction of the resultant MMF. The quadrature axis component of the resultant MMF
saturates the direct axis magnetising inductance as much as the direct axis component
saturates the quadrature axis magnetising inductance (reciprocal cross saturation). The
fundamental component of the MMF and magnetising flux are aligned and their magnitudes
are related by a single non-linear characteristic. The amplitudes of the magnetising flux
linkage and the current are given by

ψ m md mq m md mqand= + = +ψ ψ2 2 2 2L L L (2.63)

and the flux linkage components ψd and ψq may be written as

ψ ψd
m

m
d q

m

m
qand= =

ψ ψ
L L

L L . (2.64)

Introducing the saturation factor Ks and the unsaturated magnetising inductances�/u, following
relationships can be obtained:

( )ψ m

m
s

u
s m

uK K
m mL

L= = ⋅/ /
α α

α = d, q (2.65)

( )ψ m s m
u

mK
mα α α αα

= ⋅ ⋅ =L / L / L α = d, q (2.66)

In a salient pole machine, the MMF and magnetising flux are no longer aligned. The
relationship between their amplitudes depends on their respective angular position. On the
other hand the angle between the MMF and the flux depends on the position of the resultant
MMF. If the resultant MMF is aligned with the direct or quadrature axis then the flux is
aligned with the MMF, otherwise the MMF and the flux are apart from each other. This
means that the saturation of the magnetic circuit is defined by the magnitude and position of
the resultant MMF i.e. it depends on the space vector of the resultant MMF. If /d > /q, which
is the case in an electrical excited salient pole synchronous machine, then the effect of the
direct axis MMF on the ability of the quadrature axis MMF flux production is stronger than
the effect of the quadrature axis MMF on the direct axis MMF flux production (non reciprocal
cross saturation). This new problem can be solved by assuming that the salient pole machine
has spatially distributed windings in the direct and quadrature axis with different winding
factors. The winding factors for the fundamental harmonic ξde and ξqe are selected so that the
real and fictitious winding (with the constant air gap equal to the median air gap of the real
machine) both have the same non saturated inductances /d and /q  [Iglesias 1992]. The
magnitude of the produced magnetising flux can be determined by

( ) ( )φ ξ ξ ξ
ξ
ξ= +



 = +



















Λ 1 L 1 L 1 L

1

1
Lde md qe mq de md

qe

de
mq

2 2
2

2

2Λ , (2.67)
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where�1 is the number of turns in series per phase (d, q) and Λ is the permeance of the median

air gap machine. The ratio of saliency 
1

1

ξ
ξ

qe

de









2

can also be stated using /d and /q. The

inductances are proportional to 12 so we can write 
1

1

/

/

ξ
ξ

qe

de

q

d







 =

2

. From Eq. (2.67) the

resultant magnetising current can be defined which, in case the salient pole synchronous
machine saturates the magnetic circuit, is

Lm
sat

md
q

d
mq

d

q
md mq= + = +L

/

/
L

/
/
L L2 2 2 2 . (2.68)

By using this so called “saturant magnetising current” as an indicator of the saturation level,
models for the saturation of the magnetising inductances can be derived

( ) ( )/ L L NLmd md
sat

md mqf f= = +2 2 , (2.69)

( )/ L
N
L Lmq mq

sat
md mqf f= = +









1 2 2 . (2.70)

The factor N is the saliency ratio which is a function of saturation and can be defined as
[Tahan 1995]

( )N
/

/
. L L= = ⋅mq

md
md mqΓ , ,  (2.71)

where .
/

/
= mq

u

md
u  is an unsaturated saliency ratio and Γ is a characteristic function of the

saliency ratio. Magnetising inductances are used, because the stator leakage inductance is
assumed to be constant. The saturation functions in Eqs. (2.69) and (2.70) can be derived from
the open circuit curves. The characteristic function Γ is defined so that it can dictate the
variation of the saliency ratio, when the machine is saturated.

����%(+$9,285�2)�7+(�02'(/6�'85,1*�75$16,(176

The accuracy of the flux estimation during load transients is a very critical part when a Direct
Torque Controlled synchronous motor is used. The optimal switching table ensures that the
best available voltage vector which accelerates the stator flux linkage with correlation to the
air gap flux linkage is selected and the fastest possible torque response is achieved. This
dynamically optimal operation is not self-evident, but it assumes that the stator flux linkage
estimate is valid. If this is not the case unoptimal selections are made, the torque response is
modest and then the torque reference is not followed. The estimated stator flux linkage
amplitude is not so critical when the transient operation of DTC is observed. Instead the
angular position of the stator flux linkage vector is the most significant. The amplitude error
corresponds to the torque error. A remarkable phase shift between the estimated and the actual
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motor flux causes drifting of the actual stator flux linkage, so the control becomes unstable.
This means that flux linkage estimation methods with additional time delays (e.g. a method
based on additional filtering or flux estimators) cannot be used, because they cause a phase
shift during fast transients. In the following sections two flux estimation models, the voltage
model and the current model, are examined during load transients. The simulated results are
shown. Because this work deals only with the stator side control and specifically the stator
flux linkage estimation, the excitation control unit is considered ideal i.e. neither delays nor a
lack of ability to increase the excitation current instantly are assumed. The excitation control
is implemented using a combined “reaction and unity power factor control” [Pyrhönen O.
1998].

������9ROWDJH�0RGHO

The behaviour of the voltage model during load transients is studied, using a salient pole
synchronous motor DTC drive simulator (Appendix 4). The used pu system can be found in
Appendix 7. Error sources of the voltage model are discussed in chapter 2.2.1. The stator
resistance is a dominant error source when the voltage integration is performed. It can be
assumed that the accuracy of the measurements (i.e. intermediate voltage and phase currents)
has been implemented in a way that errors of the measurements are negligible. Assuming that
the voltage estimate and the measured current are correct the stator flux linkage estimate error
can be calculated using Eq. (2.32).

( ) ∫∫∫∫∫ ∆=∆++−−=−
1

0

1

0

1

0

1

0

1

0

ddddd= sssmeassssestssssestserr s
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W

W

W

W

W

W

W

W5W55WW5W LLXLXψψψ , where

∆5s is the error in the stator resistance estimate, W0 is the initial time instant before the transient
and W1 is the time instant after the load transient. The stator flux linkage error accumulates
during the transients. The stator flux linkage estimate error depends on the resistance error and
on the rate of change of the stator current which corresponds to the torque response. The
torque response of the DTC controlled synchronous motor can be evaluated using a
subtransient flux linkage model of the motor [Vas 1992]. The stator voltage in the stator
reference frame can be determined

X L
L

V
V 5 /

W W
= + +s s

s s
s

s
’’ sd

d

d

d
’’ ψ

, (2.72)

where /
/ /

’’

’’ ’’

=
+d q

2
 is the average subtransient inductance and ψ’’ is the subtransient flux

linkage. Physically the subtransient flux linkage is equal to the air gap flux linkage and it is
kept constant during the transient by excitation. The time derivative of the subtransient flux
linkage is the back Electro Motive Force (EMF). When Eq. (2.72) is transformed into the
rotor reference frame it follows

X L
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’’ r
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’’ rd

d
j

d

d
j= + + + +5 /

W
/

WV
U’’ ’’ω ω

ψ
ψ . (2.73)

When a fast torque step is performed using a DFLC modulator, it uses only non-zero voltage
vectors i.e. the maximum output voltage is used to produce the torque. The average voltage
vector during a torque step is in space quadrature with respect to the stator flux linkage vector
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and the maximum acceleration of the stator flux linkage space vector is achieved. This is
shown in Fig. 2.26. A simulated torque step from no load to the nominal torque has been
performed.
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It is assumed that during the torque step the resistive voltage drop 5sLs and the rotational
voltage jω/’’Ls in Eq. (2.73) are negligible when compared to the stator voltage. The
subtransient flux linkage is kept constant during the torque step. The derivative of the stator
current is obtained
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ωψ
’’ ’’ , (2.74)

where�Xres
r is the voltage reserve in the operating point. The average stator voltage is in space

quadrature with respect to the stator flux linkage. This means that the stator current, which
rises towards the same direction with the stator voltage, is also in space quadrature to the
stator flux linkage and is used to produce the torque. The time of rise of the stator current
which is equal to the torque response can be calculated

( )∆ ∆W W W
/

= − = ⋅1 0

’’

X
L

res
r s

r . (2.75)

According to Eqs. (2.32) and (2.75) an error in the stator resistance value causes an error in
the stator flux linkage estimate calculated from the voltage integral which is directly
proportional to the time of rise of the stator current. On the other hand the time of rise of the
stator current is proportional to the voltage reserve on the operating point. The voltage reserve
is large at low speeds and a fast response of the stator current can be obtained. In the field
weakening range the back EMF is almost equal to the maximum stator voltage of the inverter
unit, so the voltage reserve for the torque changes remains small.

Fig. 2.27 illustrates an actual and an estimated stator flux linkage during a nominal torque
step. The operating point before the step is the same as in Fig. 2.26. During the transient the
flux estimation error is negligible. After the transient, in steady state, the estimation error
increases which is obvious as has been explained in chapter 2.2.1. The stator current rises
towards the same direction as the applied average voltage vector and the current is nearly in
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space quadrature with respect to the stator flux linkage. Excitation control takes care of the
necessary magnetisation current of the motor and tries to keep the power factor equal to the
unity during the transient.
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Fig. 2.28 shows the actual and estimated stator flux linkage direct and quadrature axis
components during a nominal torque step. The operating points are a) motor speed 0.1 pu, b)
motor speed 0.5 pu and c) motor speed 1.5 pu. The dependency between the voltage reserve
and the estimation error can be clearly seen. In the cases a) and b) the estimation error during
the transient is negligible, but especially in the quadrature axis flux estimate there is a
considerable error in the field weakening and the nominal torque can not be produced.
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The behaviour of the current model during load transients is studied using the salient pole
synchronous motor DTC drive simulator (Appendix 4). The used pu system can be found in
Appendix 7. The main error source of the current model is the inaccurate damper winding
current estimation during a transient. The current model and the damper winding current
estimation are discussed in chapter 2.2.2. The damper winding current estimator using linear
machine equations is adequate, because no remarkable improvement is achieved when a non-
linear saturated estimator is used.

The same torque step simulations are performed for the current model as for the voltage
model. The motor model and the current model have the same saturated inductance models,
because only the transients are studied. The motor model calculates the damper winding
current from the motor state equations while linear damper winding current estimators are
used in the current model. It can be seen in Fig. 2.29 that during a load transient a flux linkage
estimation error occurs. The behaviour of the error is different when comparing it to the
voltage model. At low speeds, when a fast torque response can be performed, the damper
winding current estimation fails (Fig. 2.29 a and Fig. 2.30 a). In the field weakening an
improvement can be noticed. Naturally the torque response is slower. The reaction control of
the excitation circuit manages to keep the direct axis air gap flux linkage constant and no
damper winding current flows. Only the quadrature axis flux estimation fails. At low speeds
the torque response is so fast that a direct axis damper winding current appears. The most
important difference between the current model and the voltage model is the behaviour after
the load transient. If there is an error in the voltage model estimation, the actual motor flux
linkage drifts and the control becomes unstable. Fig. 2.29 b) demonstrates that the current
model keeps the flux estimate stable after the damper winding currents have decayed.
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The performance of a high quality torque control as DTC in dynamically demanding industrial
applications is mainly based on the accurate estimate of the various flux linkage space vectors.
The tasks of the motor model are: 1) acquisition of the various flux linkages from terminal
quantities such as voltages and currents 2) obtaining the electrical torque for closing the
torque control loop. When a reliable and fast calculable real time model is needed it should be
remembered that nowadays industrial motor control systems are real time applications with a
restricted calculation capacity. At the same time the control system demands for a simple, fast
calculable and reasonably accurate motor model. A compromise between the computation
capacity and the accuracy should be found. In the previous sections the flux linkage
calculation by applying the current model and the voltage model as well as the advantages and
disadvantages of both models have been discussed. Table 2.1 summarises special features of
the current and voltage model.

7DEOH������)HDWXUHV�RI�WKH�FXUUHQW�DQG�YROWDJH�PRGHOV��$GYDQWDJHV�DUH�EROGHG�

Voltage model Current model
parameters ��6WDWRU�UHVLVWDQFH� - Inductance parameter set.

- Damper winding time constants.

parameter models - Temperature model of the stator
resistance.

- Saturation models of the
magnetising inductances.

static accuracy - Depends on the accuracy of the
voltage loss calculation.
- At low motor speed integration is
inevitably too erroneous.
��$W�KLJKHU�VSHHG�DFFXUDF\�LV�IDLU�

- Depends on the accuracy of the
inductances parameters.
��1R�VSHHG�GHSHQGHQFH��LI�WKH�URWRU
SRVLWLRQ�PHDVXUHPHQW�LV�DFFXUDWH
HQRXJK��

dynamic accuracy - Depends on the accuracy of the
voltage loss calculation and on the
rise time of the stator current.
��$W�ORZ�VSHHG�WKH�G\QDPLF
DFFXUDF\�LV�JRRG�GXH�WR�WKH�IDVW
UHVSRQVH�RI�WKH�VWDWRU�FXUUHQW�
- In the field weakening the dynamic
accuracy is poorer due to the slower
response of the stator current.

- Depends on the accuracy of the
damper winding current estimation.
- At low speed dynamic the accuracy
is poor due to the fast response of the
stator current (damper winding
current estimation fails).
��,Q�WKH�ILHOG�ZHDNHQLQJ�WKH
G\QDPLF�DFFXUDF\�LV�EHWWHU�GXH�WR
WKH�VORZHU�UHVSRQVH�RI�WKH�VWDWRU
FXUUHQW�

stability of the calculation - Underestimation of voltage loss
leads to a stabile error .
- Overestimation of voltage loss leads
to unstable drifting.

- Stability of the calculation is not
dependent on inductance errors.
��6WDEOH�FDOFXODWLRQ�PHWKRG

implementation ��(DV\�WR�LPSOHPHQW
��&DQ�EH�FDOFXODWHG�DW�IDVW
VDPSOLQJ�UDWH��VLPSOH�FDOFXODWLRQ��
��VWDWRU�FR�RUGLQDWHV�XVHG�
��QR�URWRU�SRVLWLRQ�QHHGHG�

- Rather easy to implement.
- Calculation must be done in a
slower sampling rate than voltage
model (complex calculations).
- Rotor oriented co-ordinates.
- Accurate rotor position needed.

When all benefits from Table 2.1 are combined, it is easy to conclude that a combination of
the voltage model and current model will be the best solution for a reasonably accurate motor
model. In DTC the voltage model operates as a main model and is calculated at a very fast
sampling rate. The current model is calculated at a much slower sampling rate. The stator flux
linkage estimate calculated from the voltage model is corrected using the stator flux linkage
estimate which is calculated from the current model. The current model acts only as a
supervisor which at longer time levels prevents the motor stator flux linkage from drifting out
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of the centre. At very slow speeds the role of the current model is emphasised but it never
becomes the main model. At higher speeds the function of the current model correction is to
act as a stabiliser of the control system. Fig. 2.31 illustrates the proposed motor model of the
DTC controlled drive.
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At first the measured signals have to be processed. The stator voltage estimate is calculated
from the measured intermediate voltage and by using the knowledge of the switching states.
The measured phase currents are transformed to quadrature phase components and a co-
ordinate transformation to rotor co-ordinates is performed. The stator current values in
addition to the excitation current in the rotor reference frame are used in the current model.
The stator voltage estimate and the voltage loss are integrated and, because of the voltage loss
this flux linkage component is subtracted from the estimated stator flux linkage. The voltage
loss calculation takes the resistive voltage drop, the threshold voltage, the voltage loss during
the conducting state and the switching delays into consideration. The current model first
estimates the damper winding currents and then the inductance parameters are updated
according to the operation point. When all currents of the motor and the inductance
parameters are known, the stator flux linkage is calculated. After that a co-ordinate
transformation to the stator co-ordinates has to be performed. The stator flux linkage estimate
calculated from the voltage model is compared to the stator flux linkage estimate calculated
from the current model and the difference between those is updated to the stator flux estimate
of the voltage model. The stator flux correction is a weighted incremental correction.
Weighting depends on the operating point of the motor. In the last stage the electric torque
calculation is carried out by using the estimated stator flux linkage and the measured
quadrature phase current components. The control variables required, i.e. stator flux linkage
estimate and the motor’s electric torque estimate, are the outputs of the model and they are
used in the hysteresis control in order to define the logical inputs for the optimal switching
table.
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The basic principle for the motor model is, that the voltage model is calculated in the fast
sampling rate and the output of the current model is used to correct the possible error which
accumulates into the voltage integral. The current model is calculated at a much slower time
rate and the correction is done by adding small increments of the error signal to the voltage
integral. The stator flux error signal can be defined using the outputs of the models defined in
the stator reference frame

∆
∆

ψ ψ ψ
ψ ψ ψ

x xcur xvol

y ycur yvol

= −
= − , (2.76)

where ψxcur and ψycur are the stator flux linkage components of the current model and ψxvol and
ψyvol are the stator flux linkage components of the voltage model. The current model and the
error signal are calculated using the sampling time of ∆Werror and the correction is made using
the sampling time of ∆Wcor (∆Werror > ∆Wcor). Before a new error vector is calculated the stator
flux linkage vector rotates ahead. The direction of the error vector is wrong unless it is turned
correspondingly to the rotation direction of stator flux linkage. In the time period ∆Werror the
stator flux linkage vector will turn with the angle ζ ω= ⋅∆Werror . In Fig. 2.32 the correction of
the error signal is presented when the error vector is calculated at an instant n and an
incremental correction is made. The incremental error vector is defined as
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. The stator flux linkage vector rotation during the calculation delay is not

taken into account. There is a phase error between the current model and the voltage model,
but the amplitudes are equal. It can be seen that after three incremental corrections the stator
flux linkage amplitude is increased. This is not the hoped situation. Only a phase error exists
between the models. The correction is made in the wrong direction, because the rotation of the
stator flux linkage has not been taken into account.
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This problem can be avoided if the calculation delay is compensated. The correction is
performed by keeping the angle β between the stator flux linkage estimate and the error vector
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constant during incremental corrections. On the other hand it means that the calculated flux
error must be rotated along with the stator flux linkage. The incremental error vector can be
turned using the following transformation

( ) ( )
( ) ( )

∆ ∆ ∆

∆ ∆ ∆

ψ ψ ζ ψ ζ

ψ ψ ζ ψ ζ
xcor x y

ycor x y

= −

= +

cos sin

sin cos
, (2.77)

where ζ ω= ⋅∆Werror . In this method the error vector ∆ψs is turned using the angle ζ which

corresponds to the stator flux rotation during the calculation interval of the error signal ∆Werror.
This type of correction is at first done in a slightly wrong direction, but at the end of the
correction interval the direction of the error vector is correct. A better way to implement the
turning of the error vector is to perform the correction in the reference frame fixed to the
stator flux linkage. This implementation automatically keeps the angle between the error
vector and the stator flux linkage constant and the direction of every incremental error vector
is correct. The stator flux linkage error in the stator flux linkage reference frame can be
defined

  
( ) ( )

( ) ( )
∆ ∆ ∆
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x x y

y x y

= +

= − +

cos sin

sin cos
,  (2.78)

where α is the angle of the stator flux linkage with respect to the stator x-axis. The voltage
integral can be corrected according to
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. The corrected stator flux linkage must be transformed back to the stator

co-ordinates and we get
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Using Eq. (2.79) and definitions ( )cosα
ψ
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= x

s

 and ( )sin α
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= y
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 , we can write for the voltage

integral correction
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and when Eq. (2.81) is rearranged
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The stator flux correction shown in Eq. (2.82) corrects the stator flux linkage calculated from
the voltage integral in order to make it equal to the current model which is, however, not the
best solution. The goal was to develop a combined model where the appropriate features of
both models can be utilised. This requirement can be fulfilled by applying a weighted
correction
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The weighting coefficient : (:∈[ 0...1]) determines the importance of the current model in a

certain operating point. The weighting coefficient contains also the term 
1

ψ s

. Using the

relative pu values in the calculations below base speed this term is unity and in the field
weakening range the weighting factor must be increased by a factor which is proportional to

1

ψ s

. The accuracy of the voltage integration improves when the speed of the drive increases,

but at very low speeds the current model must be used. The weighting coefficient : is
changed as a function of speed. A possible error in the voltage loss calculation increases when
the load of the machine is increased. In the field weakening range the stator current needed to
produce a certain torque is higher due to the reduced flux linkage and this also increases the
possible voltage loss estimation error. According to these facts we can define a base curve for
the weighting coefficient
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In Fig. 2.33 the weighting factor is given using the coefficients N1� �N2�= 2, Z�= 0.9 and the
maximal torque 7max = 3 pu. The curves are calculated for the torques We1 = 0 pu, We2 = 1 pu, We3

= 2 pu and We4 = 3 pu.
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The motor model for the DTC drive is now obtained. It combines all the good properties of
the voltage model and the current model. The accurate operation of the motor model can be
achieved when the so called “weighted correction” is implemented. The incremental
correction method is used and the calculation delay is taken into account. The voltage model
is very easy to implement and it can be calculated at a very high sampling rate (e.g. 25 µs).
The current model is much more complicated, but it can be calculated using a lower sampling
rate (e.g. 1 ms). In the voltage model there is only one dominant parameter (stator resistance).
The flux linkage estimation using the voltage integral is very sensitive to the error of the stator
resistance estimation. The current model includes a set of inductances and damper winding
resistances. The most dominant parameters are magnetising inductances. The motor model
includes saturated inductance models which take also cross saturation into account. The
parameters should be known before the drive can operate. Motor parameter initialisation,
measurement and saturation modelling are discussed in the following chapter.
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The following chapter introduces the initialisation of the salient pole synchronous motor
model parameters. The traditional synchronous machine parameters given by the machine
manufacturer or found by applying standard measurement procedures can be used for the
motor model initialisation. In the voltage model there is only one parameter, the stator
resistance, which can be derived from the motor data. The current model includes a set of
inductance parameters and damper winding time constants. The traditional parameters,
however, are seldom directly applicable to a DTC-drive and this applies especially to the
inductances which can be accepted, when comparing the machine operating conditions for
different traditional inductance parameter definitions. A direct axis synchronous reactance is
defined in a no load condition. The transient reactance, subtransient reactances and direct axis
transient time constants on the other hand are defined in a three-phase short circuit. The
quadrature axis synchronous reactance and especially the quadrature axis subtransient
reactance and the transient time constants are defined in more or less miscellaneous operating
points. This means that the motor model parameters calculated from the traditional parameters
do not correspond to the same magnetic operating condition, so there may arise disagreements
on the model parameters. Many leading manufactures use their own design programs which
combine motor design theory and experience of many years. Applying modern inverter
technology and using a powerful processor it is possible to acquire the needed parameters with
the inverter itself. The inverter can be used as a measuring tool during the factory tests or
during the commissioning of the drive.

The equivalent circuits of the traditional synchronous machine parameters are based on the
analytical study of the symmetrical three-phase short circuit, shown for example in the work
of Vas [1992]. It is possible to derive the stator current equations examining the phenomena
during a three-phase short circuit. The equivalent circuits of the subtransient reactances [d

’’

and [q
’’ , transient reactance [d

’  and synchronous reactances [d  and [q and also time

constantsτ d
’’ , τ d

’  and� τ q
’’  can be found. This solution assumes that the mutual inductances of

the stator and excitation windings, stator and damper windings and damper winding and
magnetising windings are equal /df = /dD = /fD = /md. The equivalent circuits of the
parameters and time constants are shown in Fig. 3.1. These can be used in the initialisation of
the current model inductance parameters.
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Using the traditional parameter set (subtransient reactances [d
’’  and [q

’’ , transient reactance [d
’

and synchronous reactances [d  and [q ), which is known in advance, the two-axis model

parameters can be calculated. The only problem is that there are six inductances in the two-
axis model and only five equivalent circuit equations are available. Using these five equations
it is impossible to obtain the explicit solution.

The quadrature axis subtransient inductance can be defined according to the equivalent circuit

/ /
/

/q q

mq

Q

’’ = −
2

(3.1)
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where / / /Q mq Q= + σ . The quadrature axis magnetising inductance /mq is considerably

greater than the damper winding’s leakage inductance /Qσ. Without making a large error we
can assume that /Q ≈ /mq. In that case we get for the subtransient inductance

/ /
/

/
/ / / /

q q

mq

Q
s mq mq s

’’ = − ≈ + − =
2

σ σ . (3.2)

The estimate can be adjusted by using a correction factor Nlsσ, so that / N /s ls qσ σ= ⋅ ’’ , and is

based on experience. Typically factor Nlsσ is around 0.7 ... 0.8.

Other parameters needed in the current model can be initialised based on the equivalent
circuits given in Fig. 3.1. The equations derived from those equivalent circuits are

/ N /s ls qσ = ⋅σ
’’ ,

/ / /md d s= − σ ,

/ / /mq q s= − σ ,

/
/ / / /
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d md s md

d d
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’ , (3.3)
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When all the inductance parameters of the two-axis model are known, the resistances of the
damper windings 5D and 5Q can be calculated.
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The calculation of the direct and quadrature axis damper winding current estimates needs four
terms which can be defined as
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Using Eqs. (3.3)-(3.5) the current model can be initialised. The success of the initialisation
will depend on the accuracy of the available traditional motor parameters. In the following
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chapter different methods to determine traditional synchronous machine parameters are
discussed. A comparison is made between parameters obtained from a standard measurement
procedure, from manufacturer data, from measurements using a DTC drive as a measuring
equipment and from FEM calculations.

������6WDQGDUG�PHDVXUHPHQWV

Laboratory tests for synchronous machines are defined in standards IEC 34-4 “ Methods for
determining synchronous machine quantities from tests” and IEEE Std 115-1983 “Test
procedures for synchronous machines”. Standard measurements have been carried out to find
the test motor parameters. The test motor is an electrically excited salient pole synchronous
machine: 14.5 kVA, 400V/21A, 50 Hz/1500 rpm, excitation 10.5 A/ 55 V, cosϕ = 0.8 (cap).
The measurement consists of: a DC resistance measurement, a no load test, a steady state
short circuit test, a slip test, a short circuit test for excitation winding, a sudden three-phase
short circuit test and the measurement of the load curves (V-curves). The test report of the
measurements can be found in Appendix 6. The measured machine parameters are
summarised in Table 3.1.

7DEOH������7UDGLWLRQDO�SDUDPHWHUV�RI�WKH�WHVW�PDFKLQH�ZKLFK�DUH�PHDVXUHG�XVLQJ�VWDQGDUG�PHDVXUHPHQW
SURFHGXUHV��7HVW�PDFKLQH�������N9$������9����$�����+]������USP�

Parameter result [pu] Note
stator resistance Us 0.048
excitation winding resistance Uf 0.0083* *referred  to stator side
reduction factor Nri 4
direct axis synchronous reactance [d 1.19
quadrature axis synchronous reactance [q 0.56
direct axis transient reactance [d

’ 0.33
direct axis subtransient reactance [d

’’ 0.105
quadrature axis subtransient reactance [q

’’ -* * can not be measured
excitation winding time constant τdo

’ 236 ms
direct axis transient time constant τd

’   54 ms
direct axis subtransient time constant τd

’’   24 ms
quadrature axis subtransient time constant τq

’’ -* * can not be measured

������0RWRU�GHVLJQ�FDOFXODWLRQV

Many leading manufactures use their own design programs which combine motor design
theory and experience of many years. Calculation is based on the known AC motor theory and
the famous work of Richter (Elektrische Maschinen: Band I and II) is usually referred to
[Richter, 1963, 1967]. In addition to the known AC machine theory the experience of many
years of manufacturing and testing is used effectively in the calculations. This means that
different types of coefficients and experimental data curves based on experience are added to
the calculation algorithms. These calculated parameters do not necessarily correspond to the
same magnetic operation condition. In Table 3.2 the traditional parameters of the test motor
are listed. Parameters are given by the machine manufacturer.

7DEOH������7UDGLWLRQDO�SDUDPHWHUV�RI�WKH�WHVW�PDFKLQH�PRWRU�GDWD��7HVW�PDFKLQH�������N9$�����9���$����
+]������USP�
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Parameter motor data [pu] Note
stator resistance Us 0.048
excitation winding resistance Uf 0.00793* *referred  to stator side
reduction factor Nri 4.63
direct axis synchronous reactance [d 1.196
quadrature axis synchronous reactance [q 0.475
direct axis transient reactance [d

’ 0.129
direct axis subtransient reactance [d

’’ 0.09
quadrature axis subtransient reactance [q

’’ 0.109
excitation winding time constant τdo

’ 284 ms
direct axis transient time constant τd

’   31 ms
direct axis subtransient time constant τd

’’     6 ms
quadrature axis subtransient time constant τq

’’     8 ms

������0HDVXUHPHQW�XVLQJ�D�'7&�PRWRU�GULYH

The DC stator resistance and subtransient inductances in the direct and quadrature directions
have been measured. The measurement method is presented more closely in chapter 3.3. In
this chapter only the results are given. The DC resistance is measured using the DC
magnetisation of the machine. During the subtransient inductance measurement the motor is
supplied with a short voltage pulses (duration of the pulses is less than the direct axis damper
winding time constant τD) and the direct axis subtransient inductance can be calculated from

/
X W
L L Ld

’’ d

d

sd

d

sd

d

d

d

d

d
= = ≈

ψ ψ∆
∆

. (3.6)

Similarly, when the stator is supplied with short voltage pulses (the duration of the pulses is
less than the quadrature axis damper winding time constant τQ) aligned with the quadrature
axis of the motor the quadrature axis subtransient inductance can be calculated from
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X W

L L Lq
’’ q

q

q

q

sq

q

d

d

d

d
= = ≈

ψ ψ∆
∆

. (3.7)

In any other position between the direct and quadrature axes the measurement can be
performed on a similar way. In Fig. 3.2 the subtransient inductance is measured as a function
of the rotor angle from the direct to quadrature axis. The rotor is turned manually to different
positions using 10 degree steps.
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The motor magnetising inductances in the direct and quadrature directions are also measured.
The measurement is based on the flux linkage obtained from the voltage integral and the
phase currents measured. The inductance measurement using the voltage integral has to fulfil
a few conditions. The motor electrical angular velocity has to be high enough to ensure that
the voltage integral is reliable. The excitation control has to be set to cosϕ = 1 control. The
inductance measurement has to be done after all transients are settled and the damper winding
currents are zero. This ensures that a possible error in the damper winding parameters does not
affect the magnetising inductance measurement. At first no load saturation curve of the direct
axis magnetising inductance is measured. The motor is magnetised solely by the excitation
winding and thus the stator direct axis current is zero during no load. Thus the effect of a
possible error is eliminated in the stator leakage inductance. It is difficult to measure the
quadrature axis magnetising inductance in no load conditions. In order to enable the
measurement of the quadrature axis magnetising inductance the motor must be loaded. The
magnetising inductances and the stator leakage inductance can be calculated from the stator
flux linkage Eq. (3.8) defined in the rotor reference frame.
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(3.8)

In Fig. 3.3 the measured no load saturation curves for the direct axis magnetising inductance
and stator leakage inductance are shown. Also the stator leakage inductance seems to saturate
about 50 %. The accuracy of the stator leakage measurement is rather poor and this result
should be noted sceptically. The stator leakage inductance is measured with the excitation
winding short circuited and the motor is driven as a reluctance synchronous motor at no load.
The no load curve of the magnetising inductance was measured beforehand.
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Inductance measurement in loaded conditions are carried out by adjusting the stator flux
linkage reference so that the d-axis resultant magnetising current Lmd = Ld + Lf + LD is set to a
specific value and then by varying the torque reference which affects the q-axis resultant
magnetising current Lmq = Lq + LQ. The measurement is repeated over the operation range of ψref

= 0.3 ... 1.3 pu and Wref = 0 ... 2.5 pu. At each set point the inductances are calculated by the

control software. As a result we obtain the direct ( ) ( )( )/ L W L Wmd md mqf ,=  and quadrature axis

magnetising inductances ( ) ( )( )/ L W L Wmq md mqf= ,  as a function of Lmd and Lmq. The stator leakage

inductance is assumed constant during the measurement. Figs. 3.4 and 3.5 show the measured
inductance saturation surfaces and from those the effect of the magnetic cross coupling is
clearly seen.
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The traditional parameters of the test motor are compared in Table 3.3. The DTC drive
measurement corresponds to the nominal operation point. Comparison shows that there are
differences between the parameters and the time constants, especially all the transient values
and the reduction factor differ very much.

7DEOH������&RPSDULVRQ�RI�WKH�WUDGLWLRQDO�SDUDPHWHUV�RI�WKH�WHVW�PRWRU��7HVW�PDFKLQH�������N9$�����9���$�
���+]������USP��
QRW�PHDVXUHG��[�QR�ORDG�YDOXH����RSHUDWLRQ�SRLQW�QRW�VSHFLILHG�

Parameter motor
data

Standard
measurement

DTC
measurement

stator resistance Us 0.048 0.048 0.051
excitation winding resistance Uf 0.00793 0.0083 -*

reduction factor Nri 4.63 4 3.96
direct axis synchronous reactance [d 1.196x 1.19x 1.066
quadrature axis synchronous reactance [q 0.475+ 0.56x 0.439
direct axis transient reactance [d

’ 0.129 0.33 -*
direct axis subtransient reactance [d

’’ 0.09 0.105 0.125
quadrature axis subtransient reactance [q

’’ 0.109 -* 0.194
excitation winding time constant τdo

’ 284 ms 236 ms -*
direct axis transient time constant τd

’   31 ms   54 ms -*
direct axis subtransient time constant τd

’’     6 ms   24 ms -*
quadrature axis subtransient time constant τq

’’     8 ms -* -*

������)LQLWH�HOHPHQW�PHWKRG��)(0�

The software package Magnet  is used to evaluate the test motor measurements by finite
element calculations. FEM calculations are executed in three phases. First the no load
saturation curves of the direct axis and quadrature axis magnetising inductances are
calculated. Finally the direct and quadrature axis magnetising inductances are calculated when
the machine is operating in different loaded conditions. The cross section of the test machine
is shown in Fig. 3.6. The design data of the test machine can be found in Appendix 8. The
machine has a 3-phase stator winding, the number of slots 4�= 24, the number of slots per
phase and per pole T�= 2, the stator stack length O�= 140 mm, the stator inner diameter '�= 196
mm and the number of turns in series per slot 1s = 56. The excitation winding is a four pole
winding. The number of turns/pole 1r = 220. The direct axis magnetising inductance
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( )/ L L Lmd ff
d q

= = =0  is calculated using different values of the rotor excitation current. The

quadrature axis magnetising inductance ( )/ L L Lmq qf
f d

= = =0  is calculated using different values

of the stator excitation, when the current distribution is purely in the quadrature axis. When

the loaded operation points are calculated ( ) ( )/ L L L / L L Lmd d f q mq d f qf and f= =, , , , , the

measured stator and excitation currents are used to develop the exact stator phase current
distribution corresponding to the measured data. The electrical and mechanical torque is
measured and used to ensure the result of the FEM calculation.
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'HILQLWLRQ� RI� WKH� FXUUHQW� GLVWULEXWLRQ� Measured currents are calculated based on the
quadrature axis winding system observed in the rotor oriented reference frame and they have
to be transformed to the 3-phase system. A steady state operation is considered. At the instant
when the quadrature phase system corresponds to the 3-phase system the direct axis of the
rotating rotor reference frame is aligned with the direct axis of the stationary reference frame
fixed to phase A of the stator (see Fig. 3.6). At that time

L L L L ,
L
Nx d y q F

f

r

, and= = = . (3.9)

A transformation to a three-phase system in that case is

( )
( )

L L

L L L

L L L

a d

c q a

b a c

=

= − −

= − −

1

2
3 (3.10)

When the co-ordinates, the rotor position and calculation time instant are selected as shown in
Fig. 3.6 and described above, the calculated phase currents La, Lb, Lc and excitation current ,F
can be used to represent the measured operating point for the FEM calculation model.
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)(0�FDOFXODWLRQ� The non-linear two dimensional field problem is solved using the magnetic
vector potential $, which is defined % = ∇  × $. The magnetic flux density distributions in the
air gap is calculated in every measured point.

In Fig. 3.7. the flux plot calculated by FEM is shown. The machine operates at nominal load
and with a nominal flux.
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)RXULHU�DQDO\VLV�RI�WKH�IOX[�GHQVLW\�GLVWULEXWLRQ� The flux density distribution in air gap of
the machine can be obtained from the result of the FEM calculation. The measured
magnetising inductances are based on the space vector theory and the space vector theory
assumes a sinusoidal flux distribution. In order to carry out the comparison between the
measured and calculated magnetising inductances, only the fundamental harmonic of the flux
density distribution must be considered. Fig. 3.8 shows the air gap flux density and the
fundamental harmonic of flux density distribution for the no load nominal flux operation.
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&DOFXODWLRQ�RI�WKH�PDJQHWLVLQJ�LQGXFWDQFHV� The amplitude $%  and the phase shift γ  of the
fundamental harmonic can be found as a result of the Fourier analysis. The amplitude of the
air gap magnetic flux can be calculated by surface integration over one pole pitch

$ $ cos ’ $ ’
’

Φ =








 =∫∫ %

[
[ / % /

/
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p
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π
π

3
2

2

0

2
, (3.11)

where /’= O +2δ is the effective length of the machine, δ is the length of the air gap, τ p =
π'
S2

is the pole pitch, ' is the inner diameter of the machine and S is the number of pole pairs. The
magnetising flux linkage of phase A is then

$ $ ’ψ τ ξmA p f1= ⋅
3

2

2

π
% / 1 , (3.12)

where ξf1 is the winding factor of the fundamental harmonic and 1 is the number of turns in
series. The magnetising flux linkage of phases B and C can be calculated in the same way.
Now the space vector of the magnetising flux linkage defined in the rotor oriented reference
frame can be found
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This is due to the fact that the space vector is defined to be equal to the peak value of the
phase variable and the instants of calculation were defined for the moment when the direct
axis of the rotating rotor reference frame is aligned with the direct axis of the stationary
reference frame fixed to phase A of the stator. The magnetising flux linkage can be divided
into direct and quadrature axis components as

ψ γ
ψ γ

md m
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=
=

ψ
ψ
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sin
(3.14)

The direct and quadrature components of the stator current and excitation current were inputs
into the FEM calculation and thus the magnetising inductances can be finally calculated
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&RPSDULVRQ� RI� )(0�FDOFXODWLRQV� YV�� 0HDVXUHPHQWV� Fig. 3.9 a) shows a comparison
between the measured and FEM calculated /md behaviour, when there is excitation only on the
direct axis. The difference between FEM-calculation and measurement is its maximum 10 %.
In Fig. 3.9 b) the quadrature axis magnetising inductance is shown. No comparison can be
made, because the machine has no auxiliary winding in the quadrature direction.
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)LJ�� ����� D�� 0HDVXUHG� DQG� FDOFXODWHG� GLUHFW� D[LV� LQGXFWDQFH� EHKDYLRXU�� 'LUHFW� D[LV� H[FLWDWLRQ�� E�
&DOFXODWHG� TXDGUDWXUH� D[LV� PDJQHWLVLQJ� LQGXFWDQFH� EHKDYLRXU�� 4XDGUDWXUH� D[LV� H[FLWDWLRQ�� 1R
FRPSDULVRQ�WR�WKH�LQYHUWHU�PHDVXUHG�YDOXHV�FDQ�EH�PDGH��VLQFH�WKH�PRWRU�FDQQRW�EH�GULYHQ�E\�WKH�LQYHUWHU
VR�WKDW�FXUUHQWV�H[LVW�RQO\�RQ�WKH�T�D[LV�

The results of the FEM-calculations for the motor under load are most interesting. Fig. 3.10 a)
shows the motor direct axis magnetising inductance at the nominal flux linkage and at
different loads. There is a difference between the two results but the phenomenon of
saturation clearly appears in both results. Fig. 3.10 b) shows the motor quadrature axis
magnetising inductance at the nominal flux linkage and at different loads. There is a
difference between the two results at small loads, but at high loads the results are nearly equal.
The measured values are found to be in agreement with the calculated ones and the inductance
measurement performed by the inverter itself is found to be reliable.
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����5('8&7,21�)$&725�2)�7+(�(;&,7$7,21�&855(17

At first a non salient synchronous machine is considered. A multi phase winding produces a

peak value of the resultant Magneto Motive Force ($I V  is the amplitude of the MMF)
depending on the number of turns per phase 1, on the winding factor for fundamental
harmonic ξ1, on the pole pairs S and on the number of phases P

2
4

2
1$ $I P
1
S
Ls s=

π
ξ

. (3.16)

For a three-phase machine this follows
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1sp is the number of turns in series per pole pair in the stator winding. A single phase rotor
winding is used in the excitation circuit and it is supplied with a DC supply. The peak value of
the fundamental harmonic MMF is in this case

2
4$I 1 ,r 1r rp F=
π

ξ . (3.18)

1rp is the number of turns in series per pole pair in the rotor winding. When the Magneto
Motive Forces in Eqs. (3.17) and (3.18) are equal, we can define the stator current, which
produces the same MMF from the stator side as the excitation current from the rotor side.
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The ratio between the stator current and the rotor excitation current is called the reduction
factor and can be defined as
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2

3
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ξ . (3.20)

Equal Magneto Motive Forces in (3.17) and (3.18) do not produce an equal flux density in the
air gap, because of the unequal stator and rotor leakage fluxes. Therefore, the unequal parts of
the stator MMF and rotor MMF affect  the air gap.

It can be shown that the reduction factor defined for the non salient synchronous machine is
equal with that for the salient pole synchronous machine. It is assumed that the pole shoe of
the salient pole rotor has such a shape that it produces a sinusoidal distributed air gap flux.
The excitation winding is on the direct axis and the reduction factor is needed only in the
direct axis calculation.

The reduction factor is used in the current model when the measured excitation current and
the rotor resistances are referred to the stator voltage level. Also the excitation current
reference calculated at the stator voltage level is referred to the excitation winding voltage
level for the excitation unit current control. The importance of the reduction factor is clearly
seen when the interaction between the stator and the excitation circuit is considered. An
erroneous reduction factor affects the current model flux estimation, which directly affects the
excitation control and torque.

When the rotor resistances are referred from the rotor single phase winding system to the
three-phase stator winding system or vice versa, the rotor single phase DC current may be
replaced by a three-phase equivalent current which produces an equal flux density in the air
gap.  Power losses in the real winding and the three-phase equivalent winding must be equal

3 5 , 5 ,F F F
2

f3v f3v
2= = 3 . (3.21)

For the Magneto Motive Force of the single phase DC winding and the three-phase equivalent
it can be written Eqs. (3.16) and (3.17)
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From Eq. (3.22) we can write for the equivalent three-phase current

, ,f3v F=
2

3
. (3.23)

Eq. (3.21) is now rewritten
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The equivalent three-phase resistance can be defined as

5 5f3v F=
3

2
. (3.25)

The number of phases is now equal. The equivalent three-phase resistance can be referred to
the stator voltage level
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The equivalent three-phase rotor current rms value is defined in Eq. (3.23) , ,f3v F=
2

3
. The

amplitude of the equivalent three-phase rotor current is $L ,f3v F=
2

3
. When the space vector of

the equivalent three-phase rotor current is constructed, the amplitude of the rotor current space

vector 
2

3
,F  is obtained. In Fig. 3.11 the rotor current space vector is constructed, when the

equivalent three-phase rotor current in phase A is at its positive maximum and the currents at
phases  B- and C are half of their negative maximum.
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The Magneto Motive Forces produced by the rotor current space vector in the rotor voltage
level and the reduced rotor current in stator voltage level must be equal

2

3 1, 1 1F r rp f s1 spξ ξ= L , (3.27)

where  Lf  is the reduced rotor current space vector at the stator voltage level. The ratio
between the amplitudes of the current space vectors gives for the reduction factor

Lf

F

r1 rp

s1 sp
r,

1

1
N= =

2

3

ξ
ξ

. (3.28)

The difference between the DC reduction factor and the space vector reduction factor is 2 .

We can write for the resistances

5
N
5f

r
2 F=

2

3

1
. (3.29)

In Eq. (3.30) the reduction calculation for the space vector presentation is summarised, using
the current model excitation winding resistance and the measured DC excitation current.

 

L N , N ,

5
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N
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f r F ri F

f
r
2 F

ri
2 F

= = ⋅

= =

2

2

3

1 1

3

1 (3.30)

The excitation current of the synchronous machine is measured, so no parameters of the
excitation winding are needed. Instead of parameters, the reduction factor Nr must be known,
because the measured excitation current must be referred to the stator. The reduction factor
can be initialised based on the plate values. In Fig. 3.12 a synchronous motor, which is
running at its nominal operating point with nominal excitation current Lfnom and nominal
power factor cos(ϕnom), is represented as a space vector diagram in the rotor reference frame.
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The stator quadrature axis flux linkage can be defined

( ) ( ) qnomssnomsssq cossin /L ⋅+⋅=⋅= ϕδδψψ . (3.31)

Using Eq. (3.31) it is possible to iterate the load angle δs, when we know the nominal stator
flux linkage, the stator current, the power factor and the quadrature axis magnetising
inductance. Those values can be obtained from the rating plate and motor data. The iteration
can be realised by using for instance the Newton-Rapson method

( ) ( )
( )
( )δ δ
δ
δs n 1 s n

s

s
+ = −

I

I ’
. (3.32)

The first guess for the load angle δs0 is the value corresponding to cosϕ�= 1.

δ
ψs0

snom q

s

=
⋅






atan

L /
. (3.33)

The stator direct axis flux linkage can be defined as

( )
( )

ψ ψ δ

δ ϕ
sd s s

snom s nom d f md

=

= − + ⋅ + ⋅

cos

sinL / L /
(3.34)

where Lf is the excitation current referred to the stator. From Eq. (3.34) we get

( ) ( )
L

L /

/f
s s snom s nom d

md

=
+ + ⋅ψ δ δ ϕcos sin

. (3.35)

Finally the nominal excitation current ,F from the rating plate is known and the reduction
factor can be written

N
L
,r

f

F

= . (3.36)

����,'(17,),&$7,21�581

The traditional synchronous motor parameters and rated values which are always available can
be used to initialise the motor model parameters. These parameters can be adjusted using the
measurement capability of the DTC drive to get a more accurate motor model. The capability
of the motor control to determine the machine parameters by itself is an important feature that
ensures that the parameter set is defined under the same magnetic conditions, so no
disagreement between the parameters will occur. In this chapter a measurement procedure for
the machine model parameter identification is proposed. Parameter identification is an
automatic sequence of measurements and it is executed with the machine at standstill and at
no load running. Because of the automatic operation it is called identification (ID) run. The
ID-run can be performed in a factory test bench or during a drive commissioning. The ID-run
measures the following motor parameters, which are listed in Table 3.4.

7DEOH������3DUDPHWHUV�PHDVXUHG�E\�WKH�LGHQWLILFDWLRQ�UXQ�
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5s stator resistance
/md motor direct axis magnetising inductance

(saturation curve is measured)

/d


 motor direct axis subtransient inductance

/mq motor quadrature axis magnetising inductance (saturation
curve is measured)

/q


 motor quadrature axis subtransient inductance

/sσ motor leakage inductance

N r motor reduction factor

In the following the basic principles for the measurements are introduced.

������6WDWRU�UHVLVWDQFH�PHDVXUHPHQW

The stator resistance can be estimated by a method introduced by Luukko et al. [1997]. The
motor is supplied at standstill with a DC-current. If Ls is constant and Lf is zero d dsψ W = 0.
The estimated stator flux linkage is defined as

( )ψ sest s sest sd= −∫ X L5 W , (3.37)

where the estimated stator resistance 5sest is defined as a sum of the actual resistance 5s and an
error term ∆5s

5 5 5sest s s= + ∆ . (3.38)

If the estimated stator voltage is assumed to be equal to the actual stator voltage and the
measured current equal to the actual current, the difference between the estimated and the
actual flux linkage is

( ) ( )

( ).d

dd

10ssss

sssssestsssest

1

0

1

0

1

0

WW5W5

W5W5

W

W

W

W

W

W

−∆=∆−=

−−−=−

∫

∫∫

LL

LXLXψψ

(3.39)

From this equation the error term ∆5s can be calculated. As the actual flux linkage ψs is not
known, two estimates, ψsest1 and ψsest2 are needed. Then

( )
( ).

,

10ssssest1

20ssssest2

WW5

WW5

−∆=−
−∆=−

L

L

ψψ
ψψ

(3.40)

Subtracting the latter equation from the former, an estimate to the error term ∆5s is obtained

( )12s

1sest2sest
s WW
5

−
−=∆

L
ψψ

. (3.41)

Now, the actual resistance is

5 5 5s sest s= − ∆ . (3.42)
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The error term ∆5s can effectively be minimised using an iterative method. Starting with 5sest1

= 0 gives a rough error estimate ∆5s1 (Eq. (3.41)) in a few milliseconds. Keeping the DC-
current and setting 5sest2 = 5sest1 + ∆5s1 and calculating ∆5s again adjusts the error term to a
new and better value. Iteration can be stopped, when ∆5s < ε , where ε is the desired
uncertainty of the stator resistance.

������6XEWUDQVLHQW�LQGXFWDQFH�PHDVXUHPHQW

The subtransient inductance measurement is based on the method for induction machines
introduced by Vas [1993], and the same measurement is applicable to synchronous motors.

The direct-axis voltage equation of an electrically excited synchronous machine at standstill is

( )
X 5 L /

L
W

/
L L

Wd s d sd
d

md
D fd

d

d

d
= + +

+
. (3.43)

The equivalent magnetising current of the rotor is defined as

( )
( )( )

L
/

L
/
/

L L

L L L

md
D

md
d

D

md
D f

d D D f

= = + +

= + + +

ψ

σ1

, where (3.44)

/ /
/ /
/ /D md

D f

D f

= +
+

σ σ

σ σ

 , and rotor leakage factor σD
md

D f

D f

= ⋅
+

1

/

/ /

/ /
σ σ

σ σ

.

Substituting (LD+Lf) from Eq. (3.44) to Eq. (3.43) gives

X 5 L /
/ L

W
/ L

Wd s d sd
md

D

d md

D

mdd

d

d

d
= + −

+






 +

+1 1σ σ . (3.45)

The total leakage factor is defined as 
Dsd

2
md1
//

/−=σ . Now the voltage equation is

( )X 5 L /
L
W

/
L
Wd s d sd

d
sd

mdd

d

d

d
= + + −σ σ1 . (3.46)

By defining the direct-axis subtransient inductance/d
’’  as

/ /
/

/d
’’

sd
md
2

D

= − (3.47)

the voltage equation becomes

( )X 5 L /
L
W

/
L
Wd s d d

d
sd

mdd

d

d

d
= + + −’’ .1 σ (3.48)



87

dLmd/dW in the voltage Eq. (3.48) can be defined using the voltage equation of the direct axis
damper winding

U L
W

U L
WD D

D
D D

Dd
d

d
d

+ = + =
ψ ψ

0. (3.49)

Substituting Lmd defined in Eq. (3.44) into Eq. (3.48) the voltage equation of the direct axis
damper winding can be rewritten (Lf = 0 during measurement) as

τ D
md

d md

d
d
L
W

L L= − . (3.50)

Using the voltage equation of the damper winding based on the time constant Eq. (3.50) can
be expressed as

( )X 5 L /
L
W

/
L L

d s d d
’’ d

sd
d md

D

d

d
= + + −

−
1 σ τ . (3.51)

It can be seen from (3.51) that, if the motor is supplied with a short voltage pulse (duration of
the pulses is less than the direct axis damper winding time constant τD), the subtransient
inductance/d

’’  is the predominant inductance. Thus the direct axis subtransient inductance can
be calculated from

/
X W
L L Ld

’’ d

d

sd

d

sd

d

d

d

d

d
= = ≈

ψ ψ∆
∆

. (3.52)

Similarly, the quadrature axis subtransient inductance/q
’’ is defined as

/ /
/

/q sq

mq
2

Q

’’ = − , (3.53)

which is the predominant inductance in the quadrature axis, if the stator is supplied with short
voltage pulses (duration of the pulses is less than the direct axis damper winding time constant
τQ), aligned with the quadrature axis of the motor. Here σ+= QmqQ /// . The quadrature axis

subtransient inductance can be calculated

/
X W

L L Lq
’’ q

q

sq

q

sq

q

d

d

d

d
= = ≈

ψ ψ∆
∆

. (3.54)

Before the measurement of the direct axis subtransient inductance the rotor has to be turned to
the direct position with respect to the stator co-ordinate fixed to the phase A of the stator
winding. Turning is achieved by using DC magnetisation. The stator and the rotor are DC
magnetised and the rotor will turn to the direct position. The measurement can be performed
using a direct axis voltage pulse. The excitation winding is short circuited during
measurement. The stator current and the stator flux linkage are trigged two times during the
current rise. The possible orientation of the magnetic flux at the beginning of the measurement
has to be considered. The triggering of the current and flux linkage is done from the middle of
the current rise. Fig 3.13 explains the measurement.
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)LJ��������0HDVXUHPHQW�RI�WKH�FXUUHQW�ULVH�GXULQJ�WKH�YROWDJH�VWHS�

In Fig. 3.14 the measuring connection in shown. The measurement is done using a direct axis
voltage pulse after the rotor is turned to the direct position.

8c
s(1,0,0)

A

)LJ��������0HDVXUHPHQW�FRQQHFWLRQ�IRU�WKH�PHDVXUHPHQW�RI�WKH�GLUHFW�D[LV�VXEWUDQVLHQW�LQGXFWDQFH�

Before the quadrature axis subtransient inductance can be measured the rotor has to be turned
to the quadrature position with respect to the stator co-ordinate fixed to phase A of the stator
winding. The turning is implemented by using a DC magnetisation. The direction of the stator
DC magnetisation is changed to the quadrature position. The stator and rotor are DC
magnetised and the rotor will turn to the quadrature position. The measurement can be
performed by a direct axis voltage pulse. The stator current and stator flux linkage are
triggered two times during the current rise. In Fig. 3.15 the measurement connection is shown.
The measurement is done using a direct axis voltage pulse after the rotor is turned to the
quadrature position.

8c
s(1,0,0)

A

)LJ��������0HDVXUHPHQW�FRQQHFWLRQ�IRU�WKH�PHDVXUHPHQW�RI�WKH�TXDGUDWXUH�D[LV�VXEWUDQVLHQW�LQGXFWDQFH�

������5HGXFWLRQ�IDFWRU�PHDVXUHPHQW

In principle the reduction factor Nr can be determined easily using a measurement, in which an
excitation current step is performed and the excitation current and stator current are measured
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before and after the step. The air gap flux linkage should be constant during the measurement.
The measurement is rather difficult, because a part of the MMF (produced either by the rotor
or by the stator excitation current) produces a leakage flux, another part of the MMF affects
the iron and the rest of the MMF affects the air gap. In order to obtain the current information
which actually affects the air gap the no load curves and stator and rotor leakage inductances
/sσ, /fσ must be known. In Fig 3.16 the defined no load curves using the stator and rotor
excitation are illustrated. The air gap line must be defined and from these the reduction factor
can be calculated.
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)LJ�� ������ 1R� ORDG� FXUYHV� XVLQJ� VWDWRU� DQG� URWRU� H[FLWDWLRQ�� 7KH� VKDUHG� SDUW� $� RI� WKH� URWRU� H[FLWDWLRQ
FXUUHQW� DIIHFWV� WKH� DLU� JDS� DQG� WKH� VKDUHG� SDUW� %� DIIHFWV� WKH� LURQ�� 7KH� VKDUHG� SDUW� $¶� RI� � WKH� VWDWRU
H[FLWDWLRQ�FXUUHQW�DIIHFWV�WKH�DLU�JDS�DQG�VKDUHG�SDUW�%¶�DIIHFWV�WKH�LURQ�

In practice it does not cause any remarkable error when the reduction factor is measured by an
excitation current step and the stator and excitation currents are measured in both operating
points. Fig. 3.17 clarifies the execution of the measurement, while the motor is running at no
load.

L
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,F

L d

1. trig point 2. trig point

)LJ��������0HDVXUHPHQW�RI�WKH�UHGXFWLRQ�IDFWRU�XVLQJ�DQ�H[FLWDWLRQ�FXUUHQW�VWHS�

The reduction factor is the ratio of the stator current difference to the rotor current difference,
when the air gap flux linkage is kept constant
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( )
N

L L
, ,r

d2 d1

F2 F1 constantmd

=
−
−

=Ψ

. (3.55)

������,QGXFWDQFH�PHDVXUHPHQWV

The motor magnetising inductances in the direct and quadrature directions are measured. The
idea of the measurement is presented before in section 3.1.3. The measurement is based on the
flux linkage obtained from the voltage integral and the measured phase currents. The
inductance measurement using the voltage integral has to fulfil a few conditions. The motor
electrical angular velocity must be high enough to ensure that the voltage integral is reliable.
The excitation control must be set to cos(ϕ) = 1 control. The no load saturation curve of the
direct axis magnetising inductance is measured. The motor was magnetised solely by the
excitation winding and thus the stator direct axis current is zero during no load. In this method
we eliminate the effect of a possible error in the stator leakage inductance. The stator leakage
inductance is measured when the excitation current is controlled to zero and the motor is
driven as a reluctance synchronous motor with no load for a short period. The quadrature axis
magnetising inductance can not be measured in no load conditions. In order to measure the
quadrature axis magnetising inductance the motor is accelerated with different torque
references using the motor inertia as load. At each measuring point inductances are calculated

by the control software. As a result we obtain the direct ( )/ Lmd mdf=  and quadrature axis

magnetising inductance data ( )/ Lmq mqf=  as a function of Lmd and Lmq. The data are stored and

used later on for inductance surface calculations (explained in section 3.4).

������0HDVXUHPHQW�SURFHGXUHV

In Fig. 3.18 the principle of the ID-run is demonstrated. The ID-run consists of a DC-
magnetisation part and of a six stage no-load run. ID-run measurement procedures are
explained in Table 3.5.

Stage

2

Stage

Time

Speed

Flux = 100%Flux = 100%

5DC-magn

Flux = 50%

1

Stage3 Stage4
Flux = 50...120%

6

Speed

0

Deceleration
Acceleration

)LJ��������7KH�SULQFLSOH�RI�WKH�,'�UXQ��7KH�PRWRU�VSHHG�DV�D�IXQFWLRQ�RI�WLPH�GXULQJ�WKH�LGHQWLILFDWLRQ�UXQ�
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7DEOH������,'�UXQ�PHDVXUHPHQW�SURFHGXUHV

6WDJH 0HDVXUHPHQW WLPH�GXUDWLRQ
DC magnetisation stator resistance, subtransient inductances 15 - 30 s
Acceleration First point of the quadrature axis magnetising inductance < 2 s
1 reduction factor 20 s
2 stator leakage inductance 10 s
3 second point of the quadrature axis magnetising inductance < 10 s
4 saturation curve for the direct axis magnetising inductance 30-60 s
5 third point of the quadrature axis magnetising inductance > 2 s
6 fourth point of the quadrature axis magnetising inductance > 5 s

After the sixth stage the motor is decelerated until zero speed is achieved. The motor
parameters of the current model are calculated again. Now more accurate results are achieved.
The identification run is completed.

����*(1(5$7,21�2)�7+(�0$*1(7,6,1*�,1'8&7$1&(�02'(/6

As the industrial salient pole synchronous machine drive is concerned we are searching for a
saturation model for the air gap flux linkage, which has to fulfil the following requirements:
1) Simple and fast to calculate. 2) A “reasonably” accurate. 3) The saturation model should be
implemented so, that it can be added to the linear current model. 4) The saturation of the air
gap flux linkage is modelled according to the open circuit saturation curves. The linear model
is valid in steady state when the values of the inductances are updated according to the
operating point of the machine. In transients the validation of the model is depend of the
damper winding currents estimates. 5) The saturation model has to be implemented so that it
takes the cross saturation into consideration. The problem of saturation modelling is to find
the non-linear functions defined by Eqs. (2.61)-(2.62), where the machine currents are used as
the indicators of the saturation level.

( ) ( )( )/ L W L Wmd md mqf ,=

( ) ( )( )/ L W L Wmq md mqf= , .

It is proposed in Eqs. (2.69) and (2.70) that by using this so called “saturant magnetising
current” as an indicator of the saturation level, models for saturation of the magnetising
inductances can be derived

( ) ( )/ L L NLmd md
sat

md mqf f= = +2 2 ,

( )/ L
N
L Lmq mq

sat
md mqf f= = +









1 2 2 .

Factor N is a saturation dependent saliency ratio and it can be defined as

( )N
/

/
. L L= = ⋅mq

md
md mqΓ , ,  
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where .
/

/
= mq

u

md
u  is the unsaturated saliency ratio and Γ is a characteristic function of the

saliency ratio. The saturation functions in the Eq. (2.69) and (2.70) can be derived from open
circuit curves. The characteristic function Γ is defined so that it can dictate the variation of the
saliency ratio when the machine is saturated.

In non-salient pole machines the direct and quadrature axis magnetising inductances can be
considered equal /md(Lmd) = /mq(Lmq). This means that the saturation of the magnetic circuit is
defined by the magnitude of the resultant MMF and saturation is identical regardless of the
direction of the resultant MMF. The quadrature axis component of the resultant MMF
saturates the direct axis magnetising inductance as much as the direct axis component
saturates quadrature axis magnetising inductance (reciprocal cross saturation). So it can be
stated that saturation of the direct and quadrature axis magnetising inductances can be
modelled using an open circuit saturation curve. An open circuit saturation curve of our test
machine assuming non-salient rotor construction is shown in Fig 3.19.
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If the open circuit saturation curve is known, then the inductance surface can be generated

using the resultant magnetising current L L Lm md mq= +2 2  as an indicator of the saturation level.

This model takes cross saturation into account. The magnetising inductance surfaces
generated from the open circuit saturation curve are represented as a function of direct and
quadrature axis currents /md = /mq= f(Lmd,Lmq) in Fig. 3.20.
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In a salient pole machine, the MMF and magnetising flux are no longer aligned. The
relationship between their amplitudes depends on their respective angular position. On the
other hand the angle between the MMF and the flux depends on the position of the resultant
MMF. If the resultant MMF is aligned with the direct or quadrature axis then the flux is
aligned with the MMF, otherwise the MMF and the flux are apart from each other. This
means that the saturation of the magnetic circuit is defined by the magnitude and position of
the resultant MMF i.e. it depends on the space vector of the resultant MMF.

The magnetising inductance saturation surface of the non salient pole synchronous machine is
reconsidered. The inductance surface is generated by calculating the values of the magnetising
inductance from the open circuit saturation curve /md = f(Lmd,0) as a function of the resultant

magnetising current L L Lm md mq= +2 2 . The inductance surface is a paraboloid in which the

open circuit saturation curve explicitly defines the shape of the saturation surface. On the
other hand the inductance surface may be realised by projecting the open circuit saturation
curve to a direction of the resultant magnetising current Lm. This can be carried out by rotating
a (Lmd,Lmq)-plane by an angle α . Fig. 3.21 clarifies the  situation.

/md

Lmq

Lmd

Lmd
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L
mq
α

)LJ�� ������ 3URMHFWLRQ� RI� WKH� RSHQ� FLUFXLW� VDWXUDWLRQ� FXUYH� WR� WKH� GLUHFWLRQ� RI� WKH� UHVXOWDQW� PDJQHWLVLQJ
FXUUHQW�
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If /d > /q as it happens to be the case in an electrical excited salient pole synchronous machine
then the effect of the direct axis MMF on the ability of the quadrature axis MMF flux
production is stronger than the effect of the quadrature axis MMF on the direct axis MMF flux
production (non reciprocal cross saturation). As the inductance surface is concerned, it means
that the level of the inductance surface /md= f(Lmd,Lmq) of the salient pole machine rises while
the resultant magnetising current Lm turns from the direct axis to the quadrature axis. Fig. 3.22
shows the difference between the direct axis magnetising inductance surfaces of a salient and
a non salient pole machine.
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The behaviour of the salient pole saturation surface corresponds to the resultant magnetising

current Lm
sat

md

q

d
mq md mq= + = +L

/

/
L L NL2 2 2 2 , which in the case of a salient pole synchronous

machine saturates the magnetic circuit (see par. 2.3.3). The coefficient N depends on the
resultant magnetising current vector Lm. The inductance surface is a paraboloid, where the
open circuit saturation curve defines the shape of the surface. The rise of the surface level,
when compared to the non salient pole inductance surface, is defined by the ratio of saliency
/mq(Lm)//md(Lm).

������'LUHFW�D[LV�PDJQHWLVLQJ�LQGXFWDQFH�PRGHO

The direct axis magnetising inductance surface can be generated by projecting the open circuit
saturation curve to the direction of the resultant magnetising current Lm and by adding a
“saliency-offset” to the value which is obtained from the projection. Fig. 3.23 shows the idea
of the saliency-offset.
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The saturation estimation model of the non salient pole machine can be used also for a salient
pole machine, but in addition a saliency-offset term must be added to the value obtained from
the non salient pole model. It is obvious that the accuracy of the model depends on the
determination of the saliency-offset. The offset is not constant. It depends on the resultant
magnetising current vector Lm  i.e. the amplitude and the angle of the vector. The saliency-
offset /sal_off can be defined as a function of the resultant magnetising current vector

( )/ N / /sal_off d md
u

md= − , (3.56)

where ( )( )/ / Lmd
u

md m−  takes the shape of the open circuit saturation curve and the amplitude

of the resultant magnetising current vector into account and coefficient ( )N I Ld m= ∠  takes the

angle of the resultant magnetising current vector in to account. /md(Lm) is the direct axis
magnetising inductance calculated from the open circuit saturation curve using the resultant

magnetising current Lm md mq= +L L2 2  as an indicator of the saturation level. /md
u is the

unsaturated value of the direct axis magnetising inductance. Factor Nd  is the saturation
dependent saliency ratio and it can be defined as

( )( )N
/

/
. L Ld

mq

md
md mq= = ⋅ ∠Γ , , (3.57)

where .
/

/
= mq

u

md
u  is the unsaturated saliency ratio and Γ is a characteristic function of the

saliency ratio. The function of factor Nd can be considered to be the same as the function of the
factor N in Eq. (2.69) i.e. it takes the non reciprocal cross saturation into account. The
characteristic function of saliency Γ  describes the behaviour of the saliency ratio when the
machine is saturated. The quadrature axis magnetising inductance saturates when the motor is
loaded. It means that the saliency ratio decreases when the resultant magnetising current turns
from the direct to the quadrature axis i.e. the quadrature axis current component arises during
the loaded operation. It follows that the influence of the quadrature axis MMF to the direct
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axis ability to produce the flux decreases. The function Γ = 





α
π/ 2

2

can be used for the

characteristic function of saliency Γ, where α is the angle of the resultant magnetising current

and [ ]α ∈ 0 2...π . We get for the direct axis magnetising inductance

( ) ( ) ( )( )/ / L N L / / Lmdsal md m d m md
u

md m= + ∠ ⋅ − . (3.58)

The accuracy of the proposed direct axis magnetising inductance saturation model is
examined next. The inductance surface is generated using Eq. (3.58) and using the measured
open circuit saturation curve which has been shown in Fig. 3.19. The generated inductance
surface model is compared to the measured one. In Fig. 3.24 the measured direct axis
magnetising inductance surface is represented again as a function of the direct and quadrature
axis magnetising currents.
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In Fig. 3.25 the generated direct axis magnetising inductance surface model is shown. The
inductance surface is generated by calculating the resultant magnetising current

Lm md mq= +L L2 2 for the different d/q-magnetising current values and by using linear

interpolation to calculate the so called “non salient inductance” from the open circuit
saturation curve. After that the “saliency offset” is added to “the non salient inductance”
value. The saliency ratio factor Nd is calculated using the non saturated saliency ratio and the
characteristic function Γ which has been mentioned above.
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In Fig. 3.26. the error surface between the measured and modelled inductance surface is
shown. The error is given in percents

∆/
/ /

/md

md meas md mod

md meas

=
−

⋅100%. (3.59)

It follows from the definition of the error calculation that the current model flux linkage
calculation fails according to

∆/md < 0 => saturation underestimation => actual flux < estimated flux
∆/md > 0 => saturation overestimation => actual flux > estimated flux
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The same error surface is projected to the Lmd-/md plane in order to define the extreme values
exactly in Fig. 3.27.
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It can be concluded from the error surface that the generated model underestimates the
saturation when the motor operates deep in the field weakening range (Lmd < 0.7). In the
nominal flux area (0.95 < Lmd < 1.2) and over flux area the model overestimates the saturation.
However, the accuracy of the model can be considered satisfactory. The maximum error
remains under 5%.

������4XDGUDWXUH�D[LV�PDJQHWLVLQJ�LQGXFWDQFH�PRGHO

The modelling of the quadrature axis magnetising inductance saturation surface is a much
more complicated problem than the modelling of the direct axis inductance surface. The
starting point for the modelling - the open circuit saturation curve when there is excitation
only in the quadrature direction (ref. Fig. 3.19) - is practically difficult to measure. In the next
chapter the measured quadrature axis inductance surface is considered using the load test and
the applicability of the modelling method to the direct axis magnetising inductance. In Fig.
3.28 the measured quadrature axis magnetising inductance surface is shown.
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It can be seen that the direct axis magnetising current Lmd cross saturates the quadrature axis
magnetising inductance. When observing the surface in the direction of the resultant
magnetising current Lm md mqj= +L L it is noticed, that the saturation effect of the direct axis

magnetising current increases when the resultant magnetising current moves away from the
quadrature axis. The strongest saturation effect is obtained when the resultant magnetising
current is in the middle of these two axes and it weakens when the resultant magnetising
current moves toward the direct axis. Also it can be noticed that the level curves are
hyperbolas with respect to the origin. In the case of the direct axis magnetising inductance
saturation they are ellipses. The non salient model and the saliency offset for the quadrature
axis can be written

( ) ( ) ( )( )/ / L N L / / Lmqsal mq m q m mq
u

mq m= + ∠ ⋅ − , (3.60)

where Nq is ( )( )N
/
/ .

L Lq
md

mq
md mq= = ⋅ ∠

1
Γ ,  is the saturated saliency ratio and Γ is a

characteristic function of the saliency ratio. The function of factor Nq can be considered the
same as that of factor N in the Eq. (2.70) i.e. it takes the non reciprocal cross saturation into
consideration. The characteristic function of saliency Γ  describes the behaviour of the

saliency ratio when the machine is saturated. The function Γ = −



1

2

2α
π/

can be used for the

characteristic function of saliency Γ, where α is the angle of the resultant magnetising current

and [ ]α ∈ 0 2...π . This model assumes that the open circuit saturation curve is known and the

level curves are elliptical. The saturation surface of the quadrature axis magnetising
inductance can not be modelled using this method. The saturation function /mq = f(Lmd,Lmq) for
the quadrature axis magnetising inductance has to represent the inductance level curves as
hyperbolas and this leads to a far too complicated problem. A much more simple model can
be used if the level curves are presented as straight lines [Väänänen, 1997].

The saturation function of the quadrature axis magnetising inductance for the Lmd, Lmq - plane is
based on the fact, that the function /mq=f(Lmd, Lmq) is constant for a certain Lmd, Lmq -plane trace
i.e. level curves. We can write for the level curve

f(Lmd, Lmq) = constant, (3.61)

which with the different values of the constant will generate a set of curves. It is essential that,
using Eq. (3.61) the shape of the level curves can be represented with sufficient accuracy.

/mq=f(Lmd, Lmq) = g(f(Lmd, Lmq))=g(x) (3.62)

The original two-variable saturation function f(Lmd, Lmq) is transformed to a single-variable
function g with the argument x = f(Lmd, Lmq). The saturation function g(x) can be defined by
measurement using different Lmd-Lmq values. The function f(Lmd, Lmq) represents the level curves
with arbitrary Lmd-Lmq pairs and in the case of a straight line the level curve it is defined as

f(Lmd, Lmq) = Lmd + Lmq, (3.63)

Fig. 3.29 clarifies the saturation curve and the surface model generation.
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(L   , L    ) = constant1md mqf

OHYHO�FXUYHV�RI�WKH�

)LJ��������6DWXUDWLRQ�FXUYH�J�DQG�JHQHUDWLRQ�RI�WKH�VDWXUDWLRQ�VXUIDFH�

We get for the quadrature axis magnetising inductance

( )/ L Lmq_sal md mqg= + (3.64)

The accuracy of the proposed quadrature axis magnetising inductance saturation model is
examined next. The inductance surface is generated using Eq. (3.64). The generated
inductance surface model is compared to the measured one. In Fig. 3.30 the measured
quadrature axis magnetising inductance surface is presented again as a function of the direct
and quadrature axis magnetising currents.
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Fig. 3.31 shows the generated quadrature axis magnetising inductance surface model. The
inductance surface is generated by calculating the magnetising current sum L Lmd mq+ for the

different d/q-magnetising current values and using linear interpolation to calculate the
quadrature axis magnetising inductance from the saturation curve g(Lmd, Lmq)∠ (imd,imq)=π/4.
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In Fig. 3.32. the error surface between the measured and modelled inductance surfaces is
shown.
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In Fig. 3.33 the same error surface is projected to the Lmq-/md plane in order to define the
extreme values exactly.
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Although the accuracy of the model is quite poor, it behaves in a similar way as the actual
saturation surface. The total estimation error of the stator flux linkage using these saturation
models is a combination of the direct and quadrature axis models. The direct axis flux linkage
is dominant when the motor operates in a constant flux range below the base speed, because
the load angle does not exceed very high values (usually load angle less than 40o). In the field
weakening range the load angle is very often high even at low loads and the quadrature axis
flux linkage becomes dominant. On the other hand the voltage model is dominant and
accurate in the field weakening range, which reduces the importance of the saturation models.
The total estimation error can be defined when the estimated inductances /mdest, /mqest are
defined as a sum of the actual values /md, /mq and the error terms ∆/md, ∆/mq

/ / /

/ / /
mdest md md

mqest mq mq

= +
= +

∆
∆

. (3.65)

We can write for the stator flux linkage estimation error

( ) ( )
( ) ( )

( ) ( ) .

,

,

2
mqmq

2
mdmds

mqmqQqmqestqsQqmqqssq

mdmdDfdmdestdsDfdmddssd

L/L/

L/LL/L/LL/L/

L/LLL/L/LLL/L/

∆+∆=∆

∆=++−++=∆
∆=+++−+++=∆

σσ

σσ

ψ

ψ
ψ

(3.66)

The most important feature of the saturation models is that using Eqs. (3.58) and (3.64) the
saturation of the direct and quadrature axis magnetising inductances can be represented with
adequate accuracy which ensures a sufficient accuracy of the current model. The saturation
models are constructed in a way that they will behave as real inductances and non physical
operation will not exist. The motor model combines the current model and the voltage model
incorporating the good properties of both and the valid stator flux linkage estimate will be
obtained in any operation point. The performance of the motor model proposed is verified in
the next chapter. Experimental results are given.
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The laboratory test drive consists of a 14.5 kVA salient pole synchronous motor, a torque
sensor, a DC-machine with a DCS500 drive and a DSP-controlled stator and rotor power
electronic units, Fig. 4.1. The power electronic units include the necessary software to work as
a digital oscilloscope and thus it is possible to make current measurements. All variables are
pu values and the used pu system can be found in Appendix 7. The stator winding of the
synchronous motor is supplied by an industrial DTC inverter unit and the excitation winding
is supplied by a four-quadrant DC-chopper with a fast current hysteresis control. However,
there is a delay in the communication between the DTC stator inverter and the excitation unit.

The belt transmission is applied in the test drive, because experiment results are needed in the
field weakening area. Also it is easy to change the gearing ratio when using the belt
transmission. The performance measurements are carried out with a test application, the
loading of which is a DC machine operated either speed or torque controlled. The PI control
of the speed control has to be adjusted sluggish because of the above mentioned belt
transmission. Therefore, the speed control of the loading DC machine cannot keep the
rotational speed of the test application constant in all tests. An excitation control of a DTC
controlled synchronous motor introduced by Pyrhönen, O. [1998] is used.
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DSSOLHG�WKH�WHVW�GULYH��EHFDXVH�WKHUH�LV�D�QHHG�RI�H[SHULPHQW�UHVXOWV�LQ�WKH�ILHOG�ZHDNHQLQJ�DUHD�



104

Table 4.1 shows the nominal values of the electrically excited salient pole synchronous motor
and the DC-machine used in the test drive.

7DEOH������1RPLQDO�YDOXHV�RI�WKH�WHVW�PRWRU�DQG�WKH�ORDGLQJ�'&�PDFKLQH�DV�JLYHQ�E\�WKH�VXSSOLHU�

Electrically excited salient pole synchronous motor DC-machine
Power 6N 14.5 kVA Power 3N 55 kW
Voltage 8sN 400 V Voltage 8aN 600 V
Current ,sN 21 A Current ,aN 100 A
Excitation current ,fN 10.5 A Voltage 8fN 180-110 V
Frequency IN 50 Hz Current ,fN 3.1-2.1 A
Speed QN 1500 rpm Speed QN 1500 rpm
Power factor cosϕ 0.8 cap.

The data of the torque and speed measuring system are given in tables 4.2 and 4.3. The
torque-speed transducer and the measurement unit are supplied by Vibro-meter SA. The
torque transducer is inductive and it is mounted on a measuring shaft. The conditioner unit
(ICT 610) supplies the torque transducer with a voltage at 8 kHz carrier frequency. The signal
transmission is contactless, i.e. transmitted by rotary transformers which are connected to the
signal conditioner unit by a shielded 4 pole cable. The output signal of the torque transducer is
first amplified, demodulated and filtered and then brought out to the display unit (PDG 762).

The sampling frequency is 1 kHz. The output signal (5 V at full scale display) is also available
on the BNC output. The speed measuring module (PDC 753) is basically a
frequency/analogue (F/A) converter. It converts speed proportional signals from optical
transducers into analogue values. The frequency divider  is an 8-bit frequency divider.

7DEOH������'DWD�RI�WKH�WRUTXH�DQG�VSHHG�WUDQVGXFHU�

Torque transducer with photo electric speed pick-up
Type TG-20/BP and ML 103
Torque 7N/7max 200/400 Nm
Sensitivity 0.3495 mV/Nm (at 10 V excitation)
Accuracy class of rated torque 0.5 %
Linearity of rated torque 0.25 - 0.5 %
Speed Qmax 9000 rpm
Pole wheel 60 teeth

7DEOH������'DWD�RI�WKH�WRUTXH�DQG�VSHHG�PHDVXULQJ�XQLW�

Measurement unit
Torque signal conditioner type ICT 610
Carrier frequency 8 kHz
Frequency range 0 to 1600 Hz slope 18 dB/oct.
Accuracy class 0.1 %
Response time appr. 300 µs 10 to 90 % of f. s. d.
Torque display unit PDG 762
Digital counter and speed display
unit

PDC 753

Minimum measurable speed 5 rpm
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The drive static torque accuracy is measured. It defines the accuracy of the motor model
because an error in the stator flux linkage estimate is directly proportional to the error of the
motor electrical torque. The motor model has been introduced before. The combined
current/voltage model’s inductance parameters, saturation models, stator resistance and
reduction factor are measured by the inverter itself using the identification run (Fig. 3.18 and
Table 3.5) The shaft torque is measured and the actual electrical torque is calculated taking
friction losses into account. Fig. 4.2 shows a comparison between a motor model with
constant inductance parameters and a motor model with saturated inductances. It can be seen
how remarkable the error difference is between those two models. This proves that without
some kind of saturation model it is not possible to achieve an acceptable motor drive torque
controller.
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The static torque error measurement results are illustrated in Fig. 4.3 and 4.4. The error is
represented as a function of the motor speed. We can get an idea of the accuracy of the
combined model when the weighting of the current model and the voltage model change while
the motor speed is increased. At zero speed and at very low speeds the current model is the
dominating one. When the motor speed is higher than 0.5 pu, the voltage model is practically
the only model and the task of the current model is to act as a stabilizer of the voltage model.
Torque estimate pu errors are defined by comparing torque error to the nominal torque or
torque reference. Load tests are performed over a speed range of 0 to 1 pu using loads 0.6 to
2.5 pu. Two different definitions for the torque error are used, because various institutes
define the torque error in the different way.
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It is very complicated to generate saturated inductance models so that good static accuracy is
achieved also at very high loads. Motor model parameters measured by the supply unit behave
well at motor torques less than 1.6 pu. The torque estimation error is less than 10 % at a speed
range from 0 to 1 pu when compared to the motor nominal torque or less than 5 % when
compared to the torque reference. At motor torques larger than 1.6 pu the accuracy of the
motor model is poor at low speeds but improves when the voltage model becomes more
reliable. The voltage model behaves well at higher speeds at any load. At low speeds when the
current model is dominating the motor magnetic path saturates more than the inductance
models estimate. The estimated stator flux linkage is larger than the actual one and the
estimated motor electrical torque becomes larger than the actual. The torque error achieves its
largest values in the middle of the speed range. This is the most difficult part of the motor
model operation because the stator flux estimate is a combination of the two separate models
and at that point neither the current model nor the voltage model is dominant. Both models are
erroneous and the errors are summed. It should be remember that less than 13 % torque error
at 2 pu torque in the whole speed range is a very good result. Traditional current controlled
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drives typically can have 30 % static torque error and even more due to an erroneous
inductance model. In practice, the drive, despite of this, is a high performance drive because
the speed controller compensates the error by changing the torque reference. If the results
achieved are compared with the demands of table 1.2 it is noticed that the 1 % (of 7max) static
torque accuracy is a difficult challenge for the manufacturer. In practice this can be achieved
by building the motor inductance models using laboratory tests where the actual torque of the
machine is measured and where the inductance models are updated respectively. The model
proposed here is easy to generate and it is applicable as a general inductance model to speed
controlled drives, It is, however, not accurate enough for torque controlled drives where a very
high torque must be reached with 1 % accuracy.

���� '<1$0,&�3(5)250$1&(�2)�7+(�02725�02'(/

The DTC system provides the fastest possible dynamical torque steps. The use of a transverse
voltage vector gives a very fast change in the torque. A large torque step can be achieved in a
few milliseconds. This procedure is automated using the so called optimal switching logic
table. The so called optimal switching table is no more optimal if the stator flux linkage space
vector estimate is erroneous. In the worst case the control can become unstable and dephase.
The dynamic performance of the test drive which at the same time means the dynamic test of
the motor model is done. The dynamic performance test consists of the following parts: 1.
Start with nominal torque to no load, 2. dynamic torque response, 3. start to nominal load, 4.
flystart to nominal load, 5. zero speed operation, 6. reverse of the operating mode i.e. from
motoring to generating with nominal load and 7. load impact test. In Fig. 4.5 the trace of the
measured stator current space vector and the stator flux linkage estimate space vector at the
start with the nominal torque are represented. No oscillation or drifting occurs. The stator flux
linkage estimate is initialised properly because no oscillations due to additional magnetising
currents from the stator side occur.
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Fig. 4.6 shows the torque response of the same start as above with nominal torque. The
estimated torque is calculated using the measured stator current and calculated stator flux
linkage. The torque response time is about 2 ms for the test drive.
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A ramped motor start is shown in Fig. 4.7. The motor torque is nominal after acceleration.
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In Fig. 4.8 a flystart is shown. The motor torque is nominal after acceleration. A successful
flystart to the nominal load torque without any oscillations may be considered as a very
difficult transient in which the motor flux linkage calculation must be well initialised and
estimated during the start and acceleration. After acceleration the static state is achieved and
the operation is very stable.
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Fig. 4.9 shows zero speed operation at 0.8 pu torque.
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In Figs. 4.10 and 4.11 the motor operation mode is reversed from motoring to generating i.e.
the direction of the rotation is reversed while the motor electrical torque is kept constant.
Tests with two different speeds are performed. The first one from 0.1 to -0.1 pu and the
second one from 0.01 pu -0.01 pu. Unfortunately, the control of the DC machine fails around
zero speed and the load decreases a little while the direction of the rotation is reversed.
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Load impact tests are performed. Figs. 4.12 and 4.13 shows torque steps with a very good
response. New operating points are achieved without any oscillations. This can be seen
especially from Fig. 4.13 were the direct and quadrature axis currents are represented.
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Finally a torque step from the positive nominal torque to the negative nominal torque is
performed.
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The performance of the test drive and the motor model proposed is verified in static and
dynamic operation conditions. According to the test results it is possible to obtain sufficient
static accuracy of the DTC’s torque controller for an electrically excited synchronous motor.
The better the parameter estimation is the better is the static accuracy and stability of the drive
at steady state. By controlling the torque of the motor via the stator flux linkage the fastest
torque response will always be achieved. The dynamic response is fast and a new operation
point is achieved without oscillation. A stable operation is achieved through the whole speed
range.

A combination of the voltage model and current model seems to be the best solution for a
reasonably accurate motor model. In DTC the voltage model operates as a main model and is
calculated at a very fast sampling rate. The stator flux linkage calculated from the voltage
model is corrected using the stator flux linkage from the current model. The current model
acts only as a supervisor that at longer time levels prevents the motor stator flux linkage from
drifting out of the centre. At very slow speed ranges the role of the current model is
emphasised. At higher speeds the function of the current model correction is to act as a
stabiliser of the control system.

The modelling of the main inductance saturation is essential and cross saturation has to be
considered. The effect of cross saturation is very significant. The DTC inverter can be used as
a measuring equipment and the parameters needed for the motor model can be defined by the
inverter itself. The main advantage is that the parameters defined are measured in the similar
magnetic operating conditions and no disagreement between the parameters will exist. The
inductance models generated are adequate to meet the requirements of dynamically
demanding drives.
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The performance of such a high quality torque control as DTC in dynamically demanding
industrial applications is mainly based on the accurate estimate of the various flux linkages’
space vectors. Nowadays industrial motor control systems are real time applications with
restricted calculation capacity and at the same time the control system has a demand for a
simple, fast calculable and reasonably accurate motor model. A motor model for the Direct
Torque Controlled (DTC) salient pole synchronous motor drive is proposed. The drive meets
the requirements.

The flux linkage calculation by a current model and the voltage model and their advantages
and disadvantages have been studied. Special attention is paid to the stator flux linkage,
because it plays a very important role in the stator side control of a salient pole synchronous
motor DTC-drive. The main advantages of the voltage model are: minimal sensitivity to
inductance parameter variations, easy to implement, no rotor position needed, can be
calculated at a high sampling rate and good dynamic accuracy. The disadvantages are:
erroneous at low speeds and a voltage loss overestimation can cause unstable drifting. The
main advantages of the current model are: no speed dependence, stable calculation method.
The disadvantages are: inductance parameter sensitivity, dynamic accuracy poor due damper
winding current estimation, accurate rotor position needed.

In this work a motor model combining the voltage model and current model is introduced.
The voltage model operates as a main model and is calculated at a fast sampling rate. The
stator flux linkage calculated via integration from the stator voltage is corrected using the
stator flux linkage from the current model. The current model acts only as a supervisor that at
longer time levels prevents the motor stator flux linkage from drifting out of the centre. At
very slow speeds the role of the current model is emphasised but it newer becomes the main
model. At higher speeds the function of the current model correction is to act as a stabiliser of
the control system.

The goal was to develop a combined model where good features of both models can be
utilised. This requirement can be fulfilled if weighted correction is used. The weighting
coefficient determines the importance of the current model in a certain operation point. The
accuracy of the voltage integration improves when the speed of the drive increases, but at very
low speeds the current model must be used. The weighting coefficient is changed as a function
of speed. A possible error in the voltage loss calculation increases when the load of the
machine is increased. In the field weakening range the stator current which is needed to
produce a certain torque is higher due to the reduced flux linkage and this also increases the
possible voltage loss estimation error. According to these facts a base curve for the weighting
coefficient can be defined.

The current model contains a set of inductance parameters which are to be known. The
validation of the current model in steady state is not self-evident. It depends on the accuracy
of the saturated value of the inductances. The parameter measurement of the motor model
where the supply inverter is used as a measurement signal generator is presented. This so
called identification run can be performed in the factory or during drive commissioning.
Inductance measurements during ID-run have been verified using FEM-calculations. The
measured values are found to be in agreement with the calculated ones and the inductance
measurement performed by the inverter itself is found to be accurate enough to meet the
requirements of the Direct Torque Controlled drive. The generation of inductance models
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used for the representation of the saturation effect is proposed. The inductance models take
cross saturation into account. The modelling of the main inductance saturation is essential and
cross saturation has to be considered. The effect of cross saturation is very significant. The
DTC inverter can be used as a measuring equipment and parameters needed for the motor
model can be defined by the inverter itself. The main advantage is that the parameters defined
are measured in similar magnetic operation conditions and no disagreement between the
parameters will exist. The inductance models generated are adequate to meet the requirements
of a dynamically demanding drive.

Experimental results prove the performance of the electrically excited synchronous motor
supplied with a DTC inverter. It is shown that it is possible to obtain good static accuracy of
the DTC’s torque controller for an electrically excited synchronous motor. The dynamic
response is fast and a new operation point is achieved without oscillation. A stable operation
is achieved through the whole speed range.

In the near future the author will concentrate in his work on the practical implementation of
full scale prototype using the proposed motor model algorithms and there will be a lot of
challenges to conquer during that project. As was said in the beginning of this thesis “The
song remains the same” after this contribution, too. A considerable number of research topics
have come up during the work of our team.
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Derivation of the damper winding current estimators (linear equations)

1 Direct axis damper winding current estimator

The direct axis air gap flux linkage can be evaluated according to the two-axis theory

( )ψ md md md md f d D= = + +L / / L L L , (1)

The damper winding is short circuited, therefore the direct component of the damper winding voltage equation is

( )X 5 L
W

5 L
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L /D D D
D

D D md D D

d

d

d

d
= + = + + =ψ ψ σ 0. (2)

The time constant of the direct axis damper winding is defined as

τ D
md D

D

= +/ /

5
σ . (3)

When Eq. (1) is substituted into the voltage Eq. (2)
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According to Eq. (8) we get a discrete representation for the calculation algorithm of the direct axis damper
winding current if the equation is integrated over one sampling interval ((n�1)τs, nτs), and the damper current is
approximated to change linearly within the sampling period

( ) ( ) ( ) ( ) ( ) ( )( )L L
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f n d n f n 1 d n 1=
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
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τ
τ τ σ

(9)

τs is the sampling interval, τ
D
 is the time constant of the direct axis damper winding, /

md
 is the direct axis

magnetising inductance and  /
Dσ

 is the direct axis damper winding’s leakage inductance.
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2 Quadrature axis damper winding current estimator

The quadrature axis air gap flux linkage can be evaluated according to the two-axis theory

( )ψ mq mq mq mq q Q= = +L / / L L . (10)

The damper winding is short circuited, therefore the quadrature component of the damper winding voltage
equation is
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ψ σ 0. (11)

The time constant of the quadrature axis damper winding is defined as
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5
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. (12)

When Eq. (10) is substituted into the voltage Eq. (11)
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According to Eq. (17) we get a discrete representation for the calculation algorithm of the quadrature axis damper
windings current if the equation is integrated over one sampling interval ((n�1)τs, nτs), and the damper current is
approximated to change linearly within the sampling period
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τs is the sampling interval, τ
Q
 is the time constant of the quadrature axis damper winding, /

mq
 is the quadrature

axis magnetizing inductance and /
Qσ

 is the quadrature axis damper winding’s leakage inductance.
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Derivation of the magnetising flux linkage time derivatives (non linear equations)

The direct axis air gap flux linkage can be defined using the direct axis resultant magnetising current

( )ψ md md md md d f D= ⋅ = ⋅ + +/ L / L L L (1)

( )ψ mq mq mq mq q Q= ⋅ = ⋅ +/ L / L L (2)

The saturation level can be determined by the amplitude of the magnetising current space vector

L L Lm md
2

mq
2= + . (3)

The chord slope inductances depend on |Lm| and can be defined as

( )ψ md md m md= ⋅/ L L (3)

( )ψ mq mq mq mq= ⋅/ L L (4)

Let us first consider the direct axis. The direct axis air gap flux linkage time derivative can be written as
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Eq. (5) consists besides of the direct axis magnetising current time derivative also of the direct axis magnetising
inductance time derivative. For the latter we can write using the chain rule of the differential calculation
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In Eq. (6) / Lmd
d

md md d= ψ  is the dynamic tangent slope inductance and / Lmd md m= ψ is the static

chord slope inductance.

The equation of the direct axis magnetising inductance time derivative contains also the time derivative of the
magnetising current space vector. The magnetising current space vector includes both the direct and quadrature
axis magnetising currents, thus there will be a term which contains the cross-coupling of these two axes.
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µ is the angle of the magnetising current space vector with in correlation to the direct axis. The magnetising
currents in both axes can be defined as
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L L
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When Eq. (6), (7) ja (8)  are substituted to Eq. (5) we get
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The time derivative of the quadrature axis air gap flux linkage can be derived in the same way, and we get
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Derivation of the damper winding current estimators (non linear equations)

1 Direct axis damper winding current estimator

The direct axis air gap flux linkage time derivative can be evaluated as
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= + . (1)

The damper winding is short circuited, therefore the direct component of the damper winding voltage equation is
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The time constant of the direct axis damper winding is defined as

τ D
Md D

D

= +/ /

5
σ (3)

When Eq. (1) is substituted into the voltage Eq. (2)
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According to Eq. (8) we get a discrete representation for the calculation algorithm of the direct axis damper
windings current if the equation is integrated over one sampling interval ((n�1)τs, nτs), and the damper current is
approximated to change linearly within the sampling period
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τs is the sampling interval. The inductances are defined in Appendix 2.
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2 Quadrature axis damper winding current estimator

The quadrature axis air gap flux linkage time derivative can be evaluated to be
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The damper winding is short circuited, therefore the quadrature component of the damper winding voltage
equation is
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The time constant of the direct axis damper winding is defined as
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When Eq. (10) is substituted into the voltage Eq. (11)
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According to Eq. (17) we get a discrete representation for the calculation algorithm of the quadrature axis damper
winding current if the equation is integrated over one sampling interval ((n�1)τs, nτs), and the damper current is
approximated to change linearly within the sampling period
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τs is the sampling interval. The inductances are defined in Appendix 2.
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The schematic block diagram and the flowchart of the PC-based C-language DTC-simulator.

The simulations of the DTC-control and the motor models are coded in a C-language simulation program which
has been first developed for asynchronous motors. The necessary modifications are made to change the motor
model from an asynchronous motor to a synchronous motor and the special features of the synchronous motor has
been added (for example excitation circuit and control). Fig. 1. shows the block diagram of the simulation
program and Fig. 2 the flowchart of the program. During the simulation the differential equations of the motor
and the processes are solved numerically using the trapezoidal integration. The method is numerically stable and
gives accurate results when short time steps are used. The time step for the numerical integration is 5 µs.
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Fig. 1. Variable-speed DTC inverter-motor drive simulator.
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Fig. 2. Flowchart of the variable-speed DTC inverter-motor drive simulator.
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Motor model simulation algorithm.

Inputs of the synchronous motor simulator are the stator voltage space vector Xs, the excitation voltage Xf and the
mechanical angular velocity ωmech�and outputs are the stator current space vector Ls, the excitation current Lf�, the
currents of the damper winding LD and LQ and the electrical torque of the motor We. As parameters the simulator
uses all the inductances and resistances of the salient pole synchronous machine equivalent circuit.

The simulation algorithm of the salient pole synchronous motor is the following:
0 Initialisation of the flux linkage and current variables. First calculate the inductance inverse matrix /stat

-1.
1 Calculation of the stator flux linkage derivatives using supplied stator voltage Xs . The calculation is

performed in the reference frame fixed to the stator.
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2 Calculation of the damper winding and the excitation winding flux linkage derivatives in the reference
frame fixed to rotor.
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3 Numerical integration of the flux linkages using calculated derivatives in phase 2.

ψ ψ
ψ ψ

ψ ψ
ψ ψ

s,k 1
re

s,k
re s,k 1

re
s,k
re

s,k 1
im

s,k
im s,k 1

im
s,k
im

d

d

d

d

d

d

d

d

+
−

+
−

= + ⋅ +








 ⋅

= + ⋅ +








 ⋅

1

2

1

2

W W
7

W W
7

ψ ψ
ψ ψ

ψ ψ
ψ ψ

ψ ψ
ψ ψ

D,k 1 D,k
D,k 1 D,k

Q,k 1 Q,k
Q,k 1 Q,k

f,k 1 f,k
f,k 1 f,k

d

d

d

d

d

d

d

d

d

d

d

d

+
−

+
−

+
−

= + ⋅ +




⋅

= + ⋅ +




⋅

= + ⋅ +





⋅

1

2

1

2

1

2

W W
7

W W
7

W W
7

4 Update inductances /md=f(Lmd,Lmq) and /mq=f(Lmd,Lmq), calculate the inverse of the inductance matrix,
�/stat

-1.
5 Calculation of the motor currents according to the matrix equation

 L /= ψstat
1− ⋅

6 Calculation of the electric torque of the synchronous motor
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s
re= ⋅ − ⋅ψ ψL L

7 Return to phase 1.
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Standard synchronous machine measurement test report.

General

The measurements are carried out using methods presented in the standards IEC 34-4 “ Methods for determining
synchronous machine quantities from tests” and IEEE Std 115-1983 “Test procedures for synchronous
machines”. The machine parameters are given in per unit values. The base values per unit presentation are the
rated values of the test machine. The time constants are given in seconds. The supply unit is a 125 kVA
synchronous generator. the DC supply for the excitation is a six pulse thyristor rectifier. The AC stator side
measuring unit is a NORMA 6100 D Power Analyser and the DC excitation side measuring unit is a NORMA
5155 D Power Analyser. The Tektronix 2430A Digital Oscilloscope is used for transient measurements. The
measured data are acquired using a GPIB bus to PC for post processing.

Rated machine data

6n = 14.5 kVA 8n = 400/231 V ,n = 21 A ,f� = 10.5 A
I = 50 Hz Qn = 1500 rpm cos ϕ = 0.8 cap

The reduction factor calculated from the motor winding data:

Nri = 4.637

Resistances, reactances and time constants (from machine data):

[d  = 1.196 [q  = 0.475 Us = 0.048 τdo’ = 0.284 s τq’’ = 0.008 s
[d’ = 0.129 [q’’= 0.109 5F = 5.63 Ω τd’ = 0.031 s
[d’’= 0.090 τd’’= 0.006 s

Measurements:

DC resistances

5F(20o C) = 5.86 Ω 5s(20o C) = 0.53 Ω

per unit values

U
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5
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⋅
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No load and steady state short circuit test

- no load test with rotor excitation
- no load test with stator excitation, excitation winding short circuited
- steady state stator short circuit

In Fig. 1 the no load curves (rotor excitation Xs(Lf) and stator excitation Xs(Ls) ) and the steady state stator short
circuit curve Ls(Lf) are shown. All values are per unit. (base values : ,s = 21 A, ,f��= 10.5 A and 8s�= 400 V).
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Using the no load curve Xs(Lf) and the short circuit curve Ls(Lf) the direct axis unsaturated [du and saturated
synchronous [d can be calculated.
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The same parameters can be applied by using the stator excitation no load curve Xs(Ls).
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The reduction factor Nri obtained from rotor excitation no load curve Xs(Lf) and stator excitation no load curve
Xs(Ls).
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N ,coefficient 2 is equal to rated current ration Ln/Lf = 2.
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Slip frequency test

The slip frequency test is carried out by a driving synchronous machine using a DC machine. The slip is adjusted
to 5% of the synchronous speed of the tested synchronous machine. The excitation circuit is open and the stator is
supplied with nominal voltage. The stator current and voltage alternate as a function of the rotor position. The
direct and quadrature axis reactances can be calculated when there is  the slip V

;
X
Lds = max

min

;
X
Lqs = min

max

.

Then the quadrature axis reactance [q can be calculated

[ [
;

;q d

qs

ds

= ⋅ .

Fig. 2 illustrates the measured current and the voltage waveforms.
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Excitation winding short circuit

From the excitation winding short circuit test the excitation winding time constant τdo’ can be defined. The speed
of the synchronous machine is nominal and the excitation is supplied from the rotor. The sudden short circuit of
the excitation winding is performed. The excitation winding time constant τdo’ is defined as a time when the stator
voltage is decayed to 63 % of the initial value (exactly 1-1/e = 0.6321). In Fig. 3 the sudden short circuit of the
excitation winding is shown.
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It can be obtained for the excitation winding time constant τdo’ = 0.236 s.

Sudden three-phase short circuit

The synchronous reactance [d, the transient reactance [d’ and the subtransient reactance [d’’ and also the transient
time constant τd’ and the subtransient time constant τd’’ characterise the behaviour of the synchronous machine in
the sudden three-phase short circuit. The current flowing during the short circuit can be represented by using a
fitted exponential equation if it is assumed that the excitation current is constant during the short circuit. The
resistive voltage drop is small when compared to the reactive voltage during the fast transient, so the resistive
voltage drop can be neglected.
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, ,, , ,,τ τ τ τ , where

Lk ≈ short circuit current
Xv ≈ phase to earth voltage before short circuit
W ≈ time after short circuit
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Fig. 4 shows the measured three-phase short circuit current with reduced excitation. The excitation current is Lf =
0.86 pu and the stator voltage before short circuit is Xs = 1.16 pu.
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Fig. 5 shows the short circuit current in the semi logarithm scale. The subtransient short circuit current Ls
’’, the

transient short circuit current Ls
’, the steady state short circuit current Ls and the transient time constant τd

’ and the
subtransient time constant τd

’’ can be defined using the graphical methods.
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The reactances can be calculated from Eqs.

[
X
Ld

’’ v

s

= ’’ [
X
Ld

’ v

s

= ’ , where

Xv ≈ phase to earth voltage before short circuit
Ls

’’ ≈ subtransient short circuit current
Ls

’ ≈ transient short circuit current

The subtransient time constant τd
’’ is defined as a time when the current (Ls

’’-Ls
’) decays 63 % of its initial value.

Correspondingly the transient time constant τd
’ is defined as a time when the current (Ls

’-Ls) decays 63 % of its
initial value.

Table 1 Direct axis Subtransient and transient reactances and time constants.

Voltage before short circuit Xv 1.21 pu
Steady state short circuit current Ls 1.42 pu
Transient short circuit current Ls

’ 3.70 pu
Transient short circuit  [d

’ 0.33 pu
Transient time constant τd

’ 0.054 s
Subtransient short circuit current Ls

’’ 11.4 pu
Subtransient reactance [d

’’ 0.105 pu
Subtransient time constant τd

’’ 0.014 s

Fig. 6 shows the measured envelope curve of the short circuit current and the calculated curve using the
parameters defined above. It can be noticed that the subtransient time constant defined is too short because the
exponential fit decreases too rapidly.
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The subtransient time constant can be adjusted so that the exponential fit curve and the measured curve will
agree. In Fig. 7 the measured envelope curve of the short circuit current and the calculated curve is shown using
τd

’’=0.024 s.
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Summary of the measurements

Table 2 Measured parameters of the test machine.

parameter meas. data QRWH
stator resistance Us 0.048 0.048
excitation winding resistance Uf 0.0083* - *referred  to stator side
reduction factor Nri 4 4.63
direct axis synchronous reactance [d 1.19 1.196
quadrature axis synchronous reactance [q 0.56 0.475
direct axis transient reactance [d

’ 0.33 0.129
direct axis subtransient reactance [d

’’ 0.105 0.090
quadrature axis subtransient reactance [q

’’ -* 0.109 * can not measure
excitation winding time constant τdo

’ 0.236 s 0.284 s
direct axis transient time constant τd

’ 0.054 s 0.031 s
direct axis subtransient time constant τd

’’ 0.024 s* 0.006 s * corrected value
quadrature axis subtransient time constant τq

’’ -* 0.008 s * can not measure
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Used per unit system

Generally accepted principles of the per unit system used in a mathematical description of electrical machines are
shown. Per unit (pu) system is the dimensionless relative value system defined in terms of base values. A pu
quantity [pu  is defined as an absolute physical value ;act in SI-unit divided by its base value ;B.

[
;
;pu

act

B

=

The motor  nominal values are chosen to be the basic values in the pu system.

Nominal values of the test machine
Power 6n 14.5 kVA Frequency In 50 Hz
Voltage 8n 400 V Speed Qn 1500 1/min
Current ,n 21 A Power factor cos(ϕ) 0.8 cap.
Excitation current ,f 10.5 A Reduction factor Nri 4.637

The pu system is referred to the following base quantities:

8 8B n

2

3
= ⋅ Amplitude of  a nominal stator phase voltage [V]

, ,B n= 2 ⋅ Amplitude of  a nominal stator phase current [A]
ω ω πB n n= 2= ⋅ ⋅ I Stator nominal angular velocity [Hz]
S SB = Number of pole pairs

where 8Q� is a nominal RMS value of a motor main voltage
,Q is a nominal RMS value of a motor phase current
IQ� is a nominal value of a motor synchronous frequency
ωn is a nominal value of a motor angular velocity

From these so-called derivative base quantities are determined as follows:

WB
B

=
1

ω
Time

=
8

,

8
,B

n

n

B

B3
=

⋅
= Impedance

6 8 , 8 ,B n n B B

3
= ⋅ ⋅ = ⋅3

2
Power

ψ
ω ωB

n

n

B

B

2

3=
⋅

=
8 8

Flux linkage

7
8 ,

S

S
6

S ,
Q

B
n n B

B
B B

3
=

3
=

⋅
= ⋅ ⋅ω ω

ψ
2

Torque

/
,

=
B

B

B

B

B

= =
ψ

ω
Inductance

&
=B

B B

1
=

⋅ω
Capacitance



137

$SSHQGL[��

Hitzinger synchronous machine data sheets and design data (documents are obtained from manufacture).

1. Design of  stator winding:

The stator winding is designed with twelve winding ends and is also designed for low harmonic produced in
generator operation. The twelve winding ends are connected via a selector switch to change in three positions:

a) parallel connection of two stator groups (400/231 V)
b) zick zack connection (700/400 V)
c) series connection (800/462 V)

At any of these three positions it is possible to use the star or delta connection of the resulting stator winding on
the 6 terminals of the output.

The stator insulation material is Lack/Glasseide for high voltage resistance.

There is a special combination of pitching the stator winding and drilling of stator. To get low harmonic contents
and excellent results in any possible stator connection the stator is drilled by two slots.

The calculated winding factors are:

Number of poles 4 Number of slots 24
Step 4 Zonenbreite 60 grad
Shifting of stator 2 slots

Harmonic Winding factor Winding factor
No Phase – neutral Phase- phase
1 0.79881 0.69179
3 0.00000 0.00000
5 0.04281 0.03707
7 0.03058 0.02648
9 0.00000 0.00000
11 0.07262 0.06289
13 0.06145 0.05321
15 0.00000 0.00000
17 0.01259 0.01090
19 0.01127 0.00976
21 0.00000 0.00000
23 0.03475 0.03008
25 0.03195 0.02767
27 0.00000 0.00000
29 0.00738 0.00639

1. Technical data:
 
 Attached data sheets are calculated for (400 V stator connection a) parallel connected groups. The number of
windings per slots is 56; two groups are internally connected in series and two groups are connected via the
selector switch in parallel. The total number of windings per phase is 2x2x28 = 112 windings per phase (231 V).
 
 The internal values (Kontrolldaten) are for this connection (400/231 V).
 
 Notice that the maximum output current is depending on the selected connection of stator winding:
 a) at parallel connection (400/231 V) nominal current is 21 A
 b) at zick zack connection (700/400 V) nominal current is 10.5 A
 c) at series connection (800/462 V) nominal current is 10.5 A
 
 In delta connection the current in the winding must not be reduced so the line can be by a factor of 1.732 higher
at the lower line voltage.
 
2. Rotor winding:
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 The rotor winding is also with lack/Glasseide insulation for high voltage resistance. There should be no problem
when feeding with a thyristor controlled DC-converter.
 
 The number of turns per pole is 220 windings. The four polewindings are connected in series to obtain the most
symmetric magnetic conditions.
 
 There is an extra support fixing the rotor winding for high speed operation.
 
 
3. Damper winding  (squirrel-cage winding)

The squirrel cage winding is of copper material diameter 5.0 mm, on each pole there is six bars. As an endplate
copper in the same shape as the laminated pole material is used. The thickness of the copper end plate is 1 mm
per side.

This squirrel cage winding allows also limited asynchronous operation, for example as a motor but only for short
time period of some seconds depending on the stator current.

In case of asynchronous operation high voltages is induced at the pole main winding. Parallel resistance must be
used maximum 8 times pole resistance (8x5.6 = 44 Ohms maximum)!


