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Permanent magnet generators (PMG) represent the cutting edge technology in modern wind 
mills. The efficiency remains high (over 90%) at partial loads. To improve the machine 
efficiency even further, every aspect of machine losses has to be analyzed. Additional losses 
are often given as a certain percentage without providing any detailed information about the 
actual calculation process; meanwhile, there are many design-dependent losses that have an 
effect on the total amount of additional losses and that have to be taken into consideration. 
 
Additional losses are most often eddy current losses in different parts of the machine. These 
losses are usually difficult to calculate in the design process. In this doctoral thesis, some 
additional losses are identified and modeled. Further, suggestions on how to minimize the 
losses are given. 
 
Iron losses can differ significantly between the measured no-load values and the loss values 
under load. In addition, with embedded magnet rotors, the quadrature-axis armature reaction 
adds losses to the stator iron by manipulating the harmonic content of the flux. It was, 
therefore, re-evaluated that in salient pole machines, to minimize the losses and the loss 
difference between the no-load and load operation, the flux density has to be kept below 1.5 
T in the stator yoke, which is the traditional guideline for machine designers.  
 
Eddy current losses may occur in the end-winding area and in the support structure of the 
machine, that is, in the finger plate and the clamping ring. With construction steel, these 
losses account for 0.08% of the input power of the machine. These losses can be reduced 
almost to zero by using nonmagnetic stainless steel. In addition, the machine housing may be 
subjected to eddy current losses if the flux density exceeds 1.5 T in the stator yoke.  
 
Winding losses can rise rapidly when high frequencies and 10–15 mm high conductors are 
used. In general, minimizing the winding losses is simple. For example, it can be done by 



 

dividing the conductor into transposed subconductors. However, this comes with the expense 
of an increase in the DC resistance. In the doctoral thesis, a new method is presented to 
minimize the winding losses by applying a litz wire with noninsulated strands. The 
construction is the same as in a normal litz wire but the insulation between the subconductors 
has been left out. The idea is that the connection is kept weak to prevent harmful eddy 
currents from flowing. Moreover, the analytical solution for calculating the AC resistance 
factor of the litz-wire is supplemented by including an end-winding resistance in the 
analytical solution. A simple measurement device is developed to measure the AC resistance 
in the windings. In the case of a litz-wire with originally noninsulated strands, vacuum 
pressure impregnation (VPI) is used to insulate the subconductors. In one of the two cases 
studied, the VPI affected the AC resistance factor, but in the other case, it did not have any 
effect. However, more research is needed to determine the effect of the VPI on litz-wire with 
noninsulated strands. 
 
An empirical model is developed to calculate the AC resistance factor of a single-layer form-
wound winding. The model includes the end-winding length and the number of strands and 
turns. The end winding includes the circulating current (eddy currents that are traveling 
through the whole winding between parallel strands) and the main current. The end-winding 
length also affects the total AC resistance factor.  
 
 
Keywords: Permanent magnet generator, eddy currents, proximity effect, skin effect, form-
wound winding, litz wire 
UDC 621.311.245:621.313.8:621.548:537.612 
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Symbols and Abbreviations 
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Lq    quadrature-axis inductance [H] 
Ld   direct-axis inductance [H] 
I   current [A] 

R   resistance [Ω] 
n    number of strands   
ds    diameter of each strand [m]  
bb    slot width [m] 
 lstack    length of the winding inside a stack [m]  
lend-winding   length of the end winding [m] 
lturn    length of the turn [m] 
kr   AC resistance factor (RAC/ RDC) 
hc    solid conductor height [m] 
bc    conductor width [m] 
b    slot width [m] 
zQ    number of turns in a slot  
 

Greek Letters 
    

ω    angular frequency of a sinusoidal current [rad/s] 
µ0    vacuum permeability [Vs/Am] 
ρ    resistivity of the conducting material [Ωm] 

 
Acronyms 
PMG   permanent magnet generator 
FEA   finite element analysis 
FEM   finite element method 
IEC    International Electrotechnical Commission 
LS   loss surface 
2D   two-dimensional 
3D   three-dimensional 
NdFeB   neodymium iron boron 
VPI    vacuum pressure impregnation 
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Chapter 1 
 

Introduction 
___________________________________________________________________________ 
 
 
Today’s global trend is to promote energy efficiency and the deployment of renewable 
energy sources. Although energy efficiency is not a new idea [1], it has taken and will take 
dozens of years to reach acceptable energy efficiency levels. In today’s energy chains 
containing thermal power plants, the energy used efficiently in a process can be less than 
10% of the primary energy fed into the chain. The 1970s oil crisis was one of the wake-up 
calls, after which energy efficiency actions have been considered more seriously because of 
the ever-growing energy price. Today, we are also increasingly concerned about the 
environment. The main idea is to turn electricity production from fossil-fuel-based systems 
into systems based on renewable energy sources [2] to make use of natural resources in a 
more sustainable manner. This can be done with solar, wind, or hydro energy, of which wind 
and solar energy have a very high potential. 
 
The European Union is planning to cover 20% of its energy demand with renewable energy 
sources by 2020. The decision made in Germany to give up nuclear power by 2020 will also 
increase the need for renewable energy sources even further. Over the recent years, the global 
average annual growth in wind energy has been about 30% [3]. The key here is to increase 
the annual power production efficiency.  
 
Electric motors in the industry consume 30–40% of the energy generated in the world [4], 
[5]. This is why the energy efficiency of the motors is a topical and relevant issue. 
Furthermore, by increasing the energy efficiency, the energy output can be maximized. More 
efficient motors will help to reduce energy consumption and carbon foot print. Therefore, 
minimizing the losses in the generators and motors is highly important. The International 
Electrotechnical Commission (IEC) has established new energy efficiency classes to globally 
harmonize the energy classes for general purposes in the standard IEC 600034-30 [5]. The 
classes are designated as IE1, IE2, IE3, and IE4. The easiest way to reach the IE4 super 
premium class is to use PM motors [5]. Environmental concerns and increasing energy prices 
are also pushing towards nonstandard technologies, where PM motors have proven to be 
more efficient than induction motors [4], [6]. 
 
Obviously, appropriate estimation of losses is one of the most important tasks when 
designing an electrical machine, because the losses define the need for the cooling system. 
Most electromagnetic loss mechanisms in an electrical machine are well-known design 
factors and can be calculated with an acceptable accuracy. 
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When trying to reach the highest possible efficiencies of the rotating machinery, also the 
additional losses of the machines become important. Normally, additional losses are assumed 
to represent only a few percents of the total losses, at least according to the standard IEC 
60034-2 [7]. Additional losses occur, for instance, in the supporting structures of the machine 
[8], in the windings [9], in the laminated iron core of the stator, and in the rotor [10]. Stator 
finger plates and clamping rings are subjected to additional load losses as they are located 
close to the armature end windings. Losses in the finger plate and in the clamping ring are 
maybe the most difficult losses to calculate or measure. Modern simulation tools allow more 
accurate identification of these losses, enabling their minimization by correct design and 
material selection.  
 
Over a couple of decades, permanent magnet generators have gained popularity [11]–[21]. 
Figure 1 illustrates a 3 MW, 1600 min-1 PM generator manufactured by The Switch Oy. The 
specification of the machine is given in Table I. 
 

 
Fig. 1. Three-megawatt, 1600 min-1, air-cooled, permanent-magnet synchronous generator with an integrated air-to-air heat 
exchanger for wind power applications. Figure courtesy of The Switch Oy. 
 
 

TABLE I  
SPECIFICATIONS OF THE HIGH-SPEED PERMANENT MAGNET MACHINE PRESENTED IN FIG. 1. COURTESY OF THE SWITCH OY. 

High-speed permanent magnet generator  

Power (kW) 3000 
Speed (rpm) 1600 

Shaft height (mm) 560 
Length including housing (mm) 2430 
Height including housing (mm) 1821 

Generator mass (kg) 7900 
Nominal current (A)  2550 
Nominal voltage (V) 690 

AC resistance factor at nominal frequency (RAC/RDC) 1.27 
Efficiency at 100% load 97.7 
Efficiency at 75% load 97.4 
Efficiency at 50% load 96.7 
Efficiency at 25% load 94.2 
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In Fig. 2, the efficiency map of the machine in Fig. 1 is presented. The efficiency map 
depends on the machine control. In this case, the voltage is optimized when calculating the 
efficiency map, and therefore, it may not completely reflect the actual machine efficiency 
map when the machine is controlled by an actual converter, which is not necessarily 
operating with the optimum voltage in each point. Cooling losses are included in the 
calculation to make the result more realistic. Further, saturation effects are not fully included 
in the calculation. According to the map, the machine is very efficient in a wide operating 
area. The efficiency at a 25% load is taken at the nominal speed because there is no exact 
information of the turbine with which the machine is driven. Usually, the turbines are 
operated at lower speeds only at the lowest wind speeds, and therefore, the 25% load optimal 
point is probably quite close to the rated speed as the optimal turbine tip speed ratio is 
followed. 25% power is, in principle, reached at 63% of the rated wind speed. 

 
Fig. 2.  Efficiency map of the machine illustrated in Fig. 1. Figure courtesy of Paula Immonen. 
 
Nowadays, these machines are already widely used for instance in wind power applications 
[3]. Their high efficiency [22] at partial loads makes PMGs superior to induction generators 
because wind turbines usually operate at partial loads. However, their drawback is the price 
of the magnets [22]. Typically, the load factor is about 3000–4000 h. 
  
Today, the most popular wind mill generator is based on the doubly-fed induction machine 
[3], [23], [24]. The drawback of the machine of this kind is that it always needs a gear with a 
high gear ratio (100:1), and at partial loads the machine efficiency decreases rapidly [25], 
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[26]. These drawbacks can be overcome by replacing the generator with a permanent magnet 
generator (PMG). The drawback of PMGs is the cost of the magnets [22]. At the moment, the 
typical price of NdFeB magnets is 100–150 $/kg, which is more than ten times the price of 
copper. 
 
The effects of additional losses are extra heat and loss of torque production. The additional 
losses have to be removed by a cooling system. Every joule lost in the production is paid and 
repaid in the course of the machine lifetime [27].  
 
The additional losses are produced by the saturation effects in the magnetic materials, the 
space harmonics, and the leakage fluxes. Additional losses result in a lower efficiency and 
derating of the machine rated power [28]. Thus, to get the most out of the machine, every 
opportunity to enhance the efficiency has to be considered. 
 
In the literature, two terms are used for the undefined losses: additional losses and stray load 
losses [29]. In this doctoral thesis, the term ‘additional losses’ is used. Only those additional 
losses that concern PM machines are covered in this thesis, but they are also usually present 
in other types of machines.   
 

1.1 Definition of additional losses 
 
Historically, the definition, origin, and amount of additional losses have been debated. In 
principle, additional loss is the difference between the total measured loss and the sum of 
calculated losses: the stator and rotor resistive losses, the stator and rotor iron losses, and the 
mechanical losses. These losses are caused by several different phenomena. Some of them 
are easy to model but some very difficult to calculate. According to the IEC 60034-2-1 
standard “Calculating the Efficiency of a Motor”, the joule losses are calculated by using the 
DC resistance of the winding, and therefore, the additional losses also include the losses 
caused by the skin effect in the conductors [30]. 
 
No-load iron losses can be reliably determined by the no-load test. They include the 
additional losses at no load, for example the eddy current losses that the air gap harmonics 
produce on the rotor surface, the stator and rotor tooth tips, and the windings; the iron losses 
in the clamping rings at the ends of the stator core; the iron losses in the frame and the end 
shields. Many of these loss components are small because the no-load current is small. In 
traditional machine design calculations, these loss components are normally evaluated 
empirically by using suitable correction coefficients [30]. 
 
In PM machines, the no-load test does not necessarily reveal the load-dependent losses as the 
no-load current can be very small. It is of course possible to use reactive current in the 
machine, but such a test does not correspond to the magnetic conditions in machines under 
load. 
 
Over the recent years, modern FEM simulation tools have facilitated the identification of the 
additional losses. This has led to a greater understanding of the origins of the losses.  
 
Most of the papers concerning additional losses concentrate on induction motors [4], [5], 
[27]–[29], [31]–[35]. The reason for this is that induction motors are the most commonly 
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used motors in the industry [5]. Only a few papers address additional losses in synchronous 
machines [36]–[38].  
 
Additional losses occur mainly in the form of eddy currents in those parts of the machine that 
are subjected to the flux [34]. The rest of the additional losses comprise high-frequency 
hysteresis and rotating flux iron losses [39]–[49]. In other words, the additional load losses 
can be divided into losses that are not accounted for by the sum of friction and windage 
losses, the stator and rotor I2R loss, and the core loss [37], [50]. 
 
In PMGs, compared with induction motors, the additional losses are similar on the stator side 
but different on the rotor side. An induction motor has current-carrying conductors, which 
results in rotor I2R losses, whereas in PMGs the conductors are replaced by magnets. The 
eddy current losses in the magnets are much smaller than the losses in the rotor bars [6]. This 
is also the major reason why PMGs are more efficient than induction machines. 
 
On the stator side, the losses comprise high-frequency eddy current and hysteresis losses in 
the stator iron, the frequency-dependent additional losses in the armature winding, the iron 
losses produced by the third field harmonic caused by the iron saturation [50], and the eddy 
current losses in the housing and the support structure (finger plate and clamping ring) [52]–
[72]. 
 
In the early 20th century, the additional losses were defined as the losses measured in short 
circuit [73], and there were no methods to calculate these losses. At that time, it was 
acknowledged that flux density affects the iron losses. Therefore, the iron losses were 
regarded as additional losses because there were no tools to calculate them [73].  
 
Rockwood [73] acknowledged in 1927 that it was difficult to develop an equation that could 
predict the short-circuit loss. Therefore, it would be better to divide the short-circuit losses 
into two distinct parts and develop an equation for each loss component. At that time, 
additional losses were defined to be the armature copper eddy current losses, the losses in the 
stator iron, the pole face loss, the end loss, and the loss in the armature copper caused by the 
armature reaction.  
 
It was noticed that the AC losses are larger than the DC losses in the windings. A method to 
estimate the AC eddy current losses in the armature winding copper was developed in the 
early 1900s by Field [74], Lyon [75], and Gilman [76], [77]. Lyon developed an equation in 
1921 to evaluate eddy current losses with hyperbolic functions. The equation did not get 
much attention until 40 years later in 1966 when Dowell [78] used the same equation for 
transformers. Today, the equation is widely known as Dowell’s model or Dowell’s equation, 
and his paper is cited frequently in a number of papers. Küpfmüller [79], Richter [80], [81], 
and Vogt [82]  have also used the same equation in their analyses. The AC resistance factor kr 
is defined by Dowell’s equation as follows: 
 

𝑘r = 𝜉 sinh2𝜉+sin2𝜉
cosh2𝜉−cos2𝜉

+
2�𝑧Q

2−1�

3
sinh𝜉−sin𝜉
cosh𝜉+cos𝜉

    (1) 
 
 
where 

 𝜉 = ℎc�
1
2
𝜔𝜇0𝜎C

𝑏c
𝑏

      (2) 
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and where hc is the solid conductor height (or the number of parallel strands on top of each 
other; ns × strand height), ω is the radian frequency of the exciting sinusoidal current, σC is 
the conductivity of the conducting material, µ0 is the permeability of vacuum, zQ is the 
number of turns in a slot, bc is the width of conductor, and b is the slot width. The drawback 
of this equation is that it treats the conductor as a solid conductor; in other words, it does not 
take into consideration the number of strands and the length of the end winding. 
 
In the 1940s, the losses in electrical machines were divided into two loss types: firstly, into 
losses that could be calculated with a reasonable accuracy, and secondly, into additional 
losses that could not be accurately determined in advance [37]. At the beginning of the 20th 
century, the additional losses were measured by a short circuit test [73], but in the 1940s, a 
reverse rotation test was introduced [37]. The reverse rotation test consists of two different 
measurements after the no-load current has been measured: firstly, the removed rotor test is 
performed to determine the power frequency additional losses, and secondly, the actual 
reverse rotation test is made to determine high-frequency additional losses [33], [84]. In the 
reverse rotation test, the rotor is rotated with a slip s = 2. In the 1960s, the reverse rotation 
method was questioned by Chalmers [32], [33]. According to Chalmers, the errors in the 
measurement are small only if the slot harmonics produce the major part of the additional 
losses. This method is inaccurate especially in the case of large motors. 
 
Owing to the lack of knowledge in the 1950s, the clamping rings were made in some cases of 
copper, which is a highly conductive although nonmagnetic material [83]. The clamping ring 
made of copper had up to 3.4% losses of the input power, which is unacceptable nowadays. 
General Electric started experimenting with nonmagnetic metals in the support structures and 
reached promising results already in 1925 [38]. GE stated later that minimizing eddy current 
losses in the support structures of the machines is achieved by using nonmagnetic steel or a 
laminated structure. This was confirmed by measurements in the end region [38]. 
 
In 1959, Alger [35] divided additional load losses into six components: eddy current losses in 
the stator copper, losses in the end structure, high-frequency stator and rotor surface losses, 
high-frequency tooth pulsation and rotor I2R losses, six-times-frequency rotor I2R losses, and 
extra iron losses in motors with skewed slots.  
 
By the 1960s, the general understanding of the principles of calculating the additional losses 
was established, at least to some extent [31]; however, there was still confusion about their 
origin and definition. Chalmers [33] divided additional losses into three categories: eddy 
current losses in the stator winding, losses in the end region, and losses resulting from 
skewing. 
 
Schwarz [31] reclassified additional losses into two categories based on their origin: main 
flux variations and leakage fluxes. Before this, the losses were defined as stray no-load losses 
and stray load losses. Schwarz delineated the basic types of additional losses that were 
initially determined by Richter and Alger; concerning PM machines, surface losses fall into 
the first category, as they originate from the permeance variations (harmonic flux density 
components). In addition, there are tooth pulsation losses that result from the permeance 
variation caused by the relative tooth position. The second category includes surface losses in 
the iron, tooth pulsation losses in the iron, stator eddy current losses in the windings, and 
stator overhang losses (support structure).  
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In the 1960s, Stoll was one of the first to apply numerical methods to calculate eddy currents 
in copper conductors [52], [53] and in clamping rings [54]. 
 
In the 1980s, an agreement had not yet been reached about the definition of additional losses. 
For instance, the IEC defined the additional losses to be 0.5% of the input power. This has 
remained in the IEC standard until today. How the IEC decided to fix the additional losses to 
0.5% is unknown because it is widely known that they vary significantly from design to 
design. Already in the 1980s, experimental results reported in the literature suggested that the 
additional losses were even up to 20 times 0.5% in some cases [1]. Almeida [4], [5] collected 
data of hundreds of squirrel cage induction motors, and according to his results, the IEC and 
IEEE standards underestimated additional losses by about 1 percentage point. Glew [27], [29] 
suggested that the standards underestimate the additional losses by fixing them to 0.5% of the 
input power (IEC 34-2). He presented a number of papers that suggested otherwise, always 
showing the additional losses to be more than 0.5%. He also argued that for decades millions 
of machines have been sold and designed according to the IEC 34-2 standard, implying that 
the efficiency has been overestimated [27]. Glew called for a reform of the calculation of 
additional losses. A fact supporting his point of view is that the amount of additional losses, 
for instance the value of 0.5%, cannot be fixed because many design factors may influence 
the additional losses. For example, the material of the support structure (finger plate and 
clamping ring) affects the losses, and also the winding design can have a significant effect on 
additional losses. Further, the stator iron material has an effect on the additional losses. 
 
According to Jimoh [1], the effects of additional losses on the machine performance include 
heating, torque loss, and acceleration and deceleration effects, resulting in a decreased 
efficiency and derating. Jimoh also stated that there is no accurate method to measure 
additional losses in electrical machines, mostly because of inaccuracies in the measurements 
[1], [28]. Aoulkadi [84] has also observed inaccuracies especially in measurements made 
according to IEEE 112-B standard. Aoulkadi [84] even measured negative additional losses. 
In addition to the test method proposed by Jimoh, two additional measurements for the 
additional losses have been presented: the eh-star-method [84] and the equivalent no-load 
method [84]. Measurement inaccuracies are also discussed in [4], [5], [25], [85] regarding 
additional losses. 
 
In 1992, Karmaker [36] investigated additional losses and compared FEM calculations and 
measurements made by a calorimetric method. The additional losses of the machine were 
very close to 0.5% of the input power determined either by the measurements or the FEM 
analysis. 
 
Modern FEM programs started to enter the market in the 1990s, which made it possible to 
analyze the additional losses more precisely by numerical methods [87], [88]. 
 
There are also additional losses caused by the inverter [88], but they are excluded in this 
doctoral thesis. The thesis concentrates only on the additional losses that occur at a sinusoidal 
supply.  
 
To sum up, additional losses are not easily defined by calculation. However, additional losses 
can be limited if the designer understands their origin and knows how to minimize the losses. 
In this thesis, the origins of some additional losses are observed and evaluated. 
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1.2 Additional losses in the stator iron 
 
In particular, the estimation of iron losses is among the most challenging issues. Additional 
losses of iron have been identified as being caused mostly by the rotating flux [39]–[49], the 
high-frequency hysteresis losses, minor loop losses, and saturation effects [39]. Time 
harmonics are taken into account in a few papers [40], [44], [46], [47] when calculating the 
iron losses. In 1991, Bertotti [49] introduced an addition of excess losses to the classical 
analytical calculation method. In the classical analytical method, the losses are divided into 
eddy current and hysteresis losses. However, the estimation of the amount of additional 
losses is still challenging because of the lack of exact measurement techniques to verify the 
theoretical assumptions [4], [5], [25], [85]. 

 
Accurate measurement methods have been an issue also in the definition of the iron losses. 
Papers [40], [46], and [41] reported that the measurements deviated about 50% from the 
simulated ones. According to the authors, the reason for this was the losses caused by the 
rotational flux and the time harmonics in the stator iron. No measurement error was 
considered. 
 
A loss surface (LS) model is used in this doctoral thesis and in the related publications to 
calculate the iron losses. The LS model aims to take into account the minor loop and high-
frequency hysteresis losses [39]. Even though the additional losses are taken into account, 
there are still differences between the measurements and the FEM [46].  
 
In this doctoral thesis and in Publication I, iron losses in load and no-load operation in a 1600 
min-1 permanent magnet wind power generator are investigated. The simulated machine is a 3 
MW PMG equipped with embedded magnets. Such a design has inverse saliency (Lq > Ld). 
The quadrature axis flux increases the time harmonic content of the stator flux density under 
a load, and with low-height stator yokes the higher flux densities increase the iron losses. 
That is why the flux density of the stator yoke has to be kept below 1.5 T.  

 

1.3 Additional losses in the supporting structures 
 
Supporting structure losses are produced mainly by the eddy currents caused by the end- 
winding flux in the end region on the structural parts (clamping ring and finger plate, in Fig. 
3), which hold the machine together. In addition, the housing may be subjected to additional 
losses if the stator yoke is saturating.  
 
Clamping ring constructions can be found in different shapes and materials, and therefore, the 
losses of the clamping ring are highly dependent on the design. Therefore, to obtain accurate 
results, 3D finite element methods have to be used. Several papers treat the clamping ring and 
finger plate losses [52]–[72] mainly by applying 3D methods; some, however, use a 
combination of 2D and 3D [52], [72]. One paper even introduced a combination of analytical 
calculation and a 3D FEM [60], and finally, compared them with the measurements.  
 
Finger plate and clamping ring losses can be minimized by replacing construction steel with 
stainless steel. The losses in the housing that surrounds the machine can be avoided by 
correct yoke dimensioning and by keeping the flux density of the stator yoke below 1.5 T. 
The housing losses are linked with the saturation effects as discussed in the next section on 
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additional losses in the windings. When saturation of iron takes place, many additional loss 
components will increase exponentially. 
 

 
Fig. 3.  One pole of the calculated machine with a finger plate and a clamping ring (Publication II). 
 
 
According to Publication II, if construction steel is used, the losses in the clamping ring and 
the finger plate of a 3 MW 1600 min-1 PM generator are close to 0.1%. Despite the seemingly 
small loss in efficiency, it should be noted that with a 4000 h annual load factor, the lost 
production is worth €770 in a year at the energy price of 80 €/MWh. This justifies the use of 
the expensive stainless steel. The payback time for the customer would be about five to six 
years if stainless steel were used instead of construction steel. It should be noted that even 
such a small improvement is of significance when pursuing highly efficient electrical 
machines. 
 

1.4 Additional losses in the windings 
 
Frequency converters have made it possible to use over 50 or 60 Hz frequencies in electrical 
machines. This leads to extra eddy current losses in the windings if losses are not minimized. 
The accurate evaluation of AC resistance losses in a machine is important [89], [90] 
especially in low-voltage high-speed (1500 rpm) multi-megawatt wind mill generators. In 
these generators, DC copper losses account for about 20–30% of all the losses (0.8–1% of the 
input power), and with an inappropriate design, AC copper losses are easily twice the DC 
copper losses when the power frequency is 80–100 Hz. 
 
The reason for the above is the low number of turns. The conductor height is high (even 12–
14 mm), which in turn attracts eddy currents if not reduced properly. Using preformed 
windings and a double-layer design naturally minimizes harmful eddy currents by 
transposing the winding at the end winding, but this may not suffice in all cases. Therefore, 
the use of Roebel bars or litz wires may come into question. In a Roebel bar the principle is 
about the same as in the litz wire, but a Roebel bar is made from square copper conductors 
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that are transposed ideally in the slot regime. The bars have to be connected in the end-
winding area to complete the winding. In order to avoid the use of expensive Roebel bars and 
litz wires, an accurate analytical solution is needed to evaluate the losses of the form-wound 
windings. Analytical methods have been developed by Lyon [75], Richter [80], [81], Dowell 
[78], and Ferreira [91], [92]. Lyon and Richter concentrated on rotating electrical machines 
whereas Dowell and Ferreira focused on transformers. Papers [93]–[106] have developed and 
presented methods for more accurate calculation of eddy currents. 
 
Figure 4 illustrates the main phenomena associated with the use of stranded conductors. Eddy 
currents are produced by the skin effect and the proximity effect. The skin effect is caused by 
the flux of the conductor, and the proximity effect is caused by the conductor next to it. 
Often, the proximity effect dominates. The skin effect and the proximity effect produce two 
currents; the strand-level eddy current that circulates mainly inside a solid conductor in slot-
bound areas, and circulating currents that flow between the parallel strands. The proximity 
effect is always present in multilayered windings [104], [105]. 
 

 
Fig. 4.  Schematic illustrating the main current, the strand-level eddy current, and the circulating current in the case of two 
parallel nontransposed strands in a slot (Publication II). 
 
Eddy currents can be minimized by dividing the conductor into smaller parallel and 
transposed conductors. In electrical machines with form-wound windings, this means placing 
the parallel strands on top of each other. With no transposing, this in turn produces 
circulating currents between the parallel strands as a result of skin and proximity effects. The 
circulating currents can be minimized by transposing the strands so that in an ideal case, 
every strand gets the same amount of flux. This will cancel out all the circulating currents but 
not the strand-level eddy currents. The drawback of all of these minimization methods is that 
the DC resistance increases because of the additional insulation between the strands. 
 
Roebel bars are usually used in large multi-megawatt machines instead of form-wound 
windings if AC losses were otherwise too high. Now, high-power litz wires are available that 
could replace Roebel bars in some cases. Traditionally, a litz wire consists of insulated 
strands that travel everywhere in the slot cancelling out the circulating currents between the 
strands and leaving only the strand-level eddy currents. An ideal transposition also makes the 
winding slightly longer increasing the DC resistance. Now, a new type of litz wire has 
become available in the market. These litz wire with noninsulated strands are inexpensive 
enough to be used in multi-megawatt electrical machines. However, the favorable price 
comes at the expense of a lack of insulation between the strands. The idea of the litz wire 
with noninsulated strands is that the connection between the strands is weak. Xu measured 
that in the worst case, the interstrand resistivity in a litz wire with noninsulated strands was 
1000 times the resistivity of solid copper [119]. Furthermore, litz wire makes the installation 
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of the wire inexpensive. The winding can be made without connections in the end-winding 
area, and therefore, does not require extra insulating work. The drawback is that it needs an 
extra support system to withstand the radial forces during operation. 
 
Litz wires with insulated subconductors are used in high-frequency applications such as 
transformers [97]–[99], [107]–[113], induction cooking appliances [114], [115], and in HTS 
(high temperature superconductor) machines with superconducting excitation [116], [117]. 
There are several analytical calculation methods developed for litz wires [97]–[99], [107]–
[113] and form-wound windings [75], [78], [80], [81] [91]–[106] to evaluate the AC 
resistance factor. Probably the most cited method concerning the AC resistance is Dowell’s 
equation [78], which can be used to evaluate round wires [99], form-wound windings [78], 
and litz wires [118]. 
 
A drawback of all of these models is that they do not directly consider the end-winding effect 
on the AC resistance factor, even though it is acknowledged in [100]. Without ideal 
transposition, an end winding has mainly two current components flowing; a circulating 
current and the main current. That is, if the end-winding inductance and the strand-level eddy 
currents are neglected. Without knowing the amount of circulating current, the end-winding 
AC resistance factor is very difficult to calculate accurately in form-wound windings if ideal 
transposition is not satisfied. Although Richter [80], [81] has developed a model to take end 
winding effect into account afterwards, the model does not take the circulating currents into 
consideration. Furthermore, the number of parallel strands and the end-winding length affect 
the amount of circulating currents. This is demonstrated in Publication IV. 
 
In Sullivan’s litz wire model [107] 
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where ω is the angular frequency of a sinusoidal current, ρ is the resistivity of the conducting 
material, µ0 is the vacuum permeability, zQ is the number of turns in a slot, n is the number of 
strands, ds is the diameter of each strand, and bb is the slot width, the end winding can be 
taken into account quite easily because of the lack of circulating currents in 
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where lstack is the length of the winding inside a stack, lend-winding is the length of the end 
winding, and lturn is the length of the turn. 
 

1.5 Additional losses in the magnets 
 
The previous additional loss component can be found in all electrical machines, but the eddy 
current losses in the magnets occur only in permanent magnet machines. These losses are not 
discussed in detail in this thesis, but are only described in brief below. 
 
NdFeB magnets have made permanent magnet machines more desirable because of their high 
energy density [122]. Even though they were introduced already in the 1980s, their price and 
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availability have hindered their use in permanent magnet machines [122]. Nowadays, if a 
high-power permanent magnet machine is made, it is equipped with NdFeB magnets.  
 
Eddy current losses in rotor surface permanent magnets are caused by permeance harmonics 
and winding harmonics [123]–[131]. Winding harmonics can be divided into space 
harmonics and time harmonics [125], [131]. Eddy current losses can also occur in the magnet 
retaining sleeve if fitted [128]. The eddy current losses in the sleeve depend highly on the 
material used. Two materials commonly used are stainless steel and carbon fiber. Stainless 
steel has a fairly low conductivity (in the range of 0.8–1.6 MS/m) and acceptable thermal 
properties. Carbon fiber sleeve, on the other hand, has a low axial conductivity but poor 
thermal properties. 
 
The eddy current losses of the magnets are often neglected because they have only a slight 
effect on the efficiency but put the magnets in danger of demagnetization instead. Permanent 
magnets are usually difficult to cool, and the lack of sufficient cooling can lead to 
overheating and thereby demagnetization of the magnets [123]–[126], [128]–[132].  
 
To get an accurate value for the eddy current losses, a 3D FEM simulation has to be 
performed [133]. However, if eddy current losses are to be analyzed analytically, many 
approximations have to be made [127]. The losses depend on the geometry and windings of 
the machine. Consequently, an exact analytical solution is difficult to establish (see e.g. 
[127]), and therefore, approximate models have been developed for the purpose [127] . 
 

1.6 Outline of the thesis 
 
The target of this doctoral thesis is to define the sources of some of the additional losses 
occurring in low-voltage high-power PM electrical machines and to find ways to minimize 
them. 
 
The author of this doctoral thesis is the principal author and investigator in Publications I–IV, 
and is solely responsible for the scientific contribution in the papers and the introductory 
section of the thesis. 
 
Publication I shows that if the iron losses of a permanent magnet machine with embedded 
magnets (Lq>Ld) are defined by applying a standard-based no-load test, the stator iron loss 
will be underestimated. When the machine is running at load, the quadrature-axis armature 
reaction modulates the air gap flux density thereby amplifying the 3rd and 5th harmonics. The 
basic idea of Publication I is that by dimensioning the stator yoke magnetically large enough, 
the iron loss caused by these harmonics can be minimized. In fact, the issue has not been 
analyzed for any traditional material so far, but the general guideline has only been to apply a 
low enough flux density in stator dimensioning. Hence, in this paper, the issue is now 
analyzed to such detail that even a person without in-depth knowledge in electrical machine 
design is able to comprehend the rationale behind the proposed guidelines. 
 
Publication II is continuation of Publication I. It provides a detailed analytical approach to 
the problems associated with the calculation of losses in finger plates and clamp rings. The 
finger plate and clamp ring materials under study are S355 and nonmagnetic stainless steel 
used in the industry. If the target is to minimize the losses in the finger plates and the clamp 
rings, stainless steel has to be used for them both. The publication suggests that when 
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considering these two materials in particular, the use of different material combinations has to 
be calculated for each case individually; in other words, the calculation cannot be simplified 
or speeded up by applying values obtained from previous calculations. A high flux density in 
the stator yoke leads to a situation where the magnetic voltage of the support structure parts 
increases, and consequently, the iron parts of the support structures become an effective path 
for magnetic flux. This, again, leads to additional losses in the support structures. Hence, 
targeting cost-efficiency in the magnetic circuit design may have an adverse impact on the 
total machine efficiency.   
 
Publication III addresses the resistance factor of the litz wire used in low-voltage PMGs. In 
this paper, measurements and a FEM simulation are made to evaluate different litz wires and 
their use in these kinds of applications. It is shown that modern litz wires can be successfully 
used in multi-megawatt low-voltage machines even up to 120 Hz to avoid the adverse effects 
of eddy currents and circulating currents. 
 
Publication IV concentrates on the losses in form-wound windings and their analytical 
calculation. An accurate analytical model is developed for a single-layer form-wound 
winding with and without a 180 degree twist in the end winding.   
This doctoral thesis consists of an introductory part, a summary of the journal publications, 
and four original journal publications. The introduction is divided into three chapters 
providing conclusions of the relevant publications. 
 
Chapter 1: An introduction to the research topic is given. Then additional loss components 
are described in detail. 
 
Chapter 2: Publication I, Publication II, Publication III, and Publication IV are analyzed in 
brief. 
 
Chapter 3: The conclusions of this doctoral thesis are discussed, and suggestions are given for 
future work. 
 

1.7 Scientific contribution 
 
The main contribution of this doctoral thesis is the identification of additional losses in the 
support structure, the housing, the stator iron, and the windings. The scientific contributions 
of the thesis can be summarized as follows: 
 

 
• The study analyzes and describes the mechanisms by which the quadrature-axis 

armature reaction of a salient pole permanent magnet machine and the stator yoke 
thickness affect the stator iron losses. Because of the 3rd and 5th harmonics, a thin 
stator yoke thickness results in significantly different losses measured at no load or 
under load. 
 

• Losses in the clamping ring and the finger plate are modeled and simulated by the 3D 
FEM using either structural steel or stainless steel as construction materials. With 
construction steel the additional losses are 0.08% of the input power, whereas with 
stainless steel the losses are almost zero. If the stator yoke flux density exceeds 1.5 T, 
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also a significant amount of support housing losses will occur, thereby increasing the 
amount of additional losses. 

 
• The use of litz wires in high-power, high-speed, low-voltage wind turbine generators 

is studied. Some improvements are suggested to the analytical calculation of litz wires 
to take end-winding resistance into account. A new equation to evaluate the AC 
resistance factor in litz wires is proposed. The measurement of the AC resistance 
factor is very sensitive to errors because of the very low resistance and the large 
inductance. Therefore, a simple measurement device is developed to measure the AC 
resistance factor.  

 
• An analytical equation is developed to evaluate the AC resistance factor in a single-

layer form-wound winding used in the frequency range of 0–200 Hz in electrical 
machines. A maximum error of 5% is achieved by incorporating the number of 
parallel strands and the end-winding length to Dowell’s equation. Without these 
modifications, the errors could be as large as 150%.  
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___________________________________________________________________________ 

Chapter 2 
 

Publications 
___________________________________________________________________________ 
 
This chapter provides an overview of the four journal papers. 
 

2.1 Publication I 
 
A 3 MW salient pole PMG with embedded magnets and a nominal speed of 1600 min-1 (Figs. 
1 and 5) is studied in this paper. A re-evaluation of the traditional guideline value is made for 
the stator yoke dimensioning. Iron losses can be minimized by a correct selection of the no-
load flux density in the yoke, and thus, by the correct dimensioning of the stator yoke height. 
With over 50 Hz machines, the use of a thinner material is preferred to a better-quality 
material. The study is made by varying the thickness of the stator yoke when all other 
dimensions remain unchanged. The machine is simulated in the Flux2D time stepping mode. 
Current sources are used to feed the external circuit that is coupled with the geometry. Iron 
losses are calculated by the Loss Surface (LS) model [48] and Bertotti’s model [49] included 
in the Flux2D. In addition, the radial and tangential flux density components are analyzed 
with their harmonics in 11 points. 
 

 
Fig. 5.  Geometry of the investigated PMG (Publication I).  

 
Table II (Publication II) shows the simulated iron losses calculated by the LS model that is 
included in the Flux2D program. The higher the height of the iron yoke is, the less high-
frequency eddy current losses are produced. The dependency is nonlinear, and the influence 
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of the higher time harmonics plays a significant role in this kind of a salient pole machine 
with a large q-axis armature reaction. It can also be seen that the material thickness and the 
specific losses have a significant effect on the yoke losses. The M330 has higher losses than 
M400 probably because the M330 iron sheet is thicker, and therefore, produces more eddy 
current losses even though otherwise it is better than the M400 steel. This is possible when 
the frequency exceeds 50 Hz. The M330-65A has a 3.3W/kg maximum loss at 1.5 T and 50 
Hz and M400-50A 4 W/kg in similar conditions. The hysteresis loss is typically smaller than 
the eddy current loss at 50 Hz. As the eddy current loss is proportional to the square of the 
lamination thickness, it is obvious that in the 0.65 mm thick M330-65A the proportion of the 
eddy current loss gets higher than in the 0.5 mm thick M400-50A. The hysteresis loss is 
directly proportional to the frequency while the eddy current loss is proportional to the square 
of the frequency. Therefore, a low-loss material can have more losses than a high-loss 
material at a higher frequency. The same conclusion is made also in [134]. 
 
 

 

Fig. 6. Location of the points where the tangential and normal components of the flux are observed (Publication I). 

TABLE II 
STATOR IRON LOSSES WITH DIFFERENT STATOR DIAMETERS AND MATERIALS AT RATED LOAD (L) AND AT NO LOAD (NL), CALCULATED BY 

THE LS MODEL. THE AIR GAP DIAMETER OF THE 6 POLE MACHINE IS 3 MM AND THE TOTAL HEIGHT OF THE TEETH IS 67 MM (PUBLICATION I). 
Stator yoke height (mm) 

Yoke material and yoke loss 
48 50.5 53 55.5 58 60.5 63 65.5 68 70.5 73 88 

L    M330-65A  (kW) 14.1 14.1 14.0 14.0 13.9 13.7 13.4 13.1 12.7 12.3 12.0 11.2 

NL M330-65A  (kW) 11.0 11.0 11.5 11.9 12.5 12.7 12.8 12.7 12.7 12.3 12.0 10.5 

L   M270-35A (kW) 8.1 8.3 8.4 8.6 8.6 8.7 8.7 8.6 8.3 8.0 7.7 7.2 

NL M270-35A (kW)                     6.7 6.7 7.1 7.5 8.0 8.3 8.4 8.5 8.5 8.4 8.2 7.1 

L   M400-50A (kW) 12.0 12.0 12.0 12.1 12.1 12.0 11.8 11.6 11.3 11.0 10.8 10.1 

NL M400-50A (kW) 9.7 9.7 10.1 10.5 11.1 11.3 11.4 11.3 11.3 11.1 10.9 9.9 

 
Fig. 6 shows the location of the points where the radial and tangential flux densities are 
analyzed. Figures 7, 8, and 9 depict the total fundamental, tangential, and radial fundamental 
flux densities, respectively. The points from 1 to 5 are located in a tooth and points 6–11 in 
the stator yoke. 
 
Instead, when a low-height stator yoke is used in comparison with a thicker stator yoke, the 
higher flux densities (Fig. 7) seem to be the reason for higher losses. The higher flux densities 
are mainly caused by a thinner yoke. With lower yoke heights, however, the harmonic flux 
densities under load become higher and the differences between the no-load and load iron 
losses in the yoke can get significantly higher. However, there is no direct link between the 
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harmonics and the losses. In particular, it would be misleading to differentiate the losses 
caused by different harmonics by superposition. However, the loss-surface model does not 
aim at evaluating the losses of different harmonics separately, but it is based on 
measurements and simulated flux densities. 
 
 
 

 
Fig. 7.  Total fundamental flux density under load and at no load with the yoke thicknesses of 48 mm and 73 mm. 
 
Figures 8 and 9 depict fundamental tangential and radial flux, respectively. The stator has 
mostly tangential flux (point 11), but towards point 6 the radial flux starts to increase 
gradually. This means that the flux is gets more rotational, thus causing more losses. 
Nevertheless, the radial flux is almost the same in all the cases and therefore does not explain 
the different losses between no load and load. 
 
 

 
Fig. 8.  Fundamental tangential flux density under load and at no load with the yoke thicknesses of 48 mm and 73 mm. 
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Fig. 9.  Fundamental radial flux density under load and at no load with the yoke thicknesses of 48 mm and 73 mm. 
 
 
Figures 10 and 11 demonstrate that under load the 3rd harmonics are much higher than at no 
load. This is caused by the quadrature-axis armature reaction and the modulating effect of the 
rotor construction. Even if the tangential harmonics are high in points 1–5, they affect the 
losses only slightly because the magnitudes of the flux densities are small. Hence, points 6–
11 are of more importance because the flux densities are high (Fig. 8) and the load 3rd 
harmonic is high compared with no-load harmonics, which explains the difference between 
no load and load when the stator yoke thickness is the same. 
 

 
Fig. 10.  Tangential flux density of the 3rd harmonic under load and at no load with the yoke thicknesses of 48 mm and 73 
mm. 
 
Based on the results given in Figs. 7 and 10 and Table II, it seems that when the stator yoke 
height is 48 mm at load, higher harmonics along with higher flux densities in the stator yoke 
compared with the no-load case are the main cause of additional losses in the iron.  With the 
73 mm yoke height instead, the higher harmonics (Fig. 10) and the lower flux densities (Fig. 
7) at load in the stator yoke result in similar losses both at no load and under load. 
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Fig. 11.  Tangential flux density of the 5th harmonic under load and at no load with the yoke thicknesses of 48 mm and 73 
mm. 
 
Now, the radial flux densities are of more importance in points 1–5, because the teeth carry 
mostly radial flux (Fig. 9). In Figs. 12 and 13, the 3rd and 5th harmonics are much higher 
when the generator is loaded than at no load, which partly explains the differences between 
no load and load losses when the thickness remains the same. In Fig. 12 there is only a slight 
difference between the different yoke thicknesses. 
 

 
Fig. 12.  Radial flux density of the 3rd harmonic under load and at no load with the yoke thicknesses of 48 mm and 73 mm. 
 
In Fig. 13 there are some differences between different yoke thicknesses, which would 
contribute to different losses. 

0% 10% 20% 30% 40% 50%

1
2
3
4
5
6
7
8
9

10
11

Percentage of the first harmonic 

Po
in

t n
um

be
r 

NL Tan 5th 73 mm

L Tan 5th 73 mm

NL Tan 5th 48 mm

L Tan 5th 48 mm

0% 20% 40% 60% 80%

1
2
3
4
5
6
7
8
9

10
11

Percentage of the first harmonic  

Po
in

t n
um

be
r 

NL Rad 3rd 73 mm

L Rad 3rd 73 mm

NL Rad 3rd 48 mm

L Rad 3rd 48 mm



_________________________________________________________________________________________________28 

 

 

 
Fig. 13.  Radial flux density of the 5th harmonic at load and no load with the yoke thicknesses of 48 mm and 73 mm. 
 
Figures 14 and 15 illustrate radial against tangential components. With a lower stator yoke 
height (48 mm), the flux path is more rotational, and when the stator yoke height is increased 
to 73 mm, the flux path becomes more elliptical. The rotational flux also contributes to the 
additional losses around point 5, but in every other point the ratio of radial and tangential flux 
densities remains almost the same. 

 
Fig. 14.  Flux density rotational behavior over one period with 48 mm as the stator yoke height. 
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Fig. 15. Flux density rotational behavior over one period with 73 mm as the stator yoke height. 
 
As a conclusion, the quadrature-axis armature reaction increases the 3rd and the 5th harmonics 
in the teeth and the 3rd harmonic in the stator yoke, and mainly accounts for the additional 
losses in the stator iron. This explains along with the higher flux densities the differences 
between the losses under load and at no load. The loss differences between the materials 
mainly result from the thickness of the iron sheets (lower eddy current losses) and less from 
the material quality (M330, M400). In general, the losses are higher with low-height yokes, 
which is a natural result of higher flux densities. With a correct dimensioning, the load and 
no-load iron losses are almost the same. Then iron losses can be measured also at no load. 
 

2.2 Publication II 
 
In this paper, the stator support structure of the same 3 MW PMSG (Fig. 3) is studied. The 
support structure that holds the stator stack consists of a clamping ring and a finger plate at 
both ends of the stator stack (Fig. 3). In 50 Hz machines, the finger plate and the clamping 
ring are usually made of construction steel, for instance S355JO/EN 10025 or nonmagnetic 
stainless steel. The end-winding field produces eddy current losses in the clamping ring and 
the finger plate. The machine frame structure (housing) is also used to fasten the machine to 
the base plate. Eddy current losses may also occur if the main flux can penetrate the housing 
from the stator yoke. According to the results, the losses start to increase if the flux density of 
the stator yoke exceeds 1.5 T (Table III, Publication II). 
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TABLE III 

POWER LOSS IN THE HOUSING AND IN THE WELDED PARTS WITH DIFFERENT STATOR DIAMETERS (PUBLICATION II). 
Stator diameter [mm] 
and yoke height [mm] 

Maximum flux density  
 at the stator yoke [T] 

 

Housing power loss [W] Percentage of the output power [%] 
 

850, 48 1.85 4275 0.14 
855, 50.5 1.79 2094 0.07 
860, 53 1.75 1885 0.06 
865, 55.5 1.72 1029 0.03 
870, 58 1.67 538 0.02 
875, 60.5 1.62 249 0.01 
880, 63 1.56 101 0.00 
885, 65.5 1.52 35 0.00 
890, 68 1.44 11 0.00 
895, 70.5 1.38 3 0.00 
900, 73 1.27 2 0.00 
910, 78 1.18 1 0.00 
920, 83 1.09 1 0.00 
930, 88 0.97 0 0.00 

 
Clamping ring and finger plate losses are studied by the Flux3D program. To obtain reliable 
results from the finite element loss analysis, there have to be at least two element layers in the 
skin depth. A fine mesh is built to accurately analyze the losses in the clamping ring and the 
finger plate. The results show that the losses are approx. 0.08% of the output power if 
construction steel is used and nearly zero with nonmagnetic stainless steel. Even such a small 
loss has to be considered when pursuing highly efficient machines.  
 

2.3 Publication III 
 
New heavy-duty litz wires offer an interesting alternative to low-voltage, high-power 
machine windings. Such a material might be very suitable to be used in 3 MW 690 V wind 
power generators as they have very few conductors in a slot and are, therefore, vulnerable to 
problems caused by skin and proximity effects.  
 
In this paper, several litz wires are measured and compared both with an analytical model and 
2DFEM results. A motorette was built to test the losses in the laboratory. It is difficult to 
measure the AC resistance from litz wires; the test motorette is very inductive and the phase 
angle between the current and the voltage is about 87 degrees. Thus, the results are very 
sensitive to measurement errors. Measurement errors may result for instance from a weak 
connection close to the measuring point and from inappropriate (imprecise) measurement 
equipment. The requirement for the measurement accuracy is 0.1 degrees in the angle 
between current and voltage, which is achieved by building a simple measurement device. 
The accuracy requirement is because of 0.5 degree error would result in AC resistance factor 
about 0.25 error at 50 Hz, which is quite a large error. In addition, end-winding resistance is 
included in the analytical model in Eq. (4). 
 
From the easy manufacturing point of view, perhaps the most interesting target is the litz wire 
with noninsulated strands. Two different litz wires of this kind are analyzed. It is also studied 
whether the impregnation has an effect on the AC resistance of a litz wire with noninsulated 
strands. Therefore, the samples are measured both before and after the VPI process. One litz 
wire shows a reduction in the AC resistance after impregnation while the other did not. Even 
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though the results are only indicative, they show that in some cases the impregnation affects 
the resistance, and hence, further research is needed. 
 
Further, an oxidation-insulated litz wire was measured, and according to the results, it 
performed better than the litz wire with noninsulated strands, which was expected. Finally, 
the results also show that when comparing the FEM results of the form-wound winding with 
the measured litz wire with noninsulated strands used in the actual machine, there is a small 
difference in the AC resistance factor. This indicates that litz wires with noninsulated strands 
can be used instead of a form-wound winding, if needed. Such a winding material is, from the 
viewpoint of practical winding work, very efficient as there is no need to remove any 
insulation from the numerous conductor surfaces when preparing joints. 
 

2.4 Publication IV 
 
In this publication, an accurate analytical model to calculate the AC resistance factor is 
developed for single-layer form-wound windings used in the frequency range of 0–200 Hz in 
electrical machines. There is a need to propose such an approach, because in the literature, 
ideal transposition along several slots is usually assumed meaning that there are no 
circulating currents in the winding. However, circulating currents often cause problems in 
form-wound windings, which are not necessarily suitable for ideal transposition and 
therefore, suffer from circulating currents.  
 
The model in question is also based on Dowell’s model [78]. Dowell’s model is used to 
calculate the strand-level eddy currents and the circulating current separately and to add them 
up with the DC losses to get the total winding losses. A maximum error of 5% is achieved by 
incorporating the number of parallel strands and the end-winding length into Dowell’s 
equation. Without these modifications, the errors could be even as large as 150%.  
 
In order to accurately calculate the AC resistance factor, the amount of circulating currents in 
the windings has to be known. The circulating currents travel through the whole winding 
whereas strand-level eddy current travels, in practice, only on the slot length. 
  
Also the end winding significantly affects the total AC resistance factor and, therefore, has to 
be included in the model. In addition, the number of parallel strands affects the amount of 
circulating currents. 
 
The proximity effect in Dowell’s model is corrected with an equation that includes the end-
winding resistance and the number of parallel strands. The proximity effect has to be adjusted 
because the circulating currents differ in different winding configurations, which in turn seem 
to affect the proximity effect the most. 
 
The results are obtained by calculating a circulating current factor kcirc and a strand-level eddy 
current factor kstrand from the 2D FEM results. The total eddy current factor is then calculated 
by the following equation 
 

1circstrandtotal ++= kkk .       (5) 

Then, analytical equations are obtained by a curve fitting method. The results for different 
strand numbers and different end-winding lengths are matched with the corresponding FEM 
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results. Additions to Dowell’s model are rcirc and rstrand, which are used to calculate the 
circulating current factor and the strand-level eddy current factor separately. The developed 
analytical equations are presented in Publication III and in the following equations. 
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where ns is the number of parallel strands in a turn, lstack is the length of the copper conductor 
in a slot in a turn, and lturn is the length of the turn.  
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In addition, a model for a transposed winding is developed. When the winding is transposed 
in the other end of the winding, every strand is subjected to an equal amount of stray flux, 
and therefore, the circulating current factor becomes zero. With Eq. (7) the first term of the 
equation is related to the circulating currents, and can therefore be neglected. After the 
changes, the transposed winding can be calculated as follows: 
 

1strandtotal += kk ,        (10) 
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Chapter 3 
 

Conclusions and future work 
___________________________________________________________________________ 
 

3.1 Conclusions 
 
In this doctoral thesis, some additional load losses were studied in a 3 MW permanent magnet 
wind power generator with embedded magnets, and thereby, with significant saliency. Three 
key topics were under study: 

• The effects of flux density modulation on the stator losses and especially on the stator 
yoke losses, caused by the rotor construction. 

• Losses of the stator stack supporting elements that are caused by the end region flux 
and the losses in the stator housing caused by the stator yoke saturation. 

• Joule losses produced in the stator windings in form-wound windings and in litz 
windings; the effects of transposing, circulating currents, eddy currents and the 
proportion of the end winding.  

 
Publication I showed that the flux density of the stator yoke has to be kept below 1.5 T in 
salient pole machines to avoid excess losses in the yoke and in the housing. Higher losses in 
the stator iron under load compared with no-load are produced because of the 3rd and 5th 
spatial harmonics. Furthermore, eddy current losses seem to dominate over hysteresis losses 
in the stator iron. This is explained by the fact that the lower-quality thin lamination material 
(M400-50A) has lower losses than the higher-quality (M330-65A) with thicker laminations. 
Therefore, thin sheets are recommended in the design process of salient pole machines over a 
higher-quality material to minimize stator iron losses in over 50 Hz machines.  
 
In this study, the additional losses in the stator yoke varied significantly. However, the 
additional load loss in the case of a thin stator yoke (48 mm) compared with a thick stator 
yoke (88 mm) and the M330-65A material was 3.1 kW corresponding to 0.1% of the output 
power of the generator. Furthermore, additional load losses were also found in the stator stack 
support system. The analysis on the stator stack support structure indicated that the losses can 
be significant in the clamping rings and the finger plates, in this case about 0.08% of the 
output power when using construction steel. This loss can be removed almost completely by 
using nonmagnetic stainless steel. The information can be used as a guideline in the machine 
design process while estimating support structure losses. 
 
The measurement of AC resistance in electrical machines is a complicated task. Because of 
the low voltage (0.2 V at minimum), the connections have to be solid. The measurement 
accuracy of the phase between the voltage and the current has to be below 0.1% owing to the 
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highly inductive load, where the phase is close to 90 degrees. This can be achieved with an 
accurate current shunt that minimizes the phase shift error in the current measurement. 
Further, the measurement also had a poor signal-to-noise ratio that was caused by the 
electromagnetic interference coupled to the measurement via the physically large inductor. 
This was overcome by developing a simple measurement device. According to the results for 
large electrical machines, litz wire with 630×0.5 mm thick noninsulated strands can be used 
as a winding material instead of double-layer form-wound windings. In the litz winding 
design of the 3 MW generator, the additional load loss was at the same level with the form-
wound winding at the nominal frequency.  
 
An improvement to the analytical evaluation of litz wires was achieved, and an addition to 
the existing model was suggested taking into account the end-winding resistance in the 
calculation of the AC resistance factor.  
 
Finally, an accurate analytical calculating model was developed for the evaluation of losses in 
single-layer form-wound windings. A modification to the existing model was proposed with 
an inclusion of the number of strands and the end-winding length. The existing model was 
only valid for the active length of the machine, and because of the circulating currents 
between the strands, it is extremely difficult and inaccurate to include the end-winding losses 
separately in the model. Circulating currents pass through the whole winding, which means 
that the strand-level eddy current losses and circulating current losses have to be calculated 
separately and summed with the DC losses to obtain the total winding loss factor. 
 
According to the results in these four journal papers, the additional losses of a machine 
cannot be fixed to a certain percentage of the input power as the IEC-34 has been suggesting 
since the 1980s [27]. This is because the additional losses depend on many aspects in the 
design process such as the material, saturation effects, and the winding design. Therefore, it 
would be incorrect to assume that a certain fixed value is always valid. The results achieved 
in this doctoral thesis support this argument: In Publication I, the losses depend on the stator 
yoke thickness (saturation effect). Again, in Publication II, the housing losses depend on the 
stator yoke thickness (saturation effect), while the clamping ring and finger plate losses 
depend on the material selection. Finally, in Publications III and IV, the winding losses 
depend on the design of the winding. A fixed value could be introduced if the machine design 
were standardized, but as long as it is not, the amount of additional losses are design-
dependent losses. However, with the modern design methods, the losses can be kept at a very 
low level (<0.5% of the output power). 
 
This doctoral thesis provides suggestions and guidelines as well as a modified analytical 
model in order to better estimate and minimize additional losses in electrical machines.  
 

3.2 Suggestions for future work 
 
The results from the impregnation effect tests were indicative only, and further research is 
needed to determine the optimal insulation construction to achieve the optimum AC 
resistance factor. It would be interesting to study how the impregnation affects the resistance 
in litz wires with noninsulated strands. This would require more samples with different strand 
sizes and insulation constructions.   
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A model to evaluate the AC resistance factor in a single-layer form-wound winding could be 
developed further by constructing a model for a double-layer form-wound winding. 
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Effects of Quadrature Axis Armature Reaction on Magnetic Circuit 
Time Harmonics and Stator Iron Losses in a Permanent Magnet 

Synchronous Generator with Embedded Magnets 
 
 

H. Hamalainen, J. Pyrhonen, J. Nerg 
 
 
Abstract – In permanent magnet machines with inverse saliency and relatively large quadrature 
axis inductance, the armature reaction causes stator teeth to saturate under load. The 
phenomenon cannot be observed in no-load tests. Therefore, determining the iron losses in a 
normal no-load test does not suffice, as the iron losses under load may be considerably higher 
than the no-load iron losses. Losses are compared between different stator yoke thicknesses, and 
also different iron materials are used. Time harmonics are taken from 11 different points in the 
stator iron. Variations in the time harmonics are detected between different stator yoke 
thicknesses. This results in different losses at no load and at load. Iron loss results are obtained by 
using a  loss  surface (LS) model. Copyright ©  2010    Worthy  Prize  S.r.l    -    All rights 
reserved 
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Nomenclature 
PMG   Permanent Magnet Generator 
FEM   Finite Element Method 
LS    Loss Surface 
physt     static hysteresis losses,  
pec     the dynamic eddy current losses 
pexc     excess losses  
P(t)     instant power loss  
kh     hysteresis loss coefficient  
Bm     peak value of magnetic flux density  
f      frequency  
σ      the conductivity of the iron material  
d      thickness of lamination  
ke      excess loss coefficient 
dPaverage   volume density of average power loss 
Paverage average power loss dissipated in volume 

region 

I. Introduction 
Permanent magnet generators have been under 

extensive research in recent years [1]–[5], and they are 
gaining stronger and stronger position for instance in 
wind power applications [6]. Especially geared PMGs 
with full-scale power converters are a very attractive 
solution because of their low maintenance costs and 
higher efficiency compared with induction generators. 
More precisely, their high efficiency at partial loads 
makes PMGs superior to induction generators.  

One of the most important tasks when designing an 
electrical machine is the proper estimation of losses.  

 

 
In particular, estimation of iron losses is among the 

most challenging issues. Several authors have attempted 
to take time harmonics into account [7]–[10] when 
calculating the iron losses. In some papers, the losses are 
evaluated with analytical methods, while another 
approach is to calculate the losses by FEM; one of the 
first papers on the topic was published by Bertotti et al. 
[11] in 1991. Papers [7], [9], and [12] reported in parallel 
that iron loss errors were in the range of 50 % between 
simulations and measurements. In these papers, the 
authors assumed that the errors resulted from the 
rotational flux and time-harmonics-caused losses in the 
stator iron. It is extremely difficult to separate iron losses 
from other losses because there is no absolute 
measurement technique to measure iron losses separately 
in an actual machine, especially in a PM machine, where 
the flux cannot be turned off during the measurement. In 
machines with embedded magnets, the iron losses cannot 
be measured accurately at no load as the quadrature 
armature reaction in such a case is insignificant. It has 
been acknowledged that in electrical machines additional 
losses caused by the rotational flux and harmonics make 
the calculation results deviate from the measured ones 
[9].  

This paper studies the dependency of iron losses on 
the magnetic circuit geometry and the stator steel  
material in a high-speed (1600 min-1), 3 MW PMG 
equipped with embedded magnets, Fig. 1. Such a design 
has inverse saliency, and the quadrature axis flux 
increases the time harmonic content of the stator flux 
density under heavy load. In particular, the third 
harmonic is added to the time dependency of the teeth 
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flux densities and the yoke flux density. The quadrature 
axis armature reaction also considerably increases the 
stator teeth flux densities under load. In salient pole 
machines, the recommended stator yoke maximum flux 
densities [13] should not be exceeded because of the 
adverse effects of the quadrature armature reaction on the 
stator iron losses. In traditional designs, losses caused by 
the quadrature armature reaction are taken into account 
by calculating additional losses proportional to the 
machine rated power. According to [13], additional 
losses in salient pole synchronous machines vary between 
0.1 and 0.2 % of the machine rated power. 

The target is to provide different aspects for designers 
to consider when designing an electrical machine and in 
particular, a PMG. The selected magnetic material also 
has a significant effect on the iron losses and, therefore, 
on the efficiency. 

The results show that the stator iron losses in an 
embedded magnet machine can be significantly affected 
by changing the thickness of the stator yoke. In addition, 
the yoke material has an essential effect on machine 
efficiency. The rotor geometry may have a major 
influence on the stator losses. In a rotor surface magnet 
machine, the armature reaction does not modulate the 
flux densities in the time domain similarly as in a 
machine with embedded magnets. In rotor surface magnet 
machines, the time dependency of the stator flux density 
remains mainly sinusoidal, and hence, the losses can be 
smaller than in machines with embedded magnets. 
Embedding the magnets is, however, a beneficial solution 
from mechanical engineering and cooling points of view 
and is a good choice in large permanent magnet 
machines. In large rotor surface magnet machines, 
different bands must be used to fasten the magnets to the 
rotor surface, as a result of which the cooling of the rotor 
is significantly degraded. In embedded magnet machines 
the rotor surface remains bare and the cooling of the rotor 
is efficient. 

II. Method of Analysis 
None of the several methods to calculate iron losses 

presented in [14] fully complies with the measurement 
results. Bertotti’s equation and the loss surface (LS) 
model are used with the voltage-driven time stepping 2D 
finite element method to compare the iron loss behavior 
with different stator yoke thicknesses and iron sheet 
qualities. A calculation of scalar iron losses is carried out 
with Bertotti’s equation also in the Flux2D program by 
Cedrat. The program calculates the iron losses based on 
the flux density in the node and with a parameter that the 
user has given. The iron loss equation that the Flux2D 
uses is  

  
 excechystFe pppp ++= . (1) 

 
Then, according to equation (1), the average power loss 
can be calculated by equations (2), (3) and (4):  
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Parameters for Bertotti’s equation are obtained by 

using the manufacturer’s data sheets. Data sheets usually 
give measurement results for 50 and 100 Hz. For 75 Hz, 
a curve is generated between these two frequencies by 
applying f1.5 overall loss dependency. The curve fitting 
toolbox of Matlab is used to obtain parameters for 
Bertotti’s equation. When a ferromagnetic material gets 
saturated, the domain walls disappear and excess losses 
reduce to zero [10]. A more accurate method is to use the 
LS model, which is based on thousands of measurements 
[15]. In this paper, the iron loss results are derived with 
Flux2D by using the LS model. The LS model 
approximates the rotating losses by adding losses 
produced independently by the major and minor axis 
components of the flux density [15]. We acknowledge 
that the LS model does not fully take the rotational losses 
into account but overestimates them [16]. It still gives an 
estimation of the rotational losses with an error in the 
range of 10 % [15]. When comparing the results of 
Bertotti’s equation and the LS model, Bertotti’s equation 
gives higher losses than the LS model [15], [16]. The LS 
model, however, also takes the time harmonics more 
accurately into account.  

 

 
Fig. 1 Geometry under investigation.  

 
Tangential and radial components of the flux density 

are investigated in 11 different points. Points 1 through 6 
are at the same place for all investigated outer diameters 
(850 mm to 900 mm), while because of the change in the 
thickness of the yoke, points 7 through 11 are divided 
equally along the yoke’s thickness. The places of the 
observed points are depicted in Fig 2. 
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Fig. 2. Location of the points where tangential and normal components 
of the flux are observed. 

III. Structure under investigation 
A high-speed permanent magnet wind turbine generator 
with embedded magnets is investigated in the paper. In 
Fig. 1, the geometry of the machine is depicted. The 
machine is equipped with a double-layer form-wound 
winding. The investigated stator outer diameters are 850, 
855, 860, 865, 870, 875, 880, 885, 890, 895, 900, and 
930 mm. An actual 3.15 MW machine with a 850 mm 
stator outer diameter was tested to get physical evidence 
for the calculation results. 
 

TABLE I  
SPECIFICATIONS OF THE HIGH-SPEED PERMANENT MAGNET MACHINE 

High-speed permanent magnet generator  

Ld 0.73 p.u. 
Lq 1.36 p.u. 

Rated power (kW) 3150 
Rated torque (kNm) 21.1 

Rated frequency (Hz) 73 
Outer diameter of stator iron core (mm) 850–930 
Inner diameter of stator iron core (mm) 622 

Number of pole pairs 3 
Number of stator slots 72 

Number of turns in series in a stator coil 2 
Stator core material M330–65A 

IV. Results 
The research reported in this paper aims at finding an 

explanation for the results obtained in the measurements, 
where the no-load iron losses deviate from the load iron 
losses. A similar tendency can be observed in the 
simulations in Table II. 

The most interesting observation in Table II is that 
when the stator yoke is designed to be narrow (850 mm 
in stator diameter), the losses may look appropriate at no 
load, but become much worse under load, and the 
efficiency of the machine suffers from extra iron losses. 
When the stator yoke is designed ‘too’ wide (930 mm),  

 
 
the results are smallest as expected. By performing the 

measurements according to the standard IEEE 112, one 
may find contradiction with no-load and load 
measurements.  

In Tables II and III, the calculation results given by the 
LS model and Bertotti’s equation are presented. 
Comparison of the tables shows that Bertotti’s equation 
gives considerably higher losses than the LS model. This 
observation is also acknowledged in other papers [15], 
[16]. 

IV.1. Time Harmonics 

Time harmonics are among the factors that cause 
difference when comparing losses at no load and load. 
The third space harmonic can be seen in the air gap flux 
density at no load, Fig. 3 (a) and (b). This means that 
some of the third harmonic comes naturally from the 
geometry of the machine, and one would expect to find 
the third harmonic as a time harmonic also in the stator 
iron. In Fig. 4 (a) and (b), the third and fifth harmonics 
increase under load compared with the no load. 

Rotational losses are yet another concern [8], [9], [10], 
[17] in addition to the time harmonics of the flux. By 
using the flux density tangential and radial components in 
time, flux density loci can be plotted; these loci show 
whether the flux is rotating or alternating. When the ratio 
of the radial and tangential components is 1, the flux 
density is totally rotating, but usually in the flux density, 
one of the components is dominating.  

Tables  IV and V show the tangential and radial 
components, where the first harmonic is given in teslas 
and the third and fifth harmonics in percentages of the 
first harmonic. The places of the points are depicted in 
Fig 2. In the stator yoke (points 7–11), the tangential flux 
density component is dominating, and in the teeth (points 
1–5), the radial flux density component is dominating. In 
this paper, we concentrate only on the time harmonics of 
the major component, that is, where the most of the losses 
are generated.  

 The losses of the 850 mm and 900 mm stators are 
compared by investigating Table II. Both stators are 
made of M330-65A iron sheets. The 900 mm stator has 1 
kW higher losses at no load, which is due to the third 
harmonic in the stator in points 7–11. Under load, the 
situation is different: the losses of the 850-mm stator are 
14.1 kW, while the 900-mm stator has 12 kW of losses. 

In Table II, an explanation as to why the stator made  
of M330-65A has higher losses than the M400-50A one 
is that the latter is thinner and therefore has smaller eddy 
current losses. 
In Table V, the percentage of the third harmonic 
decreases from point 7 to 11 under load. The difference 
is largest in point 11, where the third harmonic is 5 
percent units lower with the 900 mm stator compared 
with the 850 mm one. 
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TABLE II 
STATOR IRON LOSSES WITH DIFFERENT STATOR DIAMETERS AND MATERIALS AT RATED LOAD (L) AND AT NO LOAD (NL), CALCULATED WITH THE LS 

MODEL. 
Stator diameter (mm) 850 855 860 865 870 875 880 885 890 895 900 930 

L    M330-65A  (kW) 14.1 14.1 14.0 14.0 13.9 13.7 13.4 13.1 12.7 12.3 12.0 11.2 

NL M330-65A  (kW) 11.0 11.0 11.5 11.9 12.5 12.7 12.8 12.7 12.7 12.3 12.0 10.5 

L   M270-35A (kW) 8.1 8.3 8.4 8.6 8.6 8.7 8.7 8.6 8.3 8.0 7.7 7.2 

NL M270-35A (kW)                     6.7 6.7 7.1 7.5 8.0 8.3 8.4 8.5 8.5 8.4 8.2 7.1 

L   M400-50A (kW) 12.0 12.0 12.0 12.1 12.1 12.0 11.8 11.6 11.3 11.0 10.8 10.1 

NL M400-50A (kW) 9.7 9.7 10.1 10.5 11.1 11.3 11.4 11.3 11.3 11.1 10.9 9.9 

 
TABLE III 

STATOR IRON LOSSES CALCULATED WITH BERTOTTI’S EQUATION WITH DIFFERENT STATOR DIAMETERS AND MATERIALS AT RATED LOAD.  
Stator diameter (mm) 850 855 860 865 870 875 880 885 890 895 900 

M330-65A (kW) 18.8 18.6 19 18.6 18.3 18.2 18 17.7 17.4 17.1 17 
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Fig. 3.  (a) Air gap flux density over one pole pitch and (b) analysis of the spatial harmonics at no load.  
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Fig. 4 (a) Air gap flux density over pole pitch in and (b) analysis of the spatial harmonics under load. 
 

This explains quite well the differences in losses with 
different diameters. By increasing the stator yoke, the no-
load losses can even increase slightly, but more 
importantly, the load iron losses decrease by 15 %. 

A significant increase in the third and fifth harmonics 
is caused by the large q-axis inductance, which is one of 
the consequences of the embedded magnets. This is 
illustrated very well in the tables. The q-axis inductance 
is the same with the 850 mm and 900 mm diameters. 
However, by varying the stator yoke thickness, we can 
modulate  the harmonics  so that  the load  losses  are 

significantly lower compared with the worst-case 
scenario (850 mm). At the same time, the no-load losses 
are slightly higher. Changing of the height of the stator 
yoke does not affect the relative harmonic contents of the 
flux, but the flux densities start to saturate in the stator 
yoke when the yoke thickness is reduced. In the case of 
the 850 mm and M330-65A stator, loading of the 
machine increases the stator iron losses from 11 kW to 
14.1 kW. 3.1 kW is 0.1 % of the machine rated power.  
If, however, Bertotti’s equation is used, the losses 
increase  from  11 kW  to  18.8 kW  when  loading the 
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machine. 7.8 kW is 0.25 % of the machine rated load. As 
additional losses also take place in other machine parts, a 
0.1–0.25 % increase in the iron losses seems large in the 
light of traditional knowledge. If the 900 stator diameter 
is used instead, the stator iron losses seem not to increase 
at all from the no-load values.  

A generator manufacturer measured a prototype 
machine with a 850 mm stator outer diameter. The 
machine no-load losses were measured  to be 36 kW. The 

no load friction loss was 19 kW. Hence, 17 kW of the 
electrical losses were present at no load. The rotor iron 
no-load losses were calculated to be 2 kW. Now, we have 
15 kW of no-load stator losses, and hence, we can be 
satisfied with the no-load losses calculated by the LS 
model, giving 14.1 kW stator iron loss for the machine. 
Under load, the measured efficiency of the machine 
supports the study according to which the iron losses 
increase during loading of the machine. 

 
TABLE IV 

AMPLITUDES OF FLUX TIME HARMONICS WITH THE STATOR DIAMETER 850 MM UNDER LOAD (L) AND NO LOAD (NL). 
850mm L   

B [T] 
NL  
B  

[T] 

Tan  
1st 
[T] 

NL Tan  
1st [T] 

L Tan 
3rd* 

NL 
Tan 
3rd* 

L Tan 
5th* 

NL 
Tan 
5th* 

L Rad 
1st [T] 

NL 
Rad 1st 

[T] 

L Rad 
3rd* 

NL 
Rad 
3rd* 

L Rad 
5th* 

NL 
Rad 
5th* 

Point 1 1.55 1.56 0.77 0.25 36 % 49 % 21 % 4 % 1.35 1.54 36 % 13 % 5 % 2 % 

Point 2 1.64 1.62 0.17 0.04 10 % 66 % 7 % 25 % 1.63 1.62 33 % 15 % 8 % 1 % 

Point 3 1.52 1.48 0.13 0.03 9 % 66 % 3 % 26 % 1.51 1.48 34 % 14 % 8 % 2 % 

Point 4 1.4 1.36 0.12 0.07 19 % 61 % 14 % 18 % 1.39 1.36 34 % 13 % 8 % 3 % 

Point 5 1.68 1.56 1.07 0.93 15 % 24 % 16 % 5 % 1.29 1.25 30 % 20 % 10 % 1 % 

Point 6 2.02 1.89 2.01 1.88 9 % 7 % 5 % 2 % 0.16 0.16 69 % 36 % 28 % 10 % 

Point 7 1.87 1.76 1.63 1.51 13 % 2 % 1 % 0 % 0.92 0.9 20 % 35 % 20 % 7 % 

Point 8 1.94 1.89 1.86 1.8 16 % 1 % 2 % 2 % 0.56 0.56 21 % 32 % 17 % 8 % 

Point 9 1.96 1.89 1.93 1.86 15 % 0 % 2 % 3 % 0.35 0.34 26 % 26 % 14 % 4 % 

Point 10 1.96 1.89 1.95 1.88 15 % 1 % 1 % 4 % 0.19 0.19 29 % 23 % 12 % 2 % 

Point 11 1.95 1.88 1.95 1.88 15 % 1 % 1 % 4 % 0.04 0.05 55 % 32 % 11 % 5 % 

* Percentages of the first harmonic; the first tangential harmonic in point 1 under load is 0.77 and the third harmonic is 36 % of 0.77 (0.2772 T) 
** Fundamental magnitude of flux  

TABLE V 
AMPLITUDES OF FLUX TIME HARMONICS  WITH THE STATOR DIAMETER 900 MM UNDER LOAD (L) AND NO LOAD (NL). 

900mm L   
B 

[T]** 

NL  B 
 [T]** 

L Tan  
1st 

[T] 

NL Tan  
1st [T] 

L 
Tan 
3rd 

NL 
Tan 
3rd 

L 
Tan 
5th 

NL 
Tan 5th 

L Rad 
1st [T] 

NL 
Rad 1st 

[T] 

L 
Rad 
3rd 

NL 
Rad 
3rd 

L 
Rad 
5th 

NL 
Rad 
5th 

Point 1 1.58 1.64 0.8 0.17 34 % 35 % 20 % 8 % 1.36 1.63 36 % 15 % 7 % 1 % 

Point 2 1.66 1.76 0.18 0.01 11 % 58 % 7 % 23 % 1.65 1.76 33 % 17 % 11 % 1 % 

Point 3 1.54 1.62 0.13 0 6 % 63 % 4 % 34 % 1.53 1.62 33 % 17 % 11 % 1 % 

Point 4 1.41 1.49 0.09 0.02 11 % 74 % 4 % 41 % 1.41 1.49 32 % 17 % 11 % 1 % 

Point 5 1.44 1.47 0.65 0.6 18 % 32 % 17 % 18 % 1.29 1.34 32 % 19 % 12 % 3 % 

Point 6 1.4 1.38 1.39 1.36 10 % 10 % 5 % 2 % 0.2 0.22 51 % 4 % 8 % 26 % 

Point 7 1.44 1.51 1.26 1.31 17 % 0 % 3 % 1 % 0.7 0.76 26 % 27 % 16 % 7 % 

Point 8 1.38 1.47 1.3 1.39 15 % 2 % 1 % 1 % 0.46 0.48 27 % 20 % 11 % 1 % 

Point 9 1.33 1.44 1.3 1.4 13 % 4 % 0 % 2 % 0.3 0.32 26 % 19 % 9 % 9 % 

Point 10 1.29 1.41 1.28 1.4 11 % 5 % 1 % 3 % 0.16 0.17 25 % 20 % 10 % 14 % 

Point 11 1.25 1.39 1.25 1.39 10 % 7 % 3 % 5 % 0.03 0.03 24 % 17 % 13 % 25 % 

** Fundamental magnitude of flux  

V. Conclusion 
The embedded rotor magnet geometry contributes to 
large quadrature axis armature reaction, which results in 
time harmonics in the stator magnetic circuit. Significant 
losses are generated because of the presence of the time 

harmonics in the magnetic circuit. Correct dimensioning 
of the yoke helps tackling the problem. In a tooth, the 
third harmonic is the major loss-causing component with 
its over 30 % amplitude compared with the fundamental.  
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Varying the thickness of the stator yoke affects the 
losses more when using a more lossy material. With a 
better material, a thinner stator yoke can be used. When 
comparing Bertotti’s equation with the LS model, 
Bertotti’s equation tends to overestimate losses compared 
with the LS model. Adding rotational losses to the 
classical equation will take it further away from the truth. 
The measurement results from an actual machine support 
the idea of increased iron losses in the core. This paper 
gives a new perspective to where to look for losses when 
simulations and measurements do not match. 
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3-D Finite Element Method Analysis of Additional Load Losses in the End
Region of Permanent-Magnet Generators

Henry M. Hämäläinen , Juha Pyrhönen , Janne Nerg , and Jussi Puranen

Lappeenranta University of Technology, Lappeenranta, Finland
The Switch Drive Systems Oy, Lappeenranta, Finland

Machine design typically concentrates on the main magnetic and electric circuits while various additional losses are evaluated only
by simple empirical equations. The objective of this paper is to examine the importance of the additional losses in the stator end region
and in the housing of a 3.1 MW permanent-magnet wind generator. Stator stack clamping ring and finger plate losses are investigated
using a 3-D finite element method. 2-D FEM analysis of the stator supporting housing losses is also performed. Two common mechanical
component materials are analyzed in the 3-D studies; construction steel and stainless steel. The results show that failure to consider stator
end areas and stator supporting constructions at the design stage can result in unwanted additional losses and affect machine efficiency.
Indirect verification of the results is provided by efficiency measurements of different versions of the real 3.1 MW machine.

Index Terms—Clamping ring, eddy currents, finger plate, skin effect, stator end region losses, 3-D FEM.

I. INTRODUCTION

M OST electromagnetic loss mechanisms in an electrical
machine are well-known design factors and can be cal-

culated with acceptable accuracy. Additional losses, however,
are only assumed to be some percentages of the total losses, ac-
cording to IEC 34-2 [1], and they are generally not identified
more accurately. Additional losses occur, for instance, in the
supporting structures of the machine [2], in the windings (skin
effect) [3], or in the laminated iron core of the stator or the rotor
[4]. Finger plates and clamping rings in particular are subject to
additional load losses as they are located close to the armature
end windings. Losses in the finger plate and in the clamping
ring are most difficult to calculate or measure. Modern simu-
lation tools permit more accurate identification of these losses,
making their minimization possible.
Clamping ring constructions are different in different ma-

chines, and consequently, the losses vary depending on the
shape and current of the machine. Analysis of clamping ring
losses is therefore best approached with 3-D finite element
methods. 3-D calculations of the end region magnetic field
have been presented in several papers [5]–[23]. Two of these
papers [6], [23] apply a 2.5-D method, that is, an approach that
combines 2-D and 3-D methods.
Three papers [8], [11], [23] treat the losses of the clamping

ring and the stator stack supporting finger plates. However, in all
of these three cases, the mesh was not fine enough to accurately
calculate the Joule losses caused by eddy currents.
In [8], the magnetic field in the end region is calculated using

reduced magnetic vector potential. No losses of the machine
were reported; the method is only used to calculate the end
region flux. Flux density and eddy current distributions were
shown. Higher flux density was achieved with no load than with
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cepted March 05, 2012. Date of publicationMarch 13, 2012; date of current ver-
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load. However, no explanation was presented for this finding.
Furthermore, the mesh density utilized in the study did not allow
accurate loss calculation on the clamping ring and the finger
plate.
In [11], the calculation of clamping ring losses was done by

defining them analytically and then inserting them into a FEM
program, calculating temperatures, and comparing them tomea-
surements of the real machine. A 3-D method was not used
to calculate the clamping losses because of the lack of com-
puting power when the research was done in the beginning of
the nineties. 3-D was only used to solve the end region field.
A permanent-magnet machine with non-metallic and metallic

clamping rings has been investigated bymeasurement and 2.5-D
finite element methods [23]. The PMSM analyzed was a very
small automotive machine, and the study focused on losses at
the maximum speed, which is five times the rated speed, rather
than losses at the nominal point. Therefore, exact information
was not given on the proportion of losses of the rated power at
the nominal point. Nevertheless, the paper gives a good indica-
tion of losses in machines used in automotive applications.
In this paper, the additional losses of a 1650 3.1 MW

permanent-magnet wind generator (PMG) in the stator stack
supporting finger plate and the clamping ring are analyzed by
3-D FEM. A very fine mesh is built where the skin effect is
pronounced. As a result, accurate losses are obtained. The re-
sults show that normal construction steel material S355JO/EN
10025 can be used with moderate losses in both the finger plates
and the clamping rings; however, an efficiency improvement of
about 0.075% can be achieved by using austenitic stainless steel
in large permanent-magnet wind turbine generators instead of
ferromagnetic steel. Losses in the stator housing are analyzed
by a 2-D finite element method.

II. METHODS

The finger plate and clamping ring are located at the stator
core ends. Fig. 1 depicts the location of the finger plate and
clamping ring, one pole, and half of the machine. Finger plate
and clamping ring are found from the both ends of the machine
and are used to keep the laminated stator core together.

0018-9464/$31.00 © 2012 IEEE
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TABLE I
MATERIAL DATA FOR 3-DFEM FINGER PLATE AND CLAMPING RING SIMULATION

Fig. 1. One pole of the calculated machine.

Fig. 2. Stator clamping ring and finger plate area dense mesh in areas where
the skin effect is pronounced.

A 3-D steady-state AC magnetic finite element method was
applied to analyze the clamping ring and finger plate losses
using Flux 3D software. The main problem in building the
model is the mesh; it must be known where the skin effect
is pronounced and the number of mesh elements minimized
accordingly. The mesh of the cross section of the clamping
ring and the finger plate is depicted in Fig. 2. As the clamping
ring can be extruded, a very accurate mesh can be achieved
in the clamping ring and the yoke part of the finger plate, in
which case mapped meshing can be used in the volumes. Using
mapped faces makes the elements rectangular, and the mesh
can be made fine near the surface, where the skin effect is
pronounced. When using construction steel, the mesh does not
have to be dense in the middle of the clamping ring because
the skin depth is only 1 mm. The mesh is dense enough for
stainless steel, as stainless steel has a skin depth of 50 mm
with a nominal frequency of 82.5 Hz. To obtain sufficient
accuracy in the eddy current losses there needs to be at least
two elements in the skin depth [24]. The Flux 3D software uses
second order interpolation and in order to model this kind of a

problem correctly there needs to be at least two second order
elements in the skin depth range.
When considering the tooth of the finger plate, the same accu-

racy cannot be achieved in the case of construction steel because
the teeth cannot be extruded in Flux3D and the mapped mesh is
unusable in the volumes. It is therefore not possible to generate
an accurate mesh, i.e. the two elements in the skin depth are not
achieved in every place where the skin effect is pronounced.
Therefore, less accurate results have to be accepted in the finger
plate. For stainless steel, the accuracy is, however, very good be-
cause the skin depth is large compared with construction steel
and there are always more than two elements in the skin depth.
Modelling was carried out with various meshes. When the

finger plate was calculated with a sparse mesh, the results with
stainless steel were 10 times too large, illustrating the impor-
tance of correct mesh size for accurate results.
Material data for 3-D simulation are presented in Table I.

Eddy current calculation is always a complex problem espe-
cially in 3-D, and sometimes convergence is not achieved. The
material used was isotropic linear material because when using
a saturating material the calculation did not converge. Using
linear material means that the flux densities near the surface are
higher than in reality. The unsaturated material thus adds some
losses to the calculation but the results suggest that such losses
are not high. The losses in reality should be somewhat smaller
than those presented in this paper, indicating that it should be
possible to use construction steel in the clamping rings and
finger plates.
In addition to end region losses calculated with 3-D FEM,

losses in the stator housing were studied by 2-D FEM calcula-
tion. The housing losses can be studied by 2-D FEM because
the field is not 3-dimensional. The thickness of the yoke was
varied and the maximum flux density in the yoke and the losses
in the housing were recorded. When the losses in the housing
start to occur can be seen from these results. This information
is very useful for designers. In Fig. 3, the squares on the top of
the yoke are welded to the stator stack. They are used to bolt the
finger plate and the clamping ring to the stator and they are also
included in the losses of the housing.
In the simulation, there are 200 air gaps between the iron

parts and the stator yoke. In the actual machine there is always
some air between the supporting structure and the stator yoke.

III. RESULTS

A. Stator Stack End Finger Plate and Clamping Ring Losses

In this section, 3-D FEM results are first presented for losses
in the clamping ring and the finger plate with two different mate-
rials. In the second part, 2-D FEM is used to assess when losses
start to occur in the housing.
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Fig. 3. Supporting steel structure of the machine.

Fig. 4. Eddy current density when a) the finger plate and the clamping ring are
made of construction steel and b) when the finger plate and the clamping ring
are made of stainless steel.

At correct voltage with no load, the armature current of a PM
generator is practically close to zero and the load-dependent ad-
ditional losses approach zero in these mechanical parts. How-
ever, at load the armature current linkage tries to excite also the

Fig. 5. Eddy current densities when a) the finger plate is made of construction
steel and the clamping ring of stainless steel; b) the finger plate is made of stain-
less steel and the clamping plate of construction steel.

finger plate and the clamping ring areas. Figs. 4 and 5 illustrate
the current densities of the finger plate and clamping ring of the
3.1 MW six-pole machine used in this study. The thickness of
the finger plates is 15 mm and the thickness of the clamping
ring is 55 mm. A 3-D simulation was used where the current
linkages produced by the armature currents travel axially before
proceeding into the tangential parts of the end winding. In the
calculation, the rated armature current (2800 ) was used at
the rated frequency of 82.5Hz.
3-D FEM simulation results for the two different materials

are presented in Table II. The losses are given for both ends of
the machine.
Fig. 4 presents cases where the materials are the same in both

the clamping ring and the finger plate. It was expected that the
losses would differ significantly; the small size of the losses
when using construction steel was somewhat surprising. Nev-
ertheless, 2.3 kW savings in losses were obtained when using
stainless steel instead of construction steel, signifying a 0.075%
improvement in the efficiency. The eddy current density distri-
bution in construction steel can be seen clearly in Fig. 6. Most
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TABLE II
SIMULATION RESULTS IN 3-D FEM FOR THE CLAMPING RINGS AND THE FINGER PLATES MADE OF EITHER CONSTRUCTION STEEL OR STAINLESS STEEL

Fig. 6. Eddy current density when the finger plate and the clamping ring are
made of construction steel.

of the eddy currents are concentrated on the edges of the ring
and the plate, as expected.
The case was also studied where the clamping ring and the

finger plate are made of different materials. Fig. 5 shows the
eddy current density distribution when the clamping ring and
finger plate materials are different. When the finger plate is
made of construction steel and the clamping ring is made of
stainless steel, the total losses are almost twofold compared with
the case where the materials are vice versa.
When the finger plate is made of construction steel and the

clamping ring is made of stainless steel, the losses seem to be
bigger compared with the case where both are made from con-
struction steel.
The results indicate that there is interaction between thefinger

plate and the clamping ring when different materials are used.
Therefore, if one material is replaced by some other material,
previous results cannot be considered to be fully valid even if the
other supporting ring or plate in the new configuration is made
of the same material. The losses need to be completely recal-
culated with new material data. When stainless steel is used in-
stead of construction steel, a 0.075% increase in the rated point
efficiency is attained.
It can be seen in Fig. 6 that when construction steel is used,

the eddy currents are very much concentrated on the edges of the
finger plate and the clamping ring. Consequently, a very dense
mesh is needed at the edges. In Figs. 4(a) and 5(a), the current
is not equal at every finger, which is due to the mesh not being

dense enough in the finger plate. In Figs. 4(b) and 5(b), where
stainless steel is used, themesh density gives accurate results be-
cause two elements in the skin depth are enough to give accurate
results and there are more than two elements in the skin depth
throughout. The same mesh can be used for both materials.
In the case of the ferromagnetic material, the skin depth is

limited because of the low resistivity cm and high
permeability. However, the ferromagnetic material experiences
high flux densities because of the linear properties of the ma-
terial, and significant eddy current losses are generated. There-
fore, losses when the construction steel is used are higher than
in reality. On the other hand, when the non-ferromagnetic ma-
terial was used, the flux density remained low, and losses are
therefore quite close to what they are in reality.
When looking at Fig. 5(b), one can see that the current density

is higher in the inner circle of the clamping ring than the outer
circle. This happens because flux penetrates the clamping ring
radially and generates eddy currents that just circle tangentially
in the surface of the inner circle. As far as the outer circle is
concerned, the flux is only tangential and does not create any
current tangential to the outer circle of the clamping ring.

B. Losses in the Support Structure

Saturation in the stator yoke may result in losses in the stator
supporting material. In this study, the stator external diameter
was varied between 850 mm and 930 mm to adjust the satura-
tion level. Variation of stator diameter was done by changing
the stator yoke thickness. All other dimensions were kept un-
changed. The results were derived with Flux2D. The results
show that the additional losses in the housing can be prevented
by correctly dimensioning the thickness of the stator yoke.
In Table III, the losses of the supporting parts of the ma-

chine are listed with maximum stator yoke flux densities ex-
cluding previously calculated finger plate and clamping ring
losses. When the stator diameter is reduced from 930 mm to 850
mm, the additional losses in the supporting structure increase by
4 kW. The reason for this is that the stator yoke is close to satura-
tion, and the magnetic voltage across the supporting parts starts
to increase when the supporting iron becomes an attracting route
for the flux.
As Table III shows, when the stator diameter is 880 mm and

above, the losses in the support structure are close to nonexis-
tent. It may be concluded that in cases when the stator yoke is
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TABLE III
POWER LOSS IN THE HOUSING AND IN THE WELDED PARTS WITH DIFFERENT STATOR DIAMETERS

TABLE IV
PERMITTED FLUX DENSITIES AT THE STATOR YOKE FOR DIFFERENT TYPES OF ELECTRICAL MACHINES [26]

Fig. 7. 3.1 MW PMGs in back-to-back efficiency test setup.

designed to be thin, the designer may unintentionally add losses
to the supporting structure. The flux densities given in Table IV
can provide guidelines for design of the stator yoke thickness.
It should be noted that the thickness of the yoke not only

affects losses in the housing but can also influence losses in
other iron parts of the machine, as shown in [25].

C. Efficiency Measurement of 3.1 MW 1650 rpm PMG
Efficiency measurements were carried out on 3.1MWPMGs.

The test setup is depicted in Fig. 7. The efficiency measurement
was done by using two identical machines connected back-to-

back and using IEC 34-2 [1] to calculate the efficiency. In the
first measurement, the finger plates and clamping rings were
made from construction steel and the efficiency was measured
to be 97.4%. In the second measurement, the finger plates and
clamping rings were made from stainless steel and the efficiency
was measured to be 97.5%.
Taking the margin of error of the measurements into consid-

eration, the data indicate that the FEM calculation results are
within the correct range.

IV. CONCLUSION

In 3-D FEM eddy current problems, a dense mesh has to be
built in areas where the skin effect is pronounced. The mesh
has to be denser near the surface of the investigated object to
obtain accurate results. In this paper, a very accurate mesh was
built and the losses with a non-ferromagnetic and a ferromag-
netic material were calculated. According to the simulation re-
sults, a loss that reduces the efficiency by 0.075% takes place
in the finger plates and the clamping rings when using a fer-
romagnetic material. This loss value can be reduced almost to
zero by switching to a non-ferromagnetic material. The result
was verified by efficiency measurements of 3.1 MW PMGs that
had finger plates and clamping rings made either of construction
steel or stainless steel. With low-loss material, a clear improve-
ment in the machine efficiency was measured.
Based on the results of this paper, designers can easily

estimate the importance of additional losses in these types of
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machines. The designer can choose from two different and
common materials used in the end region support structure.
Even construction steel can be used without compromising the
efficiency too much.
Despite the seemingly small loss in efficiency, it should be

noted that with a 4000 h annual load factor the lost production
is worth euro 750–1000 p.a. at an energy price of 80 euro/MWh.
Losses can also be generated in the stator supporting structure
if there is too high a flux density in the stator yoke, that is, if the
stator yoke starts to saturate. If the peak stator yoke flux density
is limited to 1.5 T in the stator yoke, there will be no significant
losses in the housing of a machine at a low operating frequency.
This result supports traditional guidelines for generator stator
yokes.
In conclusion, it should be noted that even such a small im-

provement as found in this study is of significance when pur-
suing highly efficient electrical machines.
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Abstract— New types of heavy litz wires with noninsulated or 

insulated strands are offered for high-power low-voltage electrical 
machines, where skin and proximity effects can cause serious prob-
lems if traditional windings are used. This paper evaluates the ac 
resistance of a litz-wire and its usability in MW range low-voltage 
electrical machines. The evaluation is made by finite element anal-
ysis and by resistance measurements with an experimental test 
setup. A simple amplifier configuration was used to minimize 
current and voltage phase shift errors, which are critical in this 
kind of low impedance and low frequency measurement. A simple 
measurement device based on the above-mentioned configuration 
was prepared to ensure a precise measurement result.  Tests were 
done in a frequency range of 50 Hz to 200 Hz, to cover a wide 
range of practical high-power low-voltage electrical machines. It is 
found that the measured litz wire with originally noninsulated 
strands can be used in large electrical machines up to about 120 Hz 
if about 50% increase in ac-resistance compared to the dc-
resistance is allowed. Impregnation of the originally noninsulated 
litz wire with VPI improved the ac resistance in one test case, and 
in the other case, it seemed to have no effect on the ac resistance.  

Index Terms—Eddy currents, skin effect, proximity effect, litz wire, low-
voltage, generator 

 

I. INTRODUCTION  
inimizing eddy current losses in electrical machines is an 
important task when improving efficiency [1]. Utilization 

of new types of heavy litz wires now offers a practical approach 
to mitigate the skin effect and harmful circulating currents in 
rotating electrical machines, especially, in multi-megawatt low-
voltage applications.  

Litz wires with insulated subconductors have for decades 
been widely used in high frequency applications such as trans-
formers [2]-[10] and induction cooking heating appliances [11] 
[12]. They have also been proposed for HTS (high temperature 
superconductor) machines [13] [14] where the flux densities are 
high and pass through the conductors.  

Traditionally, high-frequency litz wires have been manufac-
tured of very thin insulated strands and have not been consid-
ered applicable in high-power rotating machines because of 
high costs and a poor space factor for copper kCu .  
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   The trend of using low-voltage multi-megawatt generators for 
full power converter applications, especially in wind power 
generation, has increased problems associated with avoidance 
of high Joule losses, as the number of turns in a slot usually 
remains very low, sometimes just one turn per slot. In such 
windings, the skin effect and circulating current problems are 
obvious at normal generator frequencies, if full transposition of 
the subconductors cannot be arranged. Such a transposition 
with traditional form wound windings easily leads, in practice, 
to the use of Roebel bars, which are very expensive.  

A completely new range of heavy litz wires has now become 
available on the marketplace. Such litz wires with noninsulated 
subconductors are cheap enough to be used in multi-megawatt 
electrical machines. However, the advantageous price comes at 
the cost of a lack of insulation between the subconductors. The 
underlying idea of litz wire with noninsulated strands is that the 
galvanic connections between subconductors in the slot area, 
especially after winding impregnation, are assumed to be weak 
enough so that the wire can be used at moderate machine fre-
quencies without the large Joule losses which are present in 
bulky conductors.  

Litz wire, by definition, has insulated subconductors and 
thus litz with noninsulated strands should maybe not be called 
litz wire but rather a bunched wire [2]. This paper, however, 
shall use the term litz wire also for stranded and transposed 
wires dedicated for use in low-voltage electrical machines even 
when the strands are originally noninsulated. 

 The advantages of using these novel litz wires for low volt-
age high-power machines are that: 1) the Joule losses remain 
low because of a good transposition, meaning that each strand 
is, in practice, linked by the same amount of slot leakage flux, 
and therefore, no circulating currents between parallel strands 
are formed, 2) manufacturing of the winding is easy, as the 
non-impregnated litz wire is very easy to bend, 3) the whole 
phase winding can be made without any joints between coils, 
and 4) as a result of the lack of joints, there is no need to make 
extra insulations at the coil ends. 

The low rigidity of litz wire creates a need for extra support 
systems for the end-windings, which can be regarded as an 
adverse effect of using these novel litz wires. 

Analytical methods have been developed to evaluate litz 
wire losses in transformers [2]-[9] [15]-[21]. Probably the most 
cited work concerning the ac resistance is Dowell’s formula, 
which can be used to evaluate round-wires [10], form wound 
windings [22] and litz wires [18]. 

The resistance in a noninsulated and oxidized litz wire de-
pends on how tightly the wire is packed into the slot. Xu and 
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Sullivan [5] has measured the resistance between parallel non-
insulated subconductors and has found that the conductivity 
between strands changes as a function of wire packing pressure 
until 80 kPa. Although the data were inconsistent, even in the 
worst case, the measured resistivity was 1000 times the resistiv-
ity of copper conductor material. Xu’s model is complex and its 
use requires knowledge of the resistance between subconduc-
tors. For this reason, usage of the model has been precluded in 
our paper.  

In this paper, we shall study if the assumption of low losses 
of impregnated litz  wire  with originally noninsulated strands 
in rotating machines is valid. Two actual 3 MW permanent 
magnet (PM) generators (PMG) were manufactured; one using 
litz  wire with noninsulated  subconductors  and  the  other 
using form wound windings. No difference between the two 
versions was observed in the efficiency measurements, which 
supports the idea that a low loss winding can be manufactured 
using heavy litz wires. The aims of this paper are to assess 
whether this result is correct and, furthermore, to determine 
until which approximate frequency the technology can be used 
in large low-voltage electrical machines. Other litz wires were 
also measured to increase the amount and reliability of data. 
For the difficult measurement of very low ac-resistance, a sim-
ple operational-amplifier-based measurement device was de-
veloped to minimize the effect of phase shift error, which is a 
critical factor in this kind of low resistance and high inductance 
measurement.   

II. EDDY CURRENTS 
An equation for calculating the dc resistance in a litz wire 

has been developed, e.g., in [5], as: 
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where ρCu is the resistivity of copper, kCu is the copper space 
factor (typically around 0.6), l the total length of the wire, ds is 
the diameter of the sub-conductor, n is the number of subcon-
ductors, and lp is the pitch of the litz wire arrangement.  

The resistance also depends on the temperature 
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where ρCu(20ºC) is the resistivity of copper at 20 degrees Celsius, 
ΔT is the temperature difference to 20 degrees Celsius, and αCu 
the temperature coefficient of resistivity. The resistivity of a 
standard commercial copper, according to the international 
annealed copper standard (IACS) at room temperature (+20 °C) 
is ρCu(20ºC)= 1.724∙10-8 Ωm. The resistivity of higher-purity 
copper can be a few percents lower than that of the IACS value. 
The temperature coefficient of the resistivity for copper is αCu = 
3.81·10-3 1/K. 

When a current carrying conductor with a finite cross-
sectional area carries an alternating current, according to Fara-
day’s induction law, an electric field strength E curl is induced 
in the internal paths of the conductor 
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which in turn creates an eddy current density vector J 
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Based on (3) and (4), the current density J is dependent on 

the conductor inductance and the physical properties of the 
conducting material.   

The depth of penetration δ for a plane conductor is 
 

    
fπµ
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where f is the supply frequency, and µ is the conductor permea-
bility.  

A formula for calculating losses in a litz wire with insulated 
strands has been developed in [2] as 
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where ω is the angular frequency of a sinusoidal current, ρ is 
the resistivity of the conducting material, µ0 is the vacuum 
permeability, zQ is the number of turns in a slot, n is the number 
of strands, ds is the diameter of each strand, and bb is the slot 
width. Eq. (6) has been derived based on the assumption that 
each strand is thin compared to the depth of penetration and, 
therefore, it assumes that the field is uniform inside a conductor 
[4]. It also assumes that there is equal current sharing between 
the strands, which means that the construction of the litz wire is 
done in such a way that it minimizes the bundle-level skin and 
proximity effects correctly [4], i.e., there is ideal transposition 
in the wire, which, in practice is not fully true. Eq. (6) only 
applies for 1-D field. The formula does not take into account 
the end winding in any way. End winding resistance, however, 
still plays a big part in the total resistance factor because the 
longer the end winding, the greater is the resistance faced by 
the circulating currents and the smaller will be the effect of the 
slot bound area on the total resistance factor. The skin effect 
and proximity effect originate mostly in the slot area [23]. The 
total increase in the ac resistance is the average effect in the 
whole winding. If only the effects in the slot area are taken into 
consideration, the effect seems to be high, but when the end 
winding is taken into account, the total winding resistance 
factor gets smaller. In the test stack in this study, the amount of 
copper in a slot is set to be 50 % of the total copper amount. In 
the actual 3 MW PM machine, where noninsulated litz with 0.5 
mm diameter subconductors were used, the length ratio be-
tween the slot-bound conductor and end-winding conductor is 
about 65 % and 35 % respectively. If the end winding re-
sistance is taken into account using (2) the result is: 
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where lstack is the length of the winding inside a stack, lend-winding 
is the length of the end winding, and lturn is the length of the 
turn.  
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Most of the stray flux crosses the slot near the slot opening 
and for solid or non-transposed stranded conductors it seems to 
force most of the current to travel as close to the slot opening as 
possible. The proximity effect amplifies the phenomena in such 
a way that the other side of the conductor, nearer the slot bot-
tom, also seems to acquire a large current density, leaving the 
centre of the conductor with lower current density. The proxim-
ity effect is always present in multi-layered windings [24], [25].  

Eddy currents flow in two ways in windings; 1) by the skin 
effect that is caused by the conductor’s own field, and 2) by the 
proximity effect that is caused by the field of the conductors 
adjacent to the conductor in question. From these effects, two 
physical eddy currents are built. Firstly, inside a solid conduc-
tor, eddy currents flow in the slot bound areas. This can also be 
called strand-level eddy current loss. Secondly, if there are 
parallel conductors, a circulating current will flow through the 
whole winding in the parallel conductors. 

Eddy currents inside a solid conductor can be minimized by 
dividing the conductors into smaller subconductors (parallel 
strands). However, when subconductors are used, circulating 
currents start to occur between them. The circulating currents 
go from one coil end to another where the subconductors are in 
galvanic contact. A transposition can be used to minimize the 
circulating currents between the subconductors. A double-layer 
form-wound winding partly cancels out the circulating current 
since the sub-conductor at the top of the slot is at the bottom of 
the slot on the other coil side. To minimize circulating currents 
further, the subconductors should be equally placed in every 
position in the slot depth. Since this is not possible with form-
wound winding, litz wires or Roebel bars can be used. In a litz 
wire, ideally, each sub-conductor travels thorough the slots via 
all possible magnetic conditions averaging the slot leakage flux 
effects to be the same in all insulated strands, thus preventing 
circulating currents between parallel subconductors connected 
galvanically together at machine terminals. However, if eddy 
currents are minimized, there is the drawback of increased dc-
resistance of the wire, caused by the addition of insulation 
between the subconductors and a small length increase as the 
strands are twisted together. In multi-megawatt low-voltage 
permanent magnet windmill generators, the space factor for 
copper kCu of a form-wound machine, based on our experience, 
is about 0.6. With noninsulated litz wire, the space factor 
reached in our test machines is about 0.58. Thus, with noninsu-
lated litz wire, the dc-resistance was increased by 3%. 

 
 
 

III. MEASUREMENT SETUP AND ANALYSIS METHOD  
 
Four types of litz wires were measured and compared when 

preparing this paper. Two of the tested litz wires are shown in 
Fig. 1. The wire on the left-hand side of Fig. 1 has  subcon-
ductors of 0.5 mm in diameter. The number of subconductors 
is   631  and  the dimensions  of  the  whole  conductor  are  
12 mm × 14 mm (w × h).  The wire on the right-hand side of 
Fig. 1 has 1 mm diameter round noninsulated subconductors. 
The dimensions of the whole conductor are 10.5 mm × 18 mm 
(w × h) and it consists of 180  noninsulated  subconductors. 
The third litz  wire  consists  of  176 grade  0  insulated  1-mm-                          

 
Fig. 1. Cross-section of the litz wires under study. On the left, a litz wire with 
630 noninsulated subconductors, and on the right, a litz wire with 180 noninsu-
lated subconductors. Both wires originally have rectangular form but are de-
formed because of cutting.  

 
TABLE I 

LITZ WIRE CONFIGURATION. 

 
 
diameter subconductors. Grade 0 is used by Von Roll in their 

standard for litz wires [26]. Grade 0 has one layer of enamel on 
it. Also litz wire that consists of 179 oxidized 1-mm-diameter 
subconductors was measured and compared.  

The bundle configurations are presented in Table I. The 
wires have been given a label used later in the figures. The 
measured litz wires are constructed in a way that the centremost 
bundles are twisted together and then other bundles twisted 
around the centre bundles. In Table I, for example, the first 
number set (6×11) means that there are in total 6 bundles with 
11 strands in each bundle and the latter (+11×10) shows that 
there are 11 more bundles with 10 strands in each bundle. Such 
a litz does not represent ideal transposition because the cen-
tremost bundles will never pass through the edges of the wire 
but stay in the centre. 

For each wire, the dc resistance is measured and used to cal-
culate the resistance factor according to (8) and (9). 

The wires with noninsulated strands were measured before 
and after the impregnation. The impregnation was done with 
the vacuum pressure impregnation (VPI) method. The resin 
used is polyester CC1105 and the impregnation was repeated 
twice.  The VPI method ensures good penetration of resin be-
tween individual subconductors and, to some extent, seems – 
according to our results – to lessen the galvanic connections 
between the subconductors with noninsulated litz.  

Finite-Element  (FE) Method (FEM) analysis was used to 
evaluate the ac resistance factor in a single conductor in the litz 
wire with 1 mm thick insulated subconductors and also to com-
pare  the  double-layer  form-wound  winding  and  its  

No. Litz wire type Centre 
bundle 

Outer 
bundle 

Insulated 
strands 

Pitch 
[mm] 

1 6×11+11×10   
(176× 1mm) 

6×10 6×11+ 
5×10 

Yes 310 

2 8×10+9×11 
(179 × 1mm) 

6×10 2×10+ 
9×11  

Oxidized 310 

3 10×11×7x10 
(180 × 1mm) 

5 × 11 5×11+ 
7×10  

No 310 

4 5×45+10×36 
(631 × 0.5mm) 

11×32 2×32+ 
5×43  

No 160 
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Fig. 2. Laminated test stack for litz wire resistance factor measurement.  

usability compared with litz wire with 0.5 mm noninsulated 
subconductors. 

The losses were measured on two 3-MW 6-pole PM ma-
chines equipped either with form-wound windings or with litz 
wire windings (0.5 mm subconductors). The measurement was 
performed in a back-to-back connection of two machines, the 
first one having a litz wire winding and the second one having a 
form wound winding. There were several PT-100 sensors in-
serted in the windings. No substantial difference was observed 
in the winding temperatures of the machines at a nominal fre-
quency of 82 Hz, which would indicate that the copper losses 
should be quite close to each other. However, it should be 
borne in mind that the stator copper losses in this kind of a 
machine constitute only 25 % of the total losses (according to 
the efficiency measurements) and small changes in losses are 
not observed easily at operational temperatures.  

The concept underlying the litz wire is that small enough 
parallel subconductors are transposed as ideally as possible so 
that the circulating currents are, in practice, eliminated. Addi-
tionally, each single sub-conductor should be thin enough that 
no significant eddy currents are formed inside a single conduc-
tor. The concept of the well-impregnated litz wire with original-
ly noninsulated strands, on the other hand, presupposes that the 
galvanic contacts between the subconductors are sufficiently 
weak as to make actual insulation unnecessary.  

A test arrangement was planned in which a test stack would 
simulate the real machine using representative slots.  

The test stack designed is shown in Fig. 2. The test stack was 
made from M400-50A iron and was 400 mm in length. The 
stack has rectangular, actual-sized slots that emulate the slots of 
an actual machine, causing a transverse flux density across the  

 

 
Fig. 3. Measurement instrumentation using two identical differential operational 
amplifier circuits. 

 
slot and encouraging the skin effect and proximity effect to take 
place. The stack support structure is made from non-magnetic 
stainless steel to avoid additional losses. The non-magnetic 
stainless steel bars used to tighten the stack are insulated at the 
ends. 

The coil has four turns and the end windings are as long as 
the conductors inside the iron slot (400 mm). Thus, the total 
length of the coil is 6400 mm. The dc resistance is in the range 
of 1 mΩ. 

 

 

A. Measurement setup 

The dc resistances were measured using a Hewlett Packard 
34420A micro-ohm meter. A Pacific 360-AMX ac power 
source was used with frequencies 50–200 Hz. 50 Hz is the 
lower limit for the device. The current shunt used in current 
measurement was a Hilo-Test ISM 5P/20. An Agilent 
DSO6104A oscilloscope was used to obtain voltage and current 
measurements. 

In the ac resistance measurement, we are operating near 90° 
of phase shift between voltage and current phasors, which 
makes the measurement sensitive to error. This error is usually 
known in measurement devices as Q-factor error. A 1° error 
between the phase difference of voltage and current would 
mean that the resistance factor is 50 % higher than it should be. 
The total impedance is in the range of 20 mΩ at 50 Hz, which 
means that impedance measurement devices are unusable in 
this frequency range.  

To obtain accurate measurement, one has to make sure that 
connections are solid. Voltage probes of type 10074D by Ag-
ilent were also used, but the result had a poor signal-to-noise 
ratio and, therefore, measurements with the probes only were 
unusable. We believe that the poor signal-to-noise ratio was 
caused by the electromagnetic interference coupled to the 
measurement via the physically large inductor. To overcome 
the noise problem, a simple application-specific measurement 
device was built to reduce the bandwidth of the measurement. 
The measurement amplifier was prepared using OPA27 opera-
tional amplifiers with 0.1 dB bandwidth of 35 kHz. The sche-
matics of the measurement are depicted in Fig. 3.   
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Fig. 4. Geometry of the FEA. There are 720 insulated solid conductors in a slot. 
Therefore, no galvanic connections between adjacent wires are modelled in the 
FEA. 

A low measurement current was used in the measurements 
to avoid excessive iron losses. This approach was used because 
any iron loss would sum up to the result and the conductor 
Joule losses would seem higher than they really are. The low 
iron losses were confirmed with Flux 2-D’s loss surface model, 
which is a scalar and dynamic hysteresis model [27]. Only the 
third decimal in the losses changed and this had no noticeable 
effect on the result.  

Temperature was not measured but we concluded that the 
temperature would not rise significantly because of the low 
measurement current (7 A) and the large cross-section area 
(124−141 mm2) of the litz wire. 

 
The basic approach was to measure the coil current and volt-

age and calculate the active power by integration of multiplica-
tion of the current and voltage instantaneous values. The ac-
resistance can then be written 

 

                       2
rms

ac I
PR = .       (8)   

 
The resistance factor is calculated as 
 

                     
dc

ac
r R

Rk =   .       (9) 

IV. FEM ANALYSIS 
There are two physical eddy current components which orig-

inate from the skin effect and proximity effect, mostly in the 
slot area.” In this analysis, we however assume that eddy cur-
rents are only originated from slot area because of simplifica-
tion. This means that the resistance factor for the end-winding 
area is assumed to be 1.00 in the FEM and in (7). This was 
confirmed with FE analysis (FEA) for the geometry depicted in 
Fig. 4. The simulation showed that when iron was changed to 
air, the losses at 200 Hz were 4.4 ‰ bigger than at 5 Hz. Based 
on these results, we can assume that the end winding ac re-
sistance factor with originally insulated 1 mm subconductors is 
kr = 1. FEM analysis was also used to get additional confirma-
tion data for the comparison.  

 
Fig. 5.  FEA results of the form-wound winding. Current density distribution is 
illustrated with nominal frequency.  

 
The geometry of the FEA is presented in Fig. 4. There are 4 

× 180 = 720 insulated solid copper conductors in a slot. One litz 
wire contains, in principle, 180 solid subconductors in parallel, 
but to examine the amount of ac resistance factor inside a single 
sub-conductor with FEM, all the conductors have to be put into 
series to avoid circulating currents in the calculation. The aver-
age resistance factor of all the subconductors then gives the 
resistance factor for the whole winding caused by eddy currents 
inside subconductors. The same result is also valid for the ideal-
ly stranded litz wire with insulated strands. The end winding 
resistance also has to be included in the result to be comparable 
to actual winding.  

The FEM result was also compared with the measurement 
results to evaluate how much of the resistance increase is 
caused inside subconductors and how much is due to the circu-
lating currents between parallel subconductors the use of which 
the litz wire is trying to minimize. Since the transposition of the 
conductor is not ideal, there will be some circulating currents 
between parallel subconductors. A temperature of 20° C was 
used in the FEA as the temperature of the copper. 

FEA of the form wound winding resistance factor was done 
in the same way as the litz wire FEA, with the exception that 
the circuit was modelled as a real winding consisting of both 
series-connected and parallel-connected conductors and a real 
number of slots per pole and phase. Every conductor, seen in 
Fig. 5, is described in the circuit as a solid conductor enabling 
internal eddy currents. Additionally, end winding resistance is 
included in the results because it affects the resistance factor. 
The amount of slot-bound copper is set to be equal with the 
copper in the air to be able to make a comparison with our 
measurement setup. 

 
 

V. RESULTS 

A. Litz wire comparison 
Fig. 6 presents an example of the measured signals. The 

curve with less distortion is the current measurement signal, 
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and the other one is the voltage signal. The current has to be 
multiplied by 25, meaning that the current amplitude is about 
10 A in all the frequency range. The voltage has to be divided 
by two to get the actual voltage values, and when frequency is 
increased, the voltage increases because the system impedance 
is increasing. The current stays about the same because the 
measured device has actually a lot smaller impedance than the 
inner impedance of the feeding system.  FFT was used to obtain 
the measured resistance factor with fundamental frequency, but 
the factors calculated from the original signal only differ by a 
few thousandths. 
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Fig. 6.  Example of measured signals with 50 Hz. 

 

 
Fig. 7.  Resistance factors of the FE-analyzed form-wound winding, the meas-
ured litz winding with 630 originally noninsulated subconductors with and 
without impregnation. See legends in Table I. 

 
The measured resistance factor of the noninsulated litz wire 

and the FEM-simulated resistance factor of the form-wound 
winding are given in Fig. 7. Both of these windings have been 
used in an actual low voltage 3-MW PMG. No difference was 
observed between the different windings in the efficiency 
measurements of the machine. The results in Fig. 7 indicate that 
the initial measurements were correct. There is a small differ-
ence between the windings, but it would not be seen in the 
efficiency measurements because in this machine type the 
copper losses constitute only about 25 % of the total losses. 
Consequently, the difference in the results, based on Fig. 7, is 
only some hundreds of watts, which would be lost in the uncer-
tainty of the efficiency measurement. Based on the information 
in Fig. 7, noninsulated litz wire with 630 subconductors could 
be used in this machine until 120 Hz if an ac resistance factor 
1.5 is allowed for copper losses. The allowed increase in ac 
copper losses also depends naturally on how much losses the 
designed cooling system can handle. 

Results   for  litz   wire  number  1  in  Table  I,   i.e.  litz  
wire  with  1-mm  insulated  subconductors,  are  depicted in  

 

 
Fig. 8.  Litz wire with 1 mm insulated subconductors. See legends in Table I. 

 
 

Fig. 8. Curve “1” depicts the measurement results. ”Analytical 
1 (6)” depicts the results obtained according to Eq. (6) and 
“analytical 1 (7)” depicts the results obtained according to Eq. 
(7). Curve “1 FEM” depicts strand-level eddy currents in the 
case where all the subconductors are connected in series in the 
FEA. This should correspond to ideal litz wire, where there are 
no circulating currents between parallel conductors, only eddy 
currents inside solid subconductors (strand-level eddy currents).  

The measured curve in Fig. 8 consists of dc-losses combined 
with losses inside a single sub-conductor (strand-level eddy 
currents) and circulating current losses. When the FEM result is 
subtracted from the measurement result, the remaining value is 
the total resistance factor caused by the circulating currents 
between the subconductors. The difference between the simula-
tion and measurement results shows that the transposition is not 
ideal and there are circulating currents between subconductors. 
The analytical formula is based on the assumption that there is 
equal current sharing between the strands of the litz wire, 
meaning that there will be no circulating currents between the 
strands.  

Equations (6) and (7) are used because they depict where the 
measurement result should be if the litz wire were designed and 
manufactured in a way that each bundle of subconductors 
would get an exactly equal amount of stray flux. Evidently, 
because of the large centre bundles and outer bundles, there are 
paths for circulating currents. That is why the measured litz 
wire ac resistance differs substantially from the results given by 
(6) and (7). 

In addition, our improvement to (6) taking the end winding 
resistance into account in (7) seems to work, even though it is 
not an exact result. The error is small when comparing to the 
simulation result in Fig. 8. 

The skin depth in copper in room temperature is 4.7 mm at 
200 Hz and about 9.3 mm at 50 Hz. This indicates that there 
will be some eddy currents at 200 Hz, which can be seen in the 
results of Fig. 8.  

The FEA analysis result of the current density at the top of 
the slot at 200 Hz is shown in Fig. 9. In the single wire, the ac 
resistance factor is always greatest at the top of the slot, due to 
the larger stray flux, which can also be observed in Fig. 9.  

We also compared the litz wire with 1-mm subconductors 
with different insulations, and the results are depicted in Fig. 
10. As expected there is a big difference between insulation 
levels at this frequency range. 
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Fig. 9.  Current density at 200 Hz in the upper part of the slot based on the FEA. 

 

Fig. 10.  Resistance factors from  measurements  and  FEM. See legends in 
Table I. 

B. Effect of impregnation on noninsulated litz wire 
 
Two different noninsulated litz wires were measured (no. 3 

and no. 4 in Table I) before and after impregnation. The resin 
used was polyester CC1105. The impregnation was performed 
twice. In Fig. 7, there is no difference between the measure-
ment results before and after impregnation in the litz wire with 
0.5 mm subconductors. However, in Fig. 10, where 1 mm 
diameter subconductors have been used, there is a considerable 
difference in the curves. This might be for many reasons, e.g., 
how tightly the subconductors are packed, the bundle configu-
ration, and the insulation tape of the litz wire. The wire was 
insulated with Nomex 410 tape in litz wire no. 3 and with mica 
packed with polyester film in litz wire no. 4. The resin cannot 
penetrate through the polyethylene teraphalate (PET) film. 
Instead, it flows between the layers of the film, preventing, for 
the most of the resin to flow to the wire. With Nomex tape, the 
resin can easily penetrate through the paper into the wire, which 
results in a better ac resistance than without impregnation. 

The aforementioned can be considered inconclusive and 
more research is needed to determine the reasons why the ac 
resistance factor is different with or without impregnation. 

VI. CONCLUSION 
Heavy litz wires with insulated or noninsulated strands are 

offered for megawatt-range low-voltage machine windings. 
The behaviour of the ac-resistance factor in such litz wires was 
studied in the paper. The litz wire with noninsulated strands is 
the most interesting because of the lack of additional insulation 
and therefore easy manufacturing and cheap price. It is difficult 
to calculate the ac resistance factor in the noninsulated litz wire 
strands; nevertheless, this paper gives insight into aspects to 
consider when developing more general analytical methods to 
estimate the ac resistance factor of litz wire with noninsulated 
strands. 

 An improvement is achieved in the accuracy of analytical 
equation by adding the end winding resistance to the analytical 
solution by Xu and Sullivan [5].  

Although the results from the impregnation effect tests were 
inconclusive and further research is needed to determine the 
optimal insulation configuration method to achieve the best 
possible ac resistance factor, the measurements do however 
show that impregnation can have an effect on the ac resistance 
factor. Impregnation should therefore be considered when 
developing a more general analytical solution in the future.  

In addition, it should be noted that tightness of packing can 
affect the ac resistance of litz wires with noninsulated strands. 

Measurement of the resistance increase caused by the skin 
effect and proximity effects is very difficult in high-power low-
voltage machines, due to the very small resistance compared 
with the large inductive reactance, which makes measurements 
very sensitive to errors, especially phase errors. In this study, as 
there were no available measurement devices with any meas-
urement equipment manufacturers, a simple measurement 
device was developed to attain accurate phase shift measure-
ment and overcome the disadvantageous signal-to-noise ratio. 

The results presented in this paper show that litz wire with 
630 originally noninsulated subconductors, used in a actual 3- 
MW PMG, is usable at frequencies even up to 120 Hz if a 50 % 
increase in copper losses can be tolerated.  
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AC Resistance Factor in One-Layer Form-Wound Winding
Used in Rotating Electrical Machines
Henry Hämäläinen, Juha Pyrhönen, and Janne Nerg

Lappeenranta University of Technology, Lappeenranta 53851, Finland

Analytical calculation of circulating and eddy currents in windings has been under research for almost a century, yet the calculation ac-
curacy has improved slowly. However, over the recent years, the development of finite-element methods (FEM) has boosted the research.
A lot of effort has been taken to calculate the ac resistance losses in transformers in the past, whereas rotating electrical machines have
received less attention. These models have not taken the end-winding effect into account. In this paper, 2-D FEM results are compared
with analytical equations. Based on these results, a more accurate model compared with Dowell’s model for single-layer form-wound
windings used in electrical machines is developed empirically, and the end winding resistance is analytically taken into account in the
results. A maximum error of 5% is achieved in the range of 0–200 Hz for a single-layer form-wound winding.

Index Terms—Eddy current, proximity effect, skin effect, windings.

I. INTRODUCTION

O VER the latest few decades, the development of fre-
quency converters has provided an opportunity to build

machines with higher frequencies than the standard 50 or 60
Hz. It is important to perform a precise calculation of the ac
losses in windings [1], [2]. Typically, form-wound windings are
used in multimegawatt electrical machines. The strand heights
usually vary between 2 and 3 mm, and the conductor height
can be, especially, in large windmill generators, about 10 mm.
This means that the conductor height is much larger than the
skin depth when the machine is operating above 50 Hz.
Calculation of eddy currents in windings has been under re-

search for at least a century. Various calculation methods and
equations have been developed by Lyon [3], Richter [4], [5],
Dowell [6], and Ferreira [7], to mention but a few. Lyon [3] and
Richter [4], [5] concentrated on rotating electrical machines,
whereas Dowell [6] and Ferreira [7] focused on transformers.
Papers [8]–[26] have also contributed to development of the cal-
culation of the ac resistance factor in electrical applications.
A drawback in these calculation methods is that they do not

evaluate the effect of the end winding area on the ac resistance
of the whole coil and only consider the turn number neglecting
the number of parallel strands on top of each other. This means
that they do not distinguish circulating currents (eddy currents
that are circulating between the strands) and strand-level eddy
currents (eddy currents that occur only inside of strands in their
active lengths). In the case of parallel strands there is a sig-
nificant possibility that circulating currents may occur if not
minimized by design. Nevertheless, strand-level eddy currents
are always present because they occur inside solid conductors,
mainly, along the active length of the machine as depicted in
Fig. 1.
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Fig. 1. Schematic illustrating the main current, the strand-level eddy current,
and the circulating current in the case of two parallel strands in a slot.

Most of the stray flux crosses the slot near the slot opening,
and in the case of solid or nontransposed stranded conductors,
it forces most of the current to travel as close to the slot opening
as possible. The proximity effect amplifies the phenomenon in
such a way that the other side of the conductor, closer to the slot
bottom, also seems to acquire a large current density, leaving the
centre of the conductor with a lower current density. The prox-
imity effect is always present in multilayered windings [24],
[25].
There are many factors that can affect the amount of circu-

lating currents, such as the end winding length and the number
of parallel strands in a turn. Without knowledge of circulating
currents, the error between an analytical solution and FEA re-
sults may be as large as 150%, which is unacceptable.
In electrical machines, the end winding length may be more

than 50% of the total turn length, meaning that it obviously has
a significant effect on the ac resistance factor. The end winding
effect is acknowledged in [19]. The end winding also experi-
ences some proximity and skin effects; however, almost all of
the eddy currents originate in the slot area, and therefore, even
though the target of the paper is to improve the calculation accu-
racy, the end winding proximity and skin effects are neglected.
The effect of an end winding cannot be calculated afterwards

because the amount of circulating currents has to be known in
the calculation of the skin and proximity effects in the slot areas,
and the end winding impedance has a noticeable effect on the
current density distribution. However, without making a signif-
icant error, the proximity and skin effects can be neglected in
the end winding area and thus, only the circulating currents and

0018-9464/$31.00 © 2013 IEEE
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Fig. 2. 2-D FEM geometry describing a two-slot system.

the main current in the end winding are included in the calcu-
lation. The skin and proximity effects can be neglected because
the end winding field is weak compared with the slot leakage
field, mainly contributing to the current density distribution in
the strands located in the slots.
To correctly calculate the total ac resistance factor, one has

to know the amount of circulating currents between parallel
strands and the extra losses created by them. In the simplified
model, the end winding carries the circulating currents and the
main current, whereas slot-bound conductors have three current
components; the main current, the circulating current, and the
strand-level eddy current. If there are parallel conductors on top
of each other installed in a slot, there will be circulating cur-
rents, Fig. 1.
Xi [17] found that Dowell’s [6] and Ferreira’s [7] methods

include significant errors exceeding 60% compared with FEA
when applied in the design of transformers in the frequency
range of 20 kHz–2000 MHz. The same applies to electrical ma-
chines, even though the frequencies are much lower.
In this paper, a model for calculating the ac resistance losses

in a single-layer form-wound winding in electrical machines is
introduced. In the model, the calculation accuracy is improved
by calculating the circulating and strand-level eddy currents
separately. The currents are calculated by using the Dowell
equation and employing an empirical factor to take the prox-
imity effect correctly into account to match the circulating and
strand-level eddy currents. A maximum error of 5% is achieved
compared with the 2-D FEM results in the 0–200 Hz frequency
range when the thickness of a turn divided by the skin depth is
2. The skin depth is at 50 Hz 10.7 mm and at 200 Hz 5.4 mm

with copper temperature of 100 C.

II. 2-D FINITE ELEMENT SIMULATION

2-D finite element simulation is made with a simple geom-
etry using a steady-state ac magnetic application. In Fig. 2, the
geometry of the finite element analysis (FEA) is depicted and
in Fig. 3 an example of a circuit model for five parallel strands
and four turns is depicted. With this simple geometry, an ap-
proximately one-dimensional flux is achieved across the slot.
The copper temperature is set to 100 C. The slot dimensions
are 14.09 mm 54.52 mm in each case (Table I).
Solid conductor components (Fig. 3) are connected to the

FEM model (Fig. 2) each of them depicting a strand, whereas
lumped resistors (Fig. 3) depict the end winding resistances of
strands. The resistance value is depending on the end winding
length. FEM and circuit models are analyzed simultaneously. A

Stray flux across the slot causes different voltages between the
parallel strands in circuit model, creating circulating currents
between the strands. The eddy currents are mostly generated in
the slot-bound areas, and the effect of an end winding on the
generation of eddy currents is minimal; thus, we have neglected
the end winding inductance from the circuit model. The end
winding effects are described by the bulky circuit parameters,
which have a noticeable effect on the amount of circulating cur-
rent flowing in the solid conductors in the slots. The endwinding
current can be divided into two current components, the main
current and the circulating current. We define a circulating cur-
rent factor

(1)

where represents the ac losses in the end winding in-
cluding the dc-losses and the extra losses caused by the circu-
lating currents .
These are the losses of the lumped resistors in Fig. 3. is the
rms current fed into the circuit model and is the end
winding dc-resistance. Its loss effects have to be subtracted by
to extract the dc losses. From the total effect point of view it is
not necessary to know the amount of circulating current losses
in every strand just the total loss in all the strands.
In the slot-bound areas strand-level eddy current losses can be

calculated by subtracting the circulating-current-caused losses
and the dc losses from the total losses

(2)

where is the total ac resistance factor in the FEA.
can also be defined as in the slot-bound areas similarly
as in the end winding regions.
Now, in the slot-bound areas there are three current compo-

nents that can be compared with the analytical results. In the
tests the current source In the tests a low-level sinusoidal cur-
rent that does not saturate the slot leakage.

III. EFFECT OF THE END WINDING ON THE TOTAL AC
RESISTANCE FACTOR

In Figs. 4–6, the effect of the end winding is clearly seen
in different winding cases. The percentages represent the end
winding length in proportion to the total winding length. From
0 to 50 Hz, the end winding length does not have a significant
effect on the total ac resistance factor, but after 50 Hz, it has an
increasing effect on the total ac resistance factor, which can be
seen in all three cases. This is why the end winding cannot be
neglected when calculating the ac resistance factor for electrical
machines. When the end winding is included in the analysis,
the amount of circulating currents has to be known, because
circulating currents affect the end winding ac resistance factor
as well as on the total ac resistance factor.

IV. MODELLING AC RESISTANCE FACTOR

In this section, an analytical model is developed applying (3)
given for instance by Dowell [6] to evaluate the phenomenon
in a slot having conductors connected in series. The total ac
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Fig. 3. Circuit model of the FEA.

Fig. 4. Case 1: 2-D FEM results of the effect of an end winding resistance on
the ac resistance factor. The percentages in the legend represent the length of
the end winding in proportion to the total winding length.

Fig. 5. Case 2: 2-D FEM results of the effect of an end winding resistance on
the ac resistance factor. The percentages in the legend represent the length of
the end winding in proportion to the total winding length.

Fig. 6. Case 3: 2-D FEM results of the effect of the end winding resistance on
the ac resistance factor. The percentages in the legend represent the length of
the end winding in proportion to the total winding length.

resistance factor in the slot areas, neglecting the effect of the
end winding resistance, is now

(3)

where

(4)

and is the solid conductor height (or the number of parallel
strands on top of each other; ), is the
angular frequency of the exciting sinusoidal current, is the
conductivity of the conductor material, is the permeability
of vacuum, is the number of turns in a slot, is the width
of the conductor, and is the slot width.
A drawback of (3) is that it only considers the number of turns
and neglects the number of strands and the end winding ef-

fects. The equation is therefore valid only for the slot area in an
ideal case of no effects caused by the end winding. Eq. (3) as-
sumes that the turn is made of solid copper, in which case the
losses too large in any case. To calculate the strand-level eddy
currents with (3), we have to assume that all the strands in a
slot are connected in series, which results in . In such
a case there cannot be any circulating currents as there are no
parallel conductors, and we replace in (3) by the number of
conductors in a slot . Equation (3) now gives an idea
of strand-level eddy currents in the conductors in the slot areas,
but that only. That is why a new way of calculating ac resis-
tance factor is needed in the case of multi-turn and multistrand
winding.
We apply the Dowell (3) to establish a semi-empirical way to

calculate the ac resistance factor. Recognizing the fact that (3)
is not fully correct when the current distributions are different
because of the end winding impedance, we use it as a basis for
calculating the circulating and strand-level eddy currents sep-
arately. With the FEA it is possible to extract the circulating
currents for instance in the end winding areas. This provides an
opportunity to calculate the total ac resistance factor from (2).
Assuming the main current the same, varying the amount

of circulating currents affects the magnetic condition in the
slot and thereby the proximity effect between the conductors.
Consequently, this also affects the amount of strand-level eddy
currents in different strands. The end winding length and the
number of strands affect the amount of circulating currents.
Because of the circulating currents, the proximity effect has to
be corrected with a curve function . In addition to that
the number of turns in a slot is replaced in (3) by the number
of conductors in a slot and because only represent the
losses due to strand-level eddy currents, it has to be subtracted
by one to extract the dc losses. The curve fit is based on FEA
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results. is a constant with respect to frequency, and
when producing the curve fit, the is adjusted so that (5)
matches the FEA results as closely as possible with different
strand numbers. After producing the first degree polynomial fit,
we do the same with different end winding lengths and get the
combined result for it in (6)

(5)

(6)

where is the number of parallel strands in a turn, is the
length of the copper conductor in a slot in a turn, and is the
length of the turn.
For circulating currents we introduce a curve fit function in

the same manner as for the strand-level eddy currents, but only
difference to (3) is . The original function only includes the
number of turns. The function is used to correct the proximity
effect, because the end winding resistance and the number of
strands affect the circulating currents inside a turn

(7)

where

(8)

In summary, , , and are obtained by the
following.
a) FEM-simulations with different winding layouts and end
winding lengths.

b) Extraction of and from FEM results using (1)
and (2).

c) Setting (6) as a constant with in all the
three cases, so that the result of (5) matches with
from item b).

d) Using the three constants given in item c) are fitted with
using a first degree polynomial, then we have

e.g. for 0.5 of (6) is
.

e) Items c)–d) are now repeated twice for
and .

f) now we have three different equations and the
constants in the equations are fitted with

using a first degree polynomial.
g) Setting (8) as a constant, so that the result of (7) matches
with from item b) and also items d)–f) are repeated
to obtain (8).

h) Now (5)–(8) can be used to easily calculate from
(2) for different configurations.

In the study, it was found that the proximity effect of a spe-
cific winding can be approximately corrected with a constant

TABLE I
SIMULATED WINDINGS CONFIGURATIONS

Fig. 7. Eight turns and two parallel strands; is 75% of the total length of
the turn.

Fig. 8. Eight turns and two parallel strands; is 60% of the total length of
the turn.

to calculate the circulating or strand-level eddy currents; how-
ever, to obtain an exact solution, this would require a value that
changes as a function of frequency.

V. RESULTS

In the following, we introduce three different winding exam-
ples (Table I) and demonstrate that the error of our model is less
than 5% compared with the FEA results.

A. Case 1

In this case, eight turns and two parallel strands are used. In
Figs. 7–9, the error of our model is below 2.3%, whereas the
Dowell model produces even a 120% error. The Dowell model
has a fairly good accuracy (error 17%) up to 50 Hz, but after
that, the error starts to increase rapidly.

B. Case 2

In this case, four turns and four parallel strands are used. The
strand height is the same as in case 1, only the number of turns
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Fig. 9. Eight turns and two parallel strands; is 50% of the total length of
the turn.

Fig. 10. Four turns and four parallel strands; is 75% of the total length
of the turn.

Fig. 11. Four turns and four parallel strands; is 60% of the total length
of the turn.

Fig. 12. Four turns and four parallel strands; is 50% of the total length
of the turn.

and strands has been changed. In Figs. 10–12 the error of our
model is below 4.2%, whereas the error of the Dowell model
can be as large as 150%. Now, the Dowell model has a fairly
good accuracy (error 17%) up to 25 Hz, but after that, the error
starts to increase rapidly.

Fig. 13. Four turns and five parallel strands; is 75% of the total length
of the turn.

Fig. 14. Four turns and five parallel strands; is 60% of the total length
of the turn.

Fig. 15. Four turns and five parallel strands; is 50% of the total length
of the turn.

C. Case 3

In this case, four turns and five parallel strands are used.
The strand height has been changed so that it is now 2.05 mm
(2.65 mm in the other cases). Otherwise, the winding construc-
tion remains unchanged. In Figs. 13–15, the error our model
is below 4.2% whereas the error of the Dowell model is even
150%. In this case, the Dowell model has a fairly good accu-
racy (error 17%) up to 25 Hz, but after that the error starts to
increase rapidly.

D. 180 Twist in the End Winding

It has now been shown how significant an impact the end
winding has on the ac resistance factor. Next, we examine in
case 1 the effect of twisting the end winding by 180 so that
the strand on top of the slot will be placed at the bottom of the
second slot (Fig. 16).
This way, all the strands will have an equal amount of slot

leakage flux passing through them. Furthermore, this means that
there will be no or negligible amount of circulating currents,
only strand-level eddy currents. We will also examine whether
our model still applies to this case. Only one end winding length
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Fig. 16. FEM geometry and winding placement with a 180 end winding
twisting.

Fig. 17. End winding twisted by 180 . Eight turns and two parallel strands;
is 60% of the total winding length. Our model is using (5) and (6).

is used to show the accuracy of the model, because the effect of
the end winding has already been established.
Now, the model should be written as

(9)

The Dowell model can be used to calculate the 180 twist
by using the strand height instead of , and the number
conductors in a slot instead of

(10)

where

(11)

Yet again, (10) does not take into account the end winding,
but it is valid for the slot active length of the machine.
In Fig. 17, our model uses (5) and (6), in this case the error is

increasing with frequency but the maximum error at 200 Hz is
2.6%, which is very good. However, (6) that corrects the strand-
level eddy current can be modified because we no longer have
circulating currents, and the first term in (6), which is linked to
the circulating currents, can be left out to get close to an exact
solution for the strand-level eddy currents with the 180 twist

(12)

After this modification, the error reduces to 1% at maximum
in Figs. 18–20 where (12) has been used instead of (6). This 1%

Fig. 18. End winding twisted by 180 . Eight turns and two parallel strands;
is 60% of the total winding length. Our model is using (5) and (12).

Fig. 19. End winding twisted by 180 . Four turns and four parallel strands;
is 60% of the total winding length. Our model is using (5) and (12).

Fig. 20. End winding twisted by 180 . Four turns and five parallel strands;
is 60% of the total winding length. Our model is using (5) and (12).

is due to the fact that there is still a small amount of circulating
current in the FE model, yet the accuracy is very good.
Form-woundwindings are usually used in large electrical ma-

chines. In the case of low voltage (690 V) 1500 r/min permanent
magnet generators the strand height is in the range of 2–3 mm
and the turn height around 10 mm. Our model applies when the
height of the turn divided by the classical penetration depth is
2.

VI. CONCLUSION

An approximate equation to evaluate the ac resistance factor
in a single-layer form-wound winding was developed. The end
winding resistance has been taken into account when calculating
the ac resistance factor. A maximum error of 5% was achieved
when the thickness of a turn divided by the skin depth was 2.
In addition, a 180 twist in the end winding was analyzed and
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a model was developed to calculate the ac resistance factor in
that case.
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