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Today’s electrical machine technology allows increasing the wind turbine output power 
by an order of magnitude from the technology that existed only ten years ago. However, 
it is sometimes argued that high-power direct-drive wind turbine generators will prove 
to be of limited practical importance because of their relatively large size and weight. 
The limited space for the generator in a wind turbine application together with the 
growing use of wind energy pose a challenge for the design engineers who are trying to 
increase torque without making the generator larger. 

When it comes to high torque density, the limiting factor in every electrical machine is 
heat, and if the electrical machine parts exceed their maximum allowable continuous 
operating temperature, even for a short time, they can suffer permanent damage. 
Therefore, highly efficient thermal design or cooling methods is needed. One of the 
promising solutions to enhance heat transfer performances of high-power, low-speed 
electrical machines is the direct cooling of the windings. This doctoral dissertation 
proposes a rotor-surface-magnet synchronous generator with a fractional slot non-
overlapping stator winding made of hollow conductors, through which liquid coolant 
can be passed directly during the application of current in order to increase the 
convective heat transfer capabilities and reduce the generator mass. 

This doctoral dissertation focuses on the electromagnetic design of a liquid-cooled 
direct-drive permanent-magnet synchronous generator (LC DD-PMSG) for a direct-
drive wind turbine application. The analytical calculation of the magnetic field 
distribution is carried out with the ambition of fast and accurate predicting of the main 
dimensions of the machine and especially the thickness of the permanent magnets; the 
generator electromagnetic parameters as well as the design optimization. The focus is 
on the generator design with a fractional slot non-overlapping winding placed into open 
stator slots. This is an a priori selection to guarantee easy manufacturing of the LC 
winding. A thermal analysis of the LC DD-PMSG based on a lumped parameter thermal 



model takes place with the ambition of evaluating the generator thermal performance. 
The thermal model was adapted to take into account the uneven copper loss distribution 
resulting from the skin effect as well as the effect of temperature on the copper winding 
resistance and the thermophysical properties of the coolant. The developed lumped-
parameter thermal model and the analytical calculation of the magnetic field distribution 
can both be integrated with the presented algorithm to optimize an LC DD-PMSG 
design. 

Based on an instrumented small prototype with liquid-cooled tooth-coils, the following 
targets have been achieved: experimental determination of the performance of the direct 
liquid cooling of the stator winding and validating the temperatures predicted by an 
analytical thermal model; proving the feasibility of manufacturing the liquid-cooled 
tooth-coil winding; moreover, demonstration of the objectives of the project to potential 
customers. 

 

Keywords: direct cooling, direct drive, form-wound winding, permanent-magnet 
synchronous machine, fractional-slot non-overlapping winding, magnetic field, 
permanent magnet loss, radial flux, thermal analysis, wind turbine. 
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Nomenclature 

Abbreviations and symbols 
A linear current density A/m 
A magnetic vector potential V s/m 
a number of parallel paths in windings - 
B magnetic flux density T 
Br remanent flux density (remanence) T 
b0c conductor width m 
b0h equivalent conductor hole width m 
b1 slot opening width m 
bs stator slot width m 
cp specific heat capacity J/kg K 
D diameter m 
Ds inner diameter of the stator m 
DD direct drive - 
E electromotive force V 
F force N 
FEA Finite Element Analysis - 
f frequency Hz 
H magnetic field strength A/m 
HS high speed  
h0c conductor height m 
h0h equivalent conductor hole height m 
I electric current A 
Im imaginary part - 
J surface current, vector A/m2 
j imaginary unit - 
k ordinal of the harmonic - 
kR skin effect factor for the resistance - 
kw winding factor - 
L inductance H 
l length m 
M magnetization A/m 
MS medium speed  
m number of phases, mass kg 
N number of turns in series - 
n rotation speed 1/s                                                                                                                             
Nu Nusselt number - 
P power, losses W 
PMSG permanent magnet synchronous generator - 
Pr Prandtl number - 
p number of pole pairs - 
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Q number of slots - 
q number of slots per pole and phase - 
R resistance  
rms root mean square - 
Re real part - 
Re Reynolds number - 
r radius m 
S cross-sectional area m2 
SG synchronous generator - 
T torque N m 
T absolute temperature C 
t time s 
U voltage V 
U depiction of a phase - 
V volume m3 
V depiction of a phase - 
W depiction of a phase - 
z coordinate - 
zQ number of conductors in a slot - 

 angle rad,  
 convection heat transfer coefficient W/m2 K 

temperature coefficient C-1 
penetration depth m 
coordinate, angle rad,  
thermal conductivity W/m K 
permeance factor - 
permeability V s/A m 

r relative permeability - 
dynamic viscosity Pa s, kg/(s m) 

0 permeability of vacuum V s/A m 
speed of the coolant m/s 
ordinal of the harmonic - 
resistivity  m 
density  kg/m3 
electric conductivity S/m 
leakage factor - 

Fn normal tension Pa 
Ftan tangential tension Pa 
s stator slot pitch m 

length/diameter ratio - 
mechanical angular speed rad/s 
angular frequency rad/s 
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Subscripts 
AC alternating current  
av average  
c coolant  
ci coolant inlet  
cch cooling channel  
co coolant outlet  
cog cogging  
Cu copper  
DC direct current  
ec eddy currents  
ew end winding  
LC liquid-cooled  
max maximum  
n normal  
PM permanent magnet  
ph phase  
r rotor  
s stator  
tan tangential  
u slot  
z zone  

 air gap  
 harmonic  
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1 Introduction 
The work presented in this doctoral dissertation was carried out at the Department of 
Electrical Engineering at Lappeenranta University of Technology, as part of a wider 
effort in the research in direct-drive permanent magnet synchronous generators (DD-
PMSG) and development of their applications as large-power wind turbine generators. 

PMSGs have found significant interest in worldwide research and development because 
of their great potential for industrial applications, in particular in wind turbine use, and 
their fascinating physical properties. For DD wind turbine generators, the design 
philosophy must cover the following characteristics: low cost, light weight, low speed, 
high torque, variable-speed operation, simple manufacturing and scalable design to be 
able  to  construct  machines  of  different  sizes  without  major  changes  in  the  design  
(Muljadi et al., 1999). 

Although the design of megawatt-range low-speed machines is still a challenge, such 
generators have become commercially available, and are currently used mainly in oil, 
gas and petrochemical industries. Wind turbine (WT) manufacturers are also 
investigating new direct-drive (DD) electrical generator solutions for use in the drive 
trains. These applications require generators with high input torques and very low 
rotational speeds. Low-speed direct-drive electrical generators in the wind turbine sector 
form an emerging technology area offering a wide range of opportunities for the future 
research and development. Also the EU is interested in using high-power generators in 
future wind turbines. Therefore, these generators make a promising topic for research of 
new concepts in the megawatt range for DD WT applications. 

Over the past decade, direct-drive SGs rated less than 4 MW have become pervasive in 
wind turbines, and are now being applied to larger power generators. DD electrical 
generators eliminate the need for any mechanical transmission elements and enable a 
direct coupling with the prime mover. Europe leads the existing market of direct-drive 
wind turbines, with hundreds of units deployed during the latest 15 years for instance in 
Germany, Denmark and Spain. Other areas where direct-drive wind turbines are being 
employed include China and the USA, while South America, Africa and Russia have 
not yet seen significant development. 

Today, DD WTs with a power range up to 7.5 MW rated power are available. Table 1.1 
presents examples of large wind turbines available in the market today and the projected 
wind turbine development (Publication II). Table 1.1 includes electrically excited 
machines (EESG), induction machines (DFIG), permanent-magnet synchronous 
machines (PMSG) and experimental technologies that introduce high temperature 
superconductors (HTSC). No detailed constructional information of the machines is 
available. 

The primary reason for the rapid acceptance of the DD WTG technology has been the 
energy savings associated with running a generator at a lower speed when feasible and 
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without gear losses, as well as the high general reliability of such a drive system 
(Publication I). If conventional electrically excited low-speed generators cooled by 
forced-air convection are used, their sizes and weights may become too excessive. Size 
reductions in low-speed generators are ultimately limited by the ability to remove heat 
from the windings. The European Wind Energy Association estimates that 230 GW of 
wind capacity will be installed in Europe by 2020 and 400 GW by 2030 (EWEA, 2011). 
Therefore, to achieve the EU’s goal, generators cooled by more advanced means should 
be used. 

Table 1.1: Wind turbine projects. 

Manufacturer Power, 
MW 

Generator 
type Gear Rotor 

diam. Availability 

Siemens 6.0 PMSG DD 154 m In production 
Sinovel 6.0 DFIG HS 128 m In production 

Alstom 6.0 PMSG DD 150 m 2015 
Senvion  

(formerly REpower) 6.15 DFIG HS 152 m In production 

Enercon 7.6 EESG DD 127 m In production 
Vestas 8.0 PMSG MS 164 m In production 

AMSC 10.0 HTSC DD 190 m 2015 

Sway Turbine 10.0 PMSG DD 145 m 2015 

Gamesa 15.0 N/A N/A N/A 2020 

Directly liquid-cooled windings have been explored in a variety of applications from 
high-power thermal power plant generators (e.g. Siemens SGen5-4000W turbogenerator 
for large steam power plant applications ranging up to 2235 MVA (Siemens, 2014); 
Alstom GIGATOP 4-pole turbogenerator for nuclear plants covering an output range to 
2000 MW (Alstom, 2014)) to hydro power generators (e.g. Voith powerful water-
cooled hydrogenerators with over 800 MVA per unit for the hydropower plants Itaipu 
and Three Gorges (Voith); Olkiluoto unit 3 1992 MVA turbogenerator (Gray et al., 
2006)), but with no application to wind turbines so far. Therefore, as an alternative to 
air cooling, the direct liquid cooling of the stator winding is considered in this 
dissertation because it can transfer large amounts of heat with a relatively small 
temperature rise and low own power consumption. A liquid-cooled, direct-drive, 
permanent-magnet synchronous generator LC DD-PMSG of similar size to the existing 
air-cooled electrically excited synchronous generator EESG used for wind turbine 
applications could about double the power output. The aim of this research is to study 
the  concept  of  LC  DD-PMSG  with  a  view  to  mass  reduction  as  well  as  building  and  
testing a direct liquid-cooled winding in the laboratory. 
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The LC technology sets quite strict manufacturing and other boundary conditions for 
the design. Therefore, the target has been to take into account all the boundary 
conditions to make the approach easy to manufacture, reliable and commercially 
feasible. A machine cooling analysis is often the last phase of the design. In this case, 
the whole machine design has been subordinate to easy coil manufacturing. 

The research group has had several members and the tasks have been divided into the 
electromagnetic, thermal, mechanical and commercial analyses of the possible LC DD-
PMSG. The author of this dissertation has borne the main responsibility of the 
electromagnetic optimization of the machine and, to some extent, also the thermal 
analysis of the machine.  

1.1 Rating consideration 

In general, the output of an electrical machine can be expressed in terms of its main 
dimensions, specific magnetic, electric loadings and speed as 

 ABlDFP sr
2

tan , (1.1) 

where As is the stator linear current density, B  is the air gap flux density, D is the air 
gap diameter of core, Ftan is the tangential force, lr is the length of active rotor body, P is  
the power, T is the torque, and  is the mechanical angular velocity. 

The term D2lr is proportional to the rotor volume, and thus, for given values of the 
specific electromagnetic loadings, the torque from any electrical machine is 
proportional to the rotor volume. Figure 1.1 illustrates the relationship between the rotor 
diameter, the rotor length and the tangential stress. The calculations were made for a 
generator of 8 MW rated power and 11 rpm rated speed. The curved lines in Fig. 1.1 
show the rotor length as the parameter with 0.2 m intervals. 

 
Fig.  1.1:  Generator  rotor  dimensions  for  an  8  MW DDSG as  a  function  of  air-gap  tangential  
stress. 
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In Fig. 1.1 it is seen that for a given tangential stress there is a multitude of options of 
rotor diameter and length combinations. The length that has a smaller value corresponds 
to a larger diameter, and vice versa. We are at liberty to choose a long thin rotor or a 
short  flat  one,  but  once  the  rotor  volume  and  specific  loadings  are  specified,  the  
machine torque can be determined. 

The following table summarizes the limiting factors of the mechanical and 
electromagnetic loading selections. 

Table 1.2: Limiting factors in generator design. 

Diameter Length Magnetic loading Electric loadings 

Mechanical strength 
of materials Rotor eccentricity Saturation of 

magnetic paths 

Temperature rise in 
the electrical 
machine part 

Vibration, 
deformation and 
thermal expansions 

Sensitivity to 
bowing 

Stator core 
dimensions 

Magnetic forces in 
the end windings 

Transportation Alternating bending 
stresses 

Vibration of stator 
core Transient stability 

Manufacturing 
facility (sizes and 
weights) 

Torsional stresses in 
shaft and couplings   

 Length of cooling 
paths   

Diameter. An increase in the diameter would result in a much higher increase in the 
output power ( D2) than an equal increase in the axial length ( l) would cause. This can 
be readily seen in Eq. (1.1). There are, however, other factors to be taken into 
consideration when making decisions about these dimensions. The parameters to 
consider are the torque required and the operating speed. For very high torque 
requirements, a large diameter is recommended. This follows from the fact that a 
particular amount of force developed in the air gap would result in a larger amount of 
torque if the distance between the air gap and the shaft axis were increased, that is, by 
increasing the diameter. However, there are some disadvantages in having a large 
diameter: a) the mechanical stress limitation in the rotor lamination and the end rings set 
the maximum rotor diameter for a given operating speed. However, the yield stress 
increases with the silicon content so that the use of a good grade of electrical sheet steel 
for rotor laminations allows a larger rotor diameter; b) the peripheral rotor speed, and 
hence, the friction loss in the air gap between the rotor and the stator will increase.  

During load cycling, start-stop procedures and fault conditions such as short circuit, 
electrical machines experience thermal stresses and vibrations. The temperature 
gradients that can be established in a transient state are generally higher than those that 
occur in the steady state. The most critical issue is the changes in the material properties 
such as volumetric mass density, specific heat and Young’s modulus. Therefore, when 
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an electrical machine is subjected to a temperature differential, the structure of the 
materials used will change and cause a volumetric expansion, which can induce 
additional mechanical stresses in the material. In a large-diameter machine, the thermal 
distortion  of  the  stator  becomes  relatively  large,  and  if  the  stator  support  is  not  
symmetrical, unbalanced thermal distortion may occur. Consequently, the relative 
displacement of the rotor and the stator increases (Sawatani et al., 1986). An 
eccentricity results in increased levels of vibration as a result of the uneven magnetic 
pull that it produces in the air gap. Over time, these mechanical vibrations can result in 
excessive movements of the stator winding, which could lead to increased friction and, 
eventually, to a turn-to-turn, coil-to-coil or ground fault. Mechanical vibrations 
accelerate bearing failures, overheat the windings or can cause additional movement of 
the shaft leading to rotor-to-stator rub. The uneven magnetic stresses applied to the 
rotor, coupled with the increased vibration, will also contribute to mechanical looseness 
developing in the rotor assembly (Swinskey et al., n.d.). 

Length. A long rotor may increase the magnitude of torsional vibrations, where the rotor 
tends  to  twist  about  the  axis  of  rotation,  whereas  a  short  rotor  allows  to  improve  the  
rotor dynamic behaviour. Moreover, from the standpoint of cooling, a short stator stack 
allows better ventilation of the stator winding when the only heat path from the stator is 
through the stationary frame. 

It was shown in (Pyrhönen et al., 2010) that it is incorrect to apply Carter’s theory to the 
calculation of the effective length of the PM machine rotors. Carter’s theory was 
developed for machines with a continuous current linkage produced by the winding 
reaching beyond the stack and between possible substacks, but the current linkage of the 
magnets not exceeding the magnet area. As a result, the effective length for the PM 
excitation machines is shorter than that of a similar machine with winding-based 
excitation. There is no exact equation to determine the effective length of PM electrical 
machines since the effect of the end region phenomena depends on the machine 
geometry and the magnetization state of the machine. Consequently, the stator and the 
rotor of a PM electrical machines can have different effective lengths. 

The site location determines the limitations regarding the weight, height, length and 
width of any package that can be safely transported to the site. In terms of weight 
limitation, the strength of bridges or other structures on the way has to be critically 
examined before taking up the decision regarding the transported unit size. However, 
with the developments in metallurgy, superior insulation materials, new cooling 
methods, improvement in manufacturing techniques, methods of erection and assembly 
on site are gradually overcoming the limitations imposed by transport conditions. From 
the manufacturing point of view, the selection of the unit size depends on the 
availability of sizes and variety and complexity of various machine tools, implements 
and facilities (Central Electricity Authority, 2004). 
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Traditional synchronous machine design methods suggest, from the electromagnetic 
design point of view, the best length to diameter ratio  = l/D as  a  function  of  the  
number of pole pairs p (Pyrhönen et al., 2008) 

 
p4

. (1.2) 

For instance, for a p = 60 machine  = 0.1 is suggested while in the case of p = 1,   
[1, 3]. These values are recommended to give a high electrical efficiency for the 
machine. 

Magnetic loading. The magnetic loading is limited by the saturation of the stator teeth if 
traditional steel magnetic path parts are used. The allowable flux density level depends 
on the saturation flux density of the material used and the operating frequency. A higher 
flux density in the teeth and a higher operating frequency of the flux density variation 
result in an increase in the iron loss. 

When a flux travels across an air gap from steel to steel, a Maxwell stress will be built 
on  the  surfaces  trying  to  close  the  air  gap.  According  to  Maxwell's  stress  theory,  the  
magnetic field strength H between objects in a vacuum produces a stress F 

 2
0

2
1 HF . (1.3) 

The stress is seen in the direction of lines of force, and it creates a pressure. The stress 
term can be divided into its normal and tangential components with the normal and 
tangential field strength terms Hn and Htan 

 2
tan

2
n0n

2
1 HHF , (1.4) 

 tann0tan HHF . (1.5) 

The tangential component Ftan is responsible for the electromagnetic torque acting on 
both the rotor and the stator air gap surfaces whereas the normal stress component Fn 
may cause radial vibrations in the structure. The radial magnetic forces acting on the air 
gap may ovalize the stator yoke in different circumferential mode shapes at their own 
natural mode frequencies. From airborne noise point of view, the most important 
circumferential modes of vibration for small machines are 1–4 (see Fig. 1.2). However, 
higher modes may become important for medium- and large-size machines. In most 
cases, the second-order deformation mode is the predominant mode (Anwar and Husain, 
2000). Because of the flexibility of a low-speed high-pole-number electrical machine 
construction (relatively thin rotor and stator compared to large diameter) such a machine 
may deform and adopt an oval shape which corresponds to the second order mode of 
vibration.  This  deformation  in  the  radial  direction  can  –  in  the  worst  case  –  result  in  
rotor and stator mechanical contact. 
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(a) 
 

(b) 
 

(c) 
 

(d) (e) 

Fig. 1.2: Mode shapes: (a) mode 0; (b) mode 1; (c) mode 2; (d) mode 3; (e) mode 4. 

If the radial magnetic forces are not regularly distributed along the air gap, their sum 
results in unidirectional pulling force called unbalanced magnetic pull that rotates with 
time and generates noise and vibration in the machine. According to (Dorrell and 
Chindurza, 2006) the unbalanced magnetic pull is due to the odd order modes of 
vibration (1st, 3rd, 5th etc.). The unbalanced magnetic pull can be due to the asymmetry 
in the windings as well as when there is some rotor eccentricity (Dorrell, 2010). 
Any particular mode shape is excited when its natural mode frequency matches with the 
machine excitation frequency, where the excitation frequency is an integer multiple of 
the machine rotational frequency, and the natural mode frequency is mainly a function 
of stator dimensions (Anwar and Husain, 2000). An electrical machine with a low order 
mode of vibration enters easily into resonance and becomes noisy. Therefore in order to 
avoid strong resonances in the operating speed range of the machine it is essential to 
accurately predict the mode shapes and their natural frequencies 

This interesting and important field of studies will be deepened in the future work in 
collaboration with the team members. 

Electric loading. The specific magnetic loading does not vary significantly from one 
machine to another, because the saturation properties of most core steels are similar. On 
the other hand, quite wide variations occur in the specific electric loadings. The 
allowable electric loading depends primary upon the allowable temperature rise in the 
stator windings and the type of cooling techniques employed. For long-life operation, 
the value of electric loading is limited by the amount of heat that can be removed so that 
a specified steady-state operating temperature can be reached. If the stator winding 
temperature is high enough, chemical reactions (mainly oxidation) take place that 
gradually reduce the electrical and mechanical properties of the epoxy bonding material. 
Some of the epoxy evaporates and loses the ability to bond the mica paper tape layers. 
The result is that copper conductors are eventually free to vibrate, leading to turn 
insulation abrasion and, ultimately, shorts. 

The air-gap fringing effect and end-winding currents cause leakage fields in the end 
regions of electrical machines. The time variation of the end field induces eddy currents 
in the conducting parts of the supporting structure. The axial component of these fields 
induces eddy currents within the segments of the end-region stator lamination, 
generating stray losses and thereby a temperature rise in the end zones of the stator core. 
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The higher temperature can also cause mechanical stresses, resulting in distortion and 
vibration (Stone, 2004). 

The end windings of a large generator constitute a significant mass. There will be forces 
in the end windings caused by the current of individual conductors acting upon one 
another, and also vibration excited by the motion of the stator core (Tampion, 1990). 
The vibration amplitudes are proportional to the square of the current and the frequency. 
Higher end-winding vibration quickly leads to loosening of the end-winding basket, 
insulation abrasion or cracks, as well as fatigue rupture of bars and solder links (Hess et 
al., n.d.). 

The rms value of the linear current density As of  the  stator  may  be  defined  with  the  
stator air gap diameter Ds and the rms value of the conductor current Is (assuming that 
there are no parallel paths in the winding and the winding is a full pitch one) as 
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where m is the number of phases, Ns is the number of turns in series, Qs is the number of 
stator slots and zQ is the number of conductors per slot. 

It is evident from Eq. (1.6) that a high value of linear current density is proportional to 
the number of turns and inversely proportional to the air gap diameter. The stator 
inductance is proportional to the squared number of turns. If the diameter is small, it is 
not possible to use wide slots, because otherwise, the space left for the teeth will 
become smaller resulting in magnetic saturation. The only way is to use deeper slots, 
but the deeper slots increase the leakage inductance value. Therefore, a high value of 
electric loading results in a high value of the stator synchronous inductance Ls, which 
leads to a low steady-state stability power limit proportional to the terminal voltage Us 
and the internal induced voltage EPM with the electrical angular velocity s 
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Therefore, the aim of the designer is to select the main dimensions of an electrical 
machine such that they will withstand the temperature, vibration, thermal expansions 
and other thermal stresses associated with normal and fault operations. 

From the given consideration it follows that with enhanced cooling and an improvement 
in the insulation and magnetic steel technology, the torque per volume of an electrical 
machine can be increased. 
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1.2 Air cooling versus liquid cooling 

The magnitude of the overall heat generation in the electrical machine under load 
dictates  the  amount  of  heat  dissipating  surface  and  the  size  and  design  of  the  overall  
cooling system. The choice of the heat transfer medium has a significant impact on the 
performance and cost of the electrical machine. 

The heat transfer medium can be air, liquid, phase change material or any combination 
of these. Heat transfer with air can be achieved either by passive cooling (thermal 
conduction) using a finned stator frame or by forced convection where the cooling gas, 
such as air, is forced through the ventilation ducts in the stator and rotor cores. Usually, 
radial ducts are provided by ventilating ducts between the core substacks with a width 
of 5 7 cm. In practice, the width of the radial ducts lies between 0.8 cm and 1.0 cm. Air 
cooling is often used for heat removal from low- or medium-power electrical machines. 
There are two reasons for this. First, it is due to the limited area of the internal surfaces 
inside the machine that can serve for the heat removal. Second, the air velocity has to be 
large enough to produce turbulent fluid flow in the important heat transfer areas. A 
higher air velocity increases the circulation pressure, which is proportional to the square 
of the air velocity. As a result, there are practical limitations that prevent a continued 
increase in the velocity of the cooling fluid when using air as the coolant (Publication I). 
However, in an air-cooled generator, the cooling performance can be improved by the 
optimization of the cooling gas flow distribution and the application of the stator 
winding insulation with increased thermal conductivity. The Switch’s PMSG with 
doubly-radial forced-air cooling (The Switch, 2014) can be referenced as an example of 
air-cooled electrical machines. 

Another technique to increase the heat dissipation capabilities of electrical machines is 
to incorporate liquid cooling. There are different techniques of the liquid cooling 
application to the electrical machines. In one approach, a liquid coolant is circulated 
through a conduit that is arranged in a generally helical configuration while the frame is 
cast around the conduit. Thus, the conduit is embedded within, and integral, with the 
frame (Junpei et al., 1971; Basu et al., 1988). In some other techniques, the heat transfer 
is achieved by circulation of coolant through heat pipes (Ronnevig, 1969; Bradford, 
1989; Matin and Soghomonian, 2009) or by spraying a cooling liquid directly upon 
heated portions of the electrical machine such as the end turns of the stator and the rotor 
windings (Hitt et al., 1991), or using the support wedges positioned between the poles 
on a generator rotor and used as coolant conduits (Chu et al., 1990) or using the cold 
plates between a rotor pole and its associated winding (Liebermann, 2003). Again, there 
is the concept of submersible electrical motors where the coolant is disposed within the 
motor housing to fill gaps between rotating parts and other gaps within the magnetic 
circuit of the motor (Veneruso, 2010; Ponomarev et al., 2011). Further, very effective 
water cooling, which is usually used for large turbine generators, is the direct liquid 
cooling through hollow conductors. In this study, we decided to apply this kind of direct 
liquid cooling primarily designed for large-power turbine generators. 
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The heat transfer coefficient for forced convection cooling using liquid is generally 
higher that the heat transfer coefficient for air. Therefore, in a liquid-cooled electrical 
machine, the overall cooling is typically much better, and it is able to ensure lower 
machine temperatures than a similar air-cooled motor of the same size. Moreover, the 
known totally enclosed air-cooled electrical machines are believed to be noisier than the 
liquid-cooled electrical machines because the liquid dampens at least some of the noise 
resulting from the electrical machine operation. Totally enclosed fan-cooled electrical 
machines generate significant noise because of the high air velocity and turbulence. For 
example, air-cooled electrical machines may operate at about 70 80 dB, and similarly 
rated liquid-cooled electrical machines may operate at about 50 dB (Basu et al., 1988) 
because the external fan can be eliminated. 

Further, in a liquid-cooled motor, and by using a remotely mounted heat exchanger, the 
immediate surroundings of the electrical machines are not heated as with an air-cooled 
motor. The remotely mounted heat exchanger, therefore, further enhances electrical 
machine operation. Then, the liquid-cooled machine is generally formed from one-stack 
stator and rotor, which results in a shorter axial machine length, and as a result, a better 
torque-to-dimension ratio can be achieved. 

Using air as the heat transfer medium may be the simplest approach, but it may not be 
as effective as heat transfer by liquid. The rate of heat transfer between the cooling 
surfaces and the coolant depends on its thermal conductivity, viscosity, density and 
velocity. There is a choice of coolant media available; Table 1.2 presents some of the 
key thermophysical properties of certain coolants with Prandtl numbers Pr that are used 
to represent the fluid characteristics. The Prandtl number is defined as a function of the 
heat capacity cp, the dynamic viscosity  and the thermal conductivity  of the material 

 
.pcPr  (1.8) 

For materials with Pr << 1, the thermal diffusivity dominates while for materials with a 
high Pr it is the momentum diffusivity that dominates in heat transfer. 

Table 1.2: Thermophysical properties of some coolants at 1 bar and 20 C (Vargaftik, 1972). 

Parameter Air Hydrogen Water Ethylene 
glycol Transformer oil 

Specific density, 
 [kg/m3] 1.205 0.085 997.4 1113.5 879 

Specific heat capacity,  
cp [J/(kg K)] 1006 14.3 103 4184 2350 1710 

Thermal conductivity,  
 [W/(m K)] 0.026 0.178 0.603 0.289 0.111 

Dynamic viscosity,  
 [Pa s] 18.06 10-6 8.8 10-6 1.002 10-3 20.93 10-3 0.021 

Prandtl number, Pr [-] 0.7 0.7 6.95 170 325 
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According to the heat transfer theory, the following ranges of heat transfer coefficients 
for natural and forced convection can be obtained (Binder, n.d; Vlachopoulos and Strutt, 
2002). 

Table 1.3: Typical values of convection heat transfer coefficients. 

Mode Heat transfer coefficient [W/m2 K] 

Air, free convection Up to 15  

Air, forced convection 50 300 

Hydrogen gas, forced convection 100 1500 

Oil, forced convection 500 2000 

Water, forced convection 5000 20000 

Water, boiling 2840 57000 

Steam, condensing 5680 113000 

Using the FEA software Flux 2D (Cedrat) and uniform heat generation, the steady-state 
thermal performance has been evaluated for a direct water-cooled and indirect air-
cooled copper conductor. Both models (Fig. 1.3) represent a single conductor placed 
inside the steel core being surrounded by air. 

  

 
(a)  (b) 

Fig. 1.3: Results of a simple 2D thermal analysis of a copper conductor (conductor cross-
sectional area 310 mm2, conductor length 1 m) using Flux 2D. (a) Direct water-cooled copper 
conductor. (b) Indirect air-cooled copper conductor. 

The following thermal boundary conditions were applied: a constant heat flux across the 
copper conductor and steel of 100 W/m and 10 W/m, respectively; the ambient air 
temperature was set to 40 C;  the  bore  of  the  cooling  hole  was  kept  at  a  constant  
temperature (40 C) with the imposed heat transfer coefficient in the bore of the cooling 
hole being 6000 W/m2 K; the heat transfer coefficient on the air side of the steel was set 
to zero for the case in Fig. 1.3 (a), and 25 W/m2 K for the case in Fig. 1.3 (b). Figure 1.3 
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shows the maximum temperature for the direct water-cooled and indirect air-cooled 
copper conductors. The resulting temperatures differ significantly in their values. 

Therefore, the liquid cooling can attain heat flow densities that are multiple compared 
with those possible with conventional air-cooling systems. 

1.3 Direct-cooled windings of the electrical machine 

The maximum output from large turbine generators is mainly limited by the temperature 
rise  of  the  stator  and  rotor  windings.  Therefore,  the  output  power  increase  of  the  
electrical  generator  is  highly  dependent  on  the  development  of  materials  and  cooling  
technology. The basic limit for indirectly gas-cooled machines is in the range of 600 
MVA (Klempner and Kerszenbaum, 2009). Direct cooling of the winding means that 
the heat resulting from its Joule losses is directly removed from the winding copper 
rather than indirectly from the stator steel after the heat has flown through the coil 
insulation into the stator. The first 500 MW LC power plant generators with water-
cooled stator windings were commissioned in the UK in 1965, and after 1974, 660 MW 
power plant generators became standard. The introduction of water-cooled stator 
windings earlier in 1956 made these large outputs possible (Bonwick, n.d.). This direct 
liquid cooling eliminates the temperature difference across the insulation, from copper 
to steel, which for long has been known to be the major component of the temperature 
rise in the winding. With directly liquid-cooled windings it is possible to build 50 Hz 
power plant generators up to 2000 MW (e.g. Siemens SGen5-4000W turbogenerator for 
large steam power plant applications ranging up to 2235 MVA (Siemens, 2014); Alstom 
GIGATOP 4-pole turbogenerator for nuclear plants covering an output range to 2000 
MW (Alstom, 2014); Olkiluoto unit 3 1992 MVA turbogenerator (Gray et al., 2006)). 

There are two types of direct stator and rotor winding cooling systems; direct gas 
cooling and direct liquid cooling. In directly gas-cooled bars, the gas passes from end to 
end in rectangular ducts made of low conductivity, nonmagnetic metal walls (e.g. non-
conductive stainless steel tube), see Fig. 1.4. 

In direct liquid-cooled stator bars, the copper strands are made hollow to carry the liquid 
coolant. The strands are individually insulated from one another and Roebel transposed. 
The  strands  can  be  arranged  in  various  combinations  to  produce  a  more  efficient  
winding design. For example, there are several possible stator bar strand arrangements, 
including all hollow strands and a mix of solid and hollow conductors. In the mixed 
arrangement, the hollow strands are evenly interspersed among solid strands. 
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Fig. 1.4: Non-conductive hollow steel tubes are used with inner gas-cooled bars. Cross sections 
from left to right: Westinghouse 493,280 kVA, 24 kV, 3600 min 1 inner hydrogen-cooled unit, 
Westinghouse 209,000 kVA, 13.8 kV, 3600 min 1 unit inner hydrogen-cooled unit and 
Westinghouse 159,000 kVA, 13.8 kV, 3600 min 1 inner air-cooled unit. Reproduced with 
permission of the National Electric Coil (2006). 

It may also be advantageous to have the hollow strands made of materials other than 
copper, and which 

– have a higher electrical resistivity to limit the current that is divided between all 
conductors in a bar, resulting in lower electrical losses; 

– are more corrosion resistant and, therefore, permit higher fluid flow velocities 
without erosion; 

– are more resistant to mechanical fatigue. 

 
(a) 

 
(b) 

Fig. 1.5: Cross sections of liquid-cooled stator bar designs. (a) All hollow strands. Reproduced 
with  permission  of  the  National  Electric  Coil  (2006).  (b)  Roebel  stator  bar,  mixed  strands.  
Stainless steel hollow conductors. Reproduced with permission from Modern Power Systems 
magazine (2004). 
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Therefore, some generator designs mix solid copper strands for conduction of the 
electrical current and hollow stainless steel strands for carrying the coolant (see Fig. 
1.5), (Klempner and Kerszenbaum, 2009). 

If the stator bar consists of both hollow and solid conductors, the hollow conductors are 
usually longer than the solid conductors and grouped together to form a hollow strand 
package, which is fused to the outer chamber of the end. For complete electrical contact, 
both hollow and solid conductors are brazed to one another to form a mixed conductor 
package and further brazed to the end fitting. The coolant header usually serves as both 
an electrical and hydraulic connector for the stator bar (Butman, 2003). The end fitting 
typically  includes  an  enclosed  chamber  (coolant  box)  for  ingress  or  egress  of  coolant  
(see Fig. 1.6). Another opening of the end fitting receives the ends of the strands of the 
stator bar. Then, Teflon hoses connect the coolant headers to the inlet and outlet 
manifolds. 

 

Fig. 1.6: Section of a stator bar showing the stainless steel hollow tubes and the water box. 
Reproduced with permission from Modern Power Systems magazine (2004). 

 
(a) 

 
(b) 

Fig. 1.7: Stator bars. (a) Reproduced with permission from R. Ilie (Ilie and Moore, 2008). (b) 
Reproduced with permission of the National Electric Coil (2006). 

The direct liquid-cooled stator windings of large turbine generators are usually two-
layer windings and include one top and one bottom bar in each slot. Such a bar has a 
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middle straight part installed in the slot and an involute-shaped end winding as shown in 
Fig. 1.7. After the installation in slots, the bars are connected to form turns and the 
entire windings. 

In liquid-cooled machines there are coolant headers that provide the inlets and outlets of 
the coolant. The coolant inlets may be arranged in such a way that each conductor or 
each turn or even a certain number of turns gets coolant supply simultaneously. Usually, 
the winding turns are connected in several parallel paths on the coolant inlet side. It is 
also possible to connect the whole winding at one point to the coolant supply line 
thereby making all conductors hydraulically connected in series. However, this 
arrangement is not practicable because of the high temperature differences. Depending 
on the size and geometry of the generator, series-parallel combinations are usually 
configured. Fig. 1.8 gives examples of stator end-winding arrangements with series-
parallel and parallel liquid coolant flow paths through the stator bars. The series-parallel 
coolant path arrangement requires a high pump pressure but minimizes the number of 
hoses to transfer the coolant into and out of the manifolds. Fig. 1.8 (b) is an example of 
a common design of water-cooled generators using hoses connected through clips to 
every winding bar. 

In the generators with parallel liquid coolant flow path through the stator bars, most of 
the stator bars are identical in size and shape. This kind of standardization could bring 
savings in manufacturing time and cost, and a minimum stock of spare bars. The 
generators with a series-parallel liquid coolant flow path through the stator bars could 
include several shapes of bottom and top bars. For example, Fig. 1.8 (c) shows the stator 
cooling design using water boxes, which supply the cooling water to a large group of 
bars. This design has bars of many different shapes. As a result, the manufacture of 
liquid-cooled stator bars becomes costly undertaking and time-consuming, and further, 
keeping suitable spare bars for such a generator requires an additional investment. 
Preparation for a serious accident would involve a minimum stock of one bar of each 
type of the bottom bars and three bars of each type of the top bars (Ilie, 2008). 

 
(a) (b) 
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(c) 

Fig. 1.8: Water-cooled stator winding. (a) Stator end winding of a liquid-cooled stator. 
Reproduced with permission of the AGTService (2014). (b) Water-cooled stator using bar clips 
of a liquid-cooled stator. Preparing the plumbing for brazing. Reproduced with permission of 
the AGTService (2014). (c) Water-cooled stator using water manifolds. Reproduced with 
permission from R. Ilie (Ilie and Moore, 2008). 

Direct liquid cooling of high-power turbine generators is widely implemented since the 
heat dissipation effectiveness of electrical machines has reached the limit with air 
convective cooling. To our best knowledge, direct liquid cooling of the DD PMSG for 
wind turbines has not been reported before. In this dissertation, the implementation of a 
compact direct liquid cooling to the stator winding of a large-power DD PMSG for a 
wind turbine application is presented. 

1.4 Outline of the thesis 

The general objective of the research presented in this doctoral dissertation is to find a 
solution  for  an  LC DD-PMSG,  which  has  a  simple  electromagnetic  topology with  the  
advantage of easy assembly and opportunity of higher torque density than in air-cooled 
machines. 

The doctoral dissertation contains four chapters and five original publications. It covers 
discussion on electromagnetic design, thermal design, optimization, wind turbine 
modelling, permanent magnet losses, experimental verification, conclusions and future 
work. 

Publication I reviews the technological and economic benefits and limitations of DD-
PMSGs and considers their appropriateness as a key technology in the overall wind 
turbine system design. An LC DD-PMSG concept that can lead to a more compact, 
more economical wind turbine nacelle is proposed. This paper was written as a joint 
effort of the research team members with the author as the co-author responsible for the 
description of the electromagnetic limiting factors of high-power DD-PMSGs together 
with Dr. Nerg and Prof. Pyrhönen. Mr. Semken was responsible for the mechanical 
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aspects, Ms. Polikarpova for the heat transfer and Dr. Röyttä for the air-flow power 
analysis. Prof. Mikkola and Prof. Backman acted as referees for the paper. 

Publication II discusses  the  concept  of  LC DD-PMSG design  solution  as  well  as  the  
key aspects related to the LC DD-PMSG concept: tangential stress, current density, 
linear current density, heating factor, generator efficiency at full and partial load. The 
design solution in the form of an 8 MW example is presented. The characteristics of a 
variable-speed wind turbine equipped with the proposed LC DD-PMSG are investigated 
– under certain wind conditions – in terms of annual energy production and load factor. 
Ms.  Alexandrova  was  the  principal  author  and  investigator  in  this  paper.  She  was  
responsible for the theoretical analysis given in the paper. Mr. Semken has largely been 
responsible for the development and setting of the test bench and the acquisition 
systems.  Prof.  Pyrhönen  was  responsible  for  the  supervision  of  the  project  and  
refinement of the publication. 

Publication III describes the theory of a direct search method with a variable step size 
and its application in defining a proper specification of LC DD-PMSG dimensions. 
With  this  approach,  the  mass  of  the  generator  is  minimized.  The  results  obtained  are  
only preliminary, whereas a significant improvement is still possible by further FEA-
based iteration process. Ms. Alexandrova was responsible for the electromagnetic 
analyses presented in the paper and the implementation of the proposed approach in 
Matlab. Mr. Semken was responsible for the mechanical design of the LC DD-PMSG, 
and Ms. Polikarpova was responsible for the thermal design. Prof. Pyrhönen was 
responsible for the supervision of the project and refinement of the publication. 

Publication IV introduces  the  thermal  modelling  of  an  8  MW  LC  DD-PMSG  on  the  
basis of analytical thermal models. It makes it possible to account for uneven heat loss 
distribution in the winding conductors as well as conductor cooling arrangement. 
Transient calculations reveal the copper winding temperature distribution for an 
example duty cycle during variable-speed wind turbine operation. The cooling 
performance of the liquid cooled tooth-coil design is also predicted via finite element 
analysis. An instrumented small prototype with two liquid-cooled tooth coils is 
described. Analytical results were compared with the predicted ones. Ms. Alexandrova 
was the principal author and investigator in this paper. She was responsible for the 
theoretical analysis given in the paper, the implementation of the proposed methods in 
Matlab, and the theoretical analysis of the experiment. Mr. Semken had largely been 
responsible for the development and setting of the test bench and the acquisition 
systems.  Prof.  Pyrhönen  was  responsible  for  the  supervision  of  the  project  and  
refinement of the publication. 

Publication V introduces an analytical permanent magnet eddy-current loss calculation 
for rotor-surface-magnet synchronous machine. A new calculating method for the eddy-
current loss determination is presented. The calculation principle consists of replacing 
the magnets by an equivalent resistance which gives the same power loss for a given 
geometry. It is directly related to the change of the magnetic flux density and 



1 INTRODUCTION 32

application of the Faraday’s law and Ohm’s law by relying upon a prior knowledge of 
the eddy current paths. In this publication, the main principles were first presented by 
Prof. Pyrhönen. Ms. Alexandrova acted as an important contributor to the development 
of the theory and constructed a computational tool to evaluate the PM losses. Dr. Hanne 
Jussila provided the verifying measurement results. Prof. Rafajdus and Dr. Nerg acted 
as referees for the paper. 

Chapter 1 introduces the background and objectives of the project. Furthermore, it 
discusses the limiting factors of the mechanical and electromagnetic loading selections, 
partly based on Publication I; the option of using air cooling versus liquid cooling for 
the cooling of electrical machines; finally, it gives examples of liquid-cooled stators. 

Chapter 2 starts with a discussion on the generator size issues related to pursuing high 
power in a direct-drive wind turbine. Again, it deals with the general mathematical 
representation of the winding that underlies the relationship between the winding 
structure and some winding qualification characteristics such as current linkage 
waveform, winding factors and differential leakage coefficient. Finally, the scope of the 
chapter is narrowed down to describe the fractional-slot non-overlapping winding made 
of hollow conductors for the LC DD-PMSG. 

Chapter  3  is  based  on  Publications  II–V.  Further,  it  discusses  the  uneven  copper  loss  
distribution  resulting  from the  skin  effect  and  the  effect  of  temperature  on  the  copper  
winding resistance and the thermophysical properties of the coolant. Moreover, the 
matrix formulation for determining the magnetic field distribution in a rotor-surface-
magnet synchronous generator is presented. 

Chapter 4 concludes the doctoral dissertation and provides ideas for future work. 

1.5 Scientific contributions 

To the author’s knowledge, so far, there has been no attempt to apply direct liquid 
cooling to the stator windings of a DD-PMSG in a variable-speed wind turbine 
application. This attempt is now made in this doctoral dissertation, and a 
multidisciplinary  study  of  the  development  of  the  LC  DD-PMSG  technology  is  
conducted. 

With the starting hypothesis that the whole machine design must be subordinate to the 
winding design and easy manufacturing to achieve a mechanically and economically 
feasible machine design, it was shown with multi-disciplinary evaluations that 
permanent magnet synchronous generators with fractional slot non-overlapping liquid-
cooled windings are suitable for low-speed direct-drive applications and can thus be 
used as a base for future wind generator technology development. 

Based on the author’s work and relevant references, the design features specific to a 
PMSG with fractional slot non-overlapping stator windings were considered. Analytical 



1.5 SCIENTIFIC CONTRIBUTIONS 33

tools  for  the  study  of  the  winding  properties  and  for  the  electromagnetic  design  of  a  
rotor-surface-magnet SG were developed. 

A simplified aerodynamic model of a variable-speed wind turbine equipped with the 
proposed LC DD-PMSG was developed in order to evaluate its electricity production 
capacity and electrical behaviour. The generator efficiency was upgraded to give high 
output energy with decreased load. 

Electromagnetic, thermal and wind turbine aerodynamic models were used together 
with an optimization tool. In the course of this study, a direct search optimizing method 
was used to find the generator construction with the lowest mass. 

The  thermal  performances  of  the  LC DD-PMSG were  studied.  It  was  shown that  it  is  
important to include the temperature dependence of the copper resistivity and the 
thermophysical properties of coolant to get accurate results. 

The cooling method and the thermal model developed for it in this study were tested in 
actual circumstances. A motorette prototype with two liquid-cooled non-overlapping 
coils was used in the tests. According to the tests, the thermal model can predict 
temperature with a good accuracy, while the direct liquid cooling may be considered an 
effective means to cool the winding. 

A new method was presented to improve the calculation of the eddy current loss in 
rotor-surface permanent magnets by adjusting the equivalent resistance according to the 
magnet dimensions. Comparing with the FEA and the test results, this approach can 
predict the permanent magnet losses with a good accuracy. 
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2 Direct-drive wind turbine generators 
Electrical generators for wind turbine applications fall into two main categories: geared 
generators and direct-drive generators. For the normal design of an electrical generator, 
the combination of air gap diameter and maximum rotational speed of both generator 
categories should be such that the peripheral speed is kept below 30 m/s. However, 
large turbo generators have speeds in the range of 150 m/s. DD WTG topologies have 
been  the  focus  of  a  significant  amount  of  international  research  over  the  past  decade  
(Zhang et al., 2007; Brisset et al. 2008; Potgieter and  Kamper, 2012; Zhu et al., 2014). 
It has been demonstrated that DD WTGs can offer some advantages over geared WTGs. 
The primary reason for the rapid acceptance of the DD technology has been the energy 
savings associated with running an electrical generator at a lower speed, and the general 
reliability of such a drive system (Publication I). The gearbox of a wind power plant is 
expensive, subject to vibration, noise and fatigue and needs lubrication and maintenance 
at appreciable cost (Chalmers et al., 1996). For geared generators, its overall efficiency 
depends on the number of cogwheel contacts: one average is 1 % loss per cogwheel 
contact when transmitting full load to the gear mounted in an anti-friction bearing and 
lubricated with oil. Therefore, the efficiency of a three-step geared drive will then be 97 
% (Niemann, n.d.). Some currently used geared-drive examples of a MW range wind 
turbine are: Gamesa 5.0 MW PMSG (Gamesa); Sinovel SL6000 6 MW high-speed 
DFIG (Sinovel); Vestas 8 MW medium-speed PMSG (Vestas); The Switch PMG 3300-
136– 3.3 MW medium-speed PMSG (The Switch). 

The most unique feature of a DD wind turbine generator concerns its physical 
dimensions. DD generators have low speeds (10–30 rpm) and a large diameter to length 
ratio, resulting in a generator the active parts of which form a thin ring. The large 
diameter allows very high torque to be developed. One of the dominant problems facing 
the designers of large-power DD WTGs is to limit the generator size arising from the 
high torque to be developed. 

Up until now, the design of large-power WTGs was implemented by using forced air 
cooling. It is well known that the temperature is the limiting factor when it comes to the 
maximum power output of the electrical machines. Intensified direct liquid cooling is 
the key to the manufacture of compact generators. Reducing the generator size and 
weight can also bring a lower size and weight of other wind turbine components and 
hence, lower manufacturing cost. Especially, for large generators weight saving 
becomes  important  in  terms  of  weight  limitation  during  transportation.  In  order  to  
reduce the size of the low-speed generator, the development of an intensive cooling 
process is required. In this doctoral dissertation, the direct-liquid cooling of the stator 
windings is considered, where the cooling medium passes through the hollow 
conductors from the inlet to the outlet. 

The heat loss distribution of a low-speed WTG is quite different from the power loss 
distribution in a high-speed WTG. Most of the heat losses in a high-speed generator are 
rotational losses and losses caused by high-frequency stator current, and flux causing 
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losses in the permanent magnets and iron parts of the generator. In a low-speed 
generator, the stator windings are subjected to a large amount of heat and high 
temperatures, which can cause fatigue and destruction of the windings. For these 
reasons, an effective way to increase the heat dissipation efficiency of the DD WTGs is 
to provide the direct liquid cooling of their windings. 

2.1 Stator windings 

The speed of an electrical machine n is determined primarily by the supply frequency fs 
and the number of pole pairs in the stator winding p according to the relation 

 
p
fn s . (2.1) 

For the DD electrical machines it is preferable to build machines with a high number of 
poles. The higher the number of poles, the lighter the magnetic circuit yoke can be. This 
implies that the active weight of the machine could be significantly reduced. A high 
number of poles also helps in protecting the permanent magnets from demagnetization. 
The magnetizing inductance is inversely proportional to the pole pair number squared 
(Lm  p-2). While the magnetizing inductance is small, the stator leakage could be 
significant in low-speed machines. As a result, the terminal short circuit current and the 
armature reaction remain limited, which minimizes the risk of magnet demagnetization. 

The number of stator slots must be properly selected at the design stage as this number 
affects the weight, cost and operating characteristics of the machine. The number of 
stator slots is 

 ,2s pqmQ  (2.2) 

where q is the number of slots per pole and phase. 

According to Eq. (2.2), a high number of poles easily results in a high number of stator 
slots unless q is made smaller and smaller. Nevertheless, an increase in the number of 
slots can be physically impossible when considering high pole number machines with 
limited dimensions. Otherwise, with a high number of slots per pole and phase, the teeth 
become mechanically weak, and the maximum flux density may exceed the permissible 
level. A tooth width should be selected such that the maximum flux density in a tooth 
remains between 1.6 T and 1.8 T. 

Therefore, if there is a high number of pole pairs, to ensure that the space available for 
the slots is sufficient, it is necessary to change the number of slots per pole and phase q 
to a fractional value, resulting in a fractional slot winding type. The machines equipped 
with integral windings operate at the fundamental component of the flux density, while 
the machines with fractional slot windings operate with some of the flux density 
harmonics (Jussila, 2009).  
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If q is less or equal to 0.5, it results in a fractional slot non-overlapping winding, each 
winding coil is wrapped around an individual tooth, and thus, it does not span over other 
teeth. It eliminates the problems associated with coil overlapping that results in a 
winding overhang. Using fractional-slot non-overlapping windings has several well-
known advantages: 

– The configuration is suitable for fault-tolerant application. The key factors for 
fault tolerance in PM machines are to have both a sufficiently high phase 
inductance to limit short-circuit currents and a sufficiently low mutual 
inductance between the phases to prevent loss of performance in the remaining 
healthy phases (Magnussen and Lendenmann, 2007).  In the case of the LC DD-
PMSG made of identical segments, fault tolerance also means that in the event 
of a fault of one segment, it can, in some cases, be disconnected while the 
generator continues operating with the healthy segments. 

– Short end windings result in a reduced stator winding resistance, thus reducing 
the Joule losses. 

– Easy mounting of the winding, which provides the opportunity of building the 
segmented stator slots. 

Fractional-slot non-overlapping windings can generate odd, even and fractional current 
linkage harmonic waves, which leads to an increased leakage inductance value 
contributing to the total machine synchronous inductance. A higher synchronous 
inductance enhances the flux weakening capability and reduces the short-circuit currents 
and torque ripple amplitude. Roughly speaking, the latter comes from Faraday’s law 
over short time U = Lsdi/dt. Hence, when Ls is sufficiently high, the current change can 
be made small, resulting in less torque ripple amplitude. 

However, a high synchronous inductance decreases the pull-out torque capability, and 
the additional harmonics in the current linkage cause additional losses in the rotor and 
permanent magnets of permanent magnet machines. 

Figure 2.1 shows the structure of coil connections for three different winding 
arrangements. As a simple example, a 24-slot 4-pole short-pitched PM machine is 
illustrated in Fig. 2.1 (a). This is an integer slot machine with q =  2.  The  winding  is  
illustrated for three phases showing the distributed nature of the winding. Figure 2.1 (b) 
shows  the  fractional-slot  winding  layout  of  a  3-phase  set  for  a  15-slot,  4-pole  PM  
machine with q = 1.25. Figure 2.1 (c) shows the winding layout of a fractional slot 3-
phase non-overlapping winding with 12 slots and 10 poles and q = 0.4. 

A special coil arrangement of a fractional slot non-overlapping winding (Fig. 2.1 (c)) is 
especially advantageous for the direct cooling of the stator winding, since it simplifies 
the manufacturing and assembly process of the windings. Further, for instance in case of 
insulation problems, individual tooth coils can be removed for repair. 
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(a) 

 
(b) 

 
(c) 

Fig. 2.1: Cross section and winding layout. (a) Integer slot winding (double layer, short-pitched 
Qs = 24, p = 2, q = 2). (b) Conventional fractional slot winding (double layer, Qs = 15, p = 2, q = 
1.25). (c) Fractional slot non-overlapping winding (double layer, Qs = 12, p =  5,  q = 0.4). 
Arrows indicate current directions. 

The theoretical foundation of the matrix-tensor representation of the electrical machine 
windings has been laid in (Kron, 1954). An extensive use of the digital computer allows 
the application of this method to the study of winding properties. Below, the basic 
computation tool that could be used for the study of windings is presented. It is based on 
the equations given in (Popov, 1998), where all the equations can also be found. 

A node structure called winding matrix is a compact way to represent the location of the 
winding phases in slots. The symbolic matrix [C] is used to indicate the winding matrix 
with Qs  m' dimensions, the columns m' of which represent the m' phase zones and the 
Qs rows represent the Qs stator  slots.  A set  of  entries  in  the  matrix  cells  represent  the  
number of turns of the phase coils corresponding to each phase zone, while some cells 
have null values. Hence, a winding matrix relates the turn number of the phase zone’s 
coils with its location in the stator slots. Therefore, the winding matrix can be obtained 
for different given winding schemes. 

Since each coil has two coil sides, and the current in those coil sides is flowing in 
opposite directions, an individual phase vector [cph] can be found as the subtraction of 
the column vectors related to the positive and negative coils of the same phase. The 
general representation for the winding factor of the vth harmonic can be calculated by 
employing the voltage phasor diagram (Pyrhönen et al., 2008). By introducing the 
matrix of unity slot  emfs [eQ], the winding factor of the vth space harmonic kwv can be 
calculated based on the following equations. The value of current located in slots (slot 
current matrix [IQ]) can be obtained based on a matrix of phase zone currents [Iph]. 
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where u
el is the electrical angle between two adjacent slots, ph is the angle between 

two adjacent phase zones based on assigning the phase zones in the matrix [C], and Z is 
the total number of conductors of the phase.  

Moving along the stator bore surface from one slot to another at any fixed time instant, 
the vector ( , t) moves on the complex plane, describing a closed polygon called 
Görges polygon (Heller and Hamata 1977). Since the vector ( , t) is obtained by 
summing the vectors of the slot current matrix [IQ] on the surface of the stator bore, the 
vector ( , t) in one dimension gives the stepwise current linkage distribution produced 
by the winding. For ith slot the current linkage value is 
 

.ReRe,or  ImIm, 1-u1-u iQiQiiQiQi tt IIII
 

(2.9) 

The  Görges  polygon  is  then  used  to  determine  the  differential  leakage  coefficient  . 
The differential leakage coefficient characterizes the space harmonic content of the 
winding current linkage produced in the air gap. The differential leakage coefficient of a 
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synchronous machine with fractional slot non-overlapping windings is part of nearly all 
of the other leakages, and thus, knowledge of it is a prerequisite. According to (Heller 
and Hamata, 1977), the differential leakage coefficient can be determined from the 
Görges polygon as 
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where ri is the distance of each node of the Görges polygon from the centre of the 
Görges polygon, rw is the radius of the circle corresponding to the Görges polygon of 
the working harmonic, kw wh is the winding factor of the working harmonic, and Iu is the 
current sum in a slot. 

Assuming  that  the  2Iu equals one, the Görges polygon and current linkage can be 
obtained in per unit values. As an example, the winding matrices for three different 
windings with one turn per each phase coil and the amplitude of the current sum in one 
slot equals one: a conventional integer slot winding, a fractional slot winding with q > 1 
and a fractional slot non-overlapping winding with q < 0.5 are presented in Fig. 2.2. 
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Fig. 2.2: Winding matrix [C] for (a) Integer slot winding Qs = 12, p =  1,  q =  2.  (b)  
Conventional fractional slot winding Qs = 15, p = 2, q = 1.25. (c) Fractional slot non-
overlapping winding Qs = 12, p = 5, q = 0.4. 
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Based on the procedure described above for each of the windings, the Görges polygon 
and the theoretical current linkage curves at some time instant are presented and 
differential leakage factors are calculated. The theoretical current-linkage distribution 
for the three machines with double-layer windings are shown in Fig. 2.3. 

 
(a) 

 
(b) 

 
(c) 

Fig. 2.3: Görges polygons and idealized current linkage waveforms at some time instant for (a) 
Integer slot winding Qs = 12, p = 1, q = 2,  = 2.32 %. (b) Conventional fractional slot winding 
Qs = 15, p = 2, q = 1.25,  = 10.21 %. (c) Fractional slot non-overlapping winding Qs = 12, p = 
5, q = 0.4,  = 96.83 %. 
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These are very much an idealized waveform. Usually, the current linkage has some 
distortion caused by the slot openings, which is not taken into account in the waveforms 
in Fig. 2.3. The current linkages are normalized in the sense that all three machines have 
the same current loading, that is, the double-layer windings have two conductors per 
slot with a unity current amplitude per each winding layer. However, Fig. 2.3 proves the 
fact that machines with a fractional slot non-overlapping winding generally have higher 
harmonic contents than traditional machines with distributed windings and also have 
subharmonics, while the machines with distributed windings do not. 

2.2 Form-wound and random-wound stator winding coils 

When  the  arrangement  between  the  stator  winding  turns  is  not  definite  during  coil  
looping or insertion, the windings are called random windings. Random windings are 
used in lower power-rating machines (with units less than 1.5 MW), where it is 
impractical to use form coils. Random windings are made from low-cost enamelled 
round copper wire. With random windings, the mechanization of manufacturing is 
increased  to  further  lower  the  cost.  In  the  cross  section  of  such  a  coil,  the  turns  are  
randomly distributed and can be in close proximity to a number of other turns. 
Throughout the axial length of the coil, wires can migrate during the assembling process 
and take new positions with respect to other coils. When migration occurs, it may lead 
to additional voltage and thermal stresses on the stator winding insulation system, and 
as  a  result,  could  lead  to  a  premature  stator  winding  failure.  This  condition  could  be  
further amplified in converter-fed machines. The stator slots with random windings 
have smaller slot openings compared with the open slots in stators with form-wound 
coils. As a result, a random-wound motor will have more slot leakage inductance 
because of the small slot opening. Since any turn may be adjacent to any another turn in 
the case of random windings, the ability to withstand operating turn-to-turn voltages is 
lower compared with form-wound windings. For example, if a generator has four turns 
per coil and a peak turn-to-turn voltage of 40 V, for a random-wound design with turn 
one and turn four touching each other, this voltage can be as high as 120 V (40 V times 
a three-turn difference). For random windings, because of uneven resin build-up, the hot 
spot location can vary in duplicated units (Kato, 2001). 

In a formed coil, the windings are preformed and the position of each wire relative to 
each of the other wires is known prior to insertion in the slot. Form windings use square 
or rectangular cross-sectional wires. The dimensions of stator slots are then well 
predictable. As such, it is easier for a designer to feel confident that a form-wound coil 
and the stator will have high slot copper fill factor during prototyping without requiring 
a further geometric analysis and eliminating the risk of retooling after prototyping. 
Moreover, a copper space factor of more than 0.74 in a fabricated machine with 
concentrated windings was reported in (Magnussen et al., 2004); it has been achieved 
by a segmented stator core and prewound rectangular conductors. 
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In a form-wound stator, the slot profile is typically rectangular in shape with a large slot 
opening, the opening being of the same width as the slot itself. This opening is provided 
to insert the form-wound coils during assembly. Large slot openings result in higher air 
gap permeance harmonics but a lower slot leakage inductance, which tends to affect the 
machine performance. It can result in torque ripple or cause additional electromagnetic 
and acoustic noise. It also adds to the rotor surface losses because the slot openings 
modulate the rotor surface flux density. A stator equipped with form-wound stator 
windings usually undergoes vacuum-pressure impregnation. The vacuum removes air 
and moisture from the coils. Next, resin is then applied under pressure to uniformly 
saturate the winding insulation. The stator is then baked to cure the resin, making a 
winding to be mechanically and electrically rigid. A rigid coil structure is very 
important to minimize movement at the end interface when there are high surge 
currents, such as during starting of the machine or short-circuit faults. Form windings 
have uniform temperature distribution, which minimizes the risk of localized hot spots. 
With form wound machines, the hot spot is always found in a predictable location at the 
slot portion of the laminations. As a result, the hot spot temperature can be measured 
and duplicated from unit to unit. 

For any highly complex engineering product, there are advantages and disadvantages 
associated with each winding design choice. Nearly every design choice has its 
associated trade-offs. It is up to the designer to understand the differences and apply the 
appropriate  technologies  to  best  suit  the  needs  of  the  user  and  the  application  (Cook,  
2012). 

2.3 Fractional slot non-overlapping winding for liquid-cooled direct-
drive permanent-magnet synchronous generator 

In the market, straight hollow conductors are available in a variety of cross sections 
from complex to standard profile shapes according to customer specifications. However, 
the stator design with fractional slot non-overlapping windings made of form-wound 
conductors is mostly influenced by the mechanical restrictions of the bending radius and 
length of the form-wound conductor. There are criteria that can be used: the amount of 
deformation of the cross section that occurs at the various radii bends, and the smallest 
radius that will not damage the conductor insulation by local pressure (Harvey, 1973). 
Large hollow conductors are usually drawn on a bench, and thus, the longest bench 
available can also limit the total length of the hollow conductor of the coil. The fact that 
the bending radius determines the tooth width results in a larger generator air gap radius 
if we increase the conductor bending radius. Significant development has been 
undertaken at LUT with respect to the hollow conductor fabrication, bending of the 
hollow  solid  conductor  and  its  impregnation.  Bending  of  solid  hollow  conductors  has  
been performed on a small sample of hollow conductors. As a result, the bending radii 
of the hollow conductors were determined based on manufacturing capability. A 
minimum inside bending radius equal to the double conductor thickness has been set as 
a default. 



2 DIRECT-DRIVE WIND TURBINE GENERATORS 44

In conventional directly cooled stator bar design, the stator bars and the coolant headers 
are separate components (see Fig. 1.6 and Fig. 1.8 (b)), so they must be joined together 
at their interface. The widely used technique for joining the stator bar to a header 
coupling is brazing solder, preferably silver brazing solder. Although this is a highly 
reliable technique, occasional coolant leaks have occurred at the joints. Because the 
coolant (e.g. water) is electrically conducted, short-circuiting could take place and the 
part of the winding assemblies has to be removed for repair (Gunn and Fritzke, 1967). 

To  attain  the  advantage  of  the  stainless  steel  hollow  conductors  used  in  conventional  
liquid-cooled turbine generators (see Fig. 1.4, 1.5), in the proposed LC DD-PMSG 
design  the  liquid  coolant  connection  to  the  inlet/outlet  manifolds  is  carried  out  by  
routing stainless steel pipe inside the tooth coil for its whole length. The coolant 
emanates from the first conductor of the tooth coil and emerges out when it has cooled 
all conductors belonging to the same tooth coil (Fig. 2.4). Stainless steel tubes are made 
longer than the copper tooth coil, and therefore, they could be directly connected to the 
inlet-outlet manifolds neglecting the headers, which are typically used in convectional 
liquid-cooled stator bar design. 

 
Fig. 2.4: Configuration of the winding and its terminals 

The  advantage  of  the  use  of  stainless  steel  inside  the  stator  hollow  conductors  is  that  
there are no oxygen requirements in the liquid coolant as high-performance stainless 
steel grades (e.g. SS 316 Series) offer corrosion resistance and physical properties that 
make them attractive for liquid cooling applications. As a result, the chemistry control 
of the coolant becomes easier. 

Since the stainless steel tubes are made of electrically conductive material, the heat 
transfer medium should be deionized water or some dielectric fluid such as silicon-
based or mineral oils to avoid any electrical shorts. 

The LC tooth-coil design assumes that the tooth coils are manufactured from hollow 
and insulated copper conductors. Each coil consists of an even number of turns multiple 
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of four (e.g. 20, 24), the coils are subdivided into 2 turns  zQ/4 turns pancakes to allow 
the placement of the tooth coils through the air gap onto the stator teeth. Each tooth coil 
is  supposed  to  be  fabricated  from  a  rectangular-form  hollow  copper  conductor  with  a  
cooling channel. It results in ls  zQ  kew metres of conductor per tooth coil. The factor 
kew takes into account the effect of the end winding in the total length. In multiple-pole 
tooth-coil winding machines, kew can be in the range of 1.2 while in a two-pole 
traditional winding it can exceed 2. 

2.4 Rotor-Surface-Magnet Synchronous Generator 

The selection of a generator for a specific application is governed by a number of 
factors, such as the prime mover speed, the required output power, the range of 
operation and the end user. Several different types of electrical generators are currently 
in use or have been proposed for application in the wind turbine drive train. We took 
particular interest in a permanent magnet synchronous generator solution. There are 
many attributes of permanent magnet synchronous machines that make them a desirable 
technology for use in modern wind turbine generator designs. Compared with the 
electrically excited synchronous machine type, the permanent magnet machines have 
potential  to  show  a  larger  energy  density,  and  therefore,  can  be  of  smaller  size  for  a  
given power. The absence of brushes to supply the rotor circuit makes them 
mechanically more robust. 

PM synchronous machines can be subdivided according to various criteria, viz. the 
mode of operation (motor or generator), the direction of the magnetic field (axial or 
radial field machines), the rating of the machine (fractional kilowatts or high-power 
machines) and the type of the rotor (external vs. internal) (Singh, 2006). Depending on 
how the magnets are mounted on the rotor, there can be a large difference between the 
magnetic paths. Two main configurations of PM synchronous machines are 1) the type 
in which the magnets are attached on the rotor surface and 2) the type in which the 
magnets are buried in the rotor construction. In several motor topologies, an interior PM 
rotor structure has become popular. There is even an example where an interior 
permanent magnet rotor (Zhang et al., 2007) is being proposed for a DD WT 
application. However, interior permanent magnet machines are usually used for higher-
speed operation (e.g. traction applications) because they can still produce reluctance 
torque in field weakening operation. The interior PM machine suffers from the 
additional pole to pole leakage flux because of the magnetic bridges between the poles. 
As a result, interior PM machines might need more permanent magnet material 
compared with rotor surface magnet PM machines to get a higher flux density value in 
the air gap. Consequently, an increase in the torque density is not directly possible with 
an interior type PM machines without additional measures (Weh et al., 1984). Interior 
PM machines are naturally more expensive to manufacture and slightly more complex 
to  control  because  of  the  need  to  optimize  the  combination  of  two methods  of  torque  
production (Underwood and Husain, 2006). If the speed is low and the speed range is 
limited, the torque density and efficiency of rotor-surface-magnet PM machines could 
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be even better than those of interior PM machines. The close proximity of the magnets 
to the air gap causes the flux density of the air gap to be roughly the same as that of the 
magnets. For rotor-surface-magnet PM machines, the armature reaction can be 
considered  relatively  small,  especially  for  a  larger  magnet  height  and  smaller  pole  
pitches, as the permanent magnet material exhibits a relative permeability of about 1 
and thus displays a magnetic permeability similar to that of air.  It  is  important for the 
attainment of a large force density that the armature reaction is reduced as far as 
possible (Weh et al., 1984). Because of the opportunity of a higher torque density, a less 
complicated design and lower maintenance, we took particular interest in a rotor-
surface-magnet synchronous generator configuration. 

For the above reasons, this doctoral dissertation is about a design of a direct drive rotor-
surface-magnet synchronous generator with direct liquid cooling for a wind turbine 
application. The machine is referred herein as an LC DD-PMSG. The dissertation 
focuses on the analysis and the computation methods that are mainly required in each 
design stage. The electromagnetic and thermal analyses are performed for the selected 
model. The following chapter will show the details of the new LC DD-PMSG design. 
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3 Liquid-cooled direct-drive permanent-magnet 
synchronous generator configuration 

The concept of the LC DD-PMSG was presented in Publication II. The major generator 
components are the stator, rotor and support structures. The support structure is used to 
support the weight of the stator and the rotor. In particular, the stator core is attached to 
the stator supporting structure through flexible elements (e.g. key-bars, dove-tail 
wedges) that are uniformly distributed along the periphery to minimize the maximum 
force transmitted. The rotor is connected to a central shaft with the help of a rotor 
support structure mounted on bearings that enable the rotor rotation. 

Stators and rotors are usually manufactured using stacks of one-piece laminations, made 
by  punching  the  desired  pattern  from  one  large  sheet  of  steel.  A  variation  of  this  
manufacturing technique that is usually applied for large electrical machines is to punch 
each lamination as an individually segmented piece and to later position the pieces into 
the desired pattern. After the segmented pieces are in position, the geometric pattern and 
magnetic circuit are approximately the same as for one-piece laminations. The 
segmented lamination offers the potential of significantly reduced raw material waste 
and lower capital cost for the punching equipment and tooling. The studied LC DD-
PMSG consists of twelve segments; each segment comprises 12 stator slots and 10 
permanent magnet poles. The machine with 12 slots and 10 poles is particularly 
interesting: it can support a concentrated winding with one layer, and its cogging torque 
and load torque ripple are of low amplitude (Cros and Viarouge, 2002). However, the 
asymmetries in the magnetic circuit of the machine caused by splitting the stator and 
rotor cores and segment punching can be origins of shaft and bearing currents in 
electrical machines (Prashad et al., 1999). Therefore, additional measures may have to 
be implemented to prevent bearing damage. A detailed discussion is beyond the scope 
of this dissertation.  

Often, large PM machines with integer-slot windings can have, instead of laminated 
rotor magnetic parts, a solid rotor yoke. In tooth-coil machines with open stator slots, 
the air-gap flux density fluctuation is, however, so heavy that a laminated rotor is 
needed to avoid rotor eddy currents. The stator can be arranged outside or inside the 
rotor, that is, as an outer rotor or inner rotor design. Both designs give almost identical 
performance. However, an external rotor design would be suitable for matching the 
rotor directly to the turbine, and it also simplifies the attaching of surface magnets to a 
rotor because the centrifugal force of the magnets is into the rotor core rather than away 
from it (Dorrell, 2007). 

The axial cross sections of the stator and rotor of the outer rotor design are illustrated in 
Fig. 3.1. Only generator components important for the electromagnetic analysis were 
modelled. Figure 3.1 also gives the flux line distribution where the dissymmetry caused 
in the field distribution by the loading current can be observed. Using supporting 
frames,  the  segments  are  then  placed  to  form  the  outer  radius  of  the  generator.  The  
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generator stack length is 1.15 m, the stator air gap diameter is 6.93 m and the gap is 8.5 
mm.  The  rotor  and  stator  laminations  use  a  number  of  slits  to  mechanically  retain  the  
stator and rotor laminations by applying tension rods. A laminated rotor core carries 
radially magnetized segmented permanent magnets. The winding coils are wrapped 
around each stator tooth. 

 
Fig. 3.1: Generator cross section for the air-gap diameter of the machine is 6.93 m; the flux line 
distribution. 

The salient features of the LC DD-PMSG design concept can be summarized as 
follows: 

– external or internal rotor configuration; 
– lightweight support structure; 
– modular stator and rotor constructions; 
– fault tolerance capability (in the event of a fault of one segment, this segment 

can be disconnected and the generator continues to operate with the healthy 
segments if no PM-induced short-circuit currents are present in the damaged 
segment); 

– short axial length of the generator. It makes it possible to integrate the generator 
directly with the wind turbine to form a very compact generating set; 

– disc rotors act naturally as fans; thus, good ventilation is achieved even at a low 
rotation speed; 

– tooth coil concept of the stator winding makes it easy to fabricate; 
– direct liquid cooling of the stator winding makes the heat dissipation more 

effective; 
– design can be readily changed, such as the pole/slot per segment or the number 

of segments in a generator. 

3.1 Skin effect 

Losses in the stator windings can be divided into Joule losses, which are proportional to 
the current squared, and eddy-current losses governed by Faraday's law. It makes the 
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current density non-uniformly distributed from the bottom to the top of the slot, and 
thus, also the temperature in the conductors becomes non-uniform. Therefore, in the 
calculation of the temperature distribution, the issue of eddy currents should be 
considered to make the calculation more precise (Weili et al., 2008). In order to take 
into account the additional loss in the conductors, the resistance factor kR is commonly 
used. It determines the increased AC resistance losses PAC compared with the 
corresponding DC resistance losses PDC appearing in the conductors (Pyrhönen et al., 
2008) 

 
DC

AC
R

P
Pk . (3.1) 

The analytical approach applied to predict the AC copper losses in the design procedure 
is based on the proposed equation (Danilevich and Kasharskiy, 1963). It was derived 
based on the following assumptions: the magnetic flux density has only the component 
across the conductor in the direction of motion. Such an assumption is reasonable, if the 
slot is completely filled with copper. New insulation materials allow a good slot fill 
factor. Therefore, this assumption contributes only to a small error; the magnetic 
voltage drop across the magnetic material is ignored because infinite iron permeability 
is assumed, and the machine has an infinite axial length. Thus, the end effects are 
neglected in the model. 

Therefore, based on the relevant assumption, the formula of the eddy-current loss in 
bulky copper conductors can be derived as 
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where a is the number of parallel paths in the winding, bs is the slot width, b0c is the 
width of an individual conductor, h0c is the height of an individual conductor, Is is  the 
phase current, lav is the average length of a coil turn, Cu is the winding resistivity, 0 is 
the air permeability, and s is the stator angular frequency. 

Equation (3.2) can be applied to define the additional losses in the hollow conductors. 
The cross section of a hollow conductor can be regarded as the result of the subtraction 
of the hole cross section with the height h0h and the width b0h from the cross section of a 
continuous conductor with the dimensions h0c, b0c. Thus, the final expression for 
additional losses in hollow conductors has been used in the following form 
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For conductors with a circular hole inside, Eq. (3.3) can be applied when the circular 
hole is replaced by a square hole with the same cross-sectional area. Today, the 2D FEA 
can easily analyse the winding eddy-current losses without simplification. The analysis 
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of the winding eddy current loss by the 3D FEA is more accurate than 2D, but the effort 
involved in simulations may not be justified for the inappreciable increase in accuracy. 
Therefore,  the  2D  electromagnetic  field  calculation  model  of  one  stator  slot  with  
double-layer windings, which are in phase in slot was established, and the current 
density distribution was calculated. Then, the resistance factor was compared with the 
one obtained by the analytical method. 

Figure 3.2 shows the 2D FEA magnetic field distribution of the stator winding in a 
stator slot of an 8 MW LC DD-PMSG with 11 Hz and 1110 A supply current. Each turn 
was modelled separately, as the thickness of the conductor is comparable with the depth 
of penetration. Figure 3.2 (a) shows that the current flowing in the bulky conductors 
causes the difference in the cross-sectional flux linkages along the slot height. Thus, 
eddy-currents are generated and the current density is non-uniform. The rms value of 
the current density distribution in the radial direction and its real and imaginary parts are 
presented in Fig. 3.2 (b). The real value of current density is uniform in the radial 
direction over the conductor cross section and equal to that of the rated current density. 
The imaginary part of the eddy current density is curved distributed. The maximum 
values appear at the top and bottom of the conductor, while the minimum values appear 
in  the  middle  in  the  radial  direction  of  the  conductor.  Figure  3.2  (b)  presents  the  
corresponding resistance factor along the given path. The value of the resistance factor 
in the bottom of the slot is 1, while the maximum value of the resistance factor appears 
at the top of the stator slot, kR = 4.63. 

 

 
(a) (b) 

Fig. 3.2: (a) Subdivision of the winding and flux line distribution. (b) Current density 
distribution along the stator slot height and resistance factor. 

For  a  specific  8  MW LC DD-PMSG,  the  dimensions  of  which  are  presented  in  Table  
3.1 (see also Publication II), the resistance factor based on Eq. (3.3) is 1.15. The average 
resistance factor based on the FEA is 1.3, and it shows a good agreement with the one 
obtained by the analytical equation. The difference is 11.5 %. Thus, the analytical 
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equation is applicable to the calculation of the eddy-current loss in the stator winding 
made of bulky conductors. The magnetic flux line distribution is quite different in the 
end-winding region because it is surrounded by air. A current-carrying conductor placed 
in the air produces concentric magnetic flux lines around the conductor. Since the 
ability of air to carry magnetic flux is much less than it is in steel, the skin effect of the 
end winding can be neglected. 

Table 3.1: LC DD-PMSG specification. 

Parameters Values Parameters Values 

Rated power 8 MW Number of conductors 
per slot 20 

Rated speed 11 rpm Copper mass 8.1 t 

Line to line voltage 3.3 kV Steel mass 40 t 

Rated phase current 1110 A Magnet mass 4.5 t 

Number of phases 6 Total generator with 
bearing mass 92 t 

Number of pole pairs 60 Load angle 35 deg. 

Number of slots 144 Power factor 0.63 

EMF factor 0.74 Copper losses 550 kW 

Tangential stress 80  kPa Total losses 651 kW 

Linear current density 138 kA/m Rated electrical 
efficiency 92.6 % 

Current density 4.8 A/mm2 Number of cooling 
circuit per tooth coil 1 

Peak output power to rated 
output power ratio 1.6 Outlet liquid temperature 77 ºC 

Stator length 1.15 m Coolant velocity 1.0 m/s 

Air gap diameter 6.93 m   
Conductor dimensions  
(width  height  hole diam.) 18 mm  15 mm  7 mm  

 
The final design given here has adopted a low value of current density in the machine 
despite direct liquid cooling. There are two obvious explanations for this fact. 1) The 
copper losses affect strongly the efficiency of the machine and therefore a low current 
density has been used to keep the efficiency on an acceptable level. 2) The very low 
rotational speed of the machine results in a high number of turns around every stator 
tooth. The slots are exceptionally wide and the cross-sectional areas of the coils are very 
large. Despite the low current density high losses are created in these bulky coils and 
therefore it should be very difficult to cool the winding with forced air cooling. 
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In addition to the resistance factor, there is an external factor that causes the copper 
losses to vary, namely the machine operating temperature. The general equation that 
relates resistance changes in conductors as a function of temperature is 

 ,10 TRTR  (3.4) 

where R0 is  the  resistance  of  the  conductor  at  the  reference  temperature  and   is the 
temperature coefficient of the conductor material. For copper conductors  = 0.004041 
C-1, and therefore, a change of 20 C from the initial point leads to a variation of 8 % in 
its resistance value. 

Both the effects of the copper loss increase because of the eddy currents and because of 
the temperature increase in the studied winding have been taken into account in the 
design stage of the generator. 

3.2 Magnetic field distribution 

The background of the magnetic field determination was the absence of an appropriate 
procedure to determine the thickness of the permanent magnets in the generator with 
open stator slots. Moreover, the electromagnetic field analysis is very significant for 
accurate calculation of the generator electromagnetic parameters and the design 
optimization. Over the last years, a considerable effort has been made on the analytical 
magnetic field calculations in permanent magnet electrical machines. A brief overview 
of papers solving the differential equations that describe the magnetic field distribution 
is presented in (Pfister and Perriard, 2011). The solution of a magnetic field distribution 
in terms of trigonometric functions allows examining the contribution of individual 
harmonics in the rotor magnetization waveforms and the stator current linkage 
waveform. 

The method for determining the magnetic field distribution in the rotor-surface-magnet 
SG presented in this section is given as a quite simple matrix formulation, and it is 
reasonably accurate. The magnetic field distribution is established using an analytical 
technique formulated in the cylindrical coordinate system. It mostly follows the method 
described in (Ledovskij, 1985) based on a Fourier analysis. 

The flux leakage, fringing, skin effect, iron core losses and permanent magnet losses are 
neglected. No eccentricity problems are present. The permeability of the iron core is 
assumed infinite. The discussion is restricted to the calculation of static fields and 
forces. 

The analysis is conducted for the general model of a rotor-surface-magnet SG, where 
the following regions are considered: r < rryr corresponds to the rotor steel, r = ; r  
[rryr; rPM] corresponds to the region with permanent magnets, r = PM; r  [rPM; rs] 
corresponds to the air gap between stator and rotor, r = 1. In the model, rPM is the 
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radius of the permanent magnet, rryr is the outer radius of the rotor yoke, and rs is the 
air-gap radius of the stator surface. 

The approach that is commonly used in order to model the magnetic field is the one 
based on the Maxwell equations governing the field quantities, ignoring displacement 
currents with the constitutive equations (Pyrhönen et al., 2008). In the steady state, the 
differential form of the Maxwell equation can be governed by the differential equation 
in terms of magnetic vector potential A 

 .0
2 MJA  (3.5) 

In the 2D plane model considered in this section, the source of the electromagnetic field 
M is  a vector in the plane of the computation domain ( , r), where the coordinate  is 
assumed to  be  the  direction  of  motion,  and  the  coordinate  r is  the  vertical  depth.  The  
vector M consists of radial Mn( , r) and tangential Mtan( , r) components. As a 
consequence, the magnetic vector potential is invariant in the longitudinal direction 
(coordinate z). Equation (3.5) can be written as partial differential equations of second 
order as 
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To find the general solution of Eq. (3.6), the magnetic vector potential Az, the vectors of 
the current density Jz and the magnet magnetization Mn, Mtan are described by means of 
Fourier series as a sum of cosine (single primed quantities) and sine functions (double 
primed quantities) as 
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Applying the method of variation of parameters, the variables A'k and A''k and A0 for the 
magnetic vector potential can be found. As a result, the magnetic vector potential 
becomes identified. Then, knowing that the radial Bn and tangential Btan components of 
flux density are related to the magnetic vector potential Az through Eq. (3.8), the 
magnetic field components can be derived 
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The deterministic process of the sine and cosine amplitudes of the magnetic field 
components is given in Appendix. Equation (3.8) is the general solution for magnetic 
field distribution. 
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The linear behaviour of the magnetic circuit, assumed throughout this analysis, permits 
to use the superposition of the magnetic field caused by the permanent magnets and the 
magnetic field produced by the stator currents to obtain the total field distribution. In the 
following, each of these components will be calculated. 

At no-load, the PMSG model consists of two iron layers extended to infinity 
representing the stator and rotor back iron; a layer with permanent magnets (rryr < r < rPM) 
representing the permanent magnet poles and an air gap layer (rPM < r < rs). The 
integration constants in the solution of Eq. (3.8) can be found by applying the boundary 
conditions satisfying a continuous radial flux density and tangential field strength at the 
boundaries. The permanent magnets placed on the rotor are defined by the remanent 
flux density Br, the relative permeability PM and its magnetization direction. The air 
gap flux density distribution is strongly dictated by the shape and magnetization pattern 
of the applied PMs. Furthermore, this has an influence on the cogging torque, harmonic 
content and magnetic saturation. For rotor-surface-magnet synchronous machines, 
usually the surface and bread loaf magnet shapes are used with a radial or parallel 
magnetization pattern. In (Rahideh and Korakianitis, 2012), the radial and tangential 
components of different magnetization patterns are presented. The peak value of 
permanent magnets with radial magnetization, Eq. (3.7), can be expressed as 
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where k = vp is the number of harmonic wave vth repetitions within the stator 
circumference (i.e. wave number), v = 1, 2, 3, etc., p is the rotor pole-pairs, PM is the 
magnet pole-arc to pole-pitch ratio and r is the rotor angular position. 

Applying the boundary conditions (see Appendix), the unknown constants Kk, Lk, Pk and 
Nk can be derived from a set of eight independent equations written in the matrix form 
for k  1. 
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(3.10) 

This matrix was implemented in Matlab, and based on Eq. (3.8), the magnetic flux 
density distribution of a slotless structure was obtained. Then, it was extended to a 
slotted 2D geometry by introducing a 2D complex permeance function (Zarko et al., 
2006). The 2D complex permeance function was calculated by the conformal mapping 
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method under the assumptions of an infinitely permeable stator and infinitely deep 
rectilinear stator slots. The complex relative permeance function is given by 

 .jImRe  (3.11) 

The resulting distribution of the complex relative permeance function in the middle of 
the air gap radius is shown in Fig. 3.3. 

 
Fig. 3.3: Slot ripple permeance function considering field fluctuations caused by the slot 
openings: the real and imaginary components of the complex relative permeance function. 

The complex relative permeance model adopts the same permeance function for any 
angular position between rotor and stator. Therefore, the resulting air gap magnetic flux 
density B( , r, r) computation is a product of permeance per unit area and smooth air 
gap magnetic flux density 

 .,,,,, rsmoothr rrBrB  (3.12) 

The resulting radial and tangential flux density waveforms can be resolved into space 
harmonics by Fourier series to give the flux density distribution for all angular positions 
between the rotor and the stator. The Fourier series is then given by 
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where the Fourier coefficients B'nk, B''nk, B'tank and B''tank are calculated in each angular 
position between the rotor and the stator using the Fourier series expansion. Since the Bn 
and Btan waveforms are discrete in space, their waveforms can be treated as a series of 
sawtooth waves. Each of the sawtooth waves looks like the function y( )  =  ( y/ )  
and has a period of 2 . Then, each sawtooth wave function can be written as a sum of 
sine and cosine functions. The resulting Fourier coefficients for Bn and Btan waveforms 
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in each angular position between the rotor and the stator are the sum of the 
corresponding Fourier series of all sawtooth wave functions. 

From the magnetic field solution at no-load it is then possible to derive important 
electromagnetic quantities such as no-load induced voltage and cogging torque. 

Cogging torque is an alignment torque between the stator teeth and the rotor magnets, 
and it is due to the attraction-repulsion cycles caused by the interactions of permanent 
magnets and a slotted stator. Cogging torque does not contribute to the output torque of 
the machine. It produces a torque ripple causing excessive noise and harmful vibration 
to the machine itself preventing its smooth rotation; a mechanical resonant may occur 
thereby causing a risk of serious destruction, and it can also activate harmful mechanical 
vibrations of the whole drive drain installation (Sopanen et al., 2011). Therefore, 
cogging torque has become one of the important design specifications and consideration 
issues in PM machines. Cogging torque can be estimated based on the Maxwell stress 
method. Since the torque or force calculation is an integration of the fields on a surface 
around an object, this method was applied in the middle air gap radius, r = r . Cogging 
torque is a periodical function, which depends on the rotor angular position 
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Substituting the expressions of the flux density components Eq. (3.13) into Eq. (3.14), 
the cogging torque expression is written as 
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An alternative approach to the cogging torque calculation is to integrate the magnetic 
stress vector along the slot sides (Zarko et al., 2006). The total cogging torque can be 
computed as a sum of the contribution of all the slots generating the cogging torques. In 
this method, the value of the flux density Bk was calculated from Eq. (3.13) as the 
positive square root of the sum of the squares of the radial and tangential components of 
flux density for r = rs. In this case, the integration was performed in the radial direction 
along the slot side from the stator surface to the depth at which the flux density becomes 
negligible.  For  a  given  rotor  position  r, the total torque acting on both slot sides and 
caused by the fields generated by the permanent magnets is 
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where b0' is the angle corresponding to a slot width, w are the points in W-plane and u 
is the slot angle. 

The no-load voltage of an individual phase can be computed by the time derivative of 
the phase flux linkage, and it can be expressed in the time domain as 
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where ePM(t) is the instantaneous values of the induced voltage per phase, Ns is the 
number of phase turns in series, and kwk is the winding factor of the kth harmonic. 

The analytical approach presented in this section is applied to a design example of an 8 
MW LC DD-PMSG. A FEA is also applied to the same design for the verification of the 
analytical models. 

The variation of the radial component of the magnetic flux density at no load along the 
middle radius of the air gap and the harmonic spectra of these curves are illustrated in 
Fig. 3.4. 

 
Fig. 3.4: Analytically estimated radial component of flux density waveform compared with the 
FEA simulation at no load in the middle of the air gap: waveforms and spectra. 

The harmonic spectra of the flux density curves are presented for one machine segment 
(30 mechanical degrees). The analytical prediction is very similar to the results of the 
FEA in the air-gap field distribution. The field concentration effect that causes an 
increase in the flux density at the tooth tips is clearly shown. Therefore, the complex 
permeance function is shown to be rather adequate for estimating the slotting effect. 

The emf produced by the moving PMs at the speed of 11 rpm at the generator terminals 
is given in Fig. 3.5. There is a good agreement between the fundamental harmonic 
component of the EMF obtained by the 2D analysis and the EMF calculated by the 
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FEA. The no-load waveforms are almost sinusoidal. As a result, extemely low torque 
ripple can be achieved. 

 
Fig. 3.5: Induced voltage. 

In order to calculate the cogging torque, the torque was calculated for a series of angular 
positions between the stator and the rotor. The period of cogging torque in mechanical 
degrees was determined by dividing 360  by the least common multiple of the magnetic 
pole number 2p and the slot  number Qs.  For the considered PMSG there are 144 slots 
and 120 rotor poles, which give a periodicity of 0.5 mechanical degrees for the cogging 
torque. Figure 3.6 compares the analytically predicted and finite-element-calculated 
cogging torque. Since the flux density at the tooth tips cannot be determined, the 
integration boundaries (Eq. (3.16)) are adjusted by introducing an auxiliary parameter , 
and the magnetic flux is only determined starting from the distance  from the tooth tip 
(Zarko et al. 2006); that is, the integration of Eq. (3.16) was performed from a +  to b - 
, where  is a small number relative to a and b. The outcomes of the computation are 

very sensitive to the value of the parameter . For the analysis, two values of /a: /a = 
0.0114 and /a = 0.00182 were chosen. Figure 3.6 shows that a very small displacement 
from the singular points of a and b results in a change in the cogging torque. Therefore, 
the value of  has a significant impact on the calculated maximum value of the cogging 
torque (Zarko et al. 2006). If /a = 0.0114, then the peak value of the cogging torque 
calculated analytically is close to the peak cogging torque calculated numerically, while 
a small difference in /a leads to a significant difference in the computed values, where 
the torque increases with a decreasing value of /a. 

The FEA peak-to-peak cogging torque is approximately 0.9 % of the rated torque. For 
cogging torque minimization, the following techniques could be considered: magnet 
span variation, magnet pole shifting, selection of magnet shape and magnetization 
pattern, step skew or skewing of magnets, variation of slot openings in the stator 
lamination and additional notches in the stator teeth. In reality, the effectiveness of each 
cogging torque reduction technique depends considerably on the electrical machine 
design parameters. (Cernigoj, 2010; Ruuskanen 2011). 
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In the future, the presented analytical model could be extended to also include the 
skewing of the magnets to reduce the cogging torque ripple if needed. 

 
Fig. 3.6: Tangential force density along the air gap at a single rotor position and angular 
variation of the cogging torque over a 0.5 degree span. 

Next, an analytical model that accounts for the stator armature reaction is described. 
The derivation of the armature magnetic field distribution based on Eq. (3.6) is actually 
more complicated than when the stator winding is represented by an equivalent current 
sheet distributed across the slot openings. Then, the armature magnetic field in the air 
gap in term is governed by Laplace’s equation, that is, the right side of Eq. (3.6) equals 
zero (Zhu and Howe, 1993). Applying the set of boundary conditions, the unknown 
constants Pv and Nv can be derived from Eq. (3.18).  
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where b1 is the slot opening width, Is is the rms value of stator current, Asv is the linear 
current density for the vth harmonic of the current linkage, ksov and kwv are  the  slot  
opening factor and the winding factor for the vth harmonic of the current linkage, 
respectively. 

Based on the obtained coefficients, the following equations for the armature magnetic 
field can be represented as 
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,sin,,, srtansrARtan
v

v pvrBrB  

where s is the phase current angle.  

Similarly as for the no-load flux density, the slotting effects can be applied to the 
armature reaction field. Figure 3.7 compares the analytically derived flux density 
distribution in the middle of the air gap region with the corresponding FEA simulations. 
We can see that the analytical predictions and the FE results are in a good agreement. 

 
Fig. 3.7: Analytically estimated armature reaction field waveforms compared with the FEM 
simulation: radial and tangential components. 

By virtue of the armature currents, there is an armature reaction field in addition to the 
excitation field. The total magnetic field components on load are obtained from the sum 
of the open-circuit and armature reaction fields 

 ,nARnNLn BBB  

.ARtanNLtantan BBB  
(3.21) 

Using the Maxwell stress method (Pyrhönen et al., 2008), the local distribution of the 
radial  and  tangential  force  densities  in  the  air  gap  can  be  calculated  according  to  Eq.  
(1.4) and Eq. (1.5). Then, the actual electromagnetic force in a two-dimensional model 
can  be  obtained  as  a  line  integral  along  the  air  gap.  If  a  circle  of  the  middle  air  gap  
radius r  is taken as the integration path, the force at a single rotor position r is 
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where Fn, Ftan are the radial and tangential components of the force,  is an angle 
component in a cylindrical coordinate system. 
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(a) 

 
(b) 

Fig. 3.8: (a) Radial and tangential force density distribution generated by the rotor permanent 
magnets and by the current flowing in the stator windings at rated load and (b) the resulting 
force components. 

Because the radial force density is more significantly distributed over the pole-pitches 
(see Fig. 3.8 (a)), upon integration according to Eq. (3.22), the radial force component 
will be greater than the tangential force component.  

The torque quality characteristics calculated by the 2D analytical analysis of the 
magnetic circuit and torque ripple characteristics calculated by the 2D FEA are given in 
Fig. 3.9. Torque variation is given for the case when the stator and rotor magnetic fields 
move over 10 pole pitches. Ripple torque results in speed variation (oscillations) of the 
rotor shaft, which is undesirable in a demanding motion control such as in a variable-
speed wind turbine application. The torque ripple is also basically reduced by the same 
method as the cogging torque. The torque characteristic calculated by the FEA in Fig. 
3.9 shows a low position-dependent torque ripple. However, if necessary, even this 
torque ripple can be reduced by some of the torque ripple minimization techniques. 
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Fig. 3.9: Torque ripple. 

3.3 Permanent magnet losses 

A survey of current research papers reveals the continued interest in the application of 
advanced techniques for accurate estimation of permanent magnet loss in permanent 
magnet machines. The significance of flux density harmonics in the air gap has 
increased substantially because of the use of fractional slot non-overlapping windings 
and open slot stator design. These harmonic flux densities will increase permanent 
magnet losses and thereby cause abnormal magnet temperature rise, which will decrease 
the remanent flux density of the permanent magnets. Permanent magnet losses are 
generally classified into no-load or permeance-harmonic-caused eddy current losses and 
load losses or winding-harmonics-caused eddy current losses. 

An alternating magnetic field generates current flow in the permanent magnets. Eddy 
currents are closed loops of induced current circulating in planes perpendicular to the 
magnetic flux, while its density decreases exponentially with depth. The depth into 
which the eddy currents penetrate a material is affected by the frequency of the 
magnetic field change, electrical conductivity and magnetic permeability of the 
medium. The depth at which the eddy current density has decreased to about 37 % of its 
surface density is called the standard depth of penetration. The eddy current loss in the 
permanent magnets can be calculated from Poynting’s theorem (Zhu et al., 2001)  
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where Jz is the axially induced eddy current density, Htan is the tangential component of 
the magnetic field at the surface of the conducting region of radius r0 in which the 
average eddy current loss is to be calculated, S is the surface that bounds the conducting 
region, and 1 and 2 define the angle that is spanned by the permanent magnet 
segment. 
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Therefore, an accurate calculation of the permanent magnet eddy current loss depends 
on the accuracy of the magnetic field calculation. An accurate solution of the magnetic 
field distribution can be obtained by taking into account the following aspects: stator 
slots and special geometric features of the design, e.g. (Boules et al., 1984; Wang et al., 
2003; Zarko et al., 2006; Dubas and Espanet, 2009; Gysen et al., 2010; Lubin et al., 
2010); magnetic saturation, e.g. (Boules et al., 1984); permanent magnet magnetization 
distribution, e.g. (Zhu et al., 2002; Mellor and Wrobe, 2007; Boughrara et al., 2009; 
Gysen et al., 2010), and relative magnetic permeability of the permanent magnets, e.g. 
(Boules et al., 1984; Zhu et al., 2002; Zarko et al., 2006). Analytical models that take 
into account the reaction field of the induced eddy currents are presented e.g. in (Zhu et 
al., 2004), where the diffusion equations have been solved in a general way in terms of 
Fourier–Bessel series. However, it does not seem to be easy to apply those equations to 
eddy  current  loss  evaluations.  Therefore,  their  direct  application  is  too  complex  for  
routine design work. 

Therefore, simplified equations have been proposed by different authors (Nipp et al., 
1999; Wang et al., 2005; Ruoho et al., 2009; Tariq et al., 2010). Although the 
predictions of eddy-current loss made by simplified equations are less accurate, they can 
still be used by machine designers to allow a quick decision on whether or not there is a 
need for detailed investigation into magnet loss. Publication V presents a quick and 
simple method for obtaining the permanent magnet loss by taking into account the depth 
of penetration. However, in some cases it may be sufficient to calculate the magnet 
losses by using the classical equation applicable at low frequencies to magnets with a 
large number of segments. 

To compute the eddy current losses in magnets, the resistive loss concept was employed 
in Publication V. The principle consists of replacing the magnets by an equivalent 
resistance that gives the same power loss for a given geometry. It is directly related to 
the change in the magnetic flux density and the application of Faraday’s and Ohm’s 
laws by relying upon the prior knowledge of the eddy current paths. The effect of the 
stator slotting in Publication V was taken into account according to Carter’s theory of 
slotting effect, where the effective air gap length instead of the physical air gap length 
was used. Because the permanent magnet losses are calculated based on the magnetic 
field in the air gap, if the air gap flux density calculation is improved, the accuracy of 
the analytical permanent magnet eddy current loss model will also be improved. Figure 
3.10  (a)  shows  the  distortion  of  the  flux  density  waveform  in  the  location  of  the  slot  
opening calculated corresponding to the equations given in Section 3.2 as a product of 
the maximum flux density without slotting and the real part of the complex relative air 
gap permeance at r = rPM. The harmonic wave numbers are given on the horizontal axis, 
while the amplitude of each wave is shown on the vertical axis. Figure 3.10 (b) shows 
the Fourier components for the air gap flux density caused by the armature field 
distribution considered in this study (see Fig. 3.7) both by ignoring and taking into 
account the slotting effect. Since the armature reaction field is small compared with the 
magnet field, the slotting effect is less noticeable, and therefore, the slotting losses are 
mainly considered at no load. 
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(a) 

 
(b) 

Fig. 3.10: (a) Flux density variation under the slot opening and its Fourier components at r = 
rPM. (b) Fourier components of the air gap flux density generated by the MMF distribution of 
the 6-phase winding considered in this study at r = rPM. 

Therefore, by using an analytical procedure for the magnetic field calculation described 
in this dissertation, the harmonic amplitudes of the flux variation caused by the 
permeance variation and the spatial harmonics caused by the stator winding can be 
directly obtained. 

The proposed method has been tested on an axial flux permanent magnet motor 
example. The dimensions of the motor were such that the effects of the eddy current 
losses in the magnets were very noticeable. A comparison between the analytical model, 
the FEA and the measurements showed a strong behaviour matching between the 
results. Therefore, the proposed analytical approach facilitates the magnet eddy-current 
loss prediction for a machine design with a fractional-slot non-overlapping winding. 
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3.4 Direct search method  

A good electromagnetic LC DD-PMSG design must also respect the mechanical, 
manufacturing and thermal constraints. Therefore, the problem is the minimization of a 
non-linear objective function in several variables, which are subject to several 
constraints. The trade-off of any electrical machine design depends on the objectives, 
that is, a low volume and weight, high losses and a low efficiency versus a high volume 
and weight, low losses and a high efficiency. 

The large amount of information available and the complex interaction between the 
generator design parameters make the optimization difficult. Further, the support of the 
FEA technique, despite of its usefulness, makes the optimization very time consuming. 
Many optimization methods have been developed; in this doctoral dissertation, the 
direct search method has been applied, because it is straightforward to implement and 
does not require derivatives. 

Given an objective function f that  maps  Rn, the general unconstrained minimization 
problem is 

 .,,,minimize 21
R

n
x

xxxf
n

 (3.24) 

The general framework of the direct search method used in this dissertation is given 
below (Kolda, 2003) 

Initialization. 
Let f: Rn  R be given. 
Let x0  Rn be the initial guess. 
Let  > 0 be the tolerance used to test for convergence. 
Let  >  be the initial value of the step-length control parameter. 
Let  < 1 be the scale factor. 
Algorithm. For each iteration r = 1, 2, … 
Step 1. Define the set of coordinate directions D in Rn. 
Step 2. If there exists r  D such that f(xr + r) < f(xr), then 

- Change the iterate xr+1 = xr + r r. 
- The step size is unchanged r+1 = r. 

Step 3. Otherwise, f(xr + r r) > f(xr) for all r  D then 
- No change to iterate xr+1 = xr. 
- Rescale the step length r+1 = r. 
- If r+1 < , then terminate. 
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In the design stage of the generator it was noticed that the stator active length and the 
back EMF factor are directly linked to the performance and, therefore, allow a more 
straightforward relation between the geometry and performance of the LC DD-PMSG. 
An analysis has been made to find the values of the stator active length and the back 
EMF factor that lead to a lower objective function. As it was of no interest to analyse 
generator geometries that cannot be manufactured, the optimization process has been 
accelerated by limiting the design parameters (cross sections of the hollow copper 
conductors and the air gap diameter) to realistic values. 

It is usually difficult to establish that x in Eq. (3.24) is the global optimum that is the 
optimum for all feasible points matching the constraints. The direct search method used 
in  this  doctoral  dissertation  was  designed  to  find  the  local  optima.  It  iteratively  
narrowed down the interval within which the solution exists. To increase the chance of 
finding the global optimum, the direct search method was run multiple times from 
different starting points. 

An optimization was made to roughly determine the dimensions and performance of the 
generator, viz. its electric and magnetic loadings, power factor and power reserve. The 
main  issues  to  be  addressed  were  the  power  factor  and  the  efficiency.  An example  of  
design  evolution  during  the  iteration  is  shown  in  Publication  III,  where  the  mass  and  
tangential stress evolutions were inspected. The next step of the calculation was carried 
out by using the FEA. The saturation levels in different parts of the generator and the 
overall picture of losses in the components of the generator were found. No-load, rated 
and short-circuit conditions were predicted from the FEA. The process was repeated 
until the final design was ready. 

3.5 Thermal issues of liquid-cooled direct-drive permanent-magnet 
synchronous generator 

Higher torque densities of the electrical machines result in higher operating 
temperatures. For high-torque, low-speed permanent magnet electrical machines, the 
majority of losses are generated in the stator windings, which is due to the high electric 
loadings. An elevated temperature of the stator winding is a major contributor to lower 
electrical machine reliability. If heat is not removed at a rate equal to or greater than it is 
generated, the winding temperatures will rise. Higher winding temperatures reduce the 
mean time to failure for the electrical machines, while electrical machine reliability has 
a direct impact on the overall drive system reliability. Therefore, removing heat from 
the stator winding is a major task for the designers of high-torque low-speed electrical 
machines. 

In spite of recent advancements in the CFD methodology and computer technology, the 
simplified analytical thermal models (the lumped parameter thermal models) are still in 
use, and numerous lumped parameter thermal models for electrical machines have been 
developed. This method is popular because it quickly yields a quite accurate estimate of 
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the operating temperature. The basic principles of the thermal analysis of electrical 
machines are presented in (Pyrhönen et al., 2008). The application of a lumped 
parameter thermal model of the studied LC DD-PMSG has been described in 
Publication  IV.  The  key  mechanisms of  heat  transfer  are  thermal  conduction,  thermal  
radiation and thermal convection. The most important step in heat convection 
calculations is the determination of the appropriate heat transfer coefficient. Numerous 
correlations have been developed for the calculation of the heat transfer coefficients, 
and are available in textbooks. The heat transfer coefficient is calculated based on the 
Nusselt number Nu, the characteristic surface length L and the thermal conductivity  

  
.

L
Nu  (3.25) 

In order to solve the heat transfer with reasonable confidence, the effect of working 
temperature on the heat transfer coefficient was studied. Because the coolant is routed 
through the stator conductors absorbing and removing heat from it, the temperature of 
the coolant increases. In order to evaluate the influence of temperature on the volume 
density  and the specific heat capacity cp, a fundamental equation relationship for the 
specific Gibbs free energy can be applied (Aleksandrov and Grigoriev, 1999; IAPWS, 
1997). 

To sum up, the relations between the relevant thermophysical properties and  are given 
in Eq. (3.26). 
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where p is the working pressure, T is the working temperature,  = p/p*,  = T/T* with 
p* = 16.53 MPa, T* = 1386 K, and R = 0.461526 kJ kg-1 K-1. The numerical values for 
ni, Ii and Ji can be found in (Aleksandrov and Grigoriev, 1999; IAPWS, 1997). 

For the thermal conductivity of water we adopted the equation given in (Sengers et al., 
1986; Huber et al., 2012) 
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where the numerical values for the coefficients ci and di are represented in (Huber et al., 
2012). 

To evaluate the dynamic viscosity  at actual temperatures, the following equations 
were applied 
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where * = 55.071 10-6 Pa s, T* = 647.226 K,  = / *, * = 317.763 kg/m3, and the 
numerical values for the coefficients Hij are given in (Sengers et al., 1986).  

The values observed for the thermophysical properties of water as a function of 
temperature are shown in Fig. 3.11(a). To compute the Nusselt number, we use the 
correlation as proposed in (Migay, 1987) for turbulent flow 
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where  is the friction factor and Re is the Reynolds number.  

In the present study, the calculations have been performed for the dimensionless heat 
transfer coefficients and their effect on the heat transfer coefficient for the temperature 
ranging from 40 C to 80 C. Figure 3.11 (b) shows the distribution of the 
dimensionless heat transfer coefficients and the heat convection coefficient at different 
temperatures. 

It is seen that the temperature has a positive influence, that is, it tends to increase the 
heat transfer coefficient. Based on these findings, the lumped parameter thermal model 
of  the  LC  DD-PMSG  presented  in  Publication  IV  was  adapted  for  the  change  in  the  
thermophysical properties of water from one conductor to another in the cooling circuit. 
The results of this investigation have been applied when analysing the thermal 
behaviour of the LC DD-PMSG. 
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(a) 

 
(b) 

Fig.  3.11:   (a)  Thermophysical  properties  of  water  as  a  function  of  temperature  at  a  1  bar  
pressure. (b) Profiles of the Reynolds number, the Prandtl number, the Nusselt number and the 
heat convection coefficient for different temperatures. 

In an electrical machine, the thermal modelling of its windings is an important part of 
the overall thermal model. To calculate the temperatures within random-wound stator 
winding coils, simplified modelling strategies have been developed, such as equivalent 
thermal conductivity (Boglietti et.al., 2003; Pyrhönen et al., 2010; Bai et.al., 2014) and 
the Motor-CAD layered winding model (Staton, 2012). Although equivalent thermal 
conductivity models are widely accepted, it is difficult to find a suitable and reliable 
method to determine the equivalent thermal conductivity of the air and insulation 
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material in the slots. Such models assume that the temperature gradients within the 
winding coil in slots are negligible. The temperature variation from the slot wall to the 
hot-spot at the centre of a random-wound stator winding can be analysed with sufficient 
accuracy by applying a Motor-CAD layered winding model. The Motor-CAD layered 
winding model assumes that several conductors having similar temperatures are lumped 
together. The Motor-CAD layered winding model contains the conduction heat transfer 
between the layers represented by equivalent thermal resistances, while the copper 
losses are modelled by power sources injected into the copper layers according to the 
layer volume. The Motor-CAD layered winding model can either be used in the case of 
a traditional integer slot stator winding or a fractional slot non-overlapping stator 
winding (Staton et. al., 2001). For instance, the winding shown in Fig. 3.12 (a) is for a 
fractional slot non-overlapping winding, and its resistance model is given in Fig. 3.12 
(b). 

  
(a) (b) 

Fig. 3.12 (a) Fractional slot non-overlapping winding model. (b) Thermal equivalent circuit for 
a fractional slot non-overlapping random-wound stator winding coils used in Motor-CAD. 

A comprehensive set of cooling models are available in the Motor-CAD software, for 
instance totally enclosed natural ventilation, totally enclosed fan cooling, water jacket, 
spray cooling method and conductor cooling with the slot water jacket (Staton, 2012). 
Nevertheless, at present in the software there is no model for the direct liquid cooling of 
the stator winding through the hollow conductors. 

A simplified approach to thermal modelling of the directly-cooled stator winding coils 
was applied, in which all the adjacent conductors in the cooling circuit are modelled 
separately  with  a  corresponding  equivalent  convective  thermal  circuit  (Fig.  3.13).  The  
convection thermal circuit is executed so that for each cooling circuit, the outlet coolant 
temperature of each preceding conductor becomes the inlet coolant temperature of the 
subsequent conductor. Heat transfer from the end windings is not modelled separately. 
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End windings are taken into account by increasing the coolant channel length by factor 
kew. 

 

Fig. 3.13. Thermal model of a directly-cooled stator conductor. 

In order to determine the conductor temperatures, the following set of equations were 
used 

 
,

2
coci

cewscch

c-Cu
Cu

jjj
j

TT
kl

PT  where (3.30) 

 
,

ccchcpc

1
1 c-Cu

0ci
vSc

P
TT

j
i i

j  ,
ccchcpc

c-Cu
cico

vSc
PTT j

jj  (3.31) 

where cpc is the coolant heat capacity, j is the index of the conductor belonging to the 
coolant circuit, ls is the stator length, PCu-c is the heat removed by the coolant, Scch is the 
cooling channel cross-sectional area, T0 is the initial coolant inlet temperature, Tco is the 
coolant outlet temperature, TCu is the conductor average temperature, c is  the  heat  
transfer coefficient, cch is the cooling channel hydraulic perimeter, vc is  the  speed  of  
the coolant, and c is the coolant density. 

In Eqs. (3.30) and (3.31), the inlet coolant temperature of the jth conductor depends on 
the total heat removed by the coolant having flown through adjacent (j 1) conductors of 
the cooling circuit. These equations interact with each other, and the heat transfer 
balance equations can be written as 
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The thermal analysis and calculations performed in Publication IV show that the 
obtained operational temperatures of the generator are quite safe with regard to the 
generator overheating prevention. The related temperature values of the stator windings, 
the stator, the rotor and the permanent magnets are 82 C, 52 C, 57 C and 68 C, 
respectively. 

The objective of the first stage of the LC DD-PMSG development was fairly limited in 
scope, compared with the objectives of the later stages of the project. The first stage of 
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R = 1/( cchlskew c) (Tci + Tco)/2
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the LC DD-PMSG development consisted of the development of a simple liquid-cooled 
tooth coil prototype with the following objectives: to experimentally determine the 
performance of the direct liquid cooling of the stator winding and to prove the 
feasibility of manufacturing the liquid-cooled tooth coil winding for LC DD-PMSG. 
Moreover, this would help our team to demonstrate the objectives of the project to the 
potential consumer. A photograph of the experimental facility was presented in 
Publication IV together with detailed results of the continuous monitoring of the system 
operation. ECOCUT HS served as the coolant fluid. This fluid was chosen because it 
can operate without additional deionizer equipment in the test setup. With the power 
supply available at the time of the measurement, only 75 W of heat was dissipated 
inside each liquid-cooled tooth coil. As a result of so small copper losses, the 
temperature differences at the inlet and the exit of the tooth coil could hardly be 
detected.  Experimental  heat  transfer  data  were  obtained  to  verify  the  thermal  theory.  
The  theory  and  the  test  results  were  found  to  be  in  agreement.  The  prototype  
demonstrated an ability of effective direct cooling of the tooth coils. 
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4 Conclusions 
In this study, research efforts have been made and knowledge accumulated with the aim 
of properly defining and quantifying the LC DD-PMSG with fractional slot non-
overlapping directly-cooled stator windings for low-speed direct-drive application (e.g. 
wind turbine application). 

The project was a successful and rewarding experience for all the team members. 
Starting with only a limited knowledge of the PM machine technology, we were able to 
step  through  the  design  process  of  an  LC  DD-PMSG  in  a  simple  and  quick  way  that  
matched well with our prototyping experience. The support of the mechanical engineers 
at LUT enabled the construction of the liquid-cooled tooth-coil prototype, and the 
collaboration contributed to a new industry perspective in the whole project. The design 
experience and the new set of knowledge and skills will certainly guide our future 
projects. The rich field of electrical machines provided us with the opportunity for the 
technical research that is interesting and relevant to today’s world. Owing to our limited 
knowledge of large machine building and behaviour of large machines in real world, all 
the simulations and estimations have some degree of uncertainty. 

Models to evaluate the electromagnetic and thermal performances of a LC DD-PMSG 
were developed in this study. The electromagnetic model was adapted to take into 
account the slotted stator structure as well as the winding structure. In the thermal 
model, the coolant thermophysical properties and the winding resistance are 
temperature dependent. 

With the aim of investigating the electrical behaviour of a large DD wind turbine and its 
electricity production capacity, a simplified aerodynamic model, on which the wind 
turbine model is based, was described to find the best 8 MW LC DD-PMSG design. The 
partial load efficiency and annual energy output were calculated for the North Sea wind 
speed distribution. The additional operational flexibility, which would possibly be 
achieved with variable-speed operation, would annually produce about 34 GWh of 
electricity with a rated wind speed of 12 m/s. 

Based on analytical electromagnetic, thermal and wind turbine models, the analytical 
tools have been developed and integrated with the direct search method to find the 
mechanically, electrically, magnetically and thermally feasible design of a DD-PMSG 
with liquid cooling for mass reduction. The proposed models and methods are simple 
and easy to use, but they can still yield accurate results that were partly verified by 
prototyping. However, if we had an opportunity to build an LC DD-PMSG, we could 
learn from its performance to tune the analytical models used in this work. 

A  proposal  for  the  8  MW  11  rpm  LC  DD-PMSG  has  now  been  completed.  The  
generator has been designed with an emphasis on easy assembly and replacement even 
at the cost of slightly reduced efficiency. The stator is assembled from liquid-cooled 
tooth-coils. With a total estimated weight of just over 80 tons, the generator is light 
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enough to be lifted to a nacelle with normal wind-power hoisting apparatus. In spite of 
the fact that environmental concerns are discouraging large-scale projects, there is still 
hope that the future focus will be on medium- and large-scale projects. Large-power 
direct-drive wind turbines are already a proven source of electricity generation. 
However, some improvements are needed to the turbines and generators. 

As mentioned in the dissertation, the copper losses were increased by the skin effect. 
Therefore,  the  efficiency  of  the  LC  DD-PMSG  can  be  improved  by  using  LC  litz  
conductors with non-insulated strands (Fig. 4.1) instead of LC solid conductors. The 
advantages of using these litz wires for low-voltage high-power machines are given in 
(Hämäläinen, 2013). For the LC DD-PMSG application, the most relevant of these 
advantages are: the low Joule losses, easy manufacturing of the winding and a 
reasonably high copper space factor inside the LC litz conductor. 

 
(a) 

 
(b) 

Fig. 4.1: Liquid-cooled conductors. (a) LC solid conductor of the current LC DD-PMSG design. 
(b) LC litz conductor for the future work. 

For the future study, a more complex optimization methodology that can improve the 
overall  optimization  performance  providing  the  lowest-cost  energy  output  of  the  LC  
DD-PMSG has to be generated. 

Furthermore, there is a need for more accurate cost prediction of the civil work 
associated with large-power wind turbine projects. Once the benefits of the direct liquid 
cooling of the stator winding have been demonstrated in the laboratory and a suitable 
simple, robust LC tooth coil design is available, the intention is that LC DD-PMSG 
prototype manufacturing and testing would be carried out by a wind turbine 
manufacturer. 
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Sine and cosine amplitude of the magnetic field components and boundary conditions 
for no-load calculation 
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Sine and cosine amplitude of the magnetic field components and boundary conditions 
for armature reaction calculation 
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Abstract: Wind turbines are getting larger. Their rated power capacities are moving from the 3 MW range to 6 MW and beyond.
As a result, their size and mass, which grow rapidly with power capacity, is becoming a problem in terms of capital cost, logistics
and assembly. Moreover, there is a move to offshore installations. Offshore wind turbines demand higher reliability, encouraging
wind turbine manufacturers to integrate into their new designs inherently more reliable direct-drive permanent magnet
synchronous generators. However, today’s high-power direct-drive generators are massive units that will need to become
smaller to minimise costs. Here, the authors review the technological and economic benefits and limitations of direct-drive
permanent magnet synchronous generators (DD-PMSGs). The authors examine the benefits and the physical and economic
limitations of DD-PMSGs and consider their appropriateness as a key piece in the overall wind turbine system design. The
authors look at why these generators are so big and propose a change that can lead to a more compact, more economical
wind turbine nacelle.

1 Introduction

The rapid growth of wind power technology and its increasingly
important role in energy planning for Europe, the United States
and Asia is remarkable. In 2007, the EU endorsed the European
Strategic Energy Technology Plan to accelerate the
development of renewable energy technologies. Included in
the plan are initiatives to increase wind energy’s share of
overall EU energy production to 20% by the year 2020 [1]. In
2009, more wind power was installed in the EU than any
other electricity generating technology. Of a total 26 GW new
capacity, 39% was wind [2]. To reach the year 2020 goal an
additional 100–200 GW will be needed [3].

The United States has embarked on a strategy aimed at
providing 20% of the nation’s electricity via wind power by
the year 2030. Reaching this goal will require installing
about 300 GW of new wind generating capacity [4]. In
China, starting from nearly zero total capacity in 2004,
wind power accounted for nearly 23 GW by 2008. By
2020, their projected capacity will reach about 100 GW [5].
Japan and South Korea also are engaged in aggressive
developments of additional wind power capacity.
Elsewhere, significant potential markets include Latin
America, the former Soviet Union and Africa. These
markets are experiencing rapid growth in the demand for
electricity, and their demand for wind power could surpass
both Europe and the United States by the year 2020 [3].

Today, most wind turbines are land based. In the future,
more wind farms will move offshore to utilise stronger

winds and higher turbine speeds with less concern about
noise production [6, 7]. To manage cost, there will be a
strong demand for higher reliability with an absolute
minimum requirement for onsite maintenance [8–11].

A typical large electrical power generating wind turbine
uses a horizontal axis configuration with the generator
mounted in a nacelle that sits at the top of a large tubular
tower. Upwind of the generator a three-bladed turbine rotor
that may be as large as 140 m in diameter spins at between 5
and 25 rpm. Variable-speed operation with pitch control
seems to be the current standard [8]. However, there is still
no clear consensus on transmission and electricity generation
technologies. In the major wind turbine manufacturers’
catalogues, one will see systems using doubly fed or squirrel
cage induction generators and electrically excited or
permanent magnet synchronous generators. To couple the
slow spinning turbine rotor to the generator, there are high-
speed multiple stage gearboxes (1:100), medium-speed
single-stage gearboxes (1:10) and direct-driven generators
that do without the gearbox altogether.

The newest designs are based on the permanent magnet
synchronous generator (PMSG). For example Vestas, GE
Wind, Goldwind, Siemens and Gamesa have all introduced
large systems intended for offshore use that feature PMSGs.
Permanent magnet generators have some advantages
including lower weight, improved thermal performance and
higher efficiency and energy yield [12–14].

The more problematic choice is the transmission. Most
turbines today use high-speed multiple stage gearboxes,
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which have proven to be less reliable as they should be,
needing replacement well before their design life of 20
years [15, 16]. A serious matter for land-based wind
turbines, improved reliability and longevity becomes critical
for offshore installations. More and more major
manufacturers as well as many of the newer manufacturers
of large wind turbines (such as Avantis, Clipper Wind,
Leitwind, Vensys, Harakosan, Darwind and Mitsubishi
[11]) are introducing offshore units based on direct-drive
(DD) PMSGs.

Direct-drive promises lower maintenance cost and
complexity; improving reliability and longevity by
eliminating the bearings and gears that make up transmission
gearboxes [8]. However, direct-drive generators also present
some challenges that must be understood and resolved; their
increased size and mass are primary examples.

The rotor of a direct-drive generator spins at the speed of
the turbine rotor (5–25 rpm), not at the much faster speed of
gearbox generators (�1500 rpm). To obtain the same
amount of power with this lower rotational speed, generator
torque must increase. Pyrhönen et al. [17] offer a
comparison of typical tangential stress values for 3 MW
synchronous generators designed for 1500 and 14 rpm;
stan ¼ 43 kPa and stan ¼ 60.0 kPa, respectively. According
to [18], typical length/diameter ratios x can be calculated
by applying the equation x ≃ (p/4p) p1/2, where p is the
number of pole pairs. Applying normal pole pair values (i.e.
p ¼ 3 and p ¼ 60), the typical ratios for the 1500 and 14 rpm
cases are x1500 ¼ 0.45 and x14 ¼ 0.1. The equation for torque
as a function of power and angular speed is T ¼ P/V, yielding
necessary torque values for these two 3 MW generators of
about T1500 ¼ 19 kNm and T14 ¼ 2046 kNm. Now, using the
above values for tangential stress stan, the length/diameter
ratios x and these torques; values for generator gap diameter
Ds can be calculated as Ds,1500 ¼ 0.85 m and Ds,14 ¼ 5.98 m.
Therefore the rotor diameter of a low-speed, direct-drive
synchronous generator will be about 7 times that of a
conventional high-speed generator.

A review follows of the technological and economic benefits
and limitations of DD-PMSGs. We examine the benefits and the
physical and economic limitations of these DD-PMSGs and
consider their appropriateness as a key piece in overall wind
turbine system design. Further, we explain why these
generators are so big and propose a change that should result
in a more compact, more economical wind turbine nacelle.

2 Benefits of DD-PMSG generators for
higher powers

Wind turbines should be constructed of the most reliable
components. Downtime resulting from premature service or
maintenance needs results in lost revenue and financial
penalties. Economics also controls the logistics and
installation of wind turbine components. Component size
and weight must be kept compatible with readily available
transportation and construction techniques. For example,
without making special arrangements, 8 m is the largest
generator diameter that can be hauled by a truck.

As wind turbine capacities continue to increase (.3 MW)
and rotational speeds simultaneously become lower,
gearboxes become more complex and more massive. DD-
PMSGs, lacking the gearbox, promise to be more reliable,
provide longer life and require lower maintenance.
Furthermore, by eliminating gearbox losses, the DD-PMSG
also produces an overall higher-energy yield [12].

2.1 Better reliability, longer life and improved
performance

Multistage gearboxes are responsible for most of the losses in
a high-speed generator. The rule of thumb is that 1% of the
power applied at the input shaft is lost for each stage. Many
of the larger wind turbines today use three-stage gearboxes,
so only about 97% of the input power is transmitted
through to the output shaft. According to Polinder et al.
[19], the three-stage gearbox of a 3 MW wind turbine
accounts for 65% of the total energy lost. Without the
gearbox, the direct-drive generator offers improved
efficiency. As a result, even although the direct-drive
generator itself is not as efficient as high-speed generators,
this deficiency is compensated for by the increased overall
system efficiency, about 30% less losses overall [12].
Newer, larger power capacity wind turbines will begin
using four-stage gearboxes, which will increase gearbox
losses further.

Comprehensive data on the longevity of modern wind
turbines are not readily available. Large wind turbines have
been designed for 20 years of operation, but have not been
in operation that long. Good end-of-life ‘wear out’ failure
information is not available. Most failures have been a
mixture of early ‘infant mortality’ and constant ‘random
failures’ that occur in the beginning years of operation [8].
Gearboxes are not lasting 20 years, and both wind turbine
manufacturers and owners or operators are building into
their contract’s financial contingencies to cover the warranty
costs associated with premature gearbox failure [15]. In
contrast, the DD-PMSG will be inherently more reliable
and long-lived once designs become standard.

From an investment point of view, efficiency, capital cost
and profitability are the drivers. The DD-PMSG offers
excellent overall efficiency [12, 13]. Capital cost for the
PMSG is high. This increased cost is offset by eliminating
the cost of the gearbox. If further design refinement results
in significant size and weight reduction, capital cost can be
reduced even further, making the DD-PMSG-based wind
turbine very competitive.

2.2 Lower capital cost of the nacelle

Table 1 lists nacelle components and gives a percentage value
for each to represent its share of total nacelle cost for a typical
6 MW wind turbine with and without gearbox. The table

Table 1 Cost breakdown comparison for the nacelle

components of a 6 MW wind turbine

Component % share of total cost

Direct-drive, % Gearbox, %

nacelle 30–35 28–32

rotor 8–10 7–9

blades 5–6 5–6

pitch mechanisms and bearings 1.5 1.5

drivetrain 22–25 18–22

bearings 1 1

gearbox – 4–5

generator 10–12 5–7

variable-speed electronics 4 4

yaw drive and bearings 1 1

main frame 1 1

electronic connections 2 2
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values were calculated based on the model presented by
Fingersh et al. [20] The nacelle accounts for about 28–35%
of the total wind turbine cost. For this sample case, the
gearbox-based wind turbine nacelle shows a slight cost
advantage. At current pricing levels, a 6 MW direct-drive
generator should cost about 1.1 million Euro. For the same
power rating, a high-speed generator plus gearbox would be
about 1.0 million.

2.3 Lower weight of the nacelle

For the nacelle, the primary component families are the
turbine rotor and the drivetrain. Table 2 compares masses
for the main components of a wind turbine nacelle with a
6 MW DD-PMSG to those for a gearbox-based higher-
speed generator (calculated based on [20]). The nacelle
comprises about 35–36% of the total wind turbine mass for
both cases. The turbine rotor hub and blades account for
11%. The generator combined with gearbox results in the
greatest mass percentage of the total, 15–16%. The high-
power, low-speed DD-PMSG can be relatively less massive
depending on power rating, an advantage that grows with
power. For the 6 MW power rating case, both the direct-
drive permanent magnet synchronous generator and the
gearbox plus high-speed generator combination should mass
a little over 100 t.

2.4 DD-PMSG wind turbine operation and
maintenance

The operation and maintenance (O&M) costs for wind
turbines are low when compared to other power generating
systems as no fuel is needed, and no emissions are present.
One main disadvantage is wind variability. The annual peak
hours are normally about 2500–3000 in good sites.
Another disadvantage; for its energy yield, the initial capital
investment for a wind turbine is relatively large. In the
future, the wind variability problem will be solved with
improved electric energy storage technologies such as the
magnesium–sodium sulphate-antimony battery, a solution
that should significantly improve the applicability and
acceptance of wind power [21].

Typical maintenance cost of a modern wind turbine is
about 1.5 eurocents per kilowatt-hour. For an offshore
station, O&M cost is 20% higher. This higher cost is offset
by the absence of land rental expense, which can amount to
10–18% of the total O&M costs depending on the site [22].

Many current multistage gearboxes combine a planetary
stage and two high-speed stages. For wind turbines
designed for greater than 3 MW, a fourth stage is required
[9]. The complexity, associated reduction in reliability, and
increased maintenance and service needs for these
gearboxes makes them increasingly costly and problematic.
Furthermore, gearbox drivetrains require lubricants, making
it more difficult to obtain necessary environmental permits.
All this combines to make the DD-PMSG a more attractive
economic choice.

2.5 Return on investment: lifetime cost

The return on investment for a single wind turbine is about
8–12 years depending on type, location and the prevailing
market price of electricity. About 25% of the total cost of a
single wind turbine installation is the infrastructure cost.
Spreading this cost out over multiple units means that
return on investment is significantly shorter for a wind farm
of 30–40 units.

The DD-PMSG can offer higher-energy yield [12], which
positively affects income; and higher reliability, which
reduces O&M costs. According to the Nordpool Spot
market, electricity prices are about 50–55E/MWh [23].
This cost increase makes improving energy yield an
increasingly important factor for wind turbine owner/
operators. Future renunciation of nuclear power in countries
such as Germany will inevitably lead to increasing prices
for electricity in Europe.

3 Limiting factors for DD-PMSG generators
for higher powers

3.1 Practical logistics limitations

Currently, the highest design capacity comes from a wind
turbine with a direct-drive electrically excited synchronous
generator having an external diameter of about 12 m
(Enercon E-126 7.5 MW, 126 m blade diameter). However,
because of logistics and construction technology limitations,
currently it is not generally practical to market wind turbine
generators having an external diameter larger than 8 m.
Furthermore, currently available cranes used in wind turbine
construction are limited to lifting a maximum of 100 t to a
height of just over 100 m. For example a Liebherr 750-
tonne crane can lift 100 t up to 120 m. Therefore reasonable
design constraints for any new direct-drive generator would
include a maximum total weight of less than 100 t and a
maximum external diameter of 8 m.

3.2 Electromagnetic limitations

According to Maxwell’s stress tensor theory, the magnetic
field strength H between objects in air creates a stress sF on
the object surfaces. Dividing H into its normal and
tangential components, Hn and Htan, and introducing the
magnetic permeability in a vacuum m0, the stress sF can be
expressed as follows

sF = 1

2
m0H2, sFn = 1

2
m0(H2

n − H2
tan) and

sF tan = m0HnHtan (1)

In terms of torque production, the tangential component sF tan

is of interest. The tangential magnetic field strength Htan must

Table 2 Comparison of mass distributions for the nacelle

components of a 6 MW wind turbine

Component % share of total mass

Direct-drive, % Gearbox, %

nacelle 36 35

rotor 11 11

blades 8 8

hub 3 3

drivetrain 24 23

low-speed shaft 2.5 2.5

gearbox – 10

generator 16 5

main frame 2.5 2.5

yaw drive and bearings 2 2

nacelle cover 1 1
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be present to produce any tangential stress. Linear current
density A produces the necessary tangential field strength in
an electrical machine. The tangential component of the
magnetic field strength Htan ¼ A, and the tangential
component of air gap flux density Btan ¼ m0A. According to
(1), in terms of the normal component of gap flux density
Bn, the tangential stress becomes

sF tan = m0HnHtan = m0HnA = BnA (2)

Equation (2) results in a local time-dependent value for the
tangential stress. If the flux density and linear current
density vary sinusoidally in the air gap, and there is a phase
shift caused by the machine power factor, the average
tangential stress as a function of the power factor cos w and
the peak values for normal gap flux density B̂n and linear
current density Â will be

�sF tan = 0.5B̂nÂ cosw (3)

In terms of rotor diameter Dr and effective magnetic length lr
′,

the active rotor surface area Sr can be expressed

Sr = pDrl
′
r (4)

Now we can write an expression for machine torque T as a
function of the lever arm length r that can be written also as
a function of the power factor.

T = pDrl
′
r�sF tanr = p

D2
r

4
l′rB̂nÂ cosw (5)

In practice, stator current is supplied to the windings mounted
in the slots of a machine. If zQ is the number of conductors
per slot, the slot current Iu can be replaced with sufficient
accuracy by the slot’s local linear current density Au over
the width of the slot opening b. Everywhere else, the linear
current density is zero (i.e. A ¼ 0).

Au =
zQIu

b
(6)

Fig. 1 illustrates the behaviour of the linear current density in
the air gap of a machine when the number of slots per pole
and phase q is equal to 2.

Equation (6) indicates that we could increase the linear
current density by increasing either the slot current or the
number of conductors in a slot. Increasing the number of
conductors, however, increases the height of the slot, which
leads to an excessively large slot leakage inductance.

Another possible approach is to improve cooling.
According to Table 3 [18], water cooling more than doubles
the maximum allowable linear current density when
compared with air cooling.

In air-cooled industrial electrical machines, the tangential
stresses typically vary between 10 and 250 kPa depending
on machine construction, electromagnetic operating principle
and effectiveness of the cooling system. Low-speed direct-
drive permanent magnet generators with very efficient open-
circuit air cooling typically see values of 50–60 kPa. This
corresponds to linear current densities of 83–100 kA/m with
an air gap fundamental peak flux density of 1.2 T. This high
fundamental flux density value results from Fourier analysis
of the air gap trapezoidal flux density. In practice, the
maximum value of the trapezoid is in the range of 1 T.

Although this increase does enable some generator size
(and weight) reduction, it is not enough to completely
resolve the DD-PMSG size problem for wind turbine
applications. According to (5), a 4.4 MW direct-drive
generator rotating at 14 rpm produces a torque of about
3 MNm. To achieve this torque with 60 kPa tangential
stress would require, for example a 1.2 m-long rotor with a
5.2 m outer diameter. A generator of this size falls below
the 100 t weight and 8 m diameter maximums. Other ways
of increasing torque production capability must be found
for generators rated at higher-power capacities.

Two factors limit increasing air gap flux density in a
permanent magnet generator. First, the remanent flux
densities of present-day magnets can achieve, in practice,
average flux densities in the air gap in the range of 1 T.
Assuming the trapezoidal flux density waveform, the
fundamental flux density can reach about 1.2 T. Second, the
saturation flux density of iron – limited to about 2 T –
precludes increasing the air gap flux fundamental value
much larger than 1.2 T.

Linear current density A does not have a theoretical upper
limit. Its value will increase indefinitely with increasing
electrical current levels. However, in practice, there are two
factors working against simply increasing current levels to
increase torque. One, increasing current level dramatically
increases Joule heating losses, so there is a practical thermal
limitation. Two, increasing the current, and correspondingly
the linear current density, increases the armature reaction-
induced reactive voltage drop of the machine. As a result,
there is a voltage-based practical limit.

In principle, terminal voltage could also be increased
indefinitely to increase linear current density and torque.
But in practice, both the voltage supply and the insulation
system limit substantial voltage increases. A machine’s
reactive voltage drop limits the maximum torque at a given
stator terminal phase voltage U. Torque in a permanent
magnet generator can be expressed as a function of load
angle d as follows.

T = m

Vs

UEPM

vsLd

sin d+ U2 Ld − Lq

2vsLdLq

sin 2d

( )
(7)

The variable m is the number of phases, Vs is the mechanical
synchronous angular velocity, EPM is the permanent magnet-
induced electromotive force, vs is the electrical angular
frequency and Ld and Lq are the direct and quadrature axes
synchronous inductances of the generator.

Table 3 Linear current densities of synchronous machines as

a function of the cooling method

Air cooling H2 cooling Direct water cooling

A (kA/m) 30 ... 80 90 ... 110 150 ... 200

Fig. 1 Linear current density A(a), its fundamental A1(a) and the
stator current linkage integral Q(a)
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Introducing ĉPM, the peak value of permanent magnet flux
linkage, PM-induced electromotive force can be expressed

EPM = 1��
2

√ vsĉPM (8)

In a non-salient pole machine, Ld ¼ Lq. Therefore the torque
becomes

T = m��
2

√ p

vs

U ĉPM

Ld

sin d (9)

Equation (9) indicates that it should be possible to increase
the torque by increasing ĉPM. However in practice, a larger
machine results from increasing the magnitude of flux
linkage, because for an iron-based magnetic circuit there is
a maximum flux density limit. Using tp for pole pitch and
ls
′ for the stator effective length, ĉPM can be expressed as

follows

ĉPM ≃ 2

p
B̂ntpl′s = B̂n

Ds

p
l′s (10)

Utilising this relation in the torque equation gives the
following

T = m��
2

√ UB̂nDsl
′
s

vsLd

sin d (11)

Equation (11) infers that maximum machine torque can be
increased by minimising synchronous inductance.
Synchronous inductance Ld consists of magnetising
inductance Lm and stator leakage inductance Ls so that

Ld = Lm + Ls (12)

Introducing variables for effective air gap length def, stator
fundamental winding factor kws1, and the number of turns
in series per stator winding Ns, magnetising inductance can
be expressed as follows.

Lm = mDs

pp2def

m0l′s(kws1Ns)
2 (13)

The only variables from (13) that can be affected to minimise
magnetising inductance are the effective air gap and the
number of pole pairs so this approach is difficult.

However, examining total stator leakage inductance Ls

may offer another approach. It can be broken up into four
logical components. Introducing subscripts d, u, d and w to
identify, respectively, the air gap, the slot, the tooth tip and
the end windings; the four components of stator leakage
inductance are Lsd, Lsu, Lsd and Lsw. The air gap
component Lsd can be written in terms of magnetising
inductance, the stator harmonic n, and the stator harmonic
winding factor kwsn leading to an expression in terms of the
leakage factor of the air gap inductance sd [18].

Lsd =
∑n=+1

n=−1
n=1

kwsn

nkws1

( )2

Lm = sdLm (14)

If Qs is the number of stator slots, and lu and ld are the slot
and tooth permeance coefficients; the following expressions

can be written for stator leakage inductance in the slot and
tooth tip (depending on machine geometries).

Lsu = 4m

Qs

m0l′sN
2
s lu (15)

Lsd = 4m

Qs

m0l′sN
2
s ld (16)

Stator leakage inductance in the end winding can be
expressed in terms of the number of slots per pole per
phase, vacuum permeability, the end winding length lw and
the permeance coefficient for the end windings lw as follows

Lsw = 4m

Qs

m0qN2
s lwlw = 2

p
m0N 2

s lwlw (17)

Air gap leakage Lsd is directly proportional to magnetising
inductance; therefore it is inversely proportional to p2

according to (13). Leakage inductances for the slot, tooth
tip and end windings are proportional to the square of the
number of winding turns in series per stator winding N2

s .
Total stator leakage inductance resolves as follows

Ls = sdLm + 4m

Qs

m0N 2
s (l′slu + l′sld + qlwlw) (18)

A common application of Faraday’s Law of induction leads to
the following equation for the number of turns in series per
phase winding needed for a specific induced electromotive
force Ns.

Ns =
EPM

��
2

√

vskws1F̂m

= EPM

��
2

√

vskws1aiB̂ntpl′s
= EPM2

��
2

√
p

vskws1aiB̂npDsl
′
s

(19)

where ai is a coefficient showing the arithmetical average of
the flux density in the x-direction.

Recognising from (19) that Ns is proportional to p, (15) and
(16) for slot and tooth tip leakage inductance show them to be
proportional to p2. The proportionality of the end windings
leakage inductance Lsw to (1/p) N 2

s revealed in (17) shows
that it is proportional to p. As a result, despite the moderating
effects of Qs from (18) and Ds from (19), the leakage
inductance tends to increase in high pole pair machines.
According to experimental data, leakage inductance
dominates in low-speed high torque wind generators, so
Ls ≃ Lm. Therefore the torque equation can be expressed
as follows.

T ≃ m��
2

√ UB̂nDsl
′
s

vs2 + Lm

sin d = m

2
��
2

√ UB̂npp2def

vsmm0(kws1Ns)
2 sin d (20)

Equation (20) is valid for constant voltage and reveals that
there is a machine inductance-based limiting factor for torque
production. Previously, (5) defined torque independent of
voltage showing that larger values of peak linear current
density Â result in larger values for torque. Together, the
equations reveal that although torque grows with linear
current density, the peak torque defined by (20) cannot be
exceeded. Removing excess heat with direct liquid cooling
(LC) should make it possible to achieve notably higher values
of linear current density, increasing average tangential stress
�sF tan until the machine-inductance-based limit set by (20) is
reached.
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Copper losses will inevitably be high in situations where
direct LC is most needed. Fig. 2 illustrates how the
efficiency h of a 3 MW machine with 95% rated efficiency
behaves as machine power is increased to 6 MW. Joule
heating losses increase from 150 to 600 kW, and most of
these losses are in the copper stator coils. Total efficiency
drops from 0.95 to 0.9.

Given equal cooling performance, rated torque is
approximately proportional to rotor volume, which
according to (5) is roughly proportional to the generator
size. If generator cooling can be sufficiently improved to
run at higher linear current densities, and if a slight drop in
efficiency (e.g. 1–2% at the maximum power rating point)
can be tolerated; a cost-effective, more compact, DD-PMSG
(6 MW, ,8 m OD, ,100 t) could be developed.

3.3 Thermal limitations

Most generators used in wind turbines today are air cooled. As
the air coolant passes through the rotor and stator internals,
convection is the dominant heat transfer mechanism to
remove heat. This convection is supported by continual
conductive heat flow through the generator materials.

Traditional DD-PMSGs are already reaching their practical
size limits with rated power capacities of around 3–4 MW.
Further increases in power capacity are best realised by
increasing power density, which we have suggested is best
accomplished by increasing linear current density in the
stator coils.

Higher linear current density inevitably translates into
higher current density and higher losses, which equals
increased heat generation. To remove heat in the range of
temperatures typical for an electrical generator, convection
and conduction are the relevant heat transfer modes. For
convective heat flux, the general Newtonian law of
convective cooling heat flux density [W/m2] F′′

conv states that

F′′
conv = h(Ts − Tm,f ) (21)

where h is the convective heat transfer coefficient [W/(m2K)],
Ts is the temperature of the surface being cooled and Tm,f is
the mean temperature of the fluid. For conduction, heat flux
is defined by Fourier’s law.

F
′′
cond = −k∇T (22)

The variable k is the heat conductivity [W/(Km)] of the
material and ∇T is the temperature gradient [K/m].

To maintain constant temperature in a generator system,
total cooling power needs to exceed electrical losses. As

rated power capacity of the generator increases, the
electrical losses increase. Total cooling power Pcool is
controlled by (21) and (22), and the cooling surface area
Scool, which consists of all the surfaces of the machine that
transmit heat flux. F′′ is the total cooling heat flux density.

Pcool = F′′Scool (23)

Since Scool consists of all the sub-stack channel wetted
surfaces, and since the air gap and stator yoke outer surface
areas are about 70 m2, for example, a 5.2 m-diameter
machine with 24 50-mm sub stacks; the heat flux density is
in the range of 2 2 3 kW/m2. Increasing the conduction
surface area can only be done by reducing the sub-stack
length, which results in a larger and subsequently heavier
generator. Therefore to increase convective heat flux, other
avenues must be explored.

For example, many grades of neodymium iron boron
magnets used in the rotor of a PMSG must be kept below
1008C, preferably under 808C to survive possible fault
conditions. The mean coolant temperature is also subject
to practical limits. In an air-to-liquid or air-to-air heat
exchanger system, the temperature of the secondary coolant
will remain above the mean temperature of its primary
coolant. Consequently, the only way to increase convective
heat flux is to increase the magnitude of the heat transfer
coefficient.

The heat transfer coefficient for convection is proportional
to the Nusselt number Nu.

h = Nu
kair

DH

(24)

where kair is the thermal conductivity of air, and DH is the
hydraulic diameter. The Nusselt number for convection
problems is generally of the following form

Nu = CReaPrb (25)

The values for the coefficient C and the exponents a and b
depend on the flow surface geometry and the flow regime.
Pr is the Prandtl number of the coolant and Re is the
Reynolds number, which for flow through a channel or duct
can be expressed as follows. The variable w is the
magnitude of flow velocity and n is the kinematic viscosity.

Re = wDH

n
(26)

The bulk of generator losses are in the stator copper windings.
These power losses Ploss are closely associated with rated
power capacity and the losses increase at a rate proportional
to the square of electrical current I.

Ploss / I2 (27)

On the other hand, we know that the nominal power of the
generator Pn is proportional to current.

Pn / I (28)

Combining (27) and (28) leads to the following relationship

Ploss / P2
n (29)

Fig. 2 Generator electrical efficiency as power doubles from
3 MW (same size and speed, ignoring fan power)
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As mentioned previously, total cooling power must match
electrical losses to maintain constant temperature. Therefore

Ploss ≤ Pcool (30)

For air as the coolant, the power required for circulation Pfan is
proportional to the cube of its velocity wair. There are two
reasons for this. First, cooling flow increases linearly with
air velocity. Second, circulation pressure differential dp
increases with the resulting increased friction, which is
proportional to the square of the air velocity. For a given
Acool cooling flow area

Pfan ≃ wairAcooldp/ w3
air (31)

Cooling power is also coupled with velocity through (21),
(23)–(25). For forced convection, setting the coefficient
a ¼ 4/5 leads to the following proportionality between
cooling power and velocity

Pcool / w4/5
air (32)

Therefore cooling power can be related to fan power.

Pfan / P15/4
cool (33)

Finally, if all other variables remain constant, fan power is
proportional to rated power as follows

Pfan / P15/2
n (34)

For example a typical value for fan power is about 50 kW at
4 MW. Applying (34) and setting fan power to 50 kW at
4 MW, fan power as a function of machine power level was
plotted in Fig. 3.

Up to 3 MW power, fan losses are insignificant, but at
6 MW the increase in fan power consumption causes total
efficiency to drop dramatically (i.e. to 79%).

To summarise, increasing generator rated power capacity
necessitates designing stator coils with higher linear current
density, which in practice produces more heat. Examining
heat transfer first principles and the heat transfer mechanisms
of convection and conduction, the parameters that can be
adjusted to improve heat removal are the flowrate of the
convective coolant and the properties of the coolant. There
are practical limitations which prohibit continued increases of
flowrate when using air as the coolant, so the most available
means of improving heat removal must be to select a coolant
type with better heat removal properties; a liquid such as water.

4 LC of stator for DD-PMSG generators for
higher powers

In a DD-PMSG, the stator copper accounts for most losses.
The number of pole pairs is typically high so the pole pitch
remains small, and as a result, so do the stator and rotor
yoke dimensions. Despite the large number of pole pairs,
the slowly spinning rotor results in a low electrical
frequency so iron losses remain low. The stator copper
Joule heating losses in a modern 4 MW DD-PMSG can
easily be four to seven times the iron losses.

Unfortunately, stator windings are thermally insulated. The
winding conductor is copper, which has high thermal
conductivity (�400 W/Km). The thermal conductivity of
winding insulation ranges from 0.3 to 0.5 W/Km. As a
result, the thermal resistance differs considerably in the
axial and radial directions for stator windings. Along the
copper conductor, heat flows freely. However, out of
the conductor and through the insulation, heat flow is
substantially less. It follows that heat removal would be
best effected by cooling the copper directly.

As generator power capacities continue to grow, a heat-
removal system using a liquid coolant flowing inside the
stator winding copper conductor seems to offer an excellent
heat-removal solution for DD-PMSGs. The best way to
accomplish this is to manufacture the conductor with a
hollow cross section. The hollow construction will permit
the cooling liquid (e.g. deionised, oxygen-free water) to
flow directly through the copper conductor making
available a substantial convection coefficient. The
convection coefficient from copper to water, depending on
flowrate, can be as high as 5000 W/m2K. Direct LC is not
unprecedented. Methods have been widely utilised in larger
modern turbogenerators with power ratings of several
thousand megavolt ampere (MVA). An example has been
reported by Gray et al. [24].

Preliminary analyses suggest that total rotor losses for a DD-
PMSG, designed with direct water cooling of the stator coils,
are about 7% of total stator losses and copper losses make
up about 92% of the total stator losses. Therefore mixing

Fig. 3 Fan power as a function of generator power (MW) when the
fan power needed at 4 MW is 50 kW

Fig. 4 Conceptual schematic of method for direct LC of 6 MW
DD-PMSG stator segment [25]
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direct LC of the copper stator coils with indirect air cooling of
the stator laminations and rotor should be an effective cooling
method that will enable significant increases in linear current
density without increasing generator size. In fact, the
analyses reveal a 6 MW LC DD-PMSG that is about 60%
the diameter and mass of a matching air-cooled direct-drive
permanent magnet generator. Fig. 4 illustrates one approach
to direct LC for a direct-drive generator stator.

5 Conclusions

The primary benefits associated with the DD-PMSG for
large-scale wind turbine applications are improved
reliability, lower maintenance, longer life and improved
overall output. The limitations are primarily excessive size
and weight. These reach critical proportions and negatively
affect the economic viability of a wind turbine as generator
capacities climb above the 3–4 MW level. Developing DD-
PMSGs with higher power capacities whereas keeping them
below 8 m in diameter and 100 t in weight would be an
important advantage for the wind power industry.

One approach to achieving this goal is to run the generator
at higher linear current densities. This results in smaller
generators with higher-power capacities. The penalty for
the higher current densities is a drop in efficiency and
resulting higher stator and rotor temperatures. Replacing
the currently typical air cooling of the generator rotor
and stator with direct LC will keep the active materials
sufficiently cool.

Therefore LC DD-PMSGs can be developed with higher-
power capacities, whereas remaining below the 8 m and
100 t limits. In fact, it is possible to build a 6 MW LC DD-
PMSG that is the same frame size as an air-cooled 3 MW
generator. The balance is between the benefits of the DD-
PMSG (i.e. improved reliability, lower O&M costs and
longer life) and the slight decrease in generator efficiency,
which is to a degree offset by an overall efficiency
improvement as gearbox losses are eliminated. Because LC
DD-PMSGs potentially offer the desired combination of
inherently high reliability and longevity coupled with
accompanying low O&M costs whereas still providing high
overall electrical efficiency, they must be considered as
wind turbine nameplate capacities continue to increase and
as more offshore wind farms are planned.
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Permanent Magnet Synchronous Generator Design Solution 
for Large Direct-Drive Wind Turbines 

 
 

Y. Alexandrova1, R. S. Semken2, J. Pyrhönen1 
 
 
Abstract – Turbine power generation in the range of 8-12 MW and beyond will be needed to 
accelerate the global growth of wind energy production and meet renewable energy targets. 
Described here is a theoretical framework for a compact, high-power, direct-drive permanent 
magnet synchronous generator (DD-PMSG) that uses direct liquid cooling (LC) of the stator 
windings to efficiently manage generator cooling, and therefore the temperature of the windings 
and permanent magnets. Direct liquid cooling enables a significantly lighter weight generator, 
and this lower mass design promises reliable and efficient power generation at substantially lower 
cost. It is clear that much improved cooling will become a necessity for DD-PMSGs targeting 
wind turbine applications as power ratings continue to grow. Discussed first here is the analysis 
of air gap tangential stress and its effect on generator torque density and efficiency. Major 
LC DD-PMSG design issues are presented along with a suggested integrated design solution in 
the form of an 8 MW example. Next, a fabricated, instrumented, and tested cooling loop is 
described. This prototype features a pair of typical LC tooth coils embedded in a lamination stack 
attached to a forced recirculation liquid cooling loop. Finally, operating characteristics are 
evaluated for a large wind turbine equipped with the proposed 8 MW LC DD-PMSG revealing 
annual energy output and load factor calculated for typical North Sea wind conditions. Ultimately, 
the higher partial load efficiency inherent in the LC DD-PMSG design results in more efficient 
total electricity production. Copyright © 2013 Praise Worthy Prize S.r.l. - All rights reserved. 
 
Keywords: Directly Cooled Winding, Permanent Magnet, Synchronous Generator, Wind Turbine 
 
 

Nomenclature 
Symbols 
A Linear current density 
a Number of parallel branches 
B Flux density 
CP  Power coeffcient 
c scale parameter 
E Back EMF 
F Force 
f Frequency, probability density function 
J Surface current density 
H Magnetic field strength 
I Current 
K Constant 
k Coefficient, Weibull shape parameter 
l Length 
m Mass, number of phases 
N Number of turns in series 
P Power 
p Number of pole pairs 
R Resistance 
r  Radius 
S Area 
T Torque 
U Voltage 
X Reactance 

zQ Number of conductors in slot 
 
Subscripts 
av Average 
Cu Copper 
d Direct 
ew End winding 
Fe Iron 
q Quadrature 
max Maximum 
n Rated 
ph Phase 
r Rotor 
s Stator 
str Structural 
tot Total 
wh Working harmonic 
 
Greek letters 
 Angle component in cylindrical coordinate system 
β Blade angle 
δ Load angle 
η Efficiency 
λT Torque density 
λ Tip speed ratio 
v Linear speed 
ρ Resistivity, density 
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σF Force density 
 Power factor angle 
 Length to diameter ratio 
 
Acronyms 
DD Direct-drive 
LC Liquid cooling 
PM Permanent magnet 
p.u. Per unit 
SG Synchronous generator 
tan Tangential 
WT Wind turbine 

I. Introduction 
For Europe, wind power is a crucial source of 

renewable energy production. In 2010, the European 
Union installed approximately 9.295 GW of new wind 
power for a total capacity of 84 GW. With an average 
load factor of 24.6%, this capacity produced about 
180 TWh of electricity accounting for 5.3% of all EU 
electricity consumption [1]. In 2011, another 9.62 GW 
was installed, and the percentage of EU electricity 
consumption coming from wind energy rose to 10.5% 
[2]. In 2012, the EU wind energy sector installed 
11.6 GW of wind turbine capacity, bringing the total to 
105.6 GW [3]. The European Wind Energy Association 
forecasts that installed wind power capacity within the 
EU will grow to 230 GW by 2020. This capacity will 
produce some 600 TWh of electricity making up 14-18% 
of the EU's total expected demand [4]. 

Currently, most land-based wind turbines have power 
ratings from 1 to 3 MW, and wind turbines designed for 
offshore use are typically 3 to 5 MW. Sustaining the high 
growth rate of wind energy will call for the development 
of wind turbines with even higher power ratings, and as 
Table I illustrates, there are currently several 
development projects underway targeting power ratings 
from 6 to 15 MW. Generator technologies represented in 
Table I comprise a mix of direct drive (DD), 
conventional fast-speed geared (HS), and medium-speed 
geared concepts (MS). Table I includes electrically 
excited machines (EESG), induction machines (DFIG), 
and permanent-magnet synchronous machines (PMSG), 
as well as experimental technologies that introduce high 
temperature superconductors (HTSC). Wind turbines 
using DD-PMSGs are most common, because of the 
configuration's excellent performance and inherent 
reliability.  

 
TABLE I 

WIND TURBINE PROJECTS 
Manufacturer Power, MW Type Gear Rotor Availability 
Siemens [5] 6.0 PMSG DD 154 m 2014 
Alstom [6] 6.0 PMSG DD 150 m 2015 

Repower [7] 6.15 DFIG HS 152 m 2014 
Enercon [8] 7.6 EESG DD 127 m in production 
Vestas [9] 8.0 PMSG N/A 164 m 2014 

AMSC [10] 10.0 HTSC DD 190 m 2015 
Sway [11] 10.0 PMSG DD 145 m 2015 

Azimet [12] 15.0 N/A N/A N/A 2020 

However, when developing powerful wind turbines, 
increased size and weight are significant shortcomings 
for traditionally designed direct-drive generators. 

In a rotating machine, power is the product of torque 
and angular velocity [13]. Large direct-drive wind 
turbine generators use a large diameter rotor to convert 
wind energy to power. Furthermore, because of physical 
and environmental limitations, a maximum rotational 
speed limit is imposed on the spinning main rotor blades 
of the wind turbine. 

Angular velocity is essentially fixed, so wind turbine 
power is proportional to the torque input of the rotor 
blades. For example, the Enercon E-126 (Table I) rotor 
blades spin at a maximum of 10.5 rpm (1.1 rad/s). At 
10.5 rpm, the direct-drive generator must produce 
6.91 MNm of opposing magnetic torque to produce 
7.6 MW. This opposing torque can be expressed as a 
function of the tangential stress σFtan acting on the surface 
of the rotor, the rotor radius r r , and the surface area S r as 
follows [13]: 

 
 tan r rFT r S  (1) 
 

The 7.6 MW Enercon E-126 is the largest direct-drive 
wind turbine currently available. Its electrically excited 
synchronous generator (EESG) weighs 220 t [14]. 
Published photos documenting the assembly of an E-126 
reveal the outer diameter of its generator to be about 
12 m in diameter and 1 m long resulting in 50 kPa 
tangential stress, which may be regarded as a practical 
upper limit for air-cooled low-speed synchronous 
machines having significant losses on both stator and 
rotor. 

Transporting and assembling components this large 
and massive is problematic and expensive. Specialized 
and expensive lifting equipment is needed. Moreover, an 
excessively large and massive generator increases costs 
across the board, a problem that will only worsen as 
power ratings increase. 

A technological breakthrough that would enable the 
production of reliable direct-drive wind turbine 
generators of substantially smaller size and weight would 
be a welcome development contributing to better wind 
energy economics. 

According to Eq. (1), the only way to increase torque 
that does not involve increasing generator size is to 
increase the tangential stress acting on the generator 
rotor. This tangential stress is proportional to the 
magnetic field strength generated by the permanent 
magnets of the rotor and the linear current density around 
the periphery of the stator. Greater linear current density 
results in increased torque; however, it also results in 
more Joule heating of the copper conductor. At present, 
wind turbine generators are air cooled, and maximum 
linear current density is limited by the effectiveness of 
the forced air heat removal. 

Liquid cooling offers heat removal that is many times 
more effective and may offer a breakthrough solution to 
reduce direct-drive generator size and weight [15]. 
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This work describes the theoretical framework of a 
novel and compact, high-power, direct-drive permanent 
magnet synchronous generator (DD-PMSG) that uses 
direct liquid cooling (LC) to control the temperature of 
the stator windings and, indirectly, the temperature of the 
rotor. The low mass LC DD-PMSG design promises 
reliable and efficient power generation. 

Wind turbine economics is a trade-off between the 
expenses (initial capital costs and long-term operating 
expenses) and electricity production income over the life 
of the wind turbine. 

A wind turbine generator should be inexpensive to 
purchase, operate at minimal cost for its design life, and 
maximize electricity production. Generator cost is 
heavily dependent on the mass of materials needed, 
particularly the magnetic materials, permanent magnets, 
and copper. To minimize operating cost, the generator 
must be simple and robust in design and construction and 
must function reliably. Electricity production is 
maximized when uptime and average efficiency of 
energy conversion are maximized. 

Electrical machine efficiency is determined by several 
independent factors (type, size, operating speed, loading, 
materials, and operating regime) so there is no single 
efficiency for any particular generator [16]. For a low 
speed, low frequency DD-PMSG, stator Joule losses 
have the biggest impact on efficiency. 

Large turbogenerators (100-1600 MW) are typically 
wound rotor synchronous machines, and their large size 
and speed ranges contribute to very high efficiencies 
reaching even 99%. DD-PMSGs for wind turbines are 
smaller and lighter. Efficiencies for traditional air-cooled 
wind turbine DD-PMSGs top out at about 94 - 96%. 

The proposed LC DD-PMSG represents another 
significant drop in size, and when optimized for minimal 
mass, would have a peak load efficiency of around 93%. 
Although this peak power efficiency is a bit lower than 
that of traditional DD-PMSGs, the LC DD-PMSG offers 
excellent partial load efficiencies. Considering its lower 
capital, logistics, and installation costs, in a typical wind 
energy application, the LC DD-PMSG can still 
ultimately result in more electricity production at lower 
cost. 

II. Fundamental Consideration on 
Tangential Stress in an LC DD-PMSG 

Even though the more effective heat transfer offered 
by liquid cooling makes it possible to increase torque 
density and reduce the size and weight of direct-drive 
generators, increased power dissipation due to Joule 
heating results in full load efficiencies that are smaller 
than traditionally accepted. 

Furthermore, raising torque density also increases the 
load angle of the synchronous generator, which results in 
lower active power reserve and could, therefore, be a 
source of instability. 

However, this disadvantage can be overcome by 
sophisticated control of the generator. 

II.1. Tangential Stress 

The following paragraphs briefly discuss tangential 
stress, σFtan, which has a direct impact on generator 
efficiency and torque density. The tangential force Ftan 
applied to a unit of rotor surface area for an electrical 
machine gives the average tangential stress in an air gap: 
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where Bn is the normal flux density, Htan is the tangential 
field strength, and l is the equivalent length of the 
machine,  is the coordinate in circumferential direction 
in cylinder coordinates. With the simplification 
Bn = B() and Htan = A(), and supposing that both the 
radial flux density B() and the stator surface current 
density A() are sinusoidal and exactly in phase, then the 
average value of the tangential stress in an air gap is: 

 

 δ wh,peak

2F tan
B A

   (3) 

 
where A is the RMS value of linear current density, and 
Bδ wh,peak is the peak value for air gap flux density of the 
working harmonic. 

II.2. Tangential Stress as a Function of Torque Density 

The torque of the machine then results by multiplying 
the tangential force Ftan on the rotor by the rotor radius: 

 
 2 3

r r r2πtan F tan F tanT F r l r D      (4) 
 

According to Eq. (4), the output torque of a machine is 
proportional to the average tangential stress, the third 
power of the rotor surface diameter in the air gap, and the 
ratio of rotor equivalent length to the rotor diameter .  

The total mass mtot of the generator could be roughly 
given as follows: 

 
  3tot str D r avm k k D   (5) 
 
where ρav is the average density of the rotor and stator 
active materials, and kstr is the structural coefficient equal 
to the total mass of the generator structure divided by the 
mass of active materials. The torque density λT of the 
machine is then: 
 

 3
tot str D av

F tan
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   (6) 

 
Coefficient kD is mostly determined by the number of 

machine pole pairs p. Therefore, Eq. (6) shows that 
machine torque density is proportional to the tangential 
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stress and inversely proportional to the average mass 
density of the stator and rotor active materials and the 
kstr, kD coefficients, while it is fully independent of the 
rotor dimensions. Since low-speed generators usually 
have much higher pole-pair numbers than high-speed 
machines, the advantage of low-speed, high-tangential-
stress PMSGs in terms of torque density is reasonably 
clear. 

II.3. Impact of Copper Weight on the Efficiency                   
of the LC DD-PMSG 

The effect of copper mass on generator efficiency is 
now examined. The major source of loss in a low-speed 
high-torque machine is copper loss in the stator winding.  

Therefore, ignoring iron and other minor losses, the 
per phase power balance equation of a non-salient pole 
PMSG with Id = 0 control in the d-q coordinate can be 
written as follows: 

 
 2

q PM q s R s qI E I U cos k R I   (7) 
 
where EPM is the induced electromotive force in the stator 
winding, Iq is the q-component of the stator current, kR is 
the resistance increase factor caused by the alternating 
current, Rs is the stator phase resistance, Us is the stator 
phase voltage, and δ is the load angle. The first term on 
the right represents the active power of the machine and 
the second term, the losses. The copper loss contribution 
in Eq. (7) can be expressed approximately in terms of 
efficiency η and the electromagnetic power of the 
generator as follows: 

 

  2
R s q q PM1k R I I E   (8) 

 
In turn, the active power, the first term on the right 

side of Eq. (7), can also be given in terms of efficiency η 
and the electromagnetic power of the generator: 

 
 q s q PMI U cos I E   (9) 
 

The ratio of copper loss, Eq. (8), to active power, Eq. 
(9), can be expressed according to Eq. (10): 
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where a is the number of parallel paths, Js is the stator 
current density, and kE is the EMF factor (ratio of no-load 
induced voltage to the phase voltage). 

The symbol kwh is the winding factor of the working 
harmonic, kew is the end winding length factor. The 
number of turns in series per phase is Nph, and SCu is the 
copper area. Finally, ρCu is the copper electrical 
resistivity, and vr is the linear rotor surface velocity. 

When multiplying Eq. (10) by the linear current 
density A, the resulting expression can be written in the 
form: 
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The denominator of the first fraction of Eq. (11) 

represents the average tangential stress from Eq. (4).  
Therefore, AJs in Eq. (11) can be written in terms of 

the tangential stress as follows: 
 

 s r
1

F tanAJ Kv 

  (12) 

 
The product AJs is referred to as the heating factor. 

Pyrhönen et al. [13] present the following values of AJs 
for non-salient pole synchronous machines. 

For indirect air-cooled electrical machines, AJs varies 
from 10×1010 to 40×1010 A2/m3. For indirect hydrogen-
cooled electrical machines, AJs varies from 36×1010 
A2/m3 to 66×1010 A2/m3. Finally, for direct liquid-cooled 
electrical machines, this heating factor varies from 
100×1010 to 200×1010 A2/m3. 

Fig. 1 shows values of heating factor AJs and current 
density for various tangential stress values calculated by 
maintaining constant efficiency as rotor surface linear 
speed increases. The following parameter set was 
assumed: kew = 1.2, kE = 0.8, kR = 1.2, kwh = 0.966, 
φ = δ = π/4, and ρCu = 0.0229 ×mm2/m at a working 
temperature of 80C. The current density in the stator 
winding was estimated from the AJs values with a linear 
current density equal to A = 130 kA/m. The numbers in 
parentheses in Fig. 1 are generator efficiency and 
tangential stress (in kPa). 

 

 
 

Fig. 1. Heating factor and current density calculated by maintaining 
constant efficiency for various tangential stress values as rotor surface 

linear speed increases 
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Despite the fact that the obtained AJs values are below 
those stated in [13] for direct liquid-cooled electrical 
machines, the following important conclusions can be 
drawn from the present study. 
1. Under equal conditions of tangential stress, the 

winding material, the ratio of active length to total 
conductor length, and the loading conditions required 
to maintain constant efficiency an increase in the 
linear speed of the rotor surface should be 
proportional to the increase in the heating factor and 
vice versa. 

2. Since the volume of the copper appears in the 
denominator of AJs, and mass is proportional to 
volume, copper mass is a significant parameter in the 
design of a low-speed generator. According to 
Figure 1, if copper winding mass increases, machine 
efficiency increases, i.e., the value of AJs at 96% 
efficiency is less than the value at 92% efficiency. A 
smaller value for AJs corresponds to an increase in 
copper mass. As shown later in Figure 9, an 8 MW 
LC DD-PMSG reaches an efficiency of more than 
96% when the load is very low and the speed is high. 
In practice, reaching efficiencies greater than 97% is 
only possible if the machine diameter is extremely 
large. 

III. Design Concept 
Based on the above considerations, an LC DD-PMSG 

that employs direct liquid stator cooling was designed.  
This design is presented in the following sections. 

III.1. Main Design Issues 

The large air gap diameter of a high-power wind 
turbine generator, e.g., 5 m or more, requires segmented 
construction. Rotor and stator magnetic circuits can be 
divided into some number of identical units. 
Furthermore, these units can be electrically connected in 
series or in parallel to get desired voltage levels. 

Many variations for the number of units in this basic 
design are possible including 6, 8, 10, 12 units, and so 
on. This paper focuses on a machine constructed of 
twelve identical stator segments. 

A tooth coil winding architecture was selected as it 
enables the most straightforward implementation of 
direct liquid cooling of the stator conductors. 

The machine rotor is also made up of 12 segments. 
The concept design for the active region of the LC DD-
PMSG is shown in Fig. 2. 

Each of the stator segments has 12 slots. The total 
number of slots for 12 stator segments is 144. The rotor 
comprises 10 magnet poles per segment for a total of 120 
magnet poles or 60 pole pairs. The configuration results 
in a rated frequency of 10-12 Hz, which is acceptable for 
the cyclic loading of the converter’s insulated-gate 
bipolar transistors (IGBTs). This type of machine works 
at the fifth harmonic of the stator current linkage, using it 
as the means of electromechanical power conversion. 

A double-layer winding configuration offers lower 
sub-harmonics in the current linkage distribution and 
shorter end windings compared to single-layer windings.  

The operating harmonic winding factor is 0.966 for a 
6-phase (double three-phase winding with 30º spatial and 
time phase shifts between two independent three-phase 
winding groups), 10-pole, 12-slot, double-layer, 
concentrated winding. The differential leakage factor is 
σδ = 0.835, based on Heller and Hamata calculation [17]. 

 

 
 

Fig. 2. Concept design of the active region of an outer rotor LC 
DD-PMSG: (1) rotor support structure, (2) rotor lamination, (3) rotor-
surface-mounted permanent magnets, (4) liquid-cooled stator winding, 

(5) stator lamination, (6) stator support structure 
 

The stator windings are made of hollow copper 
conductors to manage Joule heating. To maximize 
copper cross section, the conductors are rectangular. An 
aspect ratio of 1.2 (width to height) was chosen for 
manufacturability. Cooling liquid, passing axially 
through the hollow copper, removes the internally 
generated heat through convection. Fig. 3 illustrates how 
the tooth coil is formed. The coils sit in the stator slots 
surrounding each stator tooth. 

LC DD-PMSG tooth coils must form a dense circular 
array for optimum electromagnetic performance. 

The number of coils is fixed. In this case, there are 
144 double-loop coils. The physical width of each coil is 
determined by the width of the copper conductor and its 
minimum practical bending radius, which is two times its 
width. This minimum bend radius also sets the minimum 
tooth width. 

To minimize generator size, the diameter of the 
circular array should be as small as practical while still 
providing room for the 144 coils. Typically, the designer 
would select a copper conductor from a list of available 
sizes, and then determine the minimum width of each 
coil. Coil number and width determine the coil array 
diameter, which sets generator gap diameter. 

For the 8 MW design, appropriate conductor cross 
sections were 15 mm  18 mm (height  width) with a 7 
mm coolant channel diameter. 
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Fig. 3. LC DD-PMSG Sample Tooth Coils 
 
The width of each coil tooth was 72 mm, and the 

minimum possible gap diameter was just less than 7 m. 

III.2. Defining Geometries for the LC DD-PMSG 

The method of steepest descent with variable step size 
[18] was applied to find the combination of air gap 
diameter, stator active length, and the number of 
conductors per slot to minimize active mass within 
thermal and electrical constraints and the constraints of 
manufacturability. The optimization algorithm assumes a 
set of design parameters, and then calculates predicted 
generator performance. Each result guides adjustment of 
the input set for subsequent performance predictions.  

This process continues until predetermined criteria are 
met. The methodology proposed by Pyrhönen et al. [13] 
is used to predict electromagnetic performance. Thermal 
performance is estimated using the procedure described 
in [19]. Specifically, the objective function for the 
optimization was minimizing mCu , mPM , and mFe, the total 
copper, permanent magnet, and active steel masses. 

A detailed description of the optimization algorithm 
was published in [20]. 

Table II summarizes the optimization results for an 8 
MW LC DD-PMSG. The results presented in Table II 
support the findings reported in previous paragraphs 
about the relationship between tangential stress and the 
heating factor AJs and their effect on generator 
efficiency. According to Table II, the power factor for 
the LC DD-PMSG design is low. This is because of the 
low induced voltage at no-load. Figs. 4 present the 
phasor diagrams for an 8 MW DD-PMSG operating at 
constant output power. According to simulation results, 
increasing the power factor by 0.17 units (cos  = 0.8) 
while maintaining rated output power requires a doubling 
of the permanent magnet material. See Fig. 4(b). 

If converter cost is 40 €/kVA and permanent magnet 
material price is 100 €/kg, it is difficult to justify the 
additional investment in PM material. Increasing power 
factor by reversing stator current (negative Id direction) 
requires four extra copper conductors per slot to maintain 
rated power output, which results in a drop in peak 
output power reserve (Fig. 4(c)).  

TABLE II 
LC DD-PMSG SPECIFICATION 
Components Rating values 
Rated power 8 MW 
Rated speed 11 rpm 

Line to line voltage 3.3 kV 
Rated phase current 1110 A 
Number of phases 6 

EMF factor 0.74 
Tangential stress 80  kPa 

Linear current density 147 kA/m 
Current density 4.8 A/mm2 

Peak output power to rated output power ratio 1.6 
Stator length 1.15 m 

Number of conductors per slot 20 
Copper mass 8.1 t 
Steel mass 40 t 

Magnet mass 4.5 t 
Total generator with bearing mass 92 t 

Load angle 35 deg. 
Power factor 0.63 
Copper losses 550 kW 
Total losses 651 kW 

Rated electrical efficiency 92.5% 
Number of cooling circuit per tooth coil 1 

Outlet liquid temperature 81 ºC 
Coolant velocity 1.0 m/s 

 

 
(a)                      (b) 

 

 
(c) 

 
Figs. 4. Phasor diagrams for an 8 MW DD-PMSG: Is = Us = 1 p.u. a) 

EPM = 0.74 p.u., Xs = 0.68 p.u.,   = 35, Pmax/Pn = 1.67, zQ = 20, cos = 
0.63  b) EPM = 0.85 p.u., Xs = 0.5 p.u.,  = 29, Pmax/Pn = 1.96, zQ = 20, 
cos = 0.8 c) EPM = 0.89 p.u., Xs = 0.70 p.u.,  = 41.5, Pmax/Pn = 1.45, 

zQ = 24, cos = 0.8 

IV. LC Tooth Coils Prototype 
To demonstrate the new direct liquid-cooling 

technology applied to cool stator windings, a small 
prototype motorette with two liquid-cooled tooth coils 
and recirculating cooling loop was designed, built, and 
tested at the Lappeenranta University of Technology.  

The specific goals for the prototype were to prove the 
feasibility of manufacturing the LC DD-PMSG tooth 
coils and demonstrate the effectiveness of direct liquid 
cooling of the stator copper conductors. 
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Fig. 5 is a photo of the small, instrumented prototype. 
It was located in a room without air movement and 
oriented so the slot conductors were horizontal. The 
installed coolant was ECOCUT HS, a polyalphaolefin 
(PAO) heat transfer fluid. 

Each tooth coil in the prototype is formed from a 5.2 
m long continuous copper conductor with a cross-
sectional height of 13 mm and width of 15.6 mm. There 
are 4 turns per coil forming a two-row and four-column 
structure. The coolant conduits (316 series stainless steel 
tubing) are embedded in the copper conductor. 

Each conduit has an inner diameter of 4 mm and a 
wall thickness of 1 mm. Each coil was formed, then 
wrapped with a layer of glass-fiber insulating tape 
(Remikaflex 45.021) to isolate conductor passes. 

A second insulating wrap covered the active lengths, 
bundling four straight lengths of copper conductors on 
each side and electrically insulating the coil from the 
steel laminations. The steel laminations were laser cut 
from SURA® M400-50A coated electrical steel. 

The lamination stack was bound tightly with eight 
hollow 316 series stainless steel tensioning rods. Plastic 
caps (PEI) secured the coils within the lamination slots. 

 

 
 

Fig. 5. Experimental setup: (1) liquid cooled tooth coil; (2) inlet and 
outlet coolant manifold; (3) wires from the power source; (4) storage 
tank; (5)  pump; (6) heat exchanger; (7) filter; (8) flow indicator, (9) 
thermocouple; (10) pressure indicator; (11) control system; (12) data 

processing system 
 

The two tooth coils were hydraulically connected to 
the cooling loop in parallel by bolting them to the PEI 
electrically isolating inlet and outlet coolant manifold. 
All stainless steel tubing connections were made via 
orbital welds or compression fittings. Compression 
fitting connections, necessary to accommodate the 
instrumentation, were kept to a minimum. The steel-to-
plastic interfaces were sealed with Buna-N double-seal 
O-rings (quad seals). 

Two concentric seals at each hydraulic connection 
offered four sealing surfaces to guarantee leak-free 
operation. Electrically, the tooth coils were connected in 
series. Incoming power was connected to the outer 
terminal lug of the first coil, and outgoing power was 
connected to the outer terminal lug of the second coil.  

The series connection was made using a copper bridge 
between the coils fastened to the inner terminal lugs. 

To evaluate the performance of a low-speed DD 
generator realistically, a 1110 A, 11 Hz power supply 
would have been required to produce characteristic 
system losses. Such a system was not available, and a 
higher frequency system was used to produce losses in 
the tooth coil conductors with lower current. The power 
source was a variable frequency 550 Hz synchronous 
generator capable of currents up to 150 A. Installed in 
our laboratory, it could operate continuously at 104 A 
without overheating the fuse. 

To maximize Joule heating, testing was carried out 
using the highest current and frequency that could be 
sustained: 104 A and 540 Hz. Using this arrangement, 
the losses achieved were not sufficiently high. 

To elevate system temperatures further, a 5 mm thick 
steel plate was set on top of the laminations above the 
coils to act as an additional source of eddy current loss 
heating. While no longer a precise emulation, the test 
setup can still be regarded as indicative, making it 
possible to observe how effectively the cooling system 
could remove heat. 

With power on and the plate in position, 75 W of 
heating was produced in each coil and 3.1 kW was 
produced in the solid plate. RTDs (Resistance 
Temperature Devices) were attached to each coil to 
monitor copper temperature at the inlet, outlet, and 
middle of each conductor length. Inlet and outlet coolant 
temperature was monitored using Type K thermocouples. 
Fig. 6 shows the temperatures measured over a five hour 
period. 

 

 
 

Fig. 6. Measurement results for a 5-hour period 
 

On the left in Fig. 6, where the temperature curves are 
relatively flat, the coolant loop is operating normally 
with 2.05 l/min coolant flow through each coil. Coolant 
pressure at each inlet is 2.5 Pa. At approximately 15.40 
on the time of the day axis, the pump was switched off 
stopping coolant flow. The result is the rapid increase in 
copper temperatures and drop in coolant temperatures 
shown near the right side of the plot. At 16.16, the pump 
was switched back on, and measured temperatures 
quickly stabilized once again. 
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For the duration of testing, all thermocouples were 
continuously monitored and data was recorded at 1 s 
intervals. 

Results reveal that because power loss in the copper 
conductors is uneven, copper temperature at the middle 
of each tooth coil length could be similar or even higher 
than copper temperature at the coolant outlet end.  

Despite the low copper tooth coil heating observed 
during the laboratory test, the thermal test demonstrates 
the effectiveness of direct liquid cooling. When the pump 
was switched off, in the second test copper temperatures 
began increasing rapidly at 0.015C per s. 

To emphasize the direct liquid cooling capability of 
the tooth coil design, Table III gives the calculated 
temperatures in steady state for 3 kW power losses in a 
similar prototype tooth coil. 

 
TABLE III 

SIMULATED TEMPERATURES 
(WITH 3 KW POWER LOSSES PER TOOTH COIL) 

Components Temperature, C 
Inlet oil temperature 40 

Outlet oil temperature 83.2 
Steel lamination 72.9 

Copper temperature (near oil inlet) 46.8 
Copper temperature 

(middle of tooth coil length) 85.2 

Copper temperature (near oil outlet) 86.4 
 
The temperature difference between the inlet and 

outlet steady-state temperatures is 43.2C, and based on 
the heat balance equation, the heat transferred by the oil 
is 2.9 kW, showing that direct liquid tooth coil cooling is 
extremely effective and a relatively simple cooling 
approach. 

V. Drive Train Structure and AEO 
Calculation for Proposed 8 MW 

LC DD-PMSG 
The operating characteristics for a wind turbine 

equipped with the proposed 8 MW LC DD-PMSG are 
evaluated, and its annual energy output and load factor 
are then calculated using North Sea wind data as a 
starting point. 

V.1. Wind Turbine Characteristics                                     
for 8 MW LC DD-PMSG 

Variable-speed wind turbines are becoming more 
common than wind turbines operating at constant speed, 
because they offer improved power quality impact, lower 
drive train stresses, and because of resulting reductions in 
weight and cost [21]. For low to moderate wind speeds, 
the control goal is to maintain constant aerodynamic 
efficiency. For high wind speeds, the control goal is to 
maintain constant rated output power without 
overloading the system. Wind generator output depends 
on the amount of wind swept by the blades. The power 
extracted from the wind can be described as follows [22]: 

  2 31
WT air blade wind P2 πP r C ,     (13) 

 
where ρair is the air density, rblade is the radius of the rotor 
blade, vwind is the wind velocity, CP (λ, β) is the 
dimensionless power coefficient, λ is the tip speed ratio, 
and β is the blade angle. 

Low-noise requirements limit wind turbine tip speeds. 
Most 5-6 MW class offshore turbines have a rated tip 
speed of about 84-90 m/s. A 156 m diameter rotor for an 
8 MW wind turbine operating at a maximum tip speed of 
90 m/s rotates at 11 rpm. The calculated performance 
characteristics for an 8 MW wind turbine are shown in 
Figs. 7 and 8. 

Several operating regions for a DD wind turbine can 
be defined based on incoming wind speed, rotor speed, 
and wind turbine mechanical power. The control strategy 
used in this wind turbine study has been described in 
[23]. In this control strategy, the frequency converter 
directly controls generator speed. The operating regions 
are illustrated in Fig. 7, which shows a family of curves 
showing how the power varies with rotor speed for 
various wind speeds corresponding to the various 
regions. Between points A and B, rotor speed is varied 
linearly to track the maximum power coefficient CP (λ = 
8.54, β = 0 = constant) = 0.43. At 10.5 m/s of wind 
speed, tip speed reaches 90 m/s (point B). Therefore, 
rotor blade speed is held constant between points B and 
C. At 12.3 m/s, the rotor reaches its rated power. Region 
CD corresponds to wind speeds larger than the rated 
wind speed. The reference output power is the rated 
electrical power, while the reference rotor speed is the 
rated rotor speed. Thus, for each wind speed, the power 
coefficient can be calculated from Eq. (13). 

The corresponding values for blade angle are then 
obtained from the CP (λ, β) table. Pitching the blade angle 
reduces aerodynamic conversion efficiency; therefore, 
less mechanical torque acts on the generator and rotor 
power is held constant. In Fig. 7, for a wind speed of 25 
m/s, power is no longer controlled, and it becomes 
mandatory to stop turbine rotation. Figure 8 shows the 
blade angle versus incoming wind speed as well as the 
regulation trajectory for the CP in the various operating 
regions. 

 

 
 

Fig. 7. Wind turbine power curve and correspondent 
power coefficient curves 



 
Y. Alexandrova, R. S. Semken, J. Pyrhönen 

Copyright © 2013 Praise Worthy Prize S.r.l. - All rights reserved                                       International Review of Electrical Engineering, Vol. 8, N. 6 

1736 

 
 

Fig. 8. Wind turbine mechanical power, power coefficient, rotor 
speed, and blade pitch angle as functions of wind speed.  

V.2. LC DD-PMSG Partial Load Efficiencies 

Output power resulting from the wind passing through 
the main rotors of a LC DD-PMSG is given by the 
product of the mechanical output power of the wind 
turbine and the efficiency of the generator. 

Generator efficiency varies with load, so partial load 
efficiencies must be used to determine total wind turbine 
energy production over time with varying wind 
conditions. 

Fig. 9 maps generator efficiency as a function of main 
rotor torque and speed. 

 

 
 

Fig. 9. Efficiency map of an 8 MW LC DD-PMSG 
 

The torque-speed characteristics of a LC DD-PMSG 
are shown by the bold black curve. At low rotor speeds, 
efficiency increases gradually to 96.5%. Clearly, the LC 
DD-PMSG generator offers impressive partial load 
efficiencies. 

V.3. Calculation of Annual Energy Output                      
and Load Factor 

The annual energy production calculation has been 
performed using the wind speed distribution for North 
Sea coastal waters with an annual average wind speed of 
9.02 m/s at an elevation of over 30 m. Wind speed 
distributions are commonly modelled using Weibull and 
Rayleigh probability density functions f(v) [24]. The 
Weibull shape parameter k and scale parameter c of 2.17 
and 10.6, respectively, for the North Sea were used [25]. 

The average power available from the wind turbine 
was estimated by integrating the product of the power 
output of the generator at each wind speed by the 
probability of the occurrence of that wind speed. 

Finally, to calculate the annual energy production 
available, the total average generator output power was 
multiplied by the number of hours in the year and factor 
k1 = 0.97, which accounts for yearly turbine maintenance. 

The generator efficiency η(v) is shown in the 
following equation in integral form: 

 
      1 WT8760 dk P f      (14) 

 
Fig. 10 shows the resulting distribution of the wind 

energy content superimposed on the Weibull wind speed 
distribution that caused it and wind turbine power output 
for an 8 MW LC DD-PMSG. The estimated annual 
energy-output is approximately 33.8 GWh per year. 

 

 
 

Fig. 10. Wind speed versus Weibull probability distribution, power 
curve for 8 MW LC DD-PMSG, and wind energy content 

 
Load factor is then defined as the ratio of average 

power output over the theoretical maximum output over 
a year as expressed by the following: 

 

 
     1 WT

n

dk P f

P

      (15) 

 
The estimated load factor for the 8 MW 

LC DD-PMSG studied is 48.9%. The high load factor 
makes the wind turbine assembled with the proposed 
8 MW LC DD-PMSG to be best matched to the North 
Sea site from the energy capture point of view. 

VI. Conclusion 
It is sometimes argued that high-power, direct-drive 

PMSGs will prove to be of limited practical importance 
due to their relatively large size and weight. However, 
applying direct liquid cooling to the stator winding 
makes it possible for high-power DD-PMSGs to become 
major contributors to wind power. 

A concept for an LC DD-PMSG design solution has 
been introduced and considered based on theoretical 
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analysis. Key aspects related to the proposed 
LC DD-PMSG concept have been discussed here: 
tangential stress, current density, linear current density, 
heating factor, and generator efficiency at full and partial 
load. The suggested LC DD-PMSG design solution was 
based on optimization for minimal generator mass. 

An instrumented small prototype motorette with two 
liquid-cooled tooth coils was built to provide 
measurement data to validate predictions. The prototype 
demonstrated the ability of effective direct cooling of the 
tooth coils. When coolant circulation ceased, copper 
temperature began increasing rapidly. The prototype 
demonstrated the technical feasibility of the LC tooth 
coil design. Furthermore, this combined theoretical and 
experimental study strengthens the presumption that the 
proposed cooling approach makes an LC DD-PMSG 
possible and can solve the problems associated with the 
growing dimensions of future high-power DD wind 
turbine generators. Finally, the characteristics of a 
variable-speed wind turbine equipped with a proposed 
LC DD PMSG were investigated in terms of annual 
energy production and load factor. Although the peak 
load efficiency of this LC DD-PMSG is slightly less than 
ideal, its higher partial load efficiency performance 
ultimately results in more electricity production. 
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Abstract – The minimum mass of the active materials needed to 
build an 8 MW liquid-cooled direct-drive permanent-magnet 
synchronous generator (LC DD-PMSG) is sought. Proper set of 
generator dimensions is defined based on a constrained steepest 
descent method with variable step size. The design variables 
have been defined in terms of two quantities: stator length and 
the ratio of induced voltage to rated voltage (EMF factor). 
 

Index Terms – generator, optimization, wind turbine. 

I.   INTRODUCTION 
IND energy resources may make up a significant share 
of future electricity generation capacity requirements. 

The European Wind Energy Association predicts that in 
2020 there will be 230 GW of wind power installed in the 
EU with 580 TWh annual electricity generation capacity [1]. 
To reach this target, it will be necessary to build new wind 
farms e.g., in offshore areas. Offshore wind speeds tend to 
be higher and the winds less turbulent and steadier compared 
to corresponding inland figures and offer, therefore 
possibilities for high power generator parks. 

Despite the fact that offshore wind has the potential to 
provide substantial amounts of energy there are many 
challenges to be overcome as environmental stresses are 
high and installation and maintenance are difficult and costly 
in offshore areas. Therefore, the properties of new offshore 
technology must be extremely competitive. One of the most 
important challenges is the issue of developing the next 
generation of offshore wind turbines, including exploring 
concepts of very large scale turbines in the 10–20 MW range 
[2]. 

For a direct-drive (DD) generator, two critical factors are 
crucial: outer diameter and mass. Both of these are indirectly 
affected by the cooling method of the generator. Although, 
in cases of traditional air cooling, the rationale for increasing 
the generator diameter is clear, the logistics of transporting 
such oversized generator over long distances becomes 
problematic. To limit the physical dimensions of the DD 
generator, cooling must be intensified. Direct liquid cooling 
is the most efficient phase before entering superconducting 
machines. One obvious benefit of the direct liquid cooling in 
this case is that no stator sub-stacks are needed and the 
whole stator stack can be made uniform which greatly helps 
in intensifying the tangential stress σtan that produces the 
torque T of the machine as T = σtanrS with the rotor radius r 
and rotor active surface S. Just leaving away the cooling 
ducts which are needed for air cooling increases effective S 
and, therefore, the apparent tangential stress value by 10 – 
20 % [3]. 

However, arriving at the proper initial design for an 
electrical machine with a direct liquid-cooled stator winding 
is complicated due to a) the large number of unknowns, b) 
the nonlinear relationship between electrical machine 
parameters, and c) the presence of certain discrete variables, 
such as available sizes of hollow-copper conductors. In 
addition, the objective function, which represents the sum of 
the masses of the permanent magnets, copper, and steel of 
the generator is also nonlinear and causes great difficulty in 
the optimization of the generator design. Ultimately, the 
solution depends largely on the experience of the engineer 
who performs the optimization. 

In this paper, the steepest descent method that allows 
variable step size [4] is applied to find such a combination of 
stator air gap diameter, stator length and number of 
conductors per slot of an 8 MW liquid-cooled direct-drive 
permanent-magnet synchronous generator that minimizes 
total generator masses under manufacturability, thermal and 
electrical constraints. It should be noted that optimization 
used in this paper should be treated as a variation of the 
input data and a following computation. The results of each 
computation guide adjustments of the decision variables 
while the predetermined criteria are fulfilled. 

II.   BASIC DESIGN CONCEPT 
It is well known that a liquid cooling typically performs 

significantly more efficiently than air-cooling, and at the 
same time it is much quieter. But with liquid cooling, there 
is always the possibility of leaks that can be costly, and 
liquid cooling is more expensive and more difficult to install. 
However, when a high-power electrical generator is 
constructed using liquid cooling, compromises can be made 
to keep the cooling arrangements simple. Using concentrated 
non-overlapping windings (tooth coil windings) [5], very 
low operating frequency limiting conductor skin effect, and 
permanent magnets offers simplicity that can be utilized in 
direct liquid-cooled applications without the complicated 
systems familiar in liquid-cooled turbo-generators. 

The stator cores of conventional radial flux machines of 
large diameter usually comprise of the stator lamination 
segments joined to each other in order to obtain the full 
circumference. The original idea of this PMSG design is to 
use a tooth coil multiple phase segmented construction. 
Tooth coil base machines offer multiple choices but the one 
with 12 stator slots and 10 rotor poles, resulting in 0.4 slots 
per pole and phase q = 0.4 for three phase winding and q = 
0.2 for six phase winding, is one of the convenient solutions 
with its nice overall properties. In case of a large diameter 
relatively low power machine the mass and the price of the 
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construction are key issues. As simple a construction as 
possible reduces both the mass and the cost. 

The winding of the studied PMSG is designed of hollow 
copper conductors through which cooling liquid such as 
distilled water can be circulated. The cooling water removes 
heat by forced convection. Such a coil is illustrated 
schematically by Fig. 1. 

 

 
Fig. 1. Liquid-cooled tooth coil. 

  
The tooth coil sets several boundary conditions for the 

machine design as e.g. clearly there is a minimum practical 
bending radius for the conductor. Therefore the minimum 
tooth width at the same time results, in practice, also in a 
certain arc length for the basic 12-10 machine. 

Recent trends in medium-voltage wind turbine generator 
and converter combinations have shown potential for 
reliability and efficiency improvement. Table I shows the 
chosen specification data to initialize the iterative process. 

 
TABLE I 

STARTING POINT FOR THE DESIGN 

Parameter Value 

Rated power 8 MW 
Rated speed 11 rpm 
Rated torque 6.95 MNm 
Rated line-to-line voltage 3.3 kV 
Number of segments 12 
Number of poles 120 
Rated frequency 11 Hz 
Number of slots 144 

 
The key component of a directly water cooled tooth coil 

generator is the coil itself. The selection of the dimensions 
for a copper cross section suitable for the tooth coil is highly 
dependent on the minimum bending radius to which a 
hollow conductor can be bent without deformation and on 
the fact that the combination of conductor maximum width 
and minimum height for a certain hole radius probably 
allows a decrease in the synchronous inductance of the 
generator, and therefore an increase in the maximum 
overload generator torque capacity. Minimum bending 
radius also establishes the minimum tooth width, whose flux 
density conditions should be checked then. Therefore, by 
taking into account both these arguments, the following 
conductor cross sections have been used in this case study: 
15 mm height × 18 mm width with 2.25 mm hole radius. 

The material masses needed for a generator are calculated 
from the analytical model of the generator. In order to design 
the PMSG, the methodology proposed in [6] is used for the 
electromagnetic design, while the thermal performance is 
estimated using the procedure given in [7]. 

III.   DESIGN PROCEDURE 

A.   Algorithm Description 
The flowchart of the algorithm is shown in Figure 2. 1: 

The two variables to be used as design variables are the 
EMF factor kE and the stator length ls. For each iteration (r) 
only one of the two design variables is permitted to change 
while the other one remains fixed. n = [1, 2] is used to 
indicate the order number of the design variable γ  = [kE, ls] 
permitted to change: n(1) = 1 means that the EMF ratio kE is 
permitted to change, while the stator length ls is fixed; n(2) = 
2 means that the stator length ls is permitted to change, while 
the EMF ratio kE is fixed. Before the iteration, the EMF ratio 
and the stator length have to have starting values (γ init = [kE 

init, ls init]). Δ  = [ΔkE, Δls] defines the discretization step size 
for each design variable. α ∈ [ε, 1] is a scaling factor for kE 
or ls with ε which is the minimum value of α used to stop the 
algorithm. 2: The objective function is the total active mass 
of the generator materials (permanent magnets mPM, steel mFe 
and copper mCu). The value of Δ(n) at each iteration is 
determined by scaling its previous values using a scaling 
factor α, i.e. Δ(n)new = Δ(n)old × α. The first iteration begins 
with α = 1. For each iteration round (r) the objective 
function is calculated at three different points ξ(i = 1, 2, 3). 
The second point ξ(2) refers to the current value ξ(2) = γ(n) 
for the design variable, while the first ξ(1) and the third 
points ξ(3) are respectively equal to the  ξ(1) = γ(n) – Δ(n) 
and ξ(3) = γ(n) + Δ(n) of the current design variable which 
are permitted to change. 3: Based on the analytical model of 
a PMSG the geometrical dimensions (stator slots, magnet 
height, etc.), the electromagnetic parameters (inductances, 
resistances, current components, flux densities, losses, 
efficiency, maximum torque, power factor angle, etc.), 
water-cooling parameters (outlet water temperatures, water 
pressure, water flow) are calculated as well as the objective 
function is evaluated for three values of design variable ξ. 
The following PMSG parameters are chosen to be constant: 
- the conductor cross section (width × height × hole radius), 
the slot wedge height, the number of basic 12-10 machines, 
the inlet coolant water temperature, the allowable flux 
densities in the yokes; the insulation thickness; 
- the initial airgap diameter Dso is defined as a function of 
conductor width as 385 × b0. The value 385 just happens to 
give an appropriate starting point for the iteration and does 
not represent any higher intelligence; 
- the air gap length is kept at its minimum  value limited by 
mechanical considerations to 0.125 % of the stator bore 
diameter; 
- the effective permanent magnet width is kept as a constant 
fraction of the pole pitch bPM = 0.8 × τp; 
- the number of conductors per slot width is kept constant 
and equals four enabling two coils having two adjacent 
conductors. 

4: Obtained results are checked to be under the given set 
of constraints. The maximum water outlet temperature Θoutlet, 
maximum water pressure p, the minimum efficiency η, the 
minimum power factor cosϕ and the minimum value of 
generator torque overload ability under constant speed are 
used as constraints in the algorithm. The overload multiple is 
ratio between maximum output torque and rated output 
torque (Tmax/Trated). If any of the constraints is not satisfied, 
this iteration is removed from further consideration 6. 5: 
Throughout the iteration r, we select whichever value of the 
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design variable ξ(i) gives a minimum value for the objective 
function m*

r under the given set of constraints 4. 7: In case 
when the objective function value m*

r in the current iteration 
r is bigger than the value of the objective function in the 
previous iteration m*

r-1 and there have been two successive 
iterations for both design variables (γ = [kE, ls], EMF ratio 
and stator length) with the same value of the scaling factor α 
(i.e. n = n(2)), there is no change in the value of the objective 
function 8. Then the scaling factor is gradually changed by α 
= 0.99 × α. The decision to emphasize the "search in depth" 
instead of "search in breadth" is due to the fact that it is not 
possible to specify exactly which minimum value of Δ(n) 
must be set for a certain design variable, and therefore, it is 
set in terms of what a reasonable maximum step size could 
be. If α ≥ ε 9, we start another iteration (r = r + 1) 10 with 
the same starting value for the design variables (γ = [kE, ls] 
EMF and stator length ratio) as in the previous iteration (γ = 
γr-1) but with reduced variation step Δ(1) for the first design 
variable n = n(1) 8. 7→11→12: If the objective function 
changes its value m* = m*r the next iteration starts with 
scaling factor α = 1 and the initial discretization step size Δ  
= Δ init. The starting values for the EMF ratio and stator 
length for the next iteration in this case are the final values 
of the PMSG designed in the current iteration (γ = γr). 
7→11→13: This step takes place when there is no change in 
the value of the objective function (i.e. m* = m*r-1) and 
therefore the next iteration starts with the previous scaling 
factor value α = α and the n = n(2) design variable (i.e. 
stator length) will be permitted to change during the next 
iteration. The starting values for the design variables (EMF 
ratio and stator length) are the same as in the previous 
iteration (γ = γr-1). 14: The algorithm stops when there 
cannot be found any better combination of stator length and 
EMF factor, even with the smallest variation step Δ(n). 
Simulation results have shown that Δ(n) drops by a factor of 
α = 0.01 when the  objective function will no more be 
corrected, and therefore the value of ε = 0.01 to stop the 
iteration is appropriate. 

B.   Set of constraints 
First, we limited the temperature at the outlet of the 

cooling channels and the total pressure drop along the 
cooling circuit, which both are critical from the machine 
reliability point of view. To maintain the outlet coolant 
temperature below a certain limit e.g. 80 °C, we placed a 
restriction on the pressure drop along the cooling circuit (< 2 
bar) to limit the pumping power required. 

Second, because computation results showed that the 
generator efficiency drops continuously with increasing 
tangential stress, we placed a lower limit of η ≥ 92 % on the 
generator efficiency. 

Third, again for reasons of reliability, we required that 
the resulting generator design must be capable of 
withstanding at least the 130 % of its rated torque. 

Finally, to limit the converter overhead to a sensible 
level, it was necessary to limit the power factor no lower 
than cosϕ = 0.7 (ϕ = 45°). 

C.   Objective function 
The objective function minimizes the total mass of the 

copper mCu, permanent magnets mPM, and steel mFe materials. 
It can be written in the form: 

 
minFePMCu →++= mmmm ,       (1) 

CuCuQsCuCu ρSzQlm = ,           (2) 
 

Fig. 2. Flow chart of the iteration process to find  
an proper dimension set of the LC DD-PMSG 
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n = [ 1,   2 ] – order number of design variable; 
n(1) is the initial value for first iteration; Δ init = [ΔkE,  Δls ];  

Δ  = Δ init initial discretization step sizes; 
γ init = [ kE,init   ls,init ] starting values of design variables; 

α ∈ [ε, 1]; ε = 0.01; α = 1 initial value; 
m*1 = 0 being the first value of total active mass;  

r represents an iteration cycle 
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( ) 35.1Cuactive FeFe ×+= mmm ,          (5) 
where Dro – outer diameter of the rotor, Dri – inner diameter 
of the rotor, Dso – outer diameter of the stator, hys – stator 
yoke height,  hPM – height of magnet, hts – tooth height, zQ – 
number of conductors in slot, kFe – space factor for steel, lCu – 
average conductor length, lr – rotor core length, lPM – 
permanent magnet length, mFe active – active mass of steel 
lamination,  p – number of pole pairs, Qs – number of stator 
slots, SCu – conductor cross-sectional area, wPM – permanent 
magnet width, wds – tooth width, ρCu – copper resistivity, ρFe 
– steel resistivity, ρPM – permanent magnet resistivity. 
Inactive material consisting mainly of steel, which provides 
structural support to maintain the airgap between the stator 
and the rotor was estimated as 35 % of the active material of 
steel lamination and copper mass. 

IV.   CASE STUDY AND RESULTS 
The method is then applied to the LC DD-PMSG, which 

consist of twelve basic 12-10 machines, 6-phase stator 
windings and conductor cross section dimensions of 15 mm 
in height by 18 mm in width and with a 2.25 mm hole 
radius. The initial discretization step size Δ  is: ΔkE = 0.1 and 
Δls = 0.1 m for EMF factor and stator length respectively. 
Table 2 lists the proper design dimensions for this study 
case. 

 
TABLE II 

PROPER DESIGN DIMENSIONS 

Parameter Value 

Stator airgap diameter 6.93 m 
Stator length 1.1 m 
EMF factor 0.8 
Copper mass 9.2 t 
Steel mass 31 t 
Magnet mass 3.6 t 
Total mass 43.8 t 
Efficiency 92 % 
Tangential stress 93 kPa 
Linear current density 150 kA/m 
Peak torque p.u. 1.3 
Voltage per segment 275 V 
Number of phases 6 
Number of conductors per slot 24 
Copper losses 580 kW 
Total losses 690 kW 
Outlet water temperature 80 ºC 
Total pressure drop 1.1 bar 
Flow rate 3.5 kg/s 
Coolant velocity 1.02 m/s 
Run time of the computations 7 min 

 
Fig. 3 depicts the generator total mass and tangential 

stress evolutions with increasing the number of iteration 
steps. In a cylindrical electrical machine the tangential stress 
is defined by 

! tan !
T
2V"

! AB" ,               (6) 

where T is air gap torque, Vδ is the air gap volume, A is 

the linear current density, Bδ is the air gap flux density. 
High tangential stress results in a decrease in size and 

weight of the generator at the same torque level. According 
to Eq. 6 the tangential stress is directly related to the linear 
current density. In traditionally air-cooled electrical 
machines the linear current density is mostly limited by the 
maximum allowable winding temperature rise. For 8 MW 
LC DD-PMSG according to Table II the linear current 
density is 150 A/m at 93 kPa tangential stress level. 
Therefore, applied direct liquid cooling of the stator 
windings becomes justified [6] since it guarantees that the 
winding temperature is kept being adjusted around the 80 ºC. 

The calculations show that after 9132 iterations a desired 
solution is found. The requirements of the generator and the 
cooling system are precisely met. The total computational 
time is about 7 minutes. Using this approach the proper 
design dimensions for a complex system, such as a direct-
water cooled PMSG, can be determined in a robust manner. 
While this approach gives the specification of feasible 
direct-water cooled PMSG, in practice, customer 
requirements would finally define the generator's main 
dimensions. 

 

 
Fig. 3. Mass and tangential stress evolution during the iteration. 

Computational results. 
 
The results of the analytical calculations have been 

verified by numerical simulation in commercial finite 
element software Flux 2D (Cedrat). Main dimensions given 
in Table II have been used. Induced voltage, rated torque and 
copper loss have been determined in order to check the 
analytical results. 

 

 
Fig. 5. No-load EMF at 11 rpm. 2D FEA results. 
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Fig.4. Magnetic flux density distribute 

on at rated load. 2D FEA results 
 

 
Fig. 6. Rated torque. 2D FEA results. 

 

 
Fig. 7. Current density distribution in slots  

(RMS stator phase current is 920 A).  
2D FEA results. 

 

 
Fig. 8. Temperature distribution inside the slot conductors. 

2D FEA results. 
 

2D FEA calculated total copper losses are 620 kW at 
rated point. RMS value of induced voltage at no-load is 1500 
V which results in EMF factor equals 0.79. Temperature 
inside the conductors does not exceed 80 ºC. 

Obtained results are quite close to the analytical ones 
given in Table II. The difference in the results is due to the 
simplifications used in the analytical model in order to keep 
computation times low, while the FEM simulations describe 
the real situation more detailed. However, we believe the 
results of the analytical optimization are only preliminary, 
and significant improvements of the design are still possible 
by further FEM iteration process. 

V.   CONCLUSION 
With the constrained steepest descent method with a 

variable step size the proper specification of LC DD-PMSG 
with minimum mass has been determined. Within this 
approach only the stator length and EMF factor are 
considered variables, while the number of 10-poles/12-slots 
segments and conductor cross-section dimensions are 
imposed by the user. Using this approach, the mass of the 
generator is minimized, while the tangential stress becomes 
higher during the iterative process. This method is not too 
complicated and can provide useful information for the 
analysis, such as the tendency of generator parameters 
obtained from the continuous monitoring. 
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� Lumped-parameter thermal model of LC DD-PMSG was proposed.
� Steady-state and time-dependent temperature distribution for liquid-cooled winding were examined.
� Laboratory liquid-cooled tooth coil prototype was built.
� The predicted and measured values were found to be in reasonably good agreement.
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a b s t r a c t

Wind is one of the most compelling forms of indirect solar energy. Available now, the conversion of wind
power into electricity is and will continue to be an important element of energy self-sufficiency planning.
This paper is one in a series intended to report on the development of a new type of generator for wind
energy; a compact, high-power, direct-drive permanent magnet synchronous generator (DD-PMSG) that
uses direct liquid cooling (LC) of the stator windings to manage Joule heating losses. The main param-
eters of the subject LC DD-PMSG are 8 MW, 3.3 kV, and 11 Hz. The stator winding is cooled directly by
deionized water, which flows through the continuous hollow conductor of each stator tooth-coil
winding. The design of the machine is to a large degree subordinate to the use of these solid-copper
tooth-coils. Both steady-state and time-dependent temperature distributions for LC DD-PMSG were
examined with calculations based on a lumped-parameter thermal model, which makes it possible to
account for uneven heat loss distribution in the stator conductors and the conductor cooling system.
Transient calculations reveal the copper winding temperature distribution for an example duty cycle
during variable-speed wind turbine operation. The cooling performance of the liquid cooled tooth-coil
design was predicted via finite element analysis. An instrumented cooling loop featuring a pair of LC
tooth-coils embedded in a lamination stack was built and laboratory tested to verify the analytical model.
Predicted and measured results were in agreement, confirming the predicted satisfactory operation of
the LC DD-PMSG cooling technology approach as a whole.

� 2014 Elsevier Ltd. All rights reserved.

1. Introduction

In recent years, intensive research efforts have focused on the
development of high power electrical generators for wind turbine
applications. Today, most land-based wind turbines have power
ratings from 1.5 MW to 3 MW, and wind turbines designed for
offshore applications are typically 3 MWe5 MW. Sustaining the
rapid growth inwind energy will require developing wind turbines
with even higher power ratings, and there are several development

projects under way targeting power ratings up to 15 MW (e.g. Sway
10 MW wind turbine [1], Azimut Project of 15 MW wind turbine
[2]).

Over the past decade, direct-drive (DD) electrical generators
have become pervasive in wind turbines rated below 4 MW. They
are now being used in higher power wind turbines. DD electrical
generators enable direct coupling to the turbine blades, eliminating
the gear box. The primary reason for the rapid acceptance of DD
technology has been the energy savings associated with running an
electrical generator at a lower speed, as well as the general reli-
ability of such a drive system [3].

A review of electrical generators for DD wind turbines has been
presented in Ref. [4]. As a result of progress in power electronics,
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software engineering, and materials; permanent magnet synchro-
nous generators (PMSGs), made from modern rare earth magnet
materials, are receiving increased attention for DD wind turbine
applications.

The most unique feature of DD wind turbine electrical genera-
tors is their size. They operate below 30 rpm (typically 10e15 rpm
at 3 MW) and feature a relatively large diameter to length ratio. DD
wind turbine electrical generators look like large diameter, slender
rings. The large diameter allows high torque to be developed.
Furthermore, substantial structural reinforcement is required to
support the high torque developing in high power DDwind turbine
electrical generators. Larger diameter and the need for adequate
structural reinforcement leads to a truly massive structure. There-
fore, one of the main problems facing the designers of large-power,
large diameter DD wind turbine electrical generators is how to
minimize its size and weight.

Size reduction of wind turbine electrical generators is ultimately
limited by the ability to remove heat from the stator windings. The
application of direct liquid cooling of the stator winding enables
operation of the electrical generators at a higher output for a
particular generator size as compared to an air cooled generator of
the same size. Therefore, liquid cooled electrical generators may be
smaller than forced air cooled electrical generators having the same
rated power.

This paper is one in a series intended to report on the concept
development of a new type of generator for wind energy; a
compact, high-power DD-PMSG that uses direct liquid cooling (LC)
of the stator windings to manage high Joule heating losses.

Cooling of the 8 MW LC DD-PPMSG is examined in more detail
in this paper, and both steady-state and time-dependent temper-
ature distributions were calculated and validated. There are typi-
cally three approaches used to predict the thermal performance of
electrical machines: making calculations using simplified mathe-
matical models, applying numerical method and taking experi-
mental measurements. For instance, Farsane et al. [5] described an
experimental cooling study for a closed electric motor. Based on
measurements, modifications were suggested, and a new prototype
casing was realized. Fenot et al. [6] studied, experimentally, flow
and local heat transfer in the air gap of an open four-pole syn-
chronous motor. Based on their heat transfer measurements, a
correlation for heat transfer was derived corresponding to the rotor
pole, rotor slot, and stator. However, for large electrical machines, it
is cost prohibitive to build a full-scale prototype to make compre-
hensive thermal performance measurements.

Computational fluid dynamics (CFD) would be useful to under-
stand heat transfer performance, and a number of CFD models of
electrical machines have been developed. For instance, Srinivas
et al. [7] used a CFD model to calculate the heat distribution in a
switched reluctance motor with natural cooling. Jungreuthmayer
et al. [8] modeled PMSM fluid flow and found good correspondence
between temperatures predicted by the CFD analysis and values
measured experimentally. Recently, CFD was used to evaluate the
thermal performance of a 35 kW in-wheel motor operating in oil-
cooled mode [9]. Kolondzovski et al. [10] applied 3D computa-
tional analysis to investigate the temperature rise phenomena in a
high-speed permanent magnet machine. However, CFD is compu-
tationally intensive, and therefore the approach is not feasible
when repeated calculations are required or for large complex
electrical machines.

Thermal analysis with lumped parameters could be applied as a
preliminary approach to predicting the approximate thermal per-
formance of large electrical machines. To date, research papers have
been published describing lumped parameter thermal models of
electrical machines equipped with indirectly cooled multi-turn
coils [11e13]. An equivalent thermal circuit for a multi barrier

interior PMSM was reported in Ref. [11] that assumed no circum-
ferential heat flow and temperature variance only in the radial di-
rection. Nerg et al. [12] described a lumped parameter thermal
model for radial-flux electrical machines of high power density
under steady state thermal conditions. That model has been
applied to a high-speed induction motor, and a low-speed PMSM
and PMSG in considerably different size categories. In Ref. [13], the
authors have proposed a lumped parameter thermal model for
axial flux permanent magnet machines. The model was validated
by comparing results to experimental data. In Ref. [14], the thermal
network method based on two-dimensional heat conduction in
hollow cylinder geometry was applied to build the thermal model
of an electric motor and to calculate its maximum temperature rise.
An analytical layered thermal model to calculate the temperature
distribution in the winding of an oil-filled transformer with zigzag
cooling ducts is described in Ref. [15]. However, there have been
few papers published that describe the application of lumped
parameter models to analyze the forced cooling of stator windings
composed of form wound copper conductors.

The authors of Ref. [16] presented a lumped parameter model of
an LC DD-PMSG using the equivalent thermal conductivity of the
stator windings. Here, we extend their lumped parameter thermal
model to include the detailed thermal model of the stator slot and
to include the previously excluded coolant flow arrangement. As a
result, the new model more accurately estimates temperatures by
accounting for the non-uniform distribution of copper losses
resulting from the skin effect. The proposed lumped-parameter
thermal model is suitable for integration with the algorithm pre-
sented in Ref. [17] to optimize LC DD-PMSG design.

2. Design and cooling concept of the LC DD-PMSG

The large air gap diameter of a high-power wind turbine
generator, e.g. 5 m or more, requires segmented construction. The
rotor and stator magnetic circuits are divided into some number of
identical units. These units are connected electrically in series or in
parallel to get desired voltage levels. There are many variations for
the number of units in this basic design, including 6, 8, 10, 12 units,
and so on. This paper focuses on an 8 MWouter rotor LC DD-PMSG
constructed of 12 identical stator and rotor segments. Stator air-gap
diameter and active stator length are 6.93 m and 1.15 m respec-
tively. Each of the stator segments has 12 slots. The total number of
slots for the 12 stator segments of the generator is, therefore, 144.
The rotor comprises 10 magnet poles per segment for a total of 120
permanent magnet poles (60 pole pairs). This configuration results
in a rated frequency of 10e12 Hz, which is still acceptable for the
cyclic loading of the converter’s insulated-gate bipolar transistors.
The combination of 60 pole pairs and 144 stator slots results in a
fractional slot concentrated non-overlappingwinding (or tooth-coil
winding) in which each winding phase coil is concentrated around
individual teeth and thus does not span adjacent teeth or coils,
simplifying direct liquid cooling. Such a machine works at the fifth
harmonic of the stator current linkage using it as the means of
electromechanical power conversion. The fundamental harmonic is
of minimal significance [18]. Fig. 1 shows a detailed view of the LC
DD-PMSG. This LC DD-PMSG has liquid-cooled windings in the
stator and rotor-surface-mounted permanent magnets. Both the
stator and rotor are based on a laminated steel structure.

A tooth-coil winding architecture offers the most straightfor-
ward approach to direct liquid cooling of the stator conductors.
Each tooth-coil is an elongated continuous two-layer winding of
copper that is shaped to fit into the slots on either side of a lami-
nated stator tooth. See a photo in Fig. 2. The cross section of the
wound conductor is rectangular. Since it forms a closed loop, the
tooth-coil itself can be used as a coolant transport conduit. Stainless
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steel tubing embedded within the copper at its centerline serves as
the coolant channel. The stainless steel (316 series) offers high
electrical resistivity, good mechanical strength, and corrosion and
erosion resistance. Tooth-coil coolant enters the inner winding
layer from the bottom, draws heat out of the copper, and leaves the
coil again from the bottom of the outer layer.

The copper is wrapped with a thin layer of insulation to elec-
trically isolate adjacent conductors. The two winding layers for
each tooth-coil form two conductor columns on either side of the
tooth. Between each conductor column and between the tooth-coil
and the stator laminations are another more substantial layer of
insulation.

Each tooth-coil is connected to the cooling loop via the stainless
steel tubing through an electrically isolating coolant manifold. The
manifold can be made of Ultem polyetherimide (PEI). Electrical
connections are made using terminal lugs (shown in the photo of
Fig. 2). Table 1 gives relevant characteristics for an 8 MW LC
DD-PMSG tooth-coil.

3. Layered lumped-parameter thermal model

An accurate evaluation of temperature distribution is necessary
to design a liquid cooled generator with an acceptable thermal
performance margin. Lumped parameter thermal model was used
to carry out the required thermal analysis. The lumped parameter
thermal model neglects axial temperature variation. The heat
transfer paths between the different generator parts are repre-
sented using thermal resistances at constant temperature. The heat
flow paths defined for the equivalent steady-state lumped param-
eter thermal model of the LC DD-PMSG are shown in Fig. 3.

A portion of the heat localized within each stator tooth flows
through the slot and tooth-coil insulation material, through the

copper, and into the coolant. Heat also flows along the stator teeth
to the air gap and along the stator tooth to the yoke. Some of the
heat generated in the permanent magnets of the rotor can flow into
the rotor, and some can flow into the stator through the air gap.

The stator laminations are bound tightly together with a num-
ber of tensioned rods passing through them. This construction in-
creases the total surface area of the laminations exposed to the
convecting cooling air, which enhances heat removal since the
additional heat transfer is proportional to the increase in surface
area.

Temperature distribution analysis began by assigning the
following losses or heat source values for an 8 MW LC DD-PMSG.
The losses are subdivided into the contributions by the various
parts, i.e., the stator yoke and teeth, the rotor yoke, the permanent
magnets, stator winding, and the air gap. Table 2 reports the loss
division at the rated load.

Because of the negligible stator iron losses in a low-speed,
low-frequency generator; the steady-state temperature rise in
the stator winding depends mainly on the copper losses. The
complex heterogeneous structure of indirectly air-cooled stator
windings is usually replaced with a single homogeneous material
that reproduces a representative thermal behavior. Equivalent
thermal conductivity is used [19]. However, to improve temper-
ature prediction accuracy, a detailed thermal model of the stator
slot is developed, in which all the adjacent conductors in the
cooling circuit are modeled separately with a corresponding
equivalent convective thermal circuit. The convection thermal
circuit is executed so that, for each cooling circuit, the outlet
coolant temperature of each preceding conductor becomes the
inlet coolant temperature of the subsequent conductor. Heat
transfer from the end windings is not modeled separately. End
windings were taken into account by increasing coolant channel
length by factor kew.

4. Analysis of heat transfer performance

4.1. Limiting temperature

The minimum inlet coolant temperature of a liquid cooled
winding is limited by the strength of the conductor insulation
material. If the cooling liquid is too cold, thermal shock may lead to
insulation failure. On the other hand, if the inlet coolant tempera-
ture is too high, heat will not be effectively removed, and there is an
even greater danger of insulation failure. According to Ref. [20], the
recommended water temperature range at the inlet of a direct
liquid cooling circuit is from 33 �C to 50 �C. According to Ref. [21],
the temperatures range from 45 �C to 50 �C. Coolant temperature at
the coil outlet is usually maintained below 80 �C to provide a suf-
ficient margin to ensure that stator conductor temperatures do not
exceed safe levels even during abnormal operating conditions.
According to the international standard for rotating electrical ma-
chines (IEC 60034-1 [22]) coolant outlet temperatures must not
exceed 90 �C in any event. Coolant temperature rise, the difference
between outlet and inlet temperatures, must be kept below 30 �C at
rated power assuming an average ambient temperature of 35 �C.Fig. 2. Liquid-cooled tooth-coil shown without insulation.

Table 1
Tooth-coil characteristics.

Number of turns in tooth-coil 10
Conductor length 1.4 m
Conductor size (width � height) 18 mm � 15 mm
Cooling hole diameter 5.5 mm
Weight per tooth coil 58 kg
Number of cooling circuit per tooth-coil 1

Fig. 1. Concept design of the active regions and supporting structures of the LC
DD-PMSG.
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4.2. Steady state thermal loads

Copper temperature is a function of coolant temperature, so the
temperature of the coolant must be known to predict copper
temperature. Two equations describing heat transfer in single
phase steady state flow are used to evaluate outlet coolant tem-
perature. Equation (1) relates to the physical change in the coolant
brought about by the heat transfer system. Equation (2), an
expression of Newton’s law of cooling, is system related and con-
siders cooling system specifics such as flow and heat transfer sur-
face area.

PCu�c;jkR;j ¼ cp;crcScchyc

0
BBB@Tco;j �

Pj�1
i¼1 PCu�c;ikR;i
ccrcScchyc

1
CCCA; (1)

PCu�c;jkR;j ¼ Pcchlskewac

0
BBBB@TCu;j �

Pj�1

i¼1
PCu�c;ikR;i

ccrcScchyc
þ Tco;j

2

1
CCCCA; (2)

where cp,c is coolant heat capacity, j is the index of the conductor
belonging to the coolant circuit, kR is the factor for electrical re-
sistivity increase as temperature increases, ls is stator length, PCu-c is
heat removed by the coolant, Scch is the cooling channel cross-
sectional area, Tco is coolant outlet temperature, TCu is conductor
average temperature, ac is heat transfer coefficient, Pcch is cooling
channel hydraulic perimeter, rc is coolant density, and yc is coolant
velocity.

The heat transfer coefficients for convection rely on the proven
empirical convection correlations models available in heat transfer
literature [23].

In Equations (1) and (2), the inlet coolant temperature of the jth
conductor depends on the total heat removed by the coolant having
flowed through adjacent (j � 1) conductors of the cooling circuit.
These equations interact in a related way, and the heat transfer
balance equations can be written as:

TCu;j �
PCu�c;jkR;j

Pcchkewlsac
¼ 1

2
PCu�c;jkR;j
cp;crcScchyc

þ
Pj�1

i¼1 PCu�c;ikR;i
cp;crcScchyc

; (3)

where the heat PCu-c,j is evaluated from the thermal circuit
iteratively.

4.3. Transient thermal loads

Short term generator current overloading may increase the
temperature of the stator winding to dangerous levels. Theoretical
temperature transient calculations have been made by Kazovskij
[20]. Temperature does not respond immediately to changes in

Fig. 3. Steady-state thermal network for the LC DD-PMSG (P e losses notation; x1 e x3, x5 e x7, x9, x12 e x16, x17, x19, x21, x23, x25, x27, x28, x29, x31, x33, x35, x37, x39, x40, x41, x43, x45, x47,
x49, x51, x52, x53, x55, x57, x59, x61, x63, x64, x65, x67, x69, x71, x73, x75, x76 e x80, x82 e heat flows notation; x4, x8, x11, x18, x20, x22, x24, x26, x30, x32, x34, x36, x38, x42, x44,
x46, x48, x50, x54, x56, x58, x60, x62, x66, x68, x70, x72, x74, x81 e temperature of the corresponding nodes, Tamb e ambient temperature, DT e coolant temperature rise, Tci e inlet coolant
temperature).

Table 2
Electromagnetic and mechanical losses of the studied 8 MW LC DD-PMSG.

Power loss component Value (kW)

Stator copper winding loss, PCu 550
Stator tooth iron loss, Pst 5
Stator yoke iron loss, Psy 3.7
Eddy current losses in permanent magnets, PPM 30
Rotor yoke iron, Pry 1
Air gap friction loss, Pag 1.5
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generator load. Its time variation follows an exponential law, where
the steepness of the curve decreases with time. The transient
temperature solution for the copper conductor can be written as
follows.

TCu tð Þ ¼ TCu;kj¼1 1� e�t=s0
� �

þ TCu;kjs1e
�t=s0 ; (4)

TCu;kj¼1 ¼ PCu�ckR
lskew

x
rccp;cScchyc

þ 1
acPcch

� �
; (5)

TCu;kjs1 ¼ TCu;kj¼1k
2
j kR; (6)

where kj is the current density increase factor, TCu is the conductor
steady-state temperature, x is the distance measured along the
cooling channel from the coolant inlet position, and s0 is the
thermal time constant.

Because of the consistent thermal barrier created by slot insu-
lation as well as the low heating velocity of the stator core, copper
heating is independent of stator core heating at the beginning of
transients. The difference between the copper losses dissipated
before and after overloading will heat the winding. The thermal
time constant s0 depends on the copper and coolant properties.

s0y
rCucp;CuSCu

aPcch

 
1þ rccp;cScch

rCucp;CuSCu

þ
�
rccp;cScch þ rCucp;CuSCu

�
aPcchlcch

rCurccp;Cucp;cSCuScchyc

!
;

(7)

where cp,Cu is copper heat capacity, lcch is the total length of the
cooling circuit, SCu is the copper cross-section area, rc is copper
density.

Existing requirements [24] for hydro generator design with
directly cooled stator windings dictate the need for continuous
operation over a definite period of time during operations with
increased stator current density. Hydro generator manufacturers
provide guidance on how long liquid-cooled generators can
continue to operate with rated cooling conditions in the event of
increased stator current (Table 3).

4.4. Fault of coolant supply to the stator winding

A failure of the pump or a break in the coolant lines can result in
a loss of coolant to the stator winding. In the absence of coolant
circulation, stator winding temperatures increase considerably.
According to [24], a hydro power generator with directly cooled
stator winding should be capable of operating without injury for
60 sec at 50% of its rated current following a loss of coolant event.
The same criterion is applied here. Copper and coolant temperature

distributions with respect to time are described by the following
equations [25].

TCuðtÞ ¼ c2
1þ c1

 
t þ c21

1þ c1
s00

 
1� e

� t
s0
0

1þc1
c1

!!

þ PCu�ckR
aPcchlcch

1
1þ c1

 
1þ c1e

� t
s0
0

1þc1
c1

!
þ PCu�ckR
cp;cgcScchyc

;

(8)

Tc tð Þ ¼ c2
1þ c1

t � c1
1þ c1

s00 1� e
� t
s00

1þc1
c1

 ! !

þ PCu�ckR
aPcchlcch

1
1þ c1

1� e
� t
s00

1þc1
c1

 !
þ PCu�ckR
cp;cgcScchyc

; (9)

c1 ¼ cp;cmc

cp;CumCu
; c2 ¼ PCu�ckR

cp;CumCu
; s00 ¼ cp;CumCu

aPcchlcch
; (10)

where mc is the coolant mass, and mCu is the copper mass.

5. Validation of the model and results

The developed analytical models have been applied to a design
of an 8 MW LC DD-PMSG to predict thermal performance. Water
was selected as the coolant. The conductor dimensions were
adjusted to the values shown in Table 1. According to Table 4, the
generator achieves its rated power at approximately 81 �C coolant
average temperature at the outlet of the tooth-coil. With a flow
velocity of 1 m/sec a round tube removes on average 0.9 W/cm2

with a mean tooth-coil temperature rise of approximately 40 �C.
With the form-wound structure of the studied LC tooth-coil

stator winding, hot spots are always in a predictable location at
the slot portion of the stator laminations. As a result, hot spot
temperature can be calculated and duplicated from one stator slot
to another. Therefore, steady-state thermal 2D FEA (Flux 2D,
Cedrat) was carried out for a one slot pitch model to assess LC DD-
PMSG thermal performance at its rated load steady-state condition.

The 2D approach was chosen based on an assumption of planar
heat flow. This assumption is relevant for active liquid cooling,
because heat flow is almost purely radial due to the effective liquid
cooling mechanism. The slot pitch model consisted of 20 liquid-
cooled hollow copper conductors with associated heat fluxes in
terms of copper loss, slot insulation, wedge, stator yoke, and stator
tooth with associated heat flux in term of stator iron loss. Air
convection was applied to the inner and outer stator surfaces. The
defined convection coefficient of 8500 W/(m2 K) for inside the
copper hollow conductors was approximately equal to a water
velocity of 1 m/s. Fig. 4 shows the temperature distribution results,
which agree well with the results from the analytical thermal
model (see Table 4).

The results of the transient analysis, presented in Fig. 5, were
computed using the procedure described in Sections 4.3 and 4.4.
The transient model enables prediction of the time evolution of
stator winding temperature. The calculated thermal time constant
was 236 sec. The maximum temperatures of each conductor with
respect to time can be determined from Fig. 5. The initial total
copper loss was 550 kW. The effect of increasing temperature on
the electrical resistivity of copper conductors, and therefore the
copper losses, was accounted by the kR factor. For the first case, the
current density increase factor kj was set to 1.1. The coolant velocity
was 1m/s. The results show the generator can operate continuously
without reaching the temperature limit. For the second case, the

Table 3
Permissible operation durations for over currents based on rated
coolant flow properties.

Operation duration Stator current (%)

Continuous 110
15 min 115
6 min 120
5 min 125
4 min 130
3 min 135
2 min 140
1 min 150
20 sec 200
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current density was increased by a factor of 2. Within 20 sec, the
copper conductor heats up from the rated operational temperature
to the temperature limit of 90 �C.

Installed in a variable-speed wind turbine, the LC DD-PMSG is
supposed to be operated according to its torque curve (Fig. 6).

Generator speed varies between 3 and 11 rpm. Once the wind
turbine rotor reaches the rated 11 rpm speed, generator torque is
increased until the generator is producing its maximum rated
power.

Fig. 6 illustrates that generator output power, which depends on
wind speed, varies significantly. The actual duty cycle of an LC DD-
PMSG during operation is complex. However, it can be approxi-
mated with a train of square pulses of power with different am-
plitudes and time durations (see Fig. 7). The copper temperature
response to the duty-cycle was obtained according to Equation (4)
in a discretized form (see Fig. 7). The initial temperature at the
power square wave is taken from the final time moment of the
previous square wave.

The 8 MW LC DD-PMSG can operate at even higher loads and
remain within safe thermal operating limits without modifying the
cooling system. The rated point of this machine type is defined by
its economic optimum rather than thermal limits as in traditional
machines. Naturally, efficiency falls as the machine becomes
overloaded.

Fig. 8 shows that copper and coolant temperatures increase at
approximately 0.05 �C per s when there is no coolant flow and 50%
of generator rated current is applied.

Therefore, the studied LC DD-PMSG can operate without coolant
circulation for about 60 s at 50% of its rated current.

6. LC tooth-coils prototype

To validate the simulation results and to demonstrate the liquid-
cooling technology with its applications in a stator implementa-
tion, a small prototype with two liquid-cooled tooth-coils was
designed, built, and tested at the Lappeenranta University of
Technology. The specific goals for the prototype were to prove the
feasibility of manufacturing the LC DD-PMSG tooth-coils and
demonstrate the effectiveness of direct liquid cooling of the stator
copper conductors. The instrumented loop provided thermal per-
formance data to clarify the dependence and distribution of tem-
peratures within the coils as well as to make comparison between
theoretical and practical results.

Fig. 9 is a photo of the instrumented small prototype. It was
located in a room free of forced air movement and oriented so the
slot conductors were horizontal. The apparatus comprises the coils
(1), the inlet and outlet coolant manifold (2), connection to the
power source (3), a coolant reservoir (4), the pump (5), the heat

Fig. 4. Steady-state temperature predicted by 2D FEA model.

Table 4
Calculated steady-state temperatures at rated load at different parts of 8 MW LC DD-PMSG.

Conductor number in the coolant path
(initial copper losses)

Copper (liquid)
temperature, �C

Conductor number in the coolant path
(initial copper losses)

Copper (liquid)
temperature, �C

Cond. 1 (150 W) 42.6 (42.0) Cond. 11 (250 W) 63.7 (63.1)
Cond. 2 (150 W) 44.5 (43.9) Cond. 12 (250 W) 66.3 (65.7)
Cond. 3 (160 W) 46.3 (45.8) Cond. 13 (215 W) 66.3 (65.7)
Cond. 4 (160 W) 48.1 (47.6) Cond. 14 (182 W) 68.4 (68.0)
Cond. 5 (184 W) 50.1 (49.6) Cond. 15 (182 W) 70.7 (70.3)
Cond. 6 (184 W) 51.9 (51.4) Cond. 16 (160 W) 72.6 (72.2)
Cond. 7 (222 W) 54.1 (53.5) Cond. 17 (160 W) 73.2 (72.9)
Cond. 8 (222 W) 56.1 (55.6) Cond. 18 (160 W) 74.5 (74.1)
Cond. 9 (283 W) 58.7 (58.1) Cond. 19 (147 W) 79.5 (79.2)
Cond. 10 (283 W) 61.1 (60.5) Cond. 20 (147 W) 81.1 (80.8)

Stator tooth, �C 52.7
Stator yoke, �C 51.5
Permanent magnet, �C 67.7
Air gap, �C 67.3
Rotor yoke, �C 57.0
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exchanger (6), coolant filters (7), a volumetric flow transducer (8),
conductor temperature measurement RTDs (9), coolant pressure
transducers and thermocouples (10), the power control system
(11), and the data acquisition and processing system (12). All the
instruments were calibrated prior to testing. The coolant was
ECOCUT HS, a polyalphaolefin (PAO) heat transfer fluid.

Each tooth-coil in the prototype is formed from a 5.2 m long
continuous copper conductor with a cross-sectional height of
13 mm and width of 15.6 mm. There are 4 turns per tooth-coil
forming two rows and four columns structure. Coolant conduits
(316 series stainless steel) are embedded in the conductor copper.
The conduits have an inner diameter of 4 mm and a wall thickness
of 1 mm. Each coil was first formed, and then the copper was
wrapped with a layer of glass-fiber insulation tape (Remikaflex
45.021). A second insulating wrap covered the active lengths,
bundling four straight lengths of copper conductors on each side
and electrically insulating the coil from the steel laminations. The
steel laminations were laser cut from SURA� M400-50A coated
electrical steel. The lamination stack was bound tightly with 8
hollow 316 series stainless steel tensioning rods. Plastic caps (PEI)
secured the coils within the lamination slots.

The two tooth-coils were hydraulically connected to the cooling
loop in parallel by bolting them to the PEI electrically isolating inlet
and outlet coolant manifold. All stainless steel tubing connections
were via orbital welds or compression fittings. The steel-to-plastic
interfaces were sealed with Buna-N double-seal o-rings (quad
seals). Two concentric seals at each hydraulic connection offered 4
sealing surfaces to guarantee leak-free operation.

Electrically, the tooth-coils were connected in series. Incoming
power was connected to the outer terminal lug of the first coil, and
outgoing power was connected to the outer terminal lug of the
second coil. The series connection was made using a copper bridge
between the coils fastened to the inner terminal lugs.

Fig. 5. Conductor temperature distribution with coolant velocity 1 m/s for current density increase factor kj ¼ 1.1 and kj ¼ 2.

Fig. 6. 8 MW LC DD-PMSG output torque curve drawn on the generator efficiency
map.

Fig. 7. Duty cycle of a variable speed wind-turbine equipped with LC DD-PMSG and LC
stator winding temperature response. Fig. 8. Temperature rate of the copper and coolant when coolant is not circulated.
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To realistically evaluate the performance of a low-speed DD
generator, a 1110 A, 11 Hz power supply should have been used to
produce characteristic system losses. Such a system was not avail-
able, and a higher frequency system was used to produce losses in
the tooth-coil conductors with lower current. The power source
was a variable frequency 550 Hz synchronous generator capable of

generating currents up to 150 A, and operating continuously at
104 A (limiting by fuses overheating). To maximize joule heating,
testing was carried out using the highest current and frequency
that could be sustained for long periods: 104 A and 540 Hz. The
losses achieved using this arrangement were not sufficiently high.
To further increase losses and elevate system temperatures, a 5 mm
thick steel plate was set on top of the laminations above the coils to
act as a source of eddy current loss heating. While no longer a
precise emulation, the test setup can still be regarded as indicative.
It made it possible to observe how effectively the cooling system
could remove heat.

With power on and the plate in position, 75 W of heat was
produced in each coil and 3.1 kW of heat was produced in the solid
plate. Three RTDs (Resistance Temperature Devices) were installed
on each coil to monitor copper temperature at the inlet, outlet, and
middle of the conductor length. Inlet and outlet coolant tempera-
ture was monitored using Type K thermocouples. Fig. 10 shows the
temperatures measured over a 5 h period.

On the left in Fig. 10, where the temperature curves are rela-
tively flat, the coolant loop is operating normally with 2.05 l/min
coolant flow through each coil. Coolant pressure at each inlet is
2.5 Pa. At the approximate time of 15:40, the pump was switched
off causing the coolant flow to stop. The result is the rapid increase
in copper temperatures and drop in coolant temperatures shown
near the right side of the plot. At 16:16, the pump was switched
back on and measured temperatures quickly stabilized once again.
For the duration of testing, all thermocouples were continuously
monitored and recorded at 1 s intervals.

A 2D finite element model was prepared as shown by Fig. 11,
taking into account the geometry of each part of the prototype.

Table 5 gives a summary of the steady-state results recorded
during the experiment and calculated from the analytical and
finite-element models.

Predicted and measured temperatures reveal similar trends and
show no significant differences, supporting the suitability of the
developed models. The difference between measured and calcu-
lated results is below 5% and within the measurement error of
�1 �C. These are accurate results, considering the thermal model
does not deal with the axial direction. Results reveal that because
power losses in the copper conductors are uneven, copper tem-
perature at the middle of each tooth-coil length could be similar or
even higher than copper temperature at its end, the coolant outlet.
Actual copper temperatures at the coil inlets and outlets were
lower than calculated temperatures. This may be due to the addi-
tional convective cooling provided by the terminal lugs and the
copper bridge. Despite the low copper tooth-coil heating observed
during the laboratory test, the performed thermal test demon-
strates the effectiveness of direct liquid cooling. When the pump
was switched off, in the second test, coolant circulation ceased, and

Fig. 9. Experimental setup: (1) liquid cooled tooth-coil; (2) inlet and outlet coolant
manifold; (3) wires from the power source; (4) storage tank; (5) pump; (6) heat
exchanger; (7) filter; (8) flow indicator, (9) thermocouple; (10) pressure indicator; (11)
control system; (12) data processing system.

Fig. 10. Measurement results for a 5 h period.

Fig. 11. Steady-state temperature predicted from 2D FEA model.
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copper temperatures began increasing rapidly at 0.015 �C per s. The
predicted temperature rate, based on Equation (8), was 0.02 �C,
which is good agreement between calculated andmeasured values.
To emphasize the direct liquid cooling capability of the tooth-coil
design, the last column in Table 5 gives calculated temperatures
for 3 kW power losses in a similar tooth-coil. The temperature
difference between the inlet and outlet steady-state temperatures
is 43.2 �C, and based on Equation (1), the heat transferred by the oil
is 2.9 kW, showing that direct liquid tooth-coil cooling is extremely
effective and a relatively simple cooling approach.

7. Conclusion

Thermal modeling of the 8 MW LC DD-PMSG was performed
on the basis of an analytical thermal model, which makes it
possible to account for uneven heat loss distribution in the stator
conductors and conductor cooling arrangement. A steady-state
thermal analysis with the rated thermal loading predicted a
maximum temperature in the liquid-cooled tooth-coil winding
under forced water cooling of 81 �C for a cooling water flow of
1 m/s. The thermal results for both the analytical thermal model
and the finite element analysis were similar. To analyze generator
thermal behavior under variable loading, an analytical transient
thermal model was driven by a pulsed load. The thermal load was
a square wave that varied with time. Results showed that LC DD-
PMSG power capacity may be increased without changing the
cooling system.

A comparison between analytical results and finite-element
calculation pointed out the suitability of the developed analytical
models. Therefore, the proposed analytical thermal models can be
incorporated into the electromagnetic LC DD-PMSG model to
perform a multiphysics analysis.

An instrumented small prototype with two liquid-cooled tooth-
coils was built to providemeasurement data to validate predictions.
The prototype coils were tested with 104 A of alternating current,
which produced 75 W of copper loss heat in each coil. No anoma-
lous heating was observed. The prototype demonstrated the ability
of effective direct cooling of the tooth-coils. When coolant circu-
lation ceased, copper temperature began increasing rapidly.

The prototype showed the technical feasibility of the LC tooth-
coil design. Furthermore, this combined theoretical and experi-
mental study strengthens the presumption that the proposed
cooling approach makes an LC DD-PMSG possible and can solve the
problems associated with large dimensions of future high-power
DD wind turbine generators.
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Harmonic Loss Calculation in Rotor Surface Permanent
Magnets—New Analytic Approach
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The paper introduces an analytic permanent-magnet eddy-current loss calculation method for rotor surface permanent magnets. The
problem has been studied widely in the literature, yet many of the suggested methods are difficult to use. A straightforward analytic
solution is needed to speed up the motor preliminary design as present day computational capabilities are not fast enough to be used
for 3-D time-stepped finite element analysis (FEA) of permanent-magnet eddy-current losses in every day design problems. An analytic
approach is suggested to calculate different-harmonics-caused eddy-current losses. The results are compared both with 3-D FEA and
measurement results. A comparison between the theoretical and experimental results is reported for an axial-flux two-stator single-rotor
machine with no rotor yoke. The method has, however, been used in evaluating permanent-magnet losses also in machines with narrow
slot openings where the flux density dips do not penetrate through the whole magnet or in machines having a laminated rotor yoke.

Index Terms—AC permanent-magnet machine, loss calculation, loss measurement, permanent-magnet losses.

I. NOMENCLATURE
RomanLetters

Auxiliary factor.

Flux density [T].

Remanent flux density [T].

Width [m].

Slot opening width [m].

Electromotive force (emf) [V], RMS.

Electromotive force (emf) [V].

Frequency [Hz].

Height [m].

Current [A], RMS.

Current [A], instantaneous value .

Current density .

Ordinal of the permeance harmonic.

Carter factor.

, Winding factor.

Length [m].

Number of phases.

Number of laminations.

Number of turns in series per phase.

Rotation speed (rotation frequency) [1/s].

Power, losses [W].
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Number of pole pairs.

Number of slots.

Number of slots per pole and phase.

Resistance .

Cross-sectional surface .

Width [m].

Depth [m].

Greek letters

Angle.

Auxiliary factor.

Auxiliary factor.

Air gap (length) [m], skin depth [m].

Current linkage [A].

Relative permeability.

Permeability of vacuum, .

Harmonics.

Resistivity .

Pole pitch of harmonic [m].

Slot pitch [m].

Magnetic flux [Vs, Wb].

Phase shift.

Mechanical angular speed [rad/s].

Angular velocity [rad/s].

Subscripts

ax Axial.

av Average.

ec Eddy current.

0018-9464/$31.00 © 2012 IEEE



PYRHÖNEN et al.: HARMONIC LOSS CALCULATION IN ROTOR SURFACE PERMANENT MAGNETS 2359

ef Effective.

i Inner.

lam Lamination.

max Maximum.

min Minimum.

N Nominal.

o Outer.

out Output.

p.u. Per units.

PM Permanent magnet.

s Stator.

tan Tangential.

tot Total.

y Yoke.

Peak/maximum value.

II. INTRODUCTION

P ERMANENT-MAGNET (PM) losses are an impor-
tant machine design issue, especially in rotor sur-

face magnet machines utilizing fairly well conducting
neodymium–iron–boron magnets. In different machine
types, the eddy-current stress in the magnets varies. In
permanent-magnet machines with semi-closed slots and a ro-
tating-field integral-slot winding the permanent-magnet losses
can be insignificant and, in some cases, can be even ignored but
in machines with open slots and, especially, in machines with
concentrated nonoverlapping tooth windings the PM losses can
be large—even destructive. Such machines with rotor surface
magnets offer, however, several manufacturing and torque den-
sity benefits [1], [2]. These machines can have severe problems
with permanent-magnet eddy-current losses. For this reason,
machines with nonoverlapping concentrated tooth windings
with open slots have hitherto been used mainly in low-speed
applications where the permanent-magnet eddy currents remain
acceptable even in sintered bulky magnets. The machine type
has become popular in different applications [3], [4].
Eddy-current losses in rotor surface permanent magnets are

caused by two machine phenomena: Permeance harmonics and
winding harmonics. Firstly, the stator slot openings cause flux
density variations in the magnets that induce eddy currents.
In open slots machines these losses can be severe. These
harmonics are called permeance harmonics. Secondly, stator
windings—depending on the winding type—can produce a
large amount of current linkage harmonics generating har-
monic flux densities traveling at different speeds across the
permanent magnets, thereby causing eddy currents in them.
These harmonics are called winding harmonics. If a machine
is supplied with nonsinusoidal currents, time harmonics in the
stator current waveforms cause extra losses also in the rotor
components [5], [6]. The effects of nonsinusoidal currents are,
however, not studied in this paper.

Depending on the machine geometry and winding arrange-
ments, eddy-current losses can occur also in the rotor core under
the magnets. This is especially valid for open slot tooth winding
machines with a deep flux density dip penetrating through the
magnet. Therefore, a solid rotor yoke is normally not suitable in
such cases, but a laminated yoke should be used under the mag-
nets instead. In this case lamination means that the original solid
rotor yoke is divided into smaller sections to increase the resis-
tance seen by the eddy-currents, thus minimizing the rotor yoke
eddy-current losses. The thickness needed for a single rotor
yoke laminate depends on the rotational speed, and therefore
it must be defined case by case. However, in machines where
the flux density dip under the slot opening is small, a solid rotor
yoke is possible.
Similarly, as laminated iron is used instead of solid iron in

machine parts having a varying flux to reduce large Joule losses
also sintered rotor-surface permanent magnets have to be “lam-
inated.” As the resistivity of the permanent-magnet material is
only three times as high as the resistivity of electrical steels,
the need to “laminate” the magnets is not as urgent and sin-
tered neodymium magnets have only to be divided into small
enough parts in order to reduce the eddy-current losses in them
and to enable the use of the magnets in applications with highly
varying flux densities [7]–[10].
The research activity in the field of permanent-magnet eddy-

current loss calculation has been very intense within the past
few years. According to the method of analysis the published
studies can be divided into two categories, that is, analytical cal-
culation methods [7]–[17] and numerical, mainly finite element,
approaches [18]–[22].
A clear understanding of the permanent-magnet losses and

a straightforward and understandable method to calculate them
are needed for the machine design process. The purpose of this
paper is to suggest a method to calculate the permeance and cur-
rent linkage harmonic caused losses in magnets. The proposed
method is based on classical Carter’s theory and analytical cal-
culation models presented in [9] and [11]. Analytical methods
and 3-D time-stepped computations (Flux 3D solver by Cedrat
[23]) are used, and the results are compared with experimental
measurement results obtained by an actual two-stator one-rotor
axial fluxmachine. The 3-Dmodel of the machine was also used
to verify the induced voltage and iron losses of themachine [24].

III. PERMEANCE-HARMONICS-CAUSED
EDDY-CURRENT LOSSES

The modeling of the flux behavior and the eddy currents
caused by the stator slotting is quite complicated. In the
following study, a straightforward method for evaluating per-
meance-harmonics-caused eddy-current losses is described.
There are some limitations or assumptions in the use of the
method: 1) It is assumed that the flux density calculation in the
magnet can be carried out based on Carter’s classical theory yet
analyzing the harmonic content of the flux density variations. 2)
As the magnet materials are linear and fairly well conducting,
the eddy currents in the magnet material follow the surface
impedance phase shift of 45 degree phase angle between the
induced voltages and the currents in the eddy-current paths in
the cases where the magnet lamination width is larger than the
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Fig. 1. Distribution of the air gap flux density in a distance of one slot
pitch according to Carter’s theory. is an angle around the periphery of the
machine and is the physical air gap length.

harmonic pole pitch. 3) The eddy-current path can easily be
described with its resistance taking the depth of penetration in
the permanent-magnet material into account. 4) Rotor yoke ma-
terial is nonconducting or laminated not significantly affecting
the flux behavior.
The method is based on classical Carter’s theory [25]. The

theory is observed in accordance with Fig. 1. Carter’s factor is
the ratio of the maximum flux density to the average flux
density [26]

(1)

The variation of the flux density on the rotor surface assuming
no eddy-current dampening according to Carter’s theory is

(2)

where

(3)

Carter’s theory is normally used to calculate the equivalent
air gap length, but in this case, the focus is on the flux density
variation under the slot opening on the permanent-magnet sur-
face and in the permanent-magnet material.
It is possible to develop Carter’s theory further and analyze

the frequency content of the permeance harmonics. The flux
density variation under a slot pitch may be written as a Fourier
series with , the slot being in the middle [27]

(4)

where

(5)

In (5), describes the total width of the area where the slot
opening has an impact on the rotor surface flux density, (Fig. 1).
Now we get for the harmonic amplitudes of the flux vari-

ation caused by the permeance variation

(6)

Each of these amplitudes has its own pole pitch

(7)

In the case of wide slot openings and narrow teeth there will
be mainly the fundamental slot frequency amplitude present.
However, in the case of narrow slot openings, significantly
higher frequencies will be present. Fig. 2 illustrates a com-
parison of the relative permeance behavior and the harmonic
contents on the rotor surface in two different slot opening cases.
As the rotor rotates, the flux density dips described above

will travel on the magnet surfaces. The frequencies and angular
frequencies of the flux density variations in the magnets caused
by the stator slotting and the rotor rotation are

(8)

Permanent-magnet materials are magnetically linear and
have constant per-unit relative permeabilities. The classical
depth of penetration can be used in evaluating the varying
flux penetration in the magnet. The relative permeability of
sintered neodymium iron boron magnets, which are the most
important permanent magnets at the moment, is typically

– [28]. The resistivity of sintered neodymium
magnets varies in the range of – [29]. The depth
of penetration in the permanent-magnet material is [7]

(9)

Even though the resistivity of the permanent-magnet material
is relatively low the depth of penetration can be larger than the
thickness of the magnets, and hence, the flux density variation
penetrates through the whole magnet in some practical applica-
tions. In our test machine case, the fundamental permeance har-
monic depth of penetration in NdFeB magnet should be 27 mm,
which means that the harmonic penetrates through the whole
magnet. This emphasizes the fact that in open slot machines
the material under the permanent magnets should be noncon-
ducting; in practice, laminated.
The harmonics traveling on the rotor surface cause eddy-cur-

rent densities . In the depth in the PM material a flux
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Fig. 2. Relative flux density dips under a wide slot opening (upper left) and
a narrow slot opening (upper right) on the PM surface of the machine used as
an example in the experimental part. The harmonic relative amplitudes of these
two different cases are totally different (lower). The former mainly contains
a fundamental (0.21 p.u.) with the wavelength of one slot pitch and the latter
contains several significant permeance harmonics, however, with much lower
amplitudes (fundamental 0.024 p.u.).

density varies with respect to the depth of penetration with
the current density on the surface as

(10)

The eddy-current-caused loss density is proportional
to the current density squared

(11)

The total loss caused by the eddy-current density is

(12)

Therefore, we can calculate the average power loss in the
magnet using eddy-current paths that penetrate to half of the
depth of penetration for each of the harmonics. If the magnet,
however, is thinner than the depth of penetration ,
the resistance of the eddy-current path should be calculated with
an eddy-current depth giving the average value for the eddy-
current loss. The model assumes that the current distributions
have an exponential dependence. The magnet height and
the skin depth are taken into account

(13)

Now, if for instance the slot opening is ,
, , , and the

rotational speed is 2400 we get for . The

Fig. 3. a) Eddy-current paths in a wide magnet piece caused by permeance
variations. b) Illustration of a laminated and a bulky magnet.

depth of penetration of the permeance harmonic fundamental is,
therefore, significantly greater than the magnet depth. We now
have to calculate the eddy-current path resistance taking (13)
into account.
If a single, sintered permanent-magnet piece is wide com-

pared with the harmonic pole pitch , we can calculate the
losses caused by the amplitudes of sinusoidal flux density vari-
ations traveling on the rotor surface based on Fig. 3 in which
approximate eddy-current paths are shown. The directions of
eddy currents as indicated by the arrows correspond to a from-
left-to-right movement of the permanent magnets across the
stator slots.
Equations (1)–(8) are applied to define the flux density vari-

ation under the slot opening as a Fourier series. As we have
defined the amplitudes of the permeance-variation-caused flux
densities, we can calculate the flux of each wave traveling on
the rotor surface:

(14)
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The electromotive force induced in the permanent magnet
while traveling under a flux is

(15)

The next task is to define the eddy-current path resistance in
the permanent magnet. We observe first a wide magnet. If the
magnet piece is longer than the depth of penetration

in the material at the slot permeance harmonic angular
frequency, the depth of penetration at the end areas is used to
calculate approximately the eddy-current path resistance, Fig. 3.
In the case of wide magnet pieces, the cross-sectional surface

of the axial route carrying the eddy currents on the
path around the area traveling under the slot is according to (13)

(16)
Both axial and tangential path resistances must be taken into

account. At the ends of the wide magnet, the path is assumed to
be as wide as the depth of penetration in the magnet :

(17)
The length of the path is defined next, and it can be done

according to Fig. 3. We are observing sinusoidal excitation, and
therefore, the eddy-current densities are sinusoidally distributed
on average.We have to increase the path apparent resistances by

(inverse of the average of sine wave). The resistances for
the eddy-current paths in a wide magnet are then given as

(18)

The RMS eddy current in the magnet (or magnet lamination)
is now

(19)

The resistance of the magnet is multiplied by to take also
the reactance of the path into account in the path impedance.
The average eddy-current power in a magnet lamination under
one harmonic pole pitch is then

The phase shifts in the eddy currents will be 45 according
to the linear surface impedance theory. There will be
harmonic current paths in a magnet and in the motor totally
magnets, and hence, the total eddy-current loss in a wide magnet
caused by the slot openings per harmonic is

(21)

Often wide bulky magnets cannot, however, be used at all
because of the too large losses in them, and in such cases the
magnet width has to be divided into laminations.

In the cases where the magnet is laminated so that an indi-
vidual permanent-magnet lamination width is significantly nar-
rower than the harmonic pole pitch , we can
use an approach based on the traditional eddy-current loss equa-
tion for laminations [26]

(22)

The transition from the above presented approximate calcula-
tion to using (22) cannot be done straightforwardly as the pole
pitches of several permeance harmonics can be several millime-
ters and (22) should give too large a value for the loss if used for
laminations being several mm wide. Therefore, we need to de-
velop a modified version of the above presented method. In case
of , where n and must
be selected so that at the boundary (22) gives the same loss value
as the modified equations below) we must modify the flux (14),
the resistance (18) and the cross-sectional surfaces (16) and (17)
to give appropriate values for narrow magnet laminations:

(23)

The resistive path in the magnet will be different from (19) as
the harmonic pole pitch does not now define the width of the
path and does not allow us to have sinusoidal eddy-current dis-
tribution. Also, the narrow lamination forces the eddy currents
to run towards the ends of the magnet laminations, therefore

(24)

where

(25)

The axial currents run until the end of narrow laminations, and
therefore, we take the tangential path width the same as the lam-
ination width and the width gets the same value as (25)

(26)

IV. WINDING-HARMONICS-CAUSING EDDY-CURRENT LOSSES

A concentrated tooth winding machine produces a large
amount of winding harmonics. For example, our test machine
with 12 stator slots and 10 rotor poles produces the
stator current linkage harmonic series (1, 5, 7, 11, 13,
etc.).
The machine operates with the harmonic of the order of
. It means that the machine with five pole pairs experiences

a two-pole flux traveling in the opposite direction. The rotor
will experience an asynchronous flux frequency in the order of
six times the operating frequency. The fundamental, hence, pro-
duces significant losses if the two-pole flux has any important
amplitude.
The stator-harmonics-caused eddy-current losses in the mag-

nets can be estimated similarly as the eddy-current losses caused
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TABLE I
SPACE HARMONICS OF THE 12-SLOT-10-POLE MACHINES AND THE ANGULAR
FREQUENCIES CAUSED BY THESE HARMONICS AT THE ROTOR SURFACE, WHEN
THE STATOR ANGULAR FREQUENCY IS AND THE MACHINE IS

SYNCHRONIZED WITH THE th HARMONIC

by the permeance harmonics. The stator current linkages repre-
sented by equivalent current sheets on the surface of themagnets
can be calculated as

(27)

In a smooth air gap, the stator current linkages produce am-
plitudes for the harmonics according to the winding factors as

(28)

The winding factors of the 12-10 machine are ,
, , , ,
.

In the case of a 12-10 machine operating at the th spatial
harmonic, the mechanical angular speed , and the
frequencies on the rotor surface caused by these different spatial
harmonics are listed in Table I.
An important contribution to the eddy-current loss calcula-

tion in permanent magnets due to the current linkage harmonics
was published in 2010 [16]. Wang et al. wrote a paper on cal-
culation of the magnet eddy-current loss. They were able to cal-
culate the loss in each magnet lamination and showed that the
eddy-current loss in each magnet lamination may differ by a
magnitude.
However, the method described above for permeance har-

monics can be applied also to the stator harmonics. It is im-
portant to notice that now several of the stator harmonics, de-
pending on the number of laminations, can have a pole pitch
much wider than the permanent-magnet pieces. For example,
the fundamental pole pitch covers in this case five rotor magnet
poles. The rotor travels at the speed of . The
seventh harmonic travels at the speed of in the op-
posite direction. The frequency the rotor sees because of this
is . The rotor pole pitch is and the
seventh harmonic pole pitch is , 5/7 of , corresponding
to c. 89% the permanent-magnet width in our
test machine. In case of 20 laminations corresponds to
4.5% of the seventh pole pitch.

V. MACHINE PARAMETERS

We studied the PM loss behavior of a 12-slot 10-pole three-
phase axial flux machine with the number of slots per pole and

Fig. 4. (a) One stator equipped with windings, (b) rotor with magnets
assembled.

phase . The prototypemachine has two stator stackswith
one internal, ironless rotor disc, two-layer, nonoverlapping, con-
centrated, toothwindings, and rotor surfacemagnets. The output
power of the machine is 37 kW and the mechanical speed 2400

. Fig. 4(a) shows one of the stators and Fig. 4(b) illus-
trates the glass-fibre-made rotor frame supporting the perma-
nent magnets. The main parameters of the machine are given in
Table II.
Three different prototype versions were used in the measure-

ments: 1) a rotor with no magnets, 2) a rotor with bulky mag-
nets, and 3) a rotor with laminated magnets (20 laminations per
magnet pole) normal to the rotational direction.
The no-load tests were performed in the generator mode using

DC-machine drive as a prime mover. The prototype machine
is shown in Fig. 5. The rated torque of the torque transducer
was 50 Nm. Loss segregation was utilized to find the perma-
nent-magnet losses and stator iron losses. The no-load mechan-
ical losses were measured with rotor without magnets. The per-
manent-magnet slot openings were covered during test to ensure
a smooth rotor surface. The no-load mechanical loss of the ma-
chine was measured to be 170 W. FEA calculations were used
to facilitate the definition of the permanent-magnet losses and
stator iron losses. The total losses of the prototype machine were
measured at nominal speed and the total amount of stator iron
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TABLE II
MACHINE MAIN PARAMETERS

TABLE III
MEASURED LOSSES AT NO-LOAD AND THE CORRESPONDING LOSS DIVISION. IRON LOSSES ARE CALCULATED WITH 3D-FEA.

FOR LAMINATED MAGNETS WITH 20 LAMINATIONS AND FOR BULKY MAGNETS

Fig. 5. Prototype machine.

losses and magnet eddy-current losses were calculated by ex-
tracting the measured mechanical losses from the total losses.

The iron losses of the stator were estimated by the flux den-
sity distribution obtained from 3D-FEA. The measured no-load
losses and the corresponding loss division of the machine are
given in Table III.

VI. COMPARISON OF ANALYTICAL AND NUMERICAL RESULTS

Analytic calculations explained above were performed to
evaluate the losses caused by the stator slotting in bulky and
laminated magnets. 3-D time-stepped FEA results with bulky
magnets and with magnets laminated into 5 pieces were also
obtained. All the 3D-FEA calculations were performed with
Flux 3D software package. Because of the symmetry condi-
tions, the FE-model consisted of one stator and half of the
rotor. The stator was modeled with scalar elements, but the
conducting magnets were modeled with edge elements. At the
rotational speed of 2400 the time step size was selected
to 3.47 in order to take the effects of higher order harmonics
into account. The calculation time needed to calculate one pole
pitch with Pentium 4 3.6 GHz PC was one week.
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Fig. 6. No-load PM Joule losses in bulky magnets caused by permeance har-
monics generated by the stator slot openings. Calculation results can be com-
pared with onemeasured point where the magnets have been very hot Rotational
speed was 2400 .

Fig. 7. No-load PM losses in laminated magnets caused by permeance har-
monics. Rotational speed was 2400 .

First, the effect of the slot opening width on the losses of
bulky rotor surface magnets is studied. Fig. 6 shows the FEA
and analytic results. The machine with 18 mm slot openings
was also measured with bulky magnets, but the magnets were
demagnetized already in the first test run. However, there was
just enough time to record the PM losses, and 1460W PM losses
were measured. This is a lower value than the calculations give
but the loss is very sensitive to the remanent flux density of the
magnets, and it is obvious that the remanent flux density had
already lowered as the magnets soon after the measurement lost
their polarization. If the remanent flux density in the analytic
calculation is set to 1 T, similar loss is obtained from the analytic
model. This remanent flux density corresponds to about 180
in the Neorem 495 a material.
Next, the effects of using laminated magnets in the test ma-

chine were observed. Fig. 7 shows the calculation results for
magnets consisting of 1–20 laminations. It can be seen that the
method based on the calculation of Carter’s factor and the per-
meance harmonics gives fairly good results compared with the
3-D time-stepped FEA and empirical results.
Figs. 6 and 7 show that it is impossible to use bulky magnets

in this industrial rotation speed machine with nonoverlapping
concentrated tooth windings and open slots. Above 10 mm slot
openings, the permanent-magnet losses are lethally high.

Fig. 8. PM Joule losses caused by stator current linkage harmonics. Rotational
speed was 2400 .

Secondly, the study addresses a method where only the losses
caused by the stator current linkage space harmonics are ana-
lyzed. The results of this analytical method are given at the rated
load in Fig. 8.

VII. CONCLUSION

A new, straightforward analytic method based on traditional
Carter’s theory and surface impedance theory to calculate the
permanent-magnet losses caused by the permeance harmonics
or stator current linkage created harmonics was introduced, and
the method was shown to be adequate in the evaluation of the
permanent-magnet losses. In some machine types even destruc-
tive losses can take place in bulky sintered neodymium mag-
nets. Dividing the magnet into smaller laminations normal to
the magnet traveling direction significantly increases the re-
sistance seen by eddy currents thus reducing the permanent-
magnet eddy-current losses.
A comparison between the theoretical and experimental re-

sults with a 37 kW, 12-slot 10-pole axial-flux prototype machine
was presented. A reasonable agreement with experimental data
and 3-D time-stepped FEA was found.
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